
N
TN

U
N

or
w

eg
ia

n 
U

ni
ve

rs
ity

 o
f S

ci
en

ce
 a

nd
 T

ec
hn

ol
og

y
Fa

cu
lty

 o
f E

ng
in

ee
rin

g
D

ep
ar

tm
en

t o
f M

ar
in

e 
Te

ch
no

lo
gy

M
as

te
r’s

 th
es

is

Michael Hertz Vaksdal

Pipeline Free Span Fatigue Based on
DNV RP & Time Domain VIV
Modelling Procedures

Master’s thesis in Marine Technology
Supervisor: Prof. Svein Sævik, NTNU, Nils Melhuus, Reinertsen New
Energy, Tom Bostrøm, Reinertsen New Energy
June 2023





Michael Hertz Vaksdal

Pipeline Free Span Fatigue Based on
DNV RP & Time Domain VIV Modelling
Procedures

Master’s thesis in Marine Technology
Supervisor: Prof. Svein Sævik, NTNU, Nils Melhuus, Reinertsen New
Energy, Tom Bostrøm, Reinertsen New Energy
June 2023

Norwegian University of Science and Technology
Faculty of Engineering
Department of Marine Technology





NTNU  Faculty of Engineering  

Norwegian University of Science and Technology Department of Marine Technology 

 

 

 

 

 

Master Thesis Description Spring 2023 
 

for 

 

Stud. Tech. Michael Hertz Vaksdal  
 
 

Pipeline Free Span Fatigue Based on DNV RP & 

Time Domain VIV Modelling Procedures 
Virvelindusert utmatting av frie spenn i rørledninger 

 med bruk av DNVs responsmodell versus tidsplan VIV modell  

 

Vortex Induced Vibrations (VIV) can lead to fast accumulation of fatigue damage to offshore 

slender structures, such as free spanning subsea pipelines. A new empirical method for time 

domain (TD) calculation of VIV has been developed by NTNU. This method is capable of 

accounting for structural non-linearity and time-varying flow compared to the traditional 

frequency domain analyses. The objective of this study is to compare validate the TD-VIV 

prediction tool for free spanning pipelines and evaluate non-linear local stress at pipeline 

shoulders.  

The master work to be performed during Spring 2023 represents a continuation of the project 

work performed in Fall 2022 and is to be carried out as follows: 

 

1. Report the result of the literature review conducted during Fall 2022 into the master 

thesis document. 

2. If deemed necessary, additional literature review into the fundamental theory of VIV & 

VIM, numerical prediction, tools and relevant standards. This is to further support the 

scope of work identified during the project thesis Fall 2022. 

3. If deemed necessary, adjust the models obtained in project thesis. 

4. Continue analysis of established case scenario and perform correlation studies between 

the response-based procedure of the DNV RP and the TD-VIV model in SIMLA 

addressing both in-line and cross-flow fatigue. 

5. Perform sensitivity studies on cases/parameters agreed upon with the supervisors.   

6. Conclusions and recommendations for further work. 

 

 

The work scope may prove to be larger than initially anticipated. Subject to approval from the 

supervisors, topics may be deleted from the list above or reduced in extent. This is to be notified 

to the reader in the introduction. 

 

In the master report, the candidate shall present his/her personal contribution to the resolution of 

problems within the scope of the master work. 

 

Theories and conclusions should be based on mathematical derivations and/or logic reasoning 

identifying the various steps in the deduction. 

 

The candidate should utilise the existing possibilities for obtaining relevant literature. 

 

i



NTNU  Faculty of Engineering  

Norwegian University of Science and Technology Department of Marine Technology 

 

 

 

 

 

Master report format 

The master report should be organised in a rational manner to give a clear exposition of results, 

assessments, and conclusions.  The text should be brief and to the point, with a clear language.  

Telegraphic language should be avoided. 

 

The report shall contain the following elements:  A text defining the scope (this document to be 

included), preface, list of contents, summary, main body of thesis, conclusions with 

recommendations for further work, list of symbols and acronyms, references and (optional) 

appendices. All figures, tables and equations shall be numerated. 

 

The supervisors may require that the candidate, in an early stage of the work, presents a written 

plan for the completion of the work.  

 

The original contribution of the candidate and material taken from other sources shall be clearly 

defined. Work from other sources shall be properly referenced using an acknowledged 

referencing system. 

 

The report shall be submitted in electronic format (.pdf): 

 - Signed by the candidate. 

 - The text defining the scope shall be included (this document). 

 - Drawings and/or computer models that are not suited to be part of the report in terms of 

appendices shall be provided on separate (.zip) files. 

 

Ownership 

NTNU has according to the present rules the ownership of the master reports. Any use of the report 

has to be approved by NTNU (or external partner when this applies). The department has the right to 

use the report as if the work was carried out by a NTNU employee, if nothing else has been agreed in 

advance. 

 

 

Thesis supervisors: 

 

Prof. Svein Sævik, NTNU,  

Nils Melhuus, Reinertsen New Energy, 

Tom Bostrøm, Reinertsen New Energy. 

 

 

Deadline: June 11th, 2023. 

 

Trondheim,  January 2023. 

 

Svein Sævik                               Nils Melhuus                                  Tom Bostrøm 

 

Candidate – date and signature: 

 

Michael Hertz Vaksdal, January 15th, 2023. 

 

ii



Preface

The following report is the outcome of my master’s thesis at the Department of Marine Technology,

Norwegian University of Science and Technology. It is a continuation of the project work conducted

during the fall semester of 2022.

The focus of this master’s thesis is on the analysis of pipeline free span fatigue, utilizing the recom-

mended response-based model by DNV, and the recently NTNU-developed time-domain model for the

prediction of vortex-induced vibrations (VIV). Extensive efforts have been invested in learning the fun-

damental principles of the VIV phenomenon and gaining proficiency in utilizing DNV’s software, Fat-

Free, along with the non-linear finite element tool, SIMLA. SIMLA are employed in conjunction with

the time domain VIV model, to accurately predict the occurrence of vortex-induced vibrations and the

impact on the fatigue life of the pipeline.

Professor Svein Sævik, Department of Marine Technology, NTNU, Nils Melhuus, Reinertsen New Energy,

Nikolai Hammer, Reinertsen New Energy (Fall 2022) and Tom Bostrøm (Spring 2023), has made signi-

ficant contributions to the thesis and to whom I would like to convey my profound gratitude. During

our weekly sessions, their advice and suggestions were really helpful in achieving the objectives of the

work. The importance of their high level of dependability and accessibility should be highlighted in par-

ticular because their assistance has been needed on several occasions throughout the project, mainly

by providing data and input to the model, and their willfulness to share their knowledge and offer me

insightful counsel.

It is advised that the readers of this paper have a basic understanding of structural analysis and hydro-

dynamics. Understanding the context of this report would be made easier by having a basic knowledge

of the fundamental theory underlying static and dynamic analysis. A prior understanding of some fun-

damental VIV-related topics would also be helpful.
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Abstract

Free spanning subsea pipelines are subjected to various environmental loads, among which vortex-

induced vibrations (VIV) are one of the most significant contributors leading to fatigue failure. VIV

is a self-excited phenomenon caused by the interaction between ocean currents and waves with the

pipeline, which can induce large-amplitude oscillations and high stress concentrations at specific loc-

ations of the pipeline. The detrimental effects of VIV on the integrity of free spanning subsea pipelines

have been widely studied in the past decades, leading to the development of various VIV prediction

models and tools. However, VIV remains a major challenge in design and operation, and further re-

search is required to improve the understanding of VIV mechanisms and enhance the reliability of VIV

prediction.

This master thesis investigates the fatigue damage of a free-spanning pipeline for a given case scenario

using two different VIV prediction models; the recommended response-based model in DNV-RP-F105

and a newly developed time-domain VIV (TD-VIV) model at NTNU. The software FatFree is used in

compliance with the response-based model, and the finite element method (FEM) tool SIMLA is used for

the TD-VIV model. The study includes a sensitivity analysis of the shoulder elements and a parameter

study on the hydrodynamic coefficients used for the TD-VIV model.

The study finds that the in-line damage per year calculated by FatFree and SIMLA is in good agreement,

but the cross-flow damage shows an order of magnitude difference between the two, with FatFree being

more conservative. The sensitivity analysis highlights the importance of choosing the correct element

for fatigue damage calculations in SIMLA, with a significant difference seen in the maximum damage

between neighbouring elements due to non-linear effects and shifting constraints present in the TD-VIV

model. The parameter study shows that the default parameters for the TD-VIV model in SIMLA correlate

well with the response model in FatFree for the in-line response amplitude, while a reduced quadratic

drag coefficient predicts a significantly larger response. None of the parameter sets corresponds well

with the response model in FatFree for the cross-flow response amplitude, and the response model is

generally more conservative compared to the TD-VIV model for all current velocities, explaining the

higher cross-flow damage per year in the case scenario.

Overall, the study provides insights into the importance of choosing the correct model and parameter

sets for VIV prediction in fatigue damage calculations for free-spanning pipelines. The results suggest

further work is needed to validate the TD-VIV model with reference data and develop standard proced-

ures and coefficients for different free-span situations.
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1 Introduction

1.1 Background and motivation

To have as much value creation as possible from the extraction of Norwegian petroleum resources, effi-

cient transportation methods are needed. The offshore pipeline network on the Norwegian continental

shelf in Figure 1.1 is an important part of this, where the gas pipeline system alone has a total length

similar to the distance between Oslo and Bangkok according to Norskpetroleum.no. In addition, there

are several kilometres of pipelines connecting oil fields to the mainland oil terminals.

These pipelines often pass uneven areas on the seafloor. One of the main concerns regarding this is

the formation of free spans when crossing depressions. Consequently, if subjected to dynamic loads,

oscillations might occur and time-varying stresses and associated fatigue damage may eventually lead

to structural failure. Vortex-induced vibrations (VIV) caused by currents are a major source of dynamic

stresses, but VIV due to waves in addition to direct wave loads are also important at shallower water

depths. The key challenge for the industry today is to verify that the pipeline can sustain the environ-

mental conditions it is subjected to throughout its lifetime.

Accurate prediction of fatigue damage due to vortex-induced vibrations is difficult due to the complex

interaction between loads and structural response. Several models and procedures exist today to de-

scribe the phenomenon. Often used are empirical models relying on experimental data, which are usu-

ally restricted to solving the equation of motion in the frequency domain. That is, it is only suitable

for linear models and steady-state flows. Further, combined frequency interactions are difficult to ac-

count for, and vortex-induced vibrations due to unsteady flows such as waves and time-varying currents

are not predictable. Additionally, cross-flow and in-line motion are predicted separately, neglecting the

combined effect between the two.

A free spanning pipeline is a highly non-linear scenario and includes non-linear effects such as pipe-soil

interaction and tensile variations. To include these important effects in a VIV analysis, and to solve the

aforementioned problems, a time domain (TD) model for vortex-induced vibrations must be coupled

with a nonlinear structural model. Such a promising TD VIV model has been developed by PhD. Mats J.

Thorsen at the Department of Marine Technology has been implemented into the nonlinear structural

software SIMLA. In this thesis, this approach is investigated and compared with one of the leading in-

dustry approaches (fatigue analysis of free spanning pipelines using FatFree), for a highly realistic free

span scenario.
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Figure 1.1: Pipelines on the Norwegian Continental Shelf.
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1.2 Structure of the thesis

Chapter 2 serves as an introduction to the fundamental theory of VIV essential for this thesis. In order

to explain the hydrodynamic phenomena observed when the cylinder is subjected to a fluid flow, a con-

cise presentation of the fundamental theory underlying VIV is given, with emphasis on both rigid and

elastically mounted cylinders. Following this, VIV prediction models are defined and elaborated on.

Chapter 3 gives an introduction to the main characteristics of free spanning subsea pipelines. It defines

important parameters that are used in free span assessments and elaborates on the structural response

of flexible members under dynamic loading. Additional theory regarding VIV on free spanning pipelines

is described in this chapter.

Chapter 4 is based on DNV-RP-F114: Pipe-soil interaction for submarine pipelines, and provides a con-

cise introduction to the topic of pipe-soil interaction for submarine pipelines. This chapter focuses on

the characteristics of soil stiffness and damping and offers some of the simplifications suggested in the

recommended practice for soil and damping properties in free spanning pipeline analysis.

Chapter 5 provides the two VIV assessment models used in the thesis. The underlying theory of the VIV

response-based model currently used by the industry and the newly developed time-domain model are

presented and formulated.

Chapter 6 elaborates on the theory used for the cumulative damage analysis on the time-domain model.

That is, the rainflow counting algorithm, which is ideal for systems under varying amplitude and fre-

quency loading. The chapter additionally introduces the Palmgren-Miner linear damage rule and Haibach

SN-curves.

Chapter 7 presents the case scenario developed from data provided by Reinertsen New Energy in order

to define and model a realistic free span scenario. Pipeline geometry and mechanical properties are

given, as well as seabed geotechnical properties and environmental conditions at the site.

Chapter 8 provides an overview of the modelling of the structural model in SIMLA, as well as the mod-

elling of current conditions and pipe-soil interaction. The hydrodynamic properties used for the model

in the case scenario are also given in this chapter.

Chapter 9 gives a description of the analysis methodology that was used in order to perform the stress

and fatigue calculations for the case scenario. Additional theories about static, modal and dynamic

analysis methods are elaborated on.

Chapter 10 presents the results and discussion of the case scenario for the two VIV models. Details

about the static configuration of the pipeline in shutdown condition, possible excited modes, FatFree

and SIMLA fatigue damage/y results for a specific shoulder element are provided. Additionally, repres-

entative simulation results from the TD-VIV model are given.

Chapter 11 gives the results of two sensitivity studies that were performed on the model. The first study

investigated the sensitivity between the damage/y of the shoulder elements of the SIMLA model, while

the second study studies the sensitivity of the hydrodynamic parameters used for the model. The second

study also compares the response and damage/y for individual currents with the response-based model

in FatFree.

Chapter 12 finally summarizes and concludes the results and a recommendation for further work is

given.
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2 Fundamental theory of vortex-induced vibrations

2.1 Steady flow around a circular cylinder

When a real fluid flows past a circular cylinder, a boundary layer that travels along it is formed due

to fluid viscosity according to Hibbeler [1]. The layer contains different velocity gradients, which at

the instant surface is zero because of the no-slip condition. Further, it tends to stick to the cylinder

surface due to the Coanda effect. Point A in Figure 2.1 is called the stagnation point and is where the

incoming flow hits the cylinder. From there, the boundary layer is formed at the surface as the fluid

travels along it. In the region AB’ the layer travels with an increasing velocity, producing a favourable

pressure gradient that decreases within the region (Bernoulli’s principle). At B’, the maximum velocity

and minimum pressure occur. Downstream from B’, there is a decreasing velocity until flow separation

occurs at C’. This happens as velocity gradients close to the surface become zero or negative and we get

a region of reversed flow. As this happens, vortices are shed downstream. A series of vortices is called a

wake.

Figure 2.1: Boundary layer separation [1].

A parameter that is helpful for predicting the flow pattern around the cylinder is the Reynolds number as

given by Sumer and Fredsøe [2]. It can be defined as the ratio of inertial forces to viscous forces within a

fluid that is subjected to relative internal movement due to different fluid velocities:

Re = U D

v
, (2.1)

where U is the incoming flow velocity, D is the characteristic dimension for the body around which the

fluid flows (diameter in the case of a cylinder), and v is the kinematic viscosity of the fluid. In general,

for a very low Reynolds number (Re < 5), the flow will be laminar and follow the contours of its obstruc-

tion, and no vortices will appear. When 5 < Re < 40 a fixed and symmetric pair of vortices is formed

in the wake. For 40 < Re < 200 the vortices will shed downstream in a laminar vortex street. Further, a

transition to turbulence in the wake will happen at 200 < Re < 300. In the range of 300 < Re < 3×105

the wake is completely turbulent, while the boundary layer separation on each side of the cylinder is

laminar. This is called the subcritical regime. Next is the critical regime at (3× 105 < Re < 3.5× 105),

where one side has a laminar boundary separation and the other has a turbulent boundary separation

(but laminar boundary layers). When 3.5×105 < Re < 1.5×106 the flow is in the supercritical regime,

where turbulent boundary layer separation on both sides is present, and the boundary layers are partly

laminar and partly turbulent. At 1.5× 106 < Re < 4× 106 the boundary layer is completely turbulent

at one side. Lastly, the boundary layer on both sides is completely turbulent for 4×106 < Re, which is
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called the transcritical regime. An overview of the different regimes is added in Appendix A. Typical for

free spanning pipelines are 104 < Re < 2×106 as illustrated in Figure 2.2. The figure was made by using a

current velocity of 2m/s as extreme current condition, and D = 1.2m as the largest pipeline diameter for

the maximum Reynold numbers, considering that the largest subsea pipeline in the north sea (Langeled)

has a diameter of 1.1m. It can be seen that these Reynold numbers lie between the subcritical, critical

and supercritical regimes, where vortex shedding is highly relevant.

Figure 2.2: Typical Reynolds number for free spanning pipelines. Vertical black lines represent the four

regimes from left to right; subcritical (Re > 300), critical, supercritical and transcritical.

Most experimental data for vortex shedding are obtained in the subcritical regime, and there exist fewer

data and more uncertainties regarding empirical models at higher Reynolds numbers. However, it is

commonly conservative to use data from the subcritical regime when applied to cases with higher Re.

One of the first to investigate the stream behind a cylinder was Theodore von Kármán, hence the vortex

stream formed is often called a von Kármán vortex street.

Figure 2.3: Satellite captured photo (natural color) of the formation of a Von Kármán vortex street in the

clouds at Guadalupe Island, Mexico. Taken by NASA in 2017.

The Strouhal frequency, fs at which the vortices are shed from each side of the cylinder is a function of

the Strouhal number, St :

fs = St U

D
, (2.2)

where St is a dimensionless parameter which is highly dependent on the Reynolds number. Empirical

values for different cases are developed and can be found in the literature. Data for a smooth and rough

cylinder is shown in Figure 2.4. It can clearly be seen that for the smooth cylinder, the Strouhal number is
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a function of the Reynolds number and that for the rough cylinder, it is relatively insensitive to it. Subsea

pipelines normally have a sufficiently rough surface to give a fairly stable vortex shedding process, and

St = 0.2 is often an accurate approximation under the transcritical regime in which they lie.

Figure 2.4: Relationship between Strouhal number and Reynolds number for vortex shedding on a cir-

cular cylinder in uniform flow. Plot by MIT OCW. Data is taken from Lienhard (1966) and Achenbach

and Heinecke (1981).

The stream of alternating vortex shedding behind the cylinder causes fluctuations in pressure, which

leads to oscillating forces in the vertical and horizontal directions. These are called lift force and drag

force respectively, and are obtained by integrating the fluid pressure over the surface. In addition to

the oscillating drag component, there is a mean drag component due to tangential viscous shear stress.

In fluid mechanics, it has become a standard procedure to describe drag and lift by the following two

equations:

Fy = 1

2
ρU 2Cy D and Fx = 1

2
ρU 2Cx D, (2.3)

where Fy is the lift force, Fx is the drag force, and Cy and Cx is their corresponding dimensionless drag

and lift coefficients. ρ is the fluid density. It is important to note that the lift force oscillates with the

same frequency as the shedding frequency, and the drag force oscillates at a frequency of 2 fs . The latter

is small compared to mean drag and fluctuating lift. Because of symmetry, the mean lift force is zero.
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Figure 2.5: Illustration of drag and lift force in an incoming fluid flow [3].

2.2 Lock-in phenomena on elastically mounted rigid cylinders

If we consider the cylinder as a dynamic system it will have an oscillating response to the excitation

forces from the vortex shedding, either in pure cross-flow (CF) or in-line (IL) direction or in a combina-

tion of both. This is what is called vortex-induced vibrations, or VIV. The uncoupled equation of motion

(using the cross-flow direction as an example) can be described by:

mÿ + c ẏ +k y = Fy , (2.4)

where m is the cylinder dry mass, c is the structural damping coefficient and k is the spring stiffness.

The force components can, in general, be divided into two components; one which is in phase with the

cylinder velocity, and one which is in phase with cylinder acceleration. The component that is in phase

with the cylinder velocity will either dampen or excite the system, while the component in phase with

the acceleration works as an inertia force, and may be expressed as an added mass ma . That is, the mass

an object appears to have when it is accelerated relative to a surrounding fluid. The natural frequency

of such a dynamic system including the added mass can in general be described by:

fn = 2π

√
k

m +ma
. (2.5)

Note that the added mass is a function of the cylinder’s oscillation frequency and amplitude, which

means that the natural frequency has the ability to change when there is an incoming flow. Therefore,

resonance might occur over a range of different excitation frequencies. This flow-dependent frequency

is denoted as fosc . Numerous VIV experiments have been performed on rigid cylinders for pure cross-

flow, pure in-line, and combined in-line and cross-flow responses. An extensively used parameter for

the determination of the velocity ranges where vortex shedding will be in resonance with the natural

frequency is called the reduced velocity, VR :

VR = U

fnD
. (2.6)
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Figure 2.6: Added mass coefficient vs. reduced velocity for forced oscillations (Gopalkrishnan [4]) and

free oscillations (Vikestad et al. [5]).

One experiment was conducted in the absence of added mass in order to maintain the still water natural

frequency, it showed that for VR < 5 the cylinder did not vibrate and that the vortex shedding followed

the Strouhal frequency. As the reduced velocity increased to 5, the cylinder started to vibrate as fs = fn .

When the reduced velocity increased further, the shedding frequency would continue to lock on to the

natural frequency of the cylinder until VR ≈ 7. This effect was described as the lock-in phenomenon

or synchronization. In seawater, added mass has a significant influence on the natural frequency and

lock-in range, and cannot be neglected. A mass ratio was therefore introduced, as a measure of the ratio

between cylinder mass and mass of displaced fluid:

m∗ = m

0.25ρπD2 . (2.7)

Some literature uses ρD2 in the denominator. A larger mass ratio gives a lower lock-in range than a

lower mass ratio. Typically, cross-flow vortex-induced vibrations occur in a reduced velocity range of

3 ≤ VR ≤ 16 for low mass ratios, i.e. for pipelines and risers, and maximum response amplitude lies

normally between 5 ≤VR ≤ 9 as shown in Figure 2.7. In-line vibrations typically occur for 1 ≤VR ≤ 4.5.

Figure 2.7: Crossflow response of a flexibly-mounted circular cylinder subject to steady current in water.

m* = 5.3. (Anand, 1985). Figure is for illustration purposes and data is extracted from a figure in a paper

by Sumer and Fredsøe [6].

The peak amplitude of the response denoted as y0/D is independent of the mass ratio m∗, but varies

with the structural response as m∗ζs , where ζs is the structural damping ratio due to internal friction.
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For slender elements in water, this ratio ranges from 0.005 for steel pipes to 0.03-0.04 for flexible pipes

according to Blevins [7]. Studies on the coupled cross-flow and in-line response (2-DOF) of the cylinder

by Sarpkaya [8] have shown that the response also is affected by the ratio between their respective nat-

ural frequencies. For mass ratios less than 6, the maximum cross-flow amplitude increased significantly

due to in-line vibrations having an effect on it. The large amplitude also introduced a new wake mode

named 3T, forming triplets of vortices on each half cycle as shown by Jauvtis and Williamson [9]. For

mass ratios larger than 6, this effect was not seen. In addition, experiments for Reynolds number in the

sub-critical range for elastically mounted cylinders show that the maximum response amplitude and the

mean drag decreases for increasing roughness and that the synchronization is delayed and bandwidth

reduced.

The drag coefficients of an oscillating cylinder are different than for a cylinder in still water, and an ad-

ditional drag amplification due to vortex-induced vibrations is of importance when performing VIV as-

sessments. Different expressions for the increase in drag exist in the literature, and a simple formulation

applicable to an elastically mounted rigid cylinder is also given by Blevins:

CD =CDo

[
1+2.1

( y0

D

)]
. (2.8)

The stability parameter, Ks , is another factor influencing the response. This is also known as the Scrouton

number and is proportional to the damping and inversely proportional to the total shedding force of the

excited vertices. As a result, the parameter is large when the damping is large or when the lock-in re-

gion of the member is small in comparison to the pipe length. The stability parameter is defined for a

uniform diameter and a uniform flow condition along the member length as:

KS = 2m ζ

ρD2 , (2.9)

where m is dry mass, ζ is the sum of structural damping ζs , soil damping ζsoi l , other damping ζother ,

and hydrodynamic damping ζh . For more details see DNV-RP-C205: Environmental Conditions and

Environmental Loads [10].

2.3 VIV in time-varying flows

Flows are rarely in a steady state at sea, so we have to consider a cylinder subjected to a sinusoidal

flow with velocity U (t ) =Um si n(2π fw t ). By assuming that the Strouhal relation is still valid, the vortex

shedding frequency can be written as:

fs (t ) = St
Um

D
|si n(2π fw t )|. (2.10)

From this it is observed that excitation (positive energy transfer) is only possible at specific time inter-

vals, shown in Figure 2.8. That is when the vortex shedding frequency is close to and synchronizes with

the cylinder’s natural frequency. Outside of these intervals, the main force acting on the cylinder will be

damping. The VIV response is anticipated to be more erratic than in the case of steady flow because the

situation is continuously switching from excitation to damping. In addition, vertices previously shed

might be present in the incoming flow, which further complicates the matter.
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Figure 2.8: Illustration of shedding frequency for a cylinder in a sinusoidal flow [3].

The Keulegan-Carpenter number (KC number), also known as the period number, is a dimensionless

quantity used in fluid dynamics to indicate the relative importance of drag forces over inertia forces for

a bluff object in an oscillating flow. Likewise, it can be used for an oscillating body in a fluid at rest.

Inertia predominates for lower KC, whereas drag forces are important for larger KC. For an oscillating

flow, it is in general given as:

KC = UmTw

D
, (2.11)

where Um flow velocity oscillation amplitude and Tw = 1/ fw is the oscillation period. Since Am =
UmTw /2π in a sinusoidal flow the equation can be rewritten as:

KC = 2πAm

D
. (2.12)

We can interpret this as a measure of the distance the flow travels before it is reversed relative to the

cylinder diameter.

2.4 VIV prediction models

For prediction of vortex-induced vibrations the following models can be used according to DNV-RP-

C205 [10]:

• Response-based models

Response-based models are empirical models that give the steady state VIV amplitude as a

function of hydrodynamic and structural parameters. These models are based on high-quality

experimental data and are often used for screening analysis, producing conservative results. A

commonly used and recommended practice for free spanning pipelines is the response-based

model described in DNV-RP-F105: Free Spanning Pipelines [11], which is used in conjunction with

DNV’s software FatFree [12].

• Force-based models

Inertia, damping, and excitation forces are calculated using integrated force coefficients de-

rived from empirical data. Structure-based parameters are used to calculate the response. A force

model is based on the well-known Morison’s equation. Solutions in the time domain (TD) and fre-

quency domain (FD) are both acceptable. A time domain solution can account for all significant
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non-linearities, but it generally requires more computational effort. Universally applicable force

models for VIV do not exist today, and empirical response models are in general superior for free

span assessments. The newly developed TD-VIV model is a promising force-based model and is

used in conjunction with the FEM tool SIMLA in this thesis.

• Flow-based models

Flow-based models simulate the fluid flow around the structure and deduce the forces acting

on it from the characteristics of the flow (velocity and its gradients, fluid pressure). This defini-

tion includes solving Navier-Stokes equations, which is known as computational fluid dynamics

(CFD). However, not all approaches that are regarded as flow-based models completely and con-

sistently resolve the Navier-Stokes equations. Some problems may be solved using boundary layer

equations, whereas other solutions of the problem use inviscid flow techniques, where the solu-

tion consists of discrete vortex particles in otherwise potential flow. These models are computa-

tionally expensive and not applicable for large and complex problems, and will not be discussed

or used in this thesis.
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3 Free spanning subsea pipelines

3.1 Problem definition

The single free spanning pipeline in Figure 3.1 is suspended above the ocean floor between two touch-

down points, which are typically referred to as the span shoulders or soil supports. The following section

will give a description of basic parameters that influence the pipeline’s dynamic response as suggested

by Vedeld et al. [13].

Figure 3.1: Free span scenario of a pipeline, indicating free span length Ls , soil stiffness ks , effective axial

force Se f f , and mid-span deflection, δ [13].

Naturally, the span length has a significant impact on the dynamic response. The pipe has an effective

mass per unit length me , which is taken as the total of the dry mass, that is the mass of the steel pipe and

all of its coatings, the mass of the fluid inside, and the mass added by hydrodynamics (due to accelera-

tion of the surrounding water). The pipe has an axial stiffness of E A and a bending stiffness of E I , where

E is Young’s modulus and I is the second moment of inertia, and A is the steel pipe’s cross-sectional

area. The geometric stiffness of the pipeline is taken into consideration in addition to the stiffness of the

soil and the structure. Effective axial force, given by Equation 3.1, is defined as positive in tension and

affects the geometric stiffness of the pipeline. It is determined by and equals the axial force, N , in the

steel wall adjusted for the effects of internal pressure,pi , and external pressure, pe , according to Vedeld

et al. [14].

Se f f = N −pi Ai +pe Ae . (3.1)

Ae is the external cross-sectional area including all coating layers and Ai is the internal cross-sectional

area of the pipe. When a pipe is completely restrained axially, maximum compression is achieved, and

the effective axial force can then be expressed as:

Se f f = He f f −∆pi Ai (1−2ν)−E Aα∆T, (3.2)

where He f f is the residual lay tension, ∆pi is the change in internal pressure with respect to the time of

laying, α is the pipe steel’s temperature expansion coefficient, and T is the change in temperature since

the time of laying. The effective axial force for a pipe that is totally unrestrained axially is zero.
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For a response-based model or force-based model in the frequency domain, separate modal analyses

must be performed for CF and IL direction since the soil stiffness and static configuration are typically

different in both directions. The bending stiffness and the axial stiffness of the pipe become coupled as

a result of the static deflection into the span in the cross-flow direction. Thus, providing more stiffness

due to this arc-like effect, which could significantly raise the natural frequency of the free span. Hence,

the fundamental cross-flow frequency is dependent on the mid-span deflection. If the drag loading

caused by a steady current is not negligible, the static deflection in the in-line direction should also be

taken into consideration.

3.2 VIV on subsea pipelines

To understand the behaviour of a subsea pipeline, it is useful to start with the dynamic equilibrium

equation of a beam. As depicted in Figure 3.2, the equation can be derived by considering the vertical

equilibrium of a small segment of the cylinder with a length of d z. The resulting equation is as follows:

T
∂2u

∂z2 + ∂Q

∂z
+q(z, t ) = m

∂2u

∂t 2 , (3.3)

The variable u represents the lateral displacement of the cylinder. The tension is denoted by T , the

internal shear force by Q, the external lateral load by q , and the mass per unit length of the cylinder by

m. The shear force Q can be described in terms of the bending moment M , which is determined by the

bending stiffness E I and the curvature of the cylinder by:

Q = ∂M

∂z
= ∂

∂z

(
−E I

∂2u

∂z2

)
, (3.4)

If we assume that E I remains constant, we can derive the dynamic equilibrium equation for the cylinder

by substituting Equation 3.4 into Equation 3.3:

m
∂2u

∂t 2 −T
∂2u

∂z2 +E I
∂4u

∂z4 = q(z, t ). (3.5)

It is important to note that Equation 3.5 is only applicable to small displacements and does not account

for shear deformations. Moreover, if the tension T is constant, the equation indicates that when the

cylinder vibrates freely (i.e., q(z, t ) = 0), the solution for the lateral displacement can be expressed as:

u(z, t ) =ψ(z)Y (t ) = u0 sin
(nπz

L

)
sinωn t , n = 1,2... (3.6)

In this case, the cylinder is assumed to be pinned, implying that both the displacement and curvature

are zero at both ends. The initial portion of the solution, which characterizes the spatial variation of the

displacement, is known as the mode shape. Figure 3.3 illustrates the first four mode shapes (i.e., for n =

1-4). Each mode is linked to a natural frequency, which is determined as follows:

ωn = nπ

L

√
T

m
+

(nπ

L

)2 E I

m
. (3.7)
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As expressed in the equation, the natural frequency of the cylinder increases with increasing n, indicat-

ing that the first mode has the lowest natural frequency. The natural frequency is influenced by both the

tension and bending stiffness, with the bending stiffness becoming progressively more significant as n

increases.

Figure 3.2: Flexible cylinder and internal forces acting on a small segment dz in a displaced configuration

[3].

Figure 3.3: Normalized modeshapes for n = 1,2,3,4 for a pinned-pinned beam under axial load.

A significant amount of work has been done to modify the analytical expressions for the natural fre-

quencies and mode shapes to a free spanning pipeline for both in-line and cross-flow vibrations. The

optimized solutions include coating stiffness, initial deflection, soil stiffness effects and so-called effect-

ive span lengths. For a full elaboration on the state-of-the-art analytical formulas see Fyrileiv and Mørk

[15] and DNV-RP-F105 [11].

In Section 2.2 the effect of VIV was explained for an elastically mounted rigid cylinder. To better un-

derstand the effects of VIV on free spanning subsea pipelines, we examine it for an incoming flow with

increasing velocity on a beam. As the beam has an infinite number of natural frequencies, lock-in can

occur for any of these frequencies, making the dynamic behaviour more complicated. The oscillation

frequency initially follows the Strouhal law for low current velocities, giving small vibration amplitudes.

As the oscillation frequency gets close to the first natural frequency of the beam, ω1, synchronization

occurs as expected significant response amplitudes. For the elastically mounted rigid cylinder, a fur-

ther increase in flow velocity would result in desynchronization and the oscillations to go back to fol-

lowing Strouhal’s law, resulting in lower vibration amplitudes. This is not the case for a free spanning

subsea pipeline, as the second natural frequency of the beam, ω2, might lie in the vicinity of the oscilla-

tion frequency. The response amplitude might therefore increase or decrease depending on the energy
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transfer between the fluid and the pipe. To summarize the above, it is clear that in the case of flexible

pipes, the oscillation frequency might be close to the infinite many natural frequencies of the struc-

ture at any time. Thus, resulting in lock-in and high amplitude vibrations. Further, only steady current

has been considered, and more complexity is introduced considering pipes in space- and time-varying

flow. According to Voie et al. [16] this can introduce a "multi-frequency" response, where several natural

frequencies can be excited simultaneously across the length of the pipe. In addition, since the flow velo-

city varies over the span length, the response can consist of either standing (combination of two waves

moving in opposite directions) or travelling waves according to an experimental investigation of a long

marine riser by Trim et al. [17]. The former is more common for lower flow velocities and the latter for

higher flow velocities.

Besides the fundamental cross-flow and in-line responses at vortex shedding frequencies of fs and 2 fs

respectively, a third harmonic component associated with shedding frequencies of 3 fs was briefly men-

tioned in section 2.2, forming triplets of vertices. This higher-order component is non-negligible as it

might be close to one of the structure’s natural frequencies, resulting in high-frequency stresses and fa-

tigue damage accumulation. In many cases, the stresses induced by the third harmonic component can

be the dominant source of stresses and fatigue damage, which is more significant for tension-dominated

beams than for bending-dominated beams. This correlates to stresses from the third harmonic compon-

ent to be more significant at lower vibration modes which usually are tension dominated rather than at

higher vibration modes where bending stiffness dominates. In addition, the study shows that higher

harmonic VIV occurs typically for high flow velocity, that is for travelling waves rather than standing

waves. It should be mentioned that the study was on a slender vertical riser, where tension tends to

dominate rather than on a free spanning subsea pipeline where bending stiffness tends to dominate.

As mentioned, the presence of a sag caused by gravity is another distinctive feature of free spanning

pipelines. Sag can lead to different natural frequencies in the two orthogonal directions (IL and CF).

Specifically, the presence of a long and deep sag highly influences the natural frequency in the CF dir-

ection, leading to first-mode cross-flow natural frequencies to be close to or higher than second-mode

in-line natural frequencies. In addition, the mode shape of the first CF mode for a significant sag is often

a 2nd harmonic. As a result, simultaneous mode 1 CF and IL vibration can occur.

3.3 In-line vibrations

Research on VIV in long, slender marine structures such as risers and pipelines has predominantly fo-

cused on cross-flow vibrations. However, recent studies have shifted their attention towards in-line and

the combined effects of both phenomena. As mentioned, the vortex shedding frequency of IL-VIV is

twice as high as that of CF-VIV, which makes it more likely to occur over lower flow velocities. This means

that fatigue damage from IL-VIV accumulates much faster than fatigue damage from CF-VIV. Typically,

free spanning pipelines are designed to avoid cross-flow vibrations and are more exposed to experience

fatigue damage from in-line vibrations. In-line vibrations can be divided into three categories, two of

which occur at low-velocity current (first and second instability region), and a third region observed at

higher velocities in connection with cross-flow VIV, called cross-flow induced in-line vibrations.

In the first instability region, which occurs for reduced velocities between 1 and 2.5, two coupled pro-

cesses lead to the vibrations of a cylinder. Firstly, normal vortex shedding occurs, inducing two oscilla-

tions per shedding. Secondly, the relative IL motion of the cylinder to the fluid causes symmetric vortex

shedding. The formation of secondary, symmetric vortex shedding suggests that vibrations from nor-

mal vortex shedding already exist. However, in a flow without turbulence or perturbation, the secondary
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system would not occur. But if excited, the IL force of the flow oscillates at a frequency approximately

three times the Strouhal frequency according to Sumer and Fredsøe [2]:

fx D

U
= 3St , (3.8)

where fx is the frequency of the oscillating IL force. When the frequency of the oscillating force is close to

a natural frequency fn , "first lock-in" occurs, resulting in large vibration amplitudes. When the reduced

velocity is increased further, resulting in larger fx , the difference between fx and fn is also increased.

Consequently, the symmetric vortex shedding stops. In cases where only normal vortex shedding is

present, the IL-force frequency is as mentioned about twice the Strouhal frequency. This value is lower

compared to the first instability region. As the reduced velocity of the flow increases further, the IL-force

frequency approaches the natural frequency again, leading to the second lock-in, giving large vibration

amplitudes. The second instability region occurs at reduced velocities between 2.5 and 4. It is important

to note that a constant Strouhal number of 0.2 is assumed until this point, as is often the case for the sub-

critical regime. However, for larger Strouhal numbers, the first and second instability regions occur at

lower reduced velocity values. The amplitudes of IL VIV in these two regions are generally much smaller

than CF VIV amplitudes. This is because IL VIV can be initiated from smaller forces and at lower current

velocities. Furthermore, the drag coefficient CD during IL VIV is smaller than the lift coefficient CL

during CF VIV

Cross-flow induced in-line VIV occurs in a reduced velocity region that is typically associated with the

initiation of CF VIV, but far from any lock-in point for in-line vibrations. However, significantly larger

IL-motion and IL-force amplitudes compared to the first and second instability regions can be observed

here. The IL-force frequency acting on the cylinder is still twice the Strouhal frequency. To initiate IL VIV

in this higher reduced velocity region, several phenomena must occur simultaneously. Firstly, the cylin-

der must experience much higher velocities than in the IL region, leading to larger vibration amplitudes

in the CF direction. Secondly, stronger and more orderly vortex shedding must occur, which results in

an increase in the drag force coefficient. This increase in the drag force coefficient ultimately causes

IL VIV. Strong growth of the fluctuating drag coefficient for a cylinder oscillating in the CF direction is

observed for A/D ratios greater than 0.2 to 0.3.

Figure 3.4: First and second instability region for in-line VIV for a cylinder with Re = 6×104 [2].
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3.4 Pipeline conditions

Free span assessments must be carried out independently for each phase of the pipeline’s design life

since the static configuration of the pipeline, as well as the span lengths and effective axial forces will

vary. The different phases are defined as:

• After installation, the pipe is usually in a temporary state called "as-laid condition," in which the

internal pressure and temperature are low and the effective axial force is equal to the residual lay

tension. We expect the span lengths and gaps to be large, and the static deflection from self-weight

to be moderate.

• A "water-filled state" occurs when the pipe is flooded or completely filled with water prior to the

system pressure test. The additional submerged weight brought on by the water content will result

in significant static deflections brought on by gravity. The deflections into the spans cause the

pipe to stretch, and in areas with several spans, the effective axial force may thus approach larger

tensile values.

• A "pressure-test condition" is when the pressure within the water-filled pipe is increased to a cer-

tain level. Given the pressure tests’ limited duration, modal analyses and assessments of fatigue

caused by VIV are often not required. However, as the pressure test is non-linear and dependent

on the sequence of loading, it should be included in the static analysis in order to later provide an

accurate estimate of the static configuration.

• The pipeline is said to be in an "operational condition" when it is filled with the intended fluid,

such as gas or oil. Of course, it is the phase of the pipeline’s design life that lasts the longest.

Equation 3.2 states that when operational pressure and temperature are supplied, the effective

axial force transforms into a compressive force. The increased internal pressure and temperature

cause the pipe to expand, slide axially and sag deeper into the spans (a process known as "feed-

in"). Consequently, free span lengths and gaps tend to shorten during the operational period.

• "Shut-down condition". Multiple cycles of alternating shut-down and operational states may oc-

cur in the pipe. The static configuration must be determined for shut-down conditions (i.e., with

fluid content but at reduced pressure and temperature) if the duration of the shut-down phases is

not negligible with regard to fatigue damage.
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4 Pipe-Soil interaction for subsea pipelines

The flow conditions and structural characteristics of subsea pipelines are highly dependent on the prop-

erties of the soil, i.e. the pipe’s static configuration, its natural frequencies, the "lock-in" phenomena,

and in general the dynamic behaviour is affected by it. An accurate representation of the seabed and its

properties is difficult due to its unevenness and irregularities in material properties along its path, but

several methods and recommendations exist whereas the DNV-RP-F114: Pipe-soil interaction for sub-

marine pipelines [18] is a leading practice. The shoulders of the free span, where the pipe is in contact

with the seafloor, are typically an area of considerable stress concentration as a result of resonant VIV

occurrences. Due to this, there may be a non-negligible accumulation of fatigue damage in this area. In

addition, the formation of free spans is not the only typical pipeline scenario where pipe-soil interac-

tion is important. According to the recommended practice, other common pipeline scenarios include

lateral buckling, end expansion, pipeline walking, route-curve pullout, flow line anchoring, on-bottom

stability, and trawl impact.

As briefly mentioned in the introduction, a free spanning pipeline includes non-linear properties in

which the interaction between pipe and soil is an important factor to consider. That is since the po-

sition of the touchdown point and the general area of contact between the pipe and the soil will be

strongly dependent on the pipe’s actual time-varying response, as well as a number of other factors, e.g.

the fluctuation of the applied tension and the modification of the seabed’s profile due to soil erosion.

Also, non-linear soil damping has a significant impact on the response. This means that a non-linear

structural model, as well as a time-domain analysis, should be performed to include these effects. For

instance, if springs are used to simulate the seafloor contact in an analysis (also called a "penalty for-

mulation" for contact), the spring properties must be non-linear in order to both prevent the pipe from

penetrating the seafloor and to take into account the "lift-off" phenomenon that allows the pipe to de-

tach from the seafloor and reattach to it during its oscillatory motion. Applying this non-linear contact

formulation to the seafloor will result in a non-linear and time-varying boundary condition.

In addition to some of the aforementioned uncertainties, the soil surrounding the pipe might eventually

be disturbed, i.e. new trenches can develop and soil properties can change. Due to all the complexities

regarding the pipe-soil interaction, simplifications and assumptions have been made in order to estab-

lish trustworthy and efficient soil models. From DNV-RP-F114 the pipe-soil interaction can be divided

into five categories:

• Embedment: This is the vertical pipe-soil interaction, where the initial embedment is governed by

the soil conditions and the loads during and following installation. This has a significant influence

on the subsequent axial and lateral response.

• Axial friction: This is the axial pipe-soil interaction which can be subdivided into three divisions:

– Axial breakout response: An initial peak in resistance that is mainly relevant to the first load

response.

– Axial residual resistance: The large displacement response as the pipe expands or contracts.

– Cyclic axial response: The long-term cyclic response under repeated expansion and contrac-

tion.

• Lateral resistance: This is the lateral pipe-soil interaction which can be subdivided into three divi-

sions:
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– Lateral breakout response: An initial peak in the resistance as the pipe first displaces from the

as-installed position

– Lateral residual resistance: The large displacement resistance.

– Cyclic lateral response: The long term cyclic response, when the pipe becomes embedded in

a trench within a buckled pipe section and soil berms grow causing a rise in lateral resistance.

• Soil stiffness: Can be subdivided into vertical static and dynamic stiffness, and lateral static and

dynamic stiffness.

• Soil damping: Soil damping may be introduced in dynamic analyses.

The modelling of the first three types of pipe-soil responses is a challenging procedure and necessitates

in-depth knowledge of the soil properties and the pipeline installation process. Only soil stiffness and

damping will be discussed in more detail in the following.

4.1 Soil stiffness

It is apparent that the type of soil being considered has a significant impact on how rigid the seafloor

is. The soil material can be divided into two major groups; cohesive soil (clay), and cohesionless soil

(sand), in accordance with DNV-RP-F114. The various types of soil have diverse characteristics, how-

ever, the shear strength, soil submerged unit weight, Poisson’s ratio, and plasticity index are among the

most crucial for determining the soil stiffness. It is advised in the recommended practice to employ

elastic springs to describe the seabed properties if the non-linear response of the seabed cannot be ex-

plicitly taken into consideration while evaluating soil stiffness. These springs must be able to take into

account the response of the seafloor, which is inherently non-linear. By employing this method, the

soil stiffness can be represented as a secant stiffness, which represents the projected load level in the

pipeline scenario under consideration. Additionally, it is advised to make a distinction between static

soil stiffness, which is typically linked to a static loading state, and dynamic soil stiffness, which is typic-

ally linked to a dynamic loading state.

4.1.1 Static soil stiffness

The static vertical stiffness is a secant stiffness that reflects penetration situations like those that occur

during installation and when free spans emerge as a result of erosion. The following equation defines

static vertical stiffness [18]:

KV ,s = Qv

z
, (4.1)

where Qv is the static soil reaction force per unit length of pipe, and z is the vertical soil penetration. It is

possible to establish a penetration curve using DNV-RP-F114. Figure 4.2 shows examples of equivalent

secant stiffness at various load levels.
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Figure 4.1: Examples of vertical static secant soil stiffness for different load levels [18].

4.1.2 Dynamic soil stiffness

Generally, an equivalent shear modulus of the soil can be used to evaluate its stiffness. The soil’s shear

strain amplitude, γc , determines the shear modulus G, which is characterized as a secant modulus. From

the following expression, the shear modulus, Gmax , for sands under minor strains can be derived as:

Gmax = 625

0.3+0.7 ·e2
s
·pσa ·σs , (4.2)

where σa is the atmospheric pressure, 100kPa, σs is the mean effective stress in the soil, and es is the

void ratio. Considering clays, as a best estimate to laboratory test data, Gmax may alternatively be found

using the undrained shear strength su as:

Gmax

su
=

(
30+ 300

(Ip +0.03)

)
·OC R−0.25, (4.3)

where Ip is the plasticity index (in absolute numbers) and OCR is the overconsolidation ratio of the

clay. A typical curve of G/Gmax versus γc is used to represent the relationship between the secant shear

modulus G and the cyclic shear strain amplitude, γc , with a typical range as shown in Figure 4.2. Such

relationships should be used cautiously, especially at high strains where it’s crucial to prevent shear

stresses above the shear strength.
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Figure 4.2: G/Gmax as function of cyclic shear strain, typical range [18].

Keep in mind that different methods might also be used, and the models shown above serve as examples.

Due to the complexity of the soil behaviour under dynamic loading, specialised analyses are needed.

DNV-RP-C212 provides additional guidance on this. When evaluating Gmax for a free spanning pipeline

from Equation 4.2, the mean effective stress, σs , in the soil at the span support can be calculated at a

given depth below the pipe. This depth may be assumed equal to a contact width B.

σs = 1

2
· (1+K0) ·B ·γ′+ V

3 ·B
·
(
1+ L

2 ·Lsh

)
. (4.4)

Here K0 is the coefficient of earth pressure at rest, γ′ is the submerged unit weight of soil, V is the sub-

merged weight of the pipe per unit length, B is the pipe-soil contact width, L is the span length, and Lsh

is the span support length at one shoulder. In the temporary phase that accompanies pipe laying, the

clay may not have consolidated for the weight of the pipe, and should thus be considered when evalu-

ating Gmax for pipes on clay by Equation 4.3. The contact length between the pipe and the soil on one

shoulder, or the span support length, Lsh , relies on the span length, the soil stiffness of the shoulders,

the type of soil, the shoulder geometry, and the submerged weight and stiffness of the pipe. The ver-

tical and lateral dynamic soil stiffness KV ,d and KL,d , can be determined from the following equations

respectively:

KV ,d = 0.88 ·G
1− v

, (4.5)

KL,d = 0.76 ·G · (1+ v). (4.6)

With the assumption of a pipe length equal to 10 times the contact breadth between the pipe and the

earth and based on the elastic half-space theory for a rectangular foundation. For sand and clay, respect-

ively, the Poisson’s ratio, v , ranges from 0.3 to 0.35 and 0.45 to 0.5. Finding a representative equivalent

shear modulus for the elastic half-space is the key challenge.
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4.1.3 Simplified static and dynamic soil stiffness

According to DNV-RP-F114, when the topographical conditions are simple, the soils are not stratified

and homogenous, and no in-depth investigation has been performed to determine the soil stiffness, the

vertical and lateral dynamic stiffness, KV ,d and KL,d may be determined simply as follows:

KV ,d = CV

1− v
·
(

2

3
· ρs

ρ
+ 1

3

)
·
p

D , (4.7)

KL,d =CL · (1+ v) ·
(

2

3
· ρs

ρ
+ 1

3

)
·
p

D , (4.8)

where D is the outer diameter of the pipe including coating, ρs /ρ is the specific mass ratio between

the pipe mass (not including added mass) and the displaced water, and v is the Poisson’s ratio. The

coefficients CV and CL are provided in Tables 3.2 and 3.3 for various types of soil material. These tables

also include suggested values for the vertical static soil stiffness.

Sand

type

Friction angle,ϕ

[°]

CV

[kN/m5/2]

CL

[kN/m5/2]

KV,s

[kN/m/m]

Loose 28-30 10500 9000 250

Medium 30-36 14500 12500 530

Dense 36-41 21000 18000 1350

Table 4.1: Simplified dynamic stiffness factor and static stiffness for pipe-soil interaction in sand.

Clay

type

Undrained shear strength, Su

[kN/m2]

CV

[kN/m5/2]

CL

[kN/m5/2]

KV,s

[kN/m/m]

Very soft < 12.5 600 500 50-100

Soft 12.5-25 1400 1200 160-260

Firm 25-50 3000 2600 500-800

Stiff 50-100 4500 3900 1000-1600

Very stiff 100-200 11000 9500 2000-3000

Hard > 200 12000 10500 2600-4200

Table 4.2: Simplified dynamic stiffness factor and static stiffness for pipe-soil interaction in clay.

To appropriately account for the implications of complex soil mobility, such as erosion and self-burial,

the lateral dynamic stiffness should be calculated under the assumption of loose sand properties for free

spans supported by sand. Typically, the axial dynamic stiffness is not significant. However, it is crucial to

include an axial soil-support model with friction and stiffness when taking into account long free spans.

The axial dynamic soil stiffness may be assumed to be equal to the lateral dynamic soil stiffness in the

absence of data.

When designing a pipeline, it is important to take into account the capacity for the transfer of axial loads

between the pipe and the surrounding soil. Axial frictional stresses may be present between the pipe
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and soil and can be caused by residual stresses from the pipelay process. These stresses can extend over

long distances from the point of separation between the pipe and soil on the shoulder of the free span.

The axial friction will be limited by the interface shear resistance. In areas where there is lateral move-

ment of the pipe, such as on the shoulders near the free span, the available surface friction needs to be

shared between axial and lateral stresses. This interaction can reduce both the axial and lateral resist-

ance at the shoulders and should be taken into account during the design process.

4.2 Soil damping

Soil damping in free span assessments generally depends on the dynamic loads that the soil experiences.

There are two types of soil damping mechanisms that can be distinguished according to DNV-RP-F114:

Pipe-soil interaction for submarine pipelines [18]. The first is radiation damping, which is associated

with the propagation of elastic waves through the yield zone. The second is material damping, which

occurs close to the yield zone in contact with the pipe due to hysteresis effects.

When it comes to evaluating radiation damping, available solutions for elastic soils can be used with the

relevant soil modulus reflecting the soil stress (or strain) levels. The frequency of the oscillations has a

significant impact on radiation damping and is especially important for high-frequency oscillations. In

general, soil material damping typically governs soil damping for free spanning pipelines. The modal

soil damping ratio specific to the pipe-soil interaction for a given case, ζsoi l , is given by:

ζsoi l =
1

4 ·π · f0
·
( ∫

L c(s)ϕ2(s)d s∫
L m(s)ϕ2(s)d s

)
, (4.9)

where c(s) is the soil damping per unit length, which can be defined based on the energy balance

between the maximum elastic energy stored by the soil during one oscillation cycle and the energy

dissipated by a viscous damper during the same cycle. The equation can be solved by finite element

analysis where discrete soil supports are used in the pipeline model. For support no. i, the viscous

damping coefficient, ci is given by:

ci = 2 ·ζsoi l ,i ·
ki

ω
, (4.10)

where ki is the linearized spring stiffness at support no. i, ζsoi l ,i is the damping ratio for the same sup-

port, and ω is the angular frequency of the mode being considered. By knowing the non-linear hysteric

reaction of a support length the damping ratio representing the support can be calculated as:

ζsoi l ,i =
1

4 ·π · EDi ssi pated

EEl ast i c
, (4.11)

where EDi ssi pated is the energy dissipation at support no.i and EEl ast i c is the equivalent elastic energy

at support no.i. See Figure 4.3.
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Figure 4.3: Energy dissipation at soil support, shown in the load-displacement space [18].

In pipeline design, it is important to consider the non-linearity of soil, as the equivalent spring stiffness

and damping ratio are dependent on the displacements at the support. To determine the modal soil

damping ratio for a specific case, it is necessary to take this into account, which requires an iterative

solution to ensure compatibility between various dependencies:

• The dependency of the mode shape on the equivalent support springs.

• The dependency of the oscillation amplitude on the modal damping.

• The dependency of the equivalent springs and the damping ratio of the discrete soil supports on

the cyclic support displacements.

• The dependency of the modal damping ratio on mode-shape and on support springs and damp-

ing ratio.

To perform these iterations, non-linear relationships for the spring stiffness (ki ) and damping ratio (ζi )

as a function of pipe penetration and cyclic displacements for the relevant soil and pipe diameter are

required. Figure 4.4 qualitatively illustrates such relationships, which can be determined either experi-

mentally or analytically. These relationships serve as the basis for the iterative solution and help ensure

accurate determination of the modal soil damping ratio. Simplified soil damping values can be found in

the recommended practice if no detailed assessment has been performed.

Figure 4.4: Non-linear characteristics of soil stiffness and damping.
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5 VIV assessment models

5.1 Response model in FatFree

FatFree software is used in the design, assessment, and reassessment of subsea pipeline spans in ac-

cordance with the response model in DNV-RP-F105 [11]. The software allows for the design of fa-

tigue lifetimes for new free-spanning pipelines due to vortex-induced vibrations (VIV) and direct wave

loading, as well as fatigue lifetime reassessment of existing pipelines. In the response-based model,

possible excited modes are identified, and stress ranges resulting from VIV are calculated from mode

shapes/curvatures obtained through Finite Element Analysis (FEA) and VIV response model curves. The

curves are based on parametric equations developed from experiments to define response amplitudes

for both the in-line (IL) and cross-flow (CF) direction, over a range of reduced velocities for different flow

angles.

5.1.1 Formulation for pure in-line and cross-flow induced in-line response

The pure in-line vortex-induced vibration stress range S I L, j (x), can be calculated from:

S I L, j (x) = 2 · AI L, j (x) ·
(

Ay

D

)
j
·Ψα,I L ·γs , (5.1)

where AI L, j (x) is the unit diameter stress amplitude for IL mode j at location x, given by Equation 5.2.

It is the stress caused by unit diameter IL mode shape deflection. (Ay /D) j is the normalised IL VIV

response amplitude for mode j , Ψα,I L is a correction factor for current flow ratio α = Uc /(Uc +Uw ),

where Uc and Uw are current and wave velocity respectively. γs is a safety factor to be multiplied by the

stress range.

AI L, j (x) = (1+C SF ) ·D ·κI L, j (x) ·E · r (5.2)

In the equation above C SF is a concrete stiffening factor to be included if relevant, D is the outer dia-

meter of the pipeline (including coating), κI L, j (x) is the curvature of mode j for IL direction, E is Young’s

modulus, and r is the radial distance to the weld toe or weld root. As mentioned, the response model is

highly dependent on empirical data, and values for (Ay /D) j to use in the stress calculation are given by

Figure 5.1. The figure displays the IL VIV amplitude as a function of reduced velocity (including safety

factors). γon is a safety criterion for onset values for the IL response, and the design stability parameter

Ksd = Ks /γk , where γk is a safety factor. Riθ,1 and Riθ,2 are reduction functions between 0 and 1 ac-

counting for the effect of turbulence intensity and angle of attack (in radians). For parametric equations

for the model see [11].

To consider the potential for CF-induced IL VIV it is necessary to take into account all active CF modes.

The IL-mode with an eigenfrequency closest to twice the oscillating frequency of the CF-mode with the

largest response amplitude is the most likely candidate for CF-induced IL VIV. This candidate mode can

be identified by finding the minimum value of the expression:

| f par t
I L,k −2 · fC F−RES,i |, (5.3)
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where f par t
I L,k is the natural frequency of the k-th participating IL-mode. Further, the stresses due to CF-

induced IL VIV are found by:

S I L−C F (x) = 0.8 · AI L,k (x) ·
(

Az

D

)
max

·Rk ·γs , (5.4)

where AI L,k is the unit diameter amplitude of the selected candidate mode, (Az /D)max denoted the

maximum normalized response amplitude obtained from the CF response model. If the candidate

mode for CF-induced IL VIV is an active IL mode, the stress for IL VIV is determined as the maximum

value between stresses resulting from CF-induced IL VIV and pure IL VIV. However, if the candidate

mode is not among the active modes, it is added as a new active mode with its stress range. Further, the

combined IL stress range can be calculated using the formula:

Scomb,I L(x) =
√√√√mav g∑

j=1
(S I L, j (x))2, (5.5)

where S I L, j is the response stress range due to j-th contributing IL mode, mav g is equal to the number of

contributing modes m if the CF-induced IL mode is among these. Otherwise, it is equal to m+1. Finally,

the IL cycle-counting frequency is given by:

fc yc,I L(x) =
√√√√mav g∑

j=1

(
f I L, j ·

S I L, j (x)

Scomb,I L(x)

)2

, (5.6)

where f I L, j is the natural frequency of the j-th contributing IL mode. For the CF-induced IL mode, this

is set to 2 · fC F−RES,i .

Figure 5.1: Illustration of in-line VIV response amplitude [19]. (Ay /D) is defined as the maximum in-line

VIV response amplitude (normalized with D) as a function of VRd and KSd . For parametric formulas for

the response model see [11].
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5.1.2 Formulation for cross-flow response

Similar to the in-line response model, a stress range due to VIV from combined current and wave flow

can be established by the following equation:

SC F,i (x) = 2 · AC F,i (x) ·
(

Az

D

)
i
·Rk ·γs , (5.7)

where AC F,i is the unit diameter stress amplitude for CF mode i at location x, given by Equation 5.8.

It is the stress due to unit diameter CF mode shape deflection. (Az /D)i is the normalized CF vortex-

induced vibration response amplitude for mode i given in Figure 5.2, Rk is an amplitude reduction factor

due to damping and γs is a safety factor for the stress range. The cross-flow response model is also

clearly dependent on the Keulagen Carpenter number (KC) and the current flow ratio, with a maximum

response Az /D = 1.3. In addition, it is dependent on multiple onset correction factors such as for seabed

proximityΨpr oxi ,onset , trench geometryΨtr ench,onset , specific mass (gravity) of pipeΨmass,onset , and at

last current to wave ratioΨα,onset . For parametric formulas for the response model see [11].

AC F,i (x) = (1+C SF ) ·D ·κC F,i (x) ·E · r. (5.8)

The combined stress range from all active modes is given by:

Scomb,C F =
√√√√ m∑

j=1

(
SC F, j (x)

)2, (5.9)

where m is the number for active modes. In order to determine the appropriate cycle-counting fre-

quency for CF VIV, it is necessary to make a correction to the added mass coefficient. This is because

the added mass coefficient varies as the structure oscillates. The corrected added mass coefficient, de-

noted as Ca,C F−RES , can be obtained in the recommended practice and used to correct the CF response

frequency:

fC F−RES, j = fC F, j

√
sg +Ca

sg +Ca,C F−RES
, (5.10)

where fC F, j is the CF response frequency without correction, sg is the specific gravity of the pipeline and

can be calculated by (q+b)/b, where q represents the submerged weight and b represents the buoyancy.

Additionally, the still-water added mass coefficient is denoted Ca and Ca,C F−RES is the added mass coef-

ficient due to CF response. At last, the CF cycle-counting frequency is found by:

fc yc,C F (x) =
√√√√ m∑

j=1

(
fC F−RES, j ·

SC F, j (x)

Scomb,C F (x)

)2

. (5.11)
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Figure 5.2: Illustration of cross-flow VIV response amplitude [19]. The figure provides characteristic

maximum values of the normalized response. For parametric formulas for the response model see [11].

5.1.3 Fatigue damage

The response model produces two combined stress ranges Scomb,C F and Scomb,I L as mentioned above,

which accounts for all the stresses related to a particular load case. The cycle-counting frequency asso-

ciated with each stress range is used to determine the number of cycles per year. By using the combined

stress ranges as input to an SN-curve for the pipeline cap and root position, the number of cycles to fail-

ure can be determined. The total damage caused by CF VIV and IL VIV can then be calculated by adding

their respective damages.

5.2 Time-domain force model in SIMLA

Strip theory serves as the foundation for the time domain VIV model implemented in SIMLA. It is de-

scribed by the incoming flow vector u, the cylinder response vector x, and the hydrodynamic coeffi-

cients. Figure 5.3 illustrates the cylinder in a local coordinate system. The incoming flow vector can be

decomposed into a normal component un, and a tangential component ut to the cylinder strip. When

considering only the normal component, the hydrodynamic loads and structural response can be sim-

plified into a two-dimensional problem. That is, in the j1j2-plane with j3 being in the axial direction of

the local coordinate system. This is the system that the drag force and vortex shedding forces follow,

and where j1 is parallel to the relative flow velocity vector, vn = un − ẋ. Obviously, the shedding forces

will change direction as the relative flow changes, so cross-flow or in-line direction will be referred in

the local coordinate system in the present text. The hydrodynamic force model is expressed in Equation

5.12 by Ulveseter et al. [20].

Fn = CMρ
πD2

4
u̇n︸ ︷︷ ︸

Froude-Kriloff force

− (CM −1)ρ
πD2

4
ẍn︸ ︷︷ ︸

Inertia force

+ 1

2
ρDCD |vn |vn︸ ︷︷ ︸

Drag force︸ ︷︷ ︸
Morison’s equation

+ 1

2
DCv,x |vn |vn cosφexc,x︸ ︷︷ ︸

In-line vortex shedding force (Fv,x )

+ 1

2
ρDCv,y |vn |

(
j3 ×vn

)
cosφexc,y︸ ︷︷ ︸

Cross-flow vortex shedding force (Fv,y )

.

(5.12)

The three first terms are the well-known Morison’s equation that is applicable in cases where the ratio of
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wavelength to cylinder diameter is larger than 5, and when waves are not breaking. This is, in general,

true for slender structures such as pipelines, risers and cables. In the equation CM is the inertia coeffi-

cient, CD is the drag coefficient, while D and ρ er cylinder diameter and fluid density respectively. The

two last terms are the vortex shedding forces, in the in-line and cross-flow direction and with Cv,x and

Cv,y as their respective shedding force coefficients. The instantaneous phases of the vortex shedding

forces are decided by φexc,x and φexc,y .

Figure 5.3: A cylinder strip with the relevant vectors and local coordinate system for the TD-VIV force

model [21].

The shedding force coefficients Cv,x and Cv,y determine the magnitude of the vortex shedding forces,

while the instantaneous phases φexc,x and φexc,y which varies in time makes them oscillate. Synchron-

ization models are applied to each direction to ensure that the instantaneous frequency of the vortex-

shedding force can increase or decrease so that its phase can match the instantaneous phase of the

cylinder velocity. That is what simulates the lock-in phenomenon associated with vortex-induced vi-

brations. Synchronization is only allowed to take place when in a non-dimensional frequency range, i.e.

the synchronization range. For cross-flow direction, Equation 5.14 can be used to express the instant-

aneous vortex shedding frequency.

φ̇exc,y =
dφexc,y

d t
= 2π fexc,y = 2π|vn|

D
f̂exc,y . (5.13)

f̂exc,y =
 f̂0,y + ( f̂max − f̂0,y )sinθy , θy ≥ 0

f̂0,y + ( f̂0,y − f̂mi n)sinθy , θy < 0.
(5.14)

Here f̂mi n,y and f̂max,y is the synchronization range for cross-flow and f̂0,y is the non-dimensional max-

imum energy transfer frequency. θy is the phase difference between cylinder cross-flow velocity and the

corresponding cross-flow shedding force, θy = φẏr el −φexc,y . More specifically, this means that lock-in

occurs for f̂mi n,y ≤ f̂exc,y ≤ f̂max,y , and when f̂exc,y = f̂0,y the vortex-induced cross-flow excitation force

is in phase with the cylinder’s cross-flow velocity, i.e. θy = 0.

There are two types of in-line responses. The first occurs at lower current speeds and is known as the

pure in-line response, and a model for this response was first introduced by Ulveseter et al. [22] in 2017.

The other one is the cross-flow induced in-line response which occurs at higher current speeds. For the

cross-flow induced in-line response, two different models have been proposed for the synchronization
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process. The first one by Ulveseter et al. [20] in 2018 and the second one more recently by Kim et al.

[21] in 2021. With regards to the first one, the idea behind it is that it is based on a trend shown in

experimental data, where the IL VIV frequency usually is two times the achieved CF VIV frequency. That

is, φ̇exc,x can be established as a function of φ̇exc,y and the instantaneous phase difference between the

phase of the relative in-line velocity of the cylinder φẋr el , versus the instantaneous phase of the in-line

excitation force:

φ̇exc,x = 2πφ̇exc,y [1+αsin(φẋr el −φexc,x )], (5.15)

where α tells the amount of frequency of the in-line response depending on the cross-flow force. The

second synchronization model for the cross-flow induced in-line vibrations was developed due to inac-

curate results by the model above in the Hanøytangen test [21]. In fact, this updated model is exactly the

same as the one proposed by Ulveseter in 2017.

φ̇exc,x = dφexc,x

d t
= 2π fexc,x = 2π|vn|

D
f̂exc,x . (5.16)

f̂exc,x =
 f̂0,x + ( f̂max − f̂0,x )sinθx , θx ≥ 0

f̂0,x + ( f̂0,x − f̂mi n)sinθx , θx < 0.
(5.17)

Again f̂mi n,x and f̂max,x is the synchronization range for pure in-line and f̂0,x is the non-dimensional

maximum energy transfer frequency. θx is the phase difference between cylinder in-line velocity and

the corresponding in-line shedding force, θx = φẋr el −φexc,x . More specifically, this means that lock-in

occurs for f̂mi n,x ≤ f̂exc,x ≤ f̂max,x , and when f̂exc,x = f̂0,x the vortex-induced in-line excitation force is

in phase with the cylinder’s in-line velocity, i.e. θx = 0. The basic idea is that the pure IL-induced force

component and the IL force component associated with the simultaneous presence of CF VIV can both

be predicted using the same synchronization model. By selecting a sufficiently wide synchronization

range, it should be possible to simulate both pure in-line and cross-flow induced in-line vibrations using

the same synchronization model.
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6 Fatigue

6.1 Rainflow Counting

Cumulative damage analysis is an important aspect of structural reliability and safety, as it allows en-

gineers to predict the likelihood of failure and estimate the remaining life of a system (Berge and Ås

[23]). Rainflow counting is particularly useful in this context, as it allows for the consideration of both

the amplitude and the number of cycles of a given stress level. This can provide a more accurate estim-

ate of damage than methods that only consider the stress amplitude. Rainflow counting is a commonly

used method for cumulative damage analysis in mechanical systems, such as subsea pipelines and other

offshore structures under dynamic loading. The method is based on the concept of "rainflow cycles,"

which are defined as the number of stress cycles between a given minimum and maximum stress level.

The rainflow counting algorithm is used to identify and count these cycles, which can then be used to

estimate the total damage to a system over time.

The rainflow counting algorithm is implemented by first sorting the stress history data in descending

order. The algorithm then identifies local maxima and minima in the stress time history, and the range

between these extrema is used to define the rainflow cycles. The cycles are then grouped into "bins,"

based on their range, and the number of cycles in each bin is counted. This information can then be

used to estimate the damage to the system using a damage accumulation model, such as the Palmgren-

Miner linear damage rule. The algorithm is designed to identify and count cycles in a material’s stress-

strain response. This is achieved by analyzing the strain history, as illustrated in Figure 6.1 and the

corresponding stress-strain path. The individual cycle 2-3-2 does not affect the remainder of the stress-

strain history, and each time a hysteresis loop is closed, a cycle count is made.

Figure 6.1: Part of a strain history (a) and the stress-strain response (b). The Rainflow counting method

counts small cycles within large cycles similar to the way closed hysteresis loops are formed. The cycle

count is thus reflecting the way in which the material is responding. Berge and Ås [23].

The rainflow counting method gets its name from the analogy of rain falling down a pagoda roof, as

shown in Figure 6.2. The strain history in this figure is more complex than in Figure 6.1, but the concept

is the same. The rules for rainflow counting are as follows:

1. Rain initiates at the inside of each peak or valley and drips down when it reaches the edge.

2. A cycle is completed when the rain meets another flow from above.
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3. The flow stops when it comes opposite a more positive peak (starting from a peak) or a more

negative valley (starting from a valley) than the one from which it started.

Figure 6.2: Illustration of the pagoda roof rainflow analogy. Berge and Ås [23].

By following these rules, it can be verified that this counting procedure reproduces the cyclic stress-

strain loops of the material undergoing the same loading history. The closed stress-strain loops, known

as hysteresis loops, represent energy dissipated due to dislocation movements in the material. The fa-

tigue damage caused by a closed loop in a variable amplitude loading history is equivalent to the dam-

age caused by a cycle in a constant amplitude fatigue test with the same stress range. However, residual

half-cycles that cannot be paired up with other half-cycles to form complete loops cannot be determ-

ined with this approach. Rainflow counting is recommended for wide-band loading, but for narrow-

band loading, all the counting procedures will yield similar results. It’s important to note that unless

the load history starts with its most positive peak or its most negative valley, a rainflow count may give

a number of unpaired half cycles that are difficult to handle in cumulative damage analysis. Addition-

ally, when applied to cracked specimens where crack closure may occur under compressive loading,

rainflow counting loses its physical significance. The choice of method for cycle counting in fatigue

analysis becomes important only when the design is based on actual load-time history. These histories

can come from various sources such as recorded loads or stresses from an actual structure, simulated

load histories from model experiments, or computer-generated time histories.

6.2 Palmgren-Miner linear damage rule

The Palmgren-Miner linear damage rule is based on the concept of "damage," which is defined as the

ratio of the accumulated fatigue damage to the total damage that would cause failure. It is a widely

used method for calculating fatigue damage in marine structures. The method is based on the principle

that the damage accumulated by a structure due to fatigue loading is the sum of the damage caused by

each individual loading cycle. It uses a damage index, which is a function of the stress range and the

number of cycles at that stress range. The damage index is then multiplied by the number of cycles at

each stress range to obtain the damage for that stress range. The total damage is obtained by summing

up the damage for all stress ranges. The Palmgren-Miner linear damage rule is given by the following
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formula (Berge and Ås [23]):

D =∑
i

ni

Ni
. (6.1)

The total accumulated damage D is described by the number of cycles ni for a corresponding stress

range ∆σi , and the number of cycles until failure, Ni . The relationship between the number of cycles

until failure Ni , and the stress range ∆σi can be represented by an SN-curve using the material para-

meters m and log A.

log Ni = log A−m log∆σi (6.2)

The traditional SN-curve is based on the assumption of constant amplitude loading and is used to pre-

dict the fatigue life of a material under such conditions. Haibach extrapolated SN-curves are a specific

type of SN-curve that is used to predict the fatigue life of marine structures, such as subsea pipelines,

that are subjected to vortex-induced vibrations. These structures experience cyclic loading with vary-

ing amplitudes caused by the vortex shedding phenomenon, which results in a fatigue life that is sig-

nificantly shorter than structures with constant dynamic loading. Haibach extrapolation method is a

statistical method which is a way to estimate the number of cycles to failure at very high numbers of

cycles.

Figure 6.3: Haibach extrapolated SN-curve for cumulative damage calculations. Berge and Ås [23].
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7 Case description

A realistic seabed profile, taken from a field measurement survey, is shown in Figure 7.1. The figure

displays a 3.6km seabed route with a pipeline in empty lay condition. It is located at water depths span-

ning between approximately 867 and 842 meters and the pipeline direction in degrees relative to the

geographic north is 165.51° as shown in Figure 7.2. The design life for the pipeline is 25 years. Data for

the case scenario has been provided by Reinertsen New Energy.

Figure 7.1: Illustration of realistic seabed profile containing multiple spans and showing pipeline lay in

empty condition. KP is the kilometre point (curvilinear distance).

Figure 7.2: Illustration of pipeline direction relative to geographic north.

A previously performed free span assessment has been done for the multi-span scenario above, includ-

ing all the pipeline conditions mentioned in Section 3. That includes static-, modal-, and VIV analysis

based on the response model recommended in DNV-RP-F105: Free Spanning Pipelines [11]. The most

critical spans and their corresponding VIV fatigue damage (yearly rate), as well as information about

pipeline conditions, free span lengths and effective axial forces, are given in Table 7.1. Operation B-

25 means the operational condition in the year 2025, which also is the start-up year for this pipeline.

Likewise, B-31 refers to the operational condition in the year 2031. In this thesis, the free span at KP

Value 600m with a span length of 189m is chosen as the case scenario. The model in Figure 7.1 has been

"cut" at 300m and 1000m in order to isolate the free span and to perform a new VIV assessment with the

response-based model and the newly developed TD-VIV force model.
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KP Value [m] Condition

Free Span

Length [m]

Effective axial

force [kN]

Damage/year

(in-line)

Damage/year

(cross-flow)

1100 Operation B-31 39 -400 5.67E-04 -

1100 Shutdown 49 1000 1.17E-02 -

3250 Operation B-25 57 -300 1.02e-03 -

3250 Operation B-31 58 30 3.42E-04 -

600 Shutdown 189 1150 - 8.50E-04

2200 Shutdown 109 915 - 4.54E-03

Table 7.1: Previous free span assessment results by Reinertsen New Energy based on the response model

recommended in DNV-RP-F105.

7.1 Environmental condition

7.1.1 Current condition

Provided current data for the pipeline’s location was used to create the 3D histogram plot in Figure 7.3,

which represents the probability of occurrence of currents from different directions and velocities. The

plot shows the most common current direction falls between 0 and 90 degrees relative to the geographic

North, and the highest probability of occurrence between 0.05 and 0.35m/s. Additionally, the plot can

be used to identify less common current directions and velocities that may still have a significant impact

on structural loads. The histogram data is used as input directly into FatFree, which returns some key

statistical data and extreme values as shown in Table 7.2. In SIMLA, the current velocities and directions

have been used to model current profiles for the time-domain analysis as described later in Section 8.3,

and the probability of occurrence has been used for the fatigue damage calculations.

Figure 7.3: Current condition histogram.
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0 ° 45 ° 90 ° 135 ° 180 ° 225 ° 270 ° 315 °

Probability 0.24 0.33 0.04 0.04 0.07 0.15 0.07 0.06

Mean value [m/s] 0.11 0.11 0.11 0.11 0.11 0.11 0.11 0.11

1 year [m/s] 0.445 0.445 0.325 0.325 0.385 0.385 0.385 0.385

10 year [m/s] 0.505 0.505 0.445 0.445 0.445 0.505 0.445 0.445

100 year [m/s] 0.625 0.625 0.565 0.505 0.565 0.565 0.565 0.565

Table 7.2: Key statistical data and extreme values from current condition histogram.

7.1.2 Seabed geotechnical properties

Pipe-soil parameters are provided and the route consists mainly of very soft clay, with some smaller

sections of outcropped stiff clay. The static soil parameters given by Reinertsen New Energy states an

axial friction coefficient in the range of 0.25-0.40, a lateral friction coefficient of 0.6-1.0, and a vertical

stiffness of 20-40kN/m/m. Further, the estimated range in the dynamic stiffness for the soil on free span

shoulders is 600-1400kN/m/m in the vertical direction and 350-800kN/m/m in the lateral direction.

Based on this, simplified soil stiffness and damping values according to DNV-RP-F115 and given in Table

7.3 have been chosen for the case scenario.

Description Symbol Unit Value

Vertical, static soil stiffness KV ,s kN/m/m 30.0

Vertical, dynamic soil stiffness KV ,d kN/m/m 1000

Lateral, dynamic soil stiffness KL,d kN/m/m 600

Soil damping ratio (in-line) ζsoi l ,I L - 0.010

Soil damping ratio (cross-flow) ζsoi l ,C F - 0.010

Table 7.3: Pipe-soil parameters.

7.2 Pipeline data

7.2.1 Pipe geometry

The characteristic data for the pipeline geometry is summarized in Table 7.4.

Description Symbol Unit Value

Steel wall internal diameter Dsi m 0.4064

Steel wall outer diameter Dso m 0.4572

Outer diameter (coating included) OD m 0.4732

Steel wall thickness ts m 0.0254

Coating thickness tc m 0.008

Second moment of area I m4 0.0121

Table 7.4: Characteristic data for pipeline geometry.
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7.2.2 Material

The pipeline material data is summarized in Table 7.5.

Description Symbol Unit Value

Young’s Modulus E MPa 2.07 x 105

Shear Modulus G MPa 9.62 x 103

Axial stiffness EA kN 7.1 x 106

Bending stiffness EI kNm2 1.67 x 105

Torsional stiffness GJ kNm2 1.55 x 104

Poisson’s ratio ν - 0.3

Steel density ρs kg/m3 7850

Dry Weight (air-filled) m kg/m 281

Thermal expansion coefficient at 20°C α °C−1 1.17 x 10−5

Specified Minimum Yield Strength (SMYS) at 20°C σy MPa 450

Specified Minimum Tensile Strength (SMTS) at 20°C σu MPa 535

Table 7.5: Pipeline material data.

7.2.3 SN-curves

The Haibach SN-curves and SCFs for cap (outside) and root (inside) position of pipeline which are used

in the VIV fatigue analysis are given in Table 7.6. These applies to all pipeline conditions. The SN-curve

for cap position is a standard class E curve for an object in seawater with cathodic protection. The curve

for the root position is a "F1-custom" curve provided by Reinertsen New Energy.

Parameter Cap Position Root Position

m1 3 3

m2 5 5

Log (C1) 11.610 11.222

Log (C2) 15.350 14.832

log NSW 6.00 5.81

SCF 1.197 1.046

Table 7.6: SN-curves and SCFs for cap and root position.
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8 SIMLA model

8.1 Structural model

In this study, SIMLA was utilized for the analysis of the free span scenario. SIMLA is a powerful finite ele-

ment method/analysis (FEM/FEA) tool that can handle pipe-laying analysis while taking into account

non-linear material and contact behaviour, as well as large deformations. The behaviour of a FEM model

for dynamic analysis can be described by the equation of motion on matrix form:

Mr̈+Cṙ+Kr = R, (8.1)

where M is the consistent mass matrix of the system, C is the damping matrix of the system, K is the

stiffness matrix of the system and R is the external nodal loads. r and its derivatives are the nodal dis-

placements, velocities and accelerations respectively. The structural damping model was established

using the Rayleigh damping formulation, where the damping matrix is determined through a linear

combination of the global mass and stiffness matrices (Ivar Langen [24]):

C =α1M+α2K, (8.2)

where the coefficientsα1 andα2 are used to represent the mass-proportional and stiffness-proportional

damping, respectively. Rayleigh damping formulation is a widely used method for modelling structural

damping in linear dynamic systems. One of the key advantages of this approach is its computational

convenience in implementing and specifying the damping level. Another significant feature of this

method is that it results in a damping matrix that is orthogonal with respect to the eigenvectors. Al-

though Rayleigh damping is typically used for linear dynamic systems, it can also serve as a reference

for nonlinear dynamic systems. Taking use of the orthogonal properties and on normal form, the damp-

ing is often expressed as a damping ratio:

λi = 1

2

(
α1

ωi
+α2ωi

)
, (8.3)

where α1 = 0 gives damping ratio proportional to the eigenfrequency ωi and α2 = 0 gives damping ratio

inversely proportional to ωi . To prevent unphysical structural damping caused by rigid body motions,

the damping term proportional to the mass matrix is typically excluded, with α1 set to 0. This approach

was for the model. As a result, the only remaining term is α2K, which is stiffness-proportional damping

which corresponds to a modal damping ratio of λi = α2ωi
2 . Further, α2 was set to 0.05 using Equation

8.3 with the fundamental cross-flow frequency and a structural damping ratio of 0.005. This structural

damping ratio was also used in the FatFree software. Note thatα2 has a level of uncertainty to it and can

therefore be a source of error in the result. More extensive research should be performed numerically or

experimentally to find appropriate values for the model.

The 3D beam element PIPE31 was used in SIMLA to model the pipeline with linear material proper-

ties and constant axial strain and torsion. To determine the optimal balance between result accuracy

and simulation length, a convergence analysis was conducted by varying the element length in the

model. The findings of the investigation indicate an optimal element length of approximately 0.61m.

The pipeline was fixed against translational movements in all directions and free to rotate about the y-

and z-axis at one end node. At the other end node, it was fixed for translational movement in y- and
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z-direction, and free in the x-direction due to the application of effective axial force. Further, the same

constraints for rotation were used for this node as for the previous. This approach ensures that the

model can accurately capture the realistic behaviour of the pipeline under the given operational condi-

tions. Note that two smaller spans at each side of the major span are included in the model. This was

modelled to account for the effects of multiple spans on the pipeline shoulder. The model and its global

coordinate system are displayed in Figure 8.1.

Figure 8.1: Structural model in SIMLA.

8.2 Hydrodynamic properties

As previously discussed, a time domain analysis is necessary to account for the non-linearities inherent

in a realistic vortex-induced vibration scenario. Therefore, the updated synchronization load model for

combined cross-flow and in-line VIV proposed by Kim, which was extensively studied in Section 5.2,

was employed. To apply this time domain VIV model, suitable empirical coefficients for hydrodynamic

drag, added mass, and vortex-induced excitation force had to be selected. Generally, these coefficients

rely on parameters such as the Reynolds number, surface roughness (which was not considered in this

study since the pipeline under examination is assumed to be smooth), and Keulegan-Carpenter number

(KC).

In SIMLA, the element properties are defined by the ELPROP card which e.g. takes in two components

for the hydrodynamic drag coefficient. That is a normal/radial component that has a significant con-

tribution to the response, and which is strongly connected to Reynolds number. Assuming a smooth

pipe and that the Reynolds number is within the sub-critical flow regime, this value is typically set to

1.2. The second contribution to the hydrodynamic drag coefficient is the tangential component, which

represents skin friction and is typically negligible for pipelines due to their smooth surfaces and high

Reynolds number.

In addition to the normal and tangential components of the hydrodynamic drag coefficient, the added

mass coefficient is also an important factor used as input in the ELPROP card. For smooth cylinders,

the normal/radial added mass coefficient of a circular cross-section is typically assumed to have a value
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of 1.0. However, in real-world scenarios, the added mass coefficient may vary depending on several

factors as mentioned in Section 2.2, where it can be seen that it is clearly a function of the reduced

velocity and hence the vibration frequency. The tangential component of the added mass coefficient is

typically considered negligible for practical applications. This is because the tangential motion of the

fluid particles along the surface of a smooth cylinder is generally much smaller than the normal motion,

resulting in a relatively small contribution to the added mass coefficient.

Further element properties can be defined by the HYDROPRO card, which is used to specify specific hy-

drodynamic properties such as parameters for the TD-VIV ALLVIV model used in this study to describe

both cross-flow and in-line vortex-induced vibrations. The determination of suitable excitation force

coefficients and synchronization parameters for practical applications is an ongoing field of research

for the model, and the parameters chosen in the case scenario were default values from the SIMLA user

manual [25], which are shown in Table 10.2.

Description Symbol Unit Value

Quadratic drag coefficient in normal direction CDn - 1.2

Quadratic drag coefficient in tangential direction CDt - 0.1

Added mass coefficient in normal direction C An - 1

Added mass coefficient in tangential direction C At - 0.1

Cross-flow vortex shedding coefficient Cv,y - 1.0

In-line vortex shedding coefficient Cv,x - 0.8

Maximum cross-flow energy transfer frequency f̂0,y - 0.18

Minimum cross-flow synchronization range f̂mi n,y - 0.125

Maximum cross-flow synchronization range f̂max,y - 0.3

Maximum in-line energy transfer frequency f̂0,x - 0.5

Minimum in-line synchronization range f̂mi n,x - 0.3

Maximum in-line synchronization range f̂max,x - 0.7

Table 8.1: Default hydrodynamic parameters used in the TD-VIV model in SIMLA.

8.3 Modelling of current condition

In order to model realistic current conditions, several current profiles along the seabed profile were

modelled for the free span case scenario. The seabed elevation can cause variations in current velocity at

different locations of the span, so there can exist multiple vortex-induced vibration frequencies. Fatigue

damage is a function of the number of load cycles experienced by the pipeline, and thus it is important

to consider all the dominant frequencies of vibration that can occur along the span.

The current profiles were modelled based on the DNV-RP-F105 standard, which distinguishes between

two zones of flow: an outer zone and an inner zone. The outer zone is located approximately one local

seabed form height above the seabed crest, and it is characterized by mean current velocity and turbu-

lence that vary only slightly in the horizontal direction. In the inner zone, which is closer to the seabed,

the mean current velocity and turbulence exhibit significant variations in the horizontal direction. The

current velocity profile in this zone is approximately logarithmic, assuming that flow separation does

not occur. The logarithmic profile can be described by the following equation:
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U (z) =U (zr )
ln z − ln z0

ln zr − ln z0
, (8.4)

where U (z) is the current velocity at elevation z above the seabed, U (zr ) is the reference current velocity

at a height zr in the outer zone, and z0 is the bottom roughness parameter which typically is between

0.001 and 0.005 for soft clay. In this case, 0.001 was chosen as roughness, and the reference height was

calculated to be approximately 4m. Figure 8.2 displays 10 current profiles (representing each current

velocity from the current histogram) used to model the varying current along the seabed profile. Three

profiles were used for the span of interest, while one profile was used for each of the two side spans.

Figure 8.2: Current velocity profiles used in SIMLA.

8.4 Modelling of pipe-soil interaction

In order to model the interaction between the pipeline and the seabed, the SIMLA model employs 3D

seabed contact elements (CONT126). The contact element types are defined by a user-defined material

surface property that describes the material curve in the x-, y-, and z-directions. By default, a Coulomb

model is utilized which multiplies the force x and y components with the z-force reaction and a friction

coefficient. As a result, the material curves for the x- and y-directions must be specified as displacement

versus unit force curves, as was the case for this model.

The material properties for the x- and y-directions in this model are defined by elastoplastic material

behaviour (ep-curves) that includes kinematic hardening. For the z-direction, hyperelastic (non-linear

elastic) material behaviour was employed. The soil friction coefficients were set to 0.32 and 0.8 in the

global x- and y-directions, respectively. The material curve for the z-direction was generated by identi-

fying the soil penetration in the static analysis where simplified static soil stiffness was used. In the

dynamic analysis, further penetration than static penetration was defined by the simplified dynamic

vertical stiffness. It is important to note that soil modelling can involve significant uncertainties and, as

a result, further investigation may be required in future models.
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9 Analysis methodology

The following chapter elaborates on the two procedures used to calculate fatigue damage of the subsea

pipeline, with a focus on the TD-VIV approach. In addition, a limited amount of theory is given about

the analysis methods used. The goal is to investigate the damage per year at the free span shoulder

where fatigue is likely to occur and to compare the results from the two procedures/models. The specific

location for fatigue damage calculation is specified later. Figure 9.1 summarizes the procedures for the

two models.

Figure 9.1: Flowchart of analysis methodology.

9.1 Static analysis

By performing a static analysis prior to the modal and dynamic analysis, the effects of static deflection on

the pipeline’s dynamic response can be accurately captured as mentioned in Section 3, leading to more

accurate predictions of the pipeline’s behaviour under different loading conditions. The load history

used for the static analysis of the shutdown condition is the buoyancy and external pressure, dry mass

factored by 1.0203 and the effective axial force of 1150kN in order to replicate the shutdown condition

given in the case description. In-line deflection due to steady current is neglected in the analysis since

the most probable current velocities are small. The stiffness relation of a static system is given by:

Kr = R, (9.1)

A Newton-Rhapson equilibrium iteration procedure is used to find the static solution at each load step.

At iteration zero, the load increment ∆R = RII −RI results in a displacement increment ∆r, where RI is

the load at equilibrium state I and RII is the load at equilibrium state II. The internal load vector and

stiffness matrix are updated and iterations are repeated until convergence is achieved. The procedure

can be written as given in the SIMLA theory manual by Sævik [26]:

∆ri
k+1 = K−1i

T,k+1 ∆Ri
k+1. (9.2)
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9.2 Modal analysis

After the static analysis when the free spanning pipeline is in equilibrium, a modal analysis is performed

in order to find the mode shapes and natural frequencies of the system. The modal coordinates and

frequencies are extracted using SIMPOST and further processed in FatFree in order to calculate stress

ranges by the VIV response model and fatigue damage using the SN-curve approach. The solution to the

eigenvalue problem is found by solving:

(K−ω2M)Φ= 0, (9.3)

where M is the mass matrix, ω is the eigenfrequency and Φ is the mode shape. SIMLA utilizes the well-

known Lanczos algorithm to find the eigenvalues and eigenvectors of large Hamiltonian matrices by it-

eration. The algorithm works by constructing a sequence of approximations to the matrix’s eigenvectors

and using these approximations to calculate the eigenvalues. The quality of the approximations im-

proves with each iteration, allowing the algorithm to converge to the true eigenvalues and eigenvectors

of the matrix. Section 3.2 in Bell [27] describes the computational procedure in detail.

9.3 Dynamic analysis

The dynamic analysis in SIMLA using the TD-VIV force model is aimed to obtain time histories of axial

force and bending moments at the pipeline shoulder, as this location is critical for fatigue damage due to

the significant stresses and bending moments it experiences from dynamic loads. The pipeline shoulder

is particularly susceptible to damage from cross-flow vibrations due to the large span length, which can

cause large-amplitude oscillations of the pipeline in the transverse direction. As a result, it is crucial to

study the behaviour of the pipeline at this location to accurately assess the potential for fatigue damage

and ensure the safety and reliability of the structure.

Special care must be given to the selection of the simulation duration. The simulation should be reach-

ing to a steady state within the given time to obtain reliable results. Several simulations were run, and

after observing the signal pattern, it was concluded that the steady-state condition was usually reached

well before 100 seconds for all cases, and the system’s behaviour remained consistent throughout the

simulation period after. Therefore, in order to be sure that the transient phase is not included in the

stress and fatigue calculations, the first 100s of the signal were removed. As for the simulation dura-

tion, 1000s was used which corresponds to at least 100 periods of the lowest natural period (9.8s) from

the modal analysis. The time-step chosen was 0.1s and is based on the lowest observed period of the

simulations, which is approximately 1.6s (0.6Hz). That gives 16 steps for the lowest natural period. To

more accurately capture the peaks, more than 16 steps could be used for the lowest periods (simula-

tions with larger current velocities), but a sensitivity study performed gave insignificant differences in

the mean stress ranges and fatigue damage calculations. To summarize, a simulation length of 1000s

and time-step of 0.1 was used for all the simulations in the case scenario.

In solving nonlinear dynamic problems, modal superposition is not applicable and direct time integra-

tion of the equation of motion is required. Two methods can be used for this purpose, namely, explicit

and implicit methods [26] [24]. Explicit methods are commonly expressed in the form of Equation 9.4,

where the displacement at the next timestep is determined based on information from the current and

previous timesteps. These methods are conditionally stable, requiring the use of very small time steps

to ensure accuracy. If explicit methods are formulated in terms of lumped mass and damping matrices,

43



there is no need to solve a coupled equation system, resulting in minimal computational efforts per time

step. Explicit methods are particularly useful in the analysis of impulse-type responses, such as explo-

sion and impact analysis, where small time steps are necessary to achieve adequate precision. On the

other hand, implicit methods are unconditionally stable, allowing for the use of larger time steps, but

require the solution of a coupled equation system at each time step.

rk+1 = f (r̈k, ṙk,rk,rk−1, ...) (9.4)

Implicit methods, such as those expressed in Equation 9.5, have better numerical stability than explicit

methods because they use information from the next time step. The stability of implicit methods varies

based on assumptions about how acceleration changes between time steps and when the equilibrium

equation is fulfilled. By assuming constant average acceleration, an unconditionally stable method can

be achieved, which provides numerical stability regardless of the time step size. This makes it benefi-

cial to use implicit methods for long analysis durations. However, if short time steps are necessary for

accuracy, solving a coupled equation system at every time step can become uneconomical.

rk+1 = f (r̈k+1, r̈k, ṙk+1, ṙk.rk, ...) (9.5)

In practical cases, the guarantee of unconditional stability for implicit methods does not hold for nonlin-

ear systems, but this is generally not a significant issue. In dynamic analysis, high-frequency modes are

of little interest and can be described with less accuracy than lower modes. To achieve this, it is desirable

to remove high-frequency modes while accurately describing lower modes. Increasing the damping ra-

tio or introducing Rayleigh-damping in the Newmark-β method can dampen out medium modes while

leaving lower and higher modes almost unaffected. Numerical damping can also be used to damp out

higher modes, at the cost of reducing accuracy from 2nd order to 1st order. However, this drawback can

be eliminated by applying the implicit HHT-α method, which retains 2nd order accuracy while damp-

ing out high-frequency modes. In this model, a HHT-α factor of -0.05 was used. For references see the

SIMLA theory manual [26].
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9.4 Stress calculations

In order to assess the fatigue damage on the free-spanning pipeline shoulder element, time histories of

axial force and bending moments at the shoulder obtained in the dynamic analysis were processed in

the post-processing program DYNPOST, which is a part of the SIMLA software package. The purpose

of this post-processing step was to compute time histories of stresses and to calculate fatigue damage,

which could then be used to evaluate the structural integrity of the pipeline. In addition to the axial force

and bending moment data, the displacement in both in-line and cross-flow directions at the mid-span

was also processed. The resulting data was then analyzed using MatLab. To investigate the frequen-

cies at which vortex-induced vibrations and lock-in were occurring, a fast Fourier transform (FFT) was

performed on the time-domain signals. FFT is a mathematical technique that allows signals to be trans-

formed from the time domain into the frequency domain. By performing FFT on the time-domain sig-

nals, it was possible to identify the frequencies at which the pipeline was experiencing vortex-induced

vibrations and possibly lock-in. In order to convert the combined effect of the axial force (Fx) and bend-

ing moments (My, Mz) into a stress signal, an analytical procedure was performed. This was necessary

because the axial force and bending moments alone do not provide an accurate representation of the

stresses experienced by the pipeline. The following equation was used to perform the stress conversion:

σx = Fx

A
+ My

I
R sinθ+ Mz

I
R cosθ, (9.6)

where Fx is the axial force, A is the cross-section area, I is the area moment of inertia, and R takes

the value of either the outer radius (cap) or inner radius (root) of the pipeline’s cross-section. My is

the bending about y-axis (bending in cross-flow direction), and Mz is the bending about z-axis (in-line

direction). The angle θ takes values of 0-315 degrees with a 45-degree step interval, allowing for the

computation of stresses and fatigue damage around the cross-section as shown in Figure 9.2.

Figure 9.2: Overview of stress calculations. Longitudinal stress and fatigue damage have been calculated

at each black dot.
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9.5 Fatigue damage per year calculations

To calculate the fatigue damage/y at the shoulder element, individual current simulations were run for

the case scenario. For each simulation, stresses around the mentioned points of the pipe’s cross-section

were calculated, and the resulting stress histories were evaluated for stress range (∆σ) and correspond-

ing cycles (ni ) using the Rainflow algorithm in MATLAB.

Fatigue damage was calculated for each current velocity and direction based on the Haibach SN curves

and the Palmgren-Miner linear damage accumulation rule. The SN data given for both cap and root

in Section 7.2.3 was used to find the maximum cycles (Ni ) in a specific stress range. Miner sum was

then calculated for each of the individual simulations, and the results were used to find the total fatigue

damage.

The fatigue damage for each current was multiplied by the corresponding probability of occurrence

obtained from the current histogram. This weighs the contribution of each current to the total fatigue

damage and gives fatigue damage representing the real loading condition. The individual damage for

each simulation was scaled to damage per year, and the total damage for all simulations was summed

up to obtain the total fatigue damage per year for the free span shoulder element. The procedure for

calculating the fatigue damage per year was as follows:

1. For each simulation, direction, and point in cross-section, evaluate the stress range (∆σ) and cor-

responding cycles (ni ) using the Rainflow algorithm in MATLAB.

2. Use the SN data given in Section 7.2.3 to find the maximum cycles (Ni ) in a specific stress range:

Ni = C

∆σm . (9.7)

3. Calculate the Miner sum for each of the individual simulations:

di = ∆ni

Ni
. (9.8)

4. Multiply the Miner sum for each simulation by its corresponding probability of occurrence (PO)

prior to the summation to obtain the damage for each individual simulation:

Di = di ×POi . (9.9)

5. Scale the calculated Miner sum for each individual simulation to one damage per year:

D year,i = Di × 365×24×60×60

ts
. (9.10)

6. Sum the damage per year in each point in the cross-section for all simulations to obtain the total

fatigue damage:

D year =
n∑

i=1
D year,i . (9.11)

where n is the number of simulations and ts is the simulation duration after steady state.
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10 Case results and discussion

10.1 Static analysis

Figure 10.1 illustrates the seabed profile and the static configuration for the selected shutdown condi-

tion at KP value 600m from Table 7.1. The previous assessment was done by actual simulation of the

shutdown condition in SIMLA, while these results are based on applying the corresponding effective

axial load of 1150kN from the simulation to the new model, in order to replicate the condition. Some

deviation can be expected as the applied axial load is limited to one translation direction and might not

accurately represent the displacement or static configuration from the original analysis by Reinertsen

New Energy. Figure 10.2 displays gaps (free spans) and penetration of the seabed in meters, where pos-

itive values indicate a gap and negative values indicate penetration. It is seen that there exist two or

three significant spans, where the largest one is of interest in this case. The free span starts at KP value

519m and ends at 705m, giving it a span length of 186m compared to the 189m in the previous analysis.

The maximum gap between the span and seafloor is 1.32m located at KP value of 620m.

Figure 10.1: Seabed profile and static configuration for shutdown condition for case scenario.

Figure 10.2: Gap/Penetration (in meters) in the static shutdown condition for case scenario. Positive

values indicate a gap (free span) while negative values represent seabed penetration

10.2 Modal analysis

A modal analysis has been performed in SIMLA according to Section 9.2. Figure 10.3 and 10.4 display

some selected in-line and cross-flow modes respectively, where the span of particular interest has been

excited. Table 10.1 and 10.2 give all the possible excited in-line and cross-flow modes to be included

in the VIV assessment based on the response model in FatFree. To find which modes from the analysis

to include in the VIV assessment, a screening analysis was performed according to DNV-RP-C205 [10]

in order to investigate possible excited modes. In-line modes with 1.0 ≤ VR ≤ 4.5 and cross-flow modes

with 3 ≤ VR ≤ 16 were used as criteria. There were found 20 possible excited in-line modes ranging
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between 0.102-1.24Hz and 6 possible excited cross-flow modes ranging between 0.234-0.398Hz. The

purple cells in the tables indicate the modes where the span of particular interest has been excited.

Figure 10.3: Some selected possible excited in-line mode shapes for the response model in FatFree.

Figure 10.4: Some selected possible excited cross-flow mode shapes for the response model in FatFree.

Mode IL 1 2 3 4 5 6 7 8 9 10

fn [Hz] 0.102 0.164 0.185 0.202 0.291 0.321 0.325 0.349 0.407 0.439

Mode IL 11 12 13 14 15 16 17 18 19 20

fn [Hz] 0.453 0.503 0.589 0.809 0.875 0.944 1.01 1.08 1.16 1.24

Table 10.1: All possible excited in-line modal frequencies for the response model in FatFree.

Mode CF 1 2 3 4

fn [Hz] 0.234 0.258 0.328 0.398

Table 10.2: All possible excited cross-flow modal frequencies for the response model in FatFree.
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10.3 FatFree response model

Multiple location analysis has been performed according to DNV-RP-F105 using FatFree software to

evaluate the stress amplitudes at various locations along the pipeline free span. The analysis involved

the use of the previously obtained mode shapes and eigenfrequencies for in-line and cross-flow direc-

tion as inputs to determine the unit stress amplitude per location. The analysis shows that the stress

ranges vary significantly at different locations and modes, indicating the importance of considering the

multiple modes’ effects in the design and analysis of the pipeline. The results obtained from the analysis

were used to identify the critical locations and choose the critical element for further investigation.

The in-line stress ranges are shown in Figure 10.5. The highest stress ranges are observed in the modes

with higher frequencies, indicating that the structure’s response is more sensitive to high-frequency vi-

brations. The cross-flow stress ranges, shown in Figure 10.6, exhibit similar trends to the in-line stress

ranges, with the largest ranges observed in the higher-frequency modes. Equation 5.1 and 5.7 were used

in the calculation, and a stress range safety factor of γs = 1.3 was used in FatFree. Additionally, on-set

safety factors for both in-line and cross-flow response amplitude were 1.1 and 1.2 respectively for use

in the calculation of the unit stress amplitude. Optimally, these safety factors would be disabled or set

to unity, to get a more comparative result to the SIMLA force model. Unfortunately, this was not an op-

tion in FatFree. However, the remaining safety factors which are not mentioned here were set to unity.

Figure 10.7 and 10.8 gives the location-wise annual fatigue damage for in-line and cross-flow direction

respectively, and the result shown is the worst between the two SN curves used. The maximum cross-

flow fatigue damage/y was 4.72×10−5 at KP-value 510m, and the corresponding in-line damage/y was

3.6×10−6. Based on this, element number 342 is used further for the TD-VIV analysis which is at KP-

value 510m.

Figure 10.5: Some selected modal in-line stress amplitudes for the response model in FatFree.

Figure 10.6: Some selected modal cross-flow stress amplitudes for the response model in FatFree.
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Figure 10.7: FatFree response model damage/y at various locations along the pipeline in the in-line

direction.

Figure 10.8: FatFree response model damage/y at various locations along the pipeline in the cross-flow

direction.

Figure 10.9: Damage distribution vs. direction relative to North for FatFree response model.
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10.4 SIMLA TD-VIV force model

In this section, results from the dynamic analysis in SIMLA are presented according to the methodology

in Chapter 9. To strike a balance between providing enough information to support arguments without

overwhelming excessive data, the most significant and informative results are included. That is the

cumulative damage at shoulder element 342, as well as a representative simulation response summary

and results. The representative simulation response summary and results will be for currents 90 degrees

relative to North, as this is closest to normal on the pipeline free span, and thus the most response

is expected (but not necessarily damage due to probability of occurrence). The simulation results for

each current in this direction consist of the output data, i.e. the axial forces and bending moments at

shoulder element 342, and the in-line and cross-flow response amplitudes at node 512 (at the midspan).

Additionally, calculated longitudinal stresses, rainflow counting data, and damage/y results across the

cross-section are presented. The results will be for the root position, as the damage was most significant

there compared to the cap position. Results for damage/y from other current directions can be found in

Appendix B for cap position and Appendix C for root position.

10.4.1 Cumulative damage/y at shoulder

Figure 10.10 and Table 10.3 gives the cumulative damage/y result for the case scenario for element 342 at

the shoulder, root position. That is, the cumulative damage/y for each current direction and velocity, for

different θ-angles across the cross-section. As expected and similar to the result from FatFree in Figure

10.9, currents from 45, 90, 225 and 270° relative to the geographic North contributes most significantly

to the damage/y. The area in the cross-section with the largest sum of cumulative damage/y is located at

θ = 180°, with a damage/y of 4.16×10−6. This represents the in-line direction and is in the same order of

magnitude as the in-line damage/y from the FatFree result, which was 3.6×10−6. The largest damage/y

in the cross-section that can be related to the cross-flow response, is located at θ = 270° and has a value of

3.14×10−6. This is one order of magnitude less than the predicted damage/y in FatFree, which was 4.72×
10−5. These results are summarized in Table 10.4 and are the final result for the cumulative damage/y at

shoulder element 342. Later, a sensitivity study performed will show that SIMLA and FatFree damage/y

results correlate well for lower current velocities, as is the case for this case scenario. Additionally, we

will see that FatFree is more conservative regarding the cross-flow damage/y compared to SIMLA, as in

the case scenario.

Figure 10.10: Root cumulative damage/y at shoulder element 342 for all current directions and θ-angles.
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Cross-section angular position, θ.

0° 45° 90° 135° 180° 225° 270° 315°

C
u

rr
en

td
ir

ec
ti

o
n

0° 3.11E-18 8.64E-19 2.76E-19 3.84E-19 3.28E-18 9.84E-19 4.95E-19 3.64E-19

45° 1.27E-06 3.57E-07 2.68E-07 3.79E-07 1.26E-06 6.31E-07 8.57E-07 6.83E-07

90° 9.59E-07 3.93E-07 3.15E-07 3.40E-07 9.95E-07 7.18E-07 9.21E-07 6.30E-07

135° 5.01E-08 1.27E-08 5.12E-09 9.80E-09 5.07E-08 1.83E-08 1.52E-08 1.34E-08

180° 4.94E-08 9.45E-09 3.12E-13 8.41E-09 4.95E-08 9.66E-09 9.04E-13 8.52E-09

225° 4.85E-07 1.31E-07 1.01E-07 1.45E-07 4.72E-07 2.17E-07 3.22E-07 2.83E-07

270° 1.25E-06 4.87E-07 3.70E-07 3.93E-07 1.24E-06 7.67E-07 1.00E-06 7.27E-07

315° 8.91E-08 2.38E-08 9.99E-09 1.76E-08 8.96E-08 3.37E-08 2.82E-08 2.58E-08

Sum 4.15E-06 1.41E-06 1.07E-06 1.29E-06 4.16E-06 2.39E-06 3.14E-06 2.37E-06

Table 10.3: TD-VIV model root cumulative damage/y at shoulder element 342 for case scenario. Each

column represents an angular position in the cross-section, and each row represents a current direction.

FatFree SIMLA

In-line damage/y 3.6×10−6 4.16×10−6

Cross-flow damage/y 4.72×10−5 3.14×10−6

Table 10.4: Cumulative damage/y final result at shoulder element 342. FatFree vs. SIMLA.

10.4.2 Response & damage/y summary for currents 90° relative to geographic North

The normalized with respect to diameter response amplitude in SIMLA compared to the response model

in FatFree is shown in Figure 10.11 for the in-line direction, while Figure 10.12 displays the correspond-

ing frequency content. Further, Figure 10.13 and 10.14 do the same for the cross-flow direction. Figure

10.15 illustrates the damage/y across the cross-section for each current velocity from the simulations,

accounting for the current probability of occurrence. For other current directions. Response amplitudes

(nodal displacements) were extracted from node 512 which is located approximately at the 1/2 of the

span length, i.e. at the midspan. This implies that it is more prone to accurately capture the maximum

response amplitudes of symmetric vibrations rather than antisymmetric, where the maximum response

amplitudes usually are located at 1/3 and 2/3 of the span length. FatFree response models are empirical

models providing the maximum steady state VIV amplitude for each mode, hence only the symmet-

ric modes of the span of interest are included in order to compare the responses with SIMLA. The mode

shapes were presented in Section 10.2. For the in-line response amplitude, there seems to be a good cor-

relation between SIMLA and FatFree RM, while cross-flow synchronization happens at lower velocities

and has a narrower bandwidth in the TD-VIV model compared to FatFree RM.
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Figure 10.11: IL response amplitude vs. current velocity. RM vs. TD-VIV model.

Figure 10.12: IL response frequency content for TD-VIV model.

Figure 10.13: CF response amplitude vs. current velocity. RM vs. TD-VIV model.

53



Figure 10.14: CF response frequency content for TD-VIV model.

Figure 10.15: Root damage/y from currents 90° relative to geographic North. TD-VIV model.

The response in the figures above can be summarized as follows:

• At 0.0545 m/s current velocity there is a negligible response in both in-line and cross-flow direc-

tions, indicating that the VIV frequency is not close to one of the natural frequencies of the system.

If the frequency of the applied load is not close to one of the natural frequencies of the system, the

response will be less pronounced. This is because the system is less sensitive to the applied load

and its ability to absorb or dissipate the energy from the load is greater. The damage/y is 0 at this

velocity for all θ-angles across the cross-section.

• At 0.1145 m/s a significant in-line response can be seen, with a maximum response amplitude of

0.13D. The VIV frequency is 0.105Hz, which is close to the first natural frequency of the system

from the modal analysis, which was 0.102Hz, implying that lock-in has occurred causing large

amplitude vibrations. The cross-flow response is still negligible. The damage/y slightly increases

as a result and is the largest at θ-angles 0, and 180°.

• At 0.1745 m/s the maximum in-line response amplitude has decreased to 0.05D, with a VIV fre-

quency of 0.208Hz. This is close to the 2nd harmonic in-line vibration from the modal analysis,

54



which was 0.202Hz. Again, lock-in has occurred causing large amplitude vibrations. Keep in mind

that the response amplitude was measured at the midspan, which is not necessarily giving the

maximum response amplitude across the span. Cross-flow vibrations are still negligible. The

damage/y slightly increases again and is the largest at θ-angles 0, and 180°.

• At 0.2345 m/s the maximum in-line response amplitude increases to 0.08D, and with two signi-

ficant pure in-line VIV frequencies of 0.212Hz and 0.297Hz, indicating a multimodal IL response,

where both the 2nd harmonic component from the previous current condition and a new com-

ponent has been excited. From the modal analysis, the 3rd harmonic was found to be 0.291Hz,

which is close to the new VIV frequency component. Thus, it can be concluded that there exists a

multimodal response where lock-in has occurred for 2nd and 3rd harmonic. Additionally, a smal-

ler response starts to develop for the cross-flow direction. The damage/y reaches its maximum

for the IL direction at this current velocity and is the largest at θ-angles 0, and 180°. Both sides

experiences approximately the same damage/y 3.23×10−7 and 3.25×10−7 respectively.

• At 0.2945 m/s the response increases in complexity. First off, the maximum in-line response amp-

litude has increased to 0.09D, with two dominant pure IL VIV frequencies of 0.269Hz and 0.346Hz,

again indicating a multimodal IL response. The closest harmonics from the modal analysis are the

3rd harmonic as in the previous current condition, and the 4th harmonic from the modal analysis

which were found to be 0.325Hz. What is more, a larger cross-flow response amplitude of 0.72D

is evident now. The CF VIV frequency is 0.134Hz, which is below the first CF natural frequency of

0.234Hz from the modal analysis. Still, due to large amplitude vibrations and the vibration pattern,

lock-in seems to have occurred in this direction. The vibration additionally causes CF-induced IL

vibrations at the same frequency, adding a third IL component to the IL response. A larger devi-

ation is seen between the natural frequencies from the modal analysis and the responses from the

dynamic analysis. There can be several reasons for this, i.g., shifts in natural frequencies due to

added mass effects, non-linear soil properties; the stiffness and damping of the soil can vary signi-

ficantly with the amplitude of vibration, the influence by several non-uniform current profiles and

other non-linear effects on the model, or chosen TD-VIV model parameters. Additionally, modal

frequencies also tend to become more inaccurate at higher modes. While lock-in/resonance is

one possible cause of vibrations in the system, vibrations can also be caused by other sources

such as external excitation and damping forces, and lock-in has not necessarily occurred for the

IL direction. Only intensive parameter studies and experiments can validate the response. The

damage/y decreases significantly at θ-angles 0, and 180° and is close to 0. At θ-angles 45, 90,

135, 225 and 315° the damage/y has increased, especially at 225, 270 and 315°. The maximum

damage/y is found at θ-angle 270°, where 270° has the largest cross-flow damage/y for all current

conditions (5×10−7). This is on the compression side of the pipeline (negative bending moment),

where there is contact between the pipeline and the seafloor.

• At 0.3545 m/s the maximum in-line response amplitude increases significantly to 0.14D. This time,

one dominant pure IL frequency of 0.358Hz is present. Additionally, the first mode lock-in for the

cross-flow direction continues and the maximum response amplitude has increased to 0.83D, with

a vibration frequency of 0.141Hz, again causing CF-induced IL vibrations at the same frequency.

As for the previous current condition, deviations between the natural frequencies from the modal

analysis and the VIV frequencies exist. The damage/y for θ-angles 0 and 180° slightly increases

again, decreases at θ-angles 90, and 270°, but are still largest at 270°.

• 0.4145 m/s the maximum in-line response amplitude increases to 0.18D. There exists one dom-

inating pure in-line frequency of 0.307Hz and one less significant of 0.370Hz. The dominating

frequency is close to the 3rd harmonic, indicating that lock-in has occurred, while the less signi-

ficant is more uncertain as it lies between the 4th and 5th harmonic. The maximum cross-flow
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response amplitude has decreased to 0.81D, but still experiences first-mode lock-in with a vibra-

tion frequency of 0.147Hz. Again, this response can be seen in the IL response frequency content,

implying that it is still causing CF-induced IL vibrations. The damage/y for θ-angles 0 and 180°

slightly increases, and decreases significantly to a negligible level at θ-angles 90, and 270°. From

here and outward, the damage/y slightly decreases for increasing current velocities due to lower

probabilities of occurrence.

• At 0.4745 m/s the maximum in-line response amplitude decreases to 0.15D. The same dominating

pure IL frequency (0.307Hz) as for the previous current condition is present, but two additional

and not-so-insignificant frequencies lie in the vicinity of it, at 0.302Hz and 0.313Hz. The max-

imum cross-flow vibration amplitude decreases to 0.73D, with a VIV frequency of 0.154Hz. Thus,

it still experiences first-mode lock-in, causing CF-induced IL vibrations.

• At 0.5345 m/s the maximum in-line response amplitude increases to 0.16D, with two dominant

pure IL VIV frequencies of 0.246Hz and 0.551Hz present. Both lie between two eigenfrequencies

from the modal analysis, thus lock-in has not necessarily occurred and the vibration might be

due to other sources. The maximum cross-flow response amplitude decreases significantly to

0.50D, now responding with a VIV frequency of 0.246Hz. This implies that it has left the first mode

synchronization range, and has entered for the second. This is clearly visible when visualizing

the response in SIMLA, where the span of interest changes vibration pattern from 1st harmonic

to 2nd as the velocity is increased. Again, the maximum response amplitude is measured at the

midspan, which assumingly does not give the maximum amplitude across the span for the second

harmonic. CF-induced IL vibrations at the same frequency are present in the in-line frequency

content.

• At 0.5945 m/s the maximum in-line response amplitude increases to 0.17D. The two dominant

pure IL VIV frequencies from the previous current condition are still present, but responding at

slightly higher frequencies (approximately 0.10Hz higher). The maximum cross-flow response

amplitude decreases to 0.24D, and regarding the response, it is also similar to the previous. By

summing the damage/y at each θ-angle for all current velocities, it becomes evident that the cu-

mulative damage/y for this current direction is the largest θ-angle 180 and 270°with a value of

9.95×10−7 and 9.21×10−7.
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10.4.3 Simulation results for currents 90° relative to geographic North

0.0545 m/s

Figure 10.16: Time histories and FFT of axial force, Fx, cross-flow bending moment, My, and in-line

bending moment, Mz, at shoulder element 342. z/D and y/D are normalized with respect to diameter

cross-flow and in-line response amplitude at node 512 (midspan), respectively. 0.0545 m/s current ve-

locity 90° relative to geographic North.
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Figure 10.17: Longitudinal stress history at root position for different θ-angles around the pipeline cross-

section to the left. Corresponding Rainflow counting and fatigue damage/y (current probability of oc-

currence included) to the right. 0.0545 m/s current velocity 90° relative to geographic North.
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Figure 10.18: In-line displacement pattern. 0.0545 m/s current velocity 90° relative to geographic North.

Figure 10.19: Cross-flow displacement pattern. 0.0545 m/s current velocity 90° relative to geographic

North.

Figure 10.20: Combined in-line and cross-flow displacement pattern at midspan. 0.0545 m/s current

velocity 90° relative to geographic North.
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0.1145 m/s

Figure 10.21: Time histories and FFT of axial force, Fx, cross-flow bending moment, My, and in-line

bending moment, Mz, at shoulder element 342. z/D and y/D are normalized with respect to diameter

cross-flow and in-line response amplitude at node 512 (midspan), respectively. 0.1145 m/s current ve-

locity 90° relative to geographic North.
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Figure 10.22: Longitudinal stress history at root position for different θ-angles around the pipeline cross-

section to the left. Corresponding Rainflow counting and fatigue damage/y (current probability of oc-

currence included) to the right. 0.1145 m/s current velocity 90° relative to geographic North.
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Figure 10.23: In-line displacement pattern. 0.1145 m/s current velocity 90° relative to geographic North

Figure 10.24: Cross-flow displacement pattern. 0.1145 m/s current velocity 90° relative to geographic

North.

Figure 10.25: Combined in-line and cross-flow displacement pattern at midspan. 0.1145 m/s current

velocity 90° relative to geographic North.
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0.1745 m/s

Figure 10.26: Time histories and FFT of axial force, Fx, cross-flow bending moment, My, and in-line

bending moment, Mz, at shoulder element 342. z/D and y/D are normalized with respect to diameter

cross-flow and in-line response amplitude at node 512 (midspan), respectively. 0.1745 m/s current ve-

locity 90° relative to geographic North.

63



Figure 10.27: Longitudinal stress history at root position for different θ-angles around the pipeline cross-

section to the left. Corresponding Rainflow counting and fatigue damage/y (current probability of oc-

currence included) to the right. 0.1745 m/s current velocity 90° relative to geographic North.
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Figure 10.28: In-line displacement pattern. 0.1745 m/s current velocity 90° relative to geographic North

Figure 10.29: Cross-flow displacement pattern. 0.1745 m/s current velocity 90° relative to geographic

North.

Figure 10.30: Combined in-line and cross-flow displacement pattern at midspan. 0.1745 m/s current

velocity 90° relative to geographic North.
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0.2345 m/s

Figure 10.31: Time histories and FFT of axial force, Fx, cross-flow bending moment, My, and in-line

bending moment, Mz, at shoulder element 342. z/D and y/D are normalized with respect to diameter

cross-flow and in-line response amplitude at node 512 (midspan), respectively. 0.2345 m/s current ve-

locity 90° relative to geographic North.
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Figure 10.32: Longitudinal stress history at root position for different θ-angles around the pipeline cross-

section to the left. Corresponding Rainflow counting and fatigue damage/y (current probability of oc-

currence included) to the right. 0.2345 m/s current velocity 90° relative to geographic North.
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Figure 10.33: In-line displacement pattern. 0.2345 m/s current velocity 90° relative to geographic North.

Figure 10.34: Cross-flow displacement pattern. 0.2345 m/s current velocity 90° relative to geographic

North.

Figure 10.35: Combined in-line and cross-flow displacement pattern at midspan. 0.2345 m/s current

velocity 90° relative to geographic North.
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0.2945 m/s

Figure 10.36: Time histories and FFT of axial force, Fx, cross-flow bending moment, My, and in-line

bending moment, Mz, at shoulder element 342. z/D and y/D are normalized with respect to diameter

cross-flow and in-line response amplitude at node 512 (midspan), respectively. 0.2945 m/s current ve-

locity 90° relative to geographic North.
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Figure 10.37: Longitudinal stress history at root position for different θ-angles around the pipeline cross-

section to the left. Corresponding Rainflow counting and fatigue damage/y (current probability of oc-

currence included) to the right. 0.2945 m/s current velocity 90° relative to geographic North.
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Figure 10.38: In-line displacement pattern. 0.2945 m/s current velocity 90° relative to geographic North.

Figure 10.39: Cross-flow displacement pattern. 0.2945 m/s current velocity 90° relative to geographic

North.

Figure 10.40: Combined in-line and cross-flow displacement pattern at midspan. 0.2945 m/s current

velocity 90° relative to geographic North.
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0.3545 m/s

Figure 10.41: Time histories and FFT of axial force, Fx, cross-flow bending moment, My, and in-line

bending moment, Mz, at shoulder element 342. z/D and y/D are normalized with respect to diameter

cross-flow and in-line response amplitude at node 512 (midspan), respectively. 0.3545 m/s current ve-

locity 90° relative to geographic North.
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Figure 10.42: Longitudinal stress history at root position for different θ-angles around the pipeline cross-

section to the left. Corresponding Rainflow counting and fatigue damage/y (current probability of oc-

currence included) to the right. 0.3545 m/s current velocity 90° relative to geographic North.
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Figure 10.43: In-line displacement pattern. 0.3545 m/s current velocity 90° relative to geographic North.

Figure 10.44: Cross-flow displacement pattern. 0.3545 m/s current velocity 90° relative to geographic

North.

Figure 10.45: Combined in-line and cross-flow displacement pattern at midspan. 0.3545 m/s current

velocity 90° relative to geographic North.
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0.4145 m/s

Figure 10.46: Time histories and FFT of axial force, Fx, cross-flow bending moment, My, and in-line

bending moment, Mz, at shoulder element 342. z/D and y/D are normalized with respect to diameter

cross-flow and in-line response amplitude at node 512 (midspan), respectively. 0.4145 m/s current ve-

locity 90° relative to geographic North.
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Figure 10.47: Longitudinal stress history at root position for different θ-angles around the pipeline cross-

section to the left. Corresponding Rainflow counting and fatigue damage/y (current probability of oc-

currence included) to the right. 0.4145 m/s current velocity 90° relative to geographic North.
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Figure 10.48: In-line displacement pattern. 0.4145 m/s current velocity 90° relative to geographic North.

Figure 10.49: Cross-flow displacement pattern. 0.4145 m/s current velocity 90° relative to geographic

North.

Figure 10.50: Combined in-line and cross-flow displacement pattern at midspan. 0.4145 m/s current

velocity 90° relative to geographic North.
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0.4745 m/s

Figure 10.51: Time histories and FFT of axial force, Fx, cross-flow bending moment, My, and in-line

bending moment, Mz, at shoulder element 342. z/D and y/D are normalized with respect to diameter

cross-flow and in-line response amplitude at node 512 (midspan), respectively. 0.4745 m/s current ve-

locity 90° relative to geographic North.
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Figure 10.52: Longitudinal stress history at root position for different θ-angles around the pipeline cross-

section to the left. Corresponding Rainflow counting and fatigue damage/y (current probability of oc-

currence included) to the right. 0.4745 m/s current velocity 90° relative to geographic North.
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Figure 10.53: In-line displacement pattern. 0.4745 m/s current velocity 90° relative to geographic North.

Figure 10.54: Cross-flow displacement pattern. 0.4745 m/s current velocity 90° relative to geographic

North.

Figure 10.55: Combined in-line and cross-flow displacement pattern at midspan. 0.4145 m/s current

velocity 90° relative to geographic North.
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0.5345 m/s

Figure 10.56: Time histories and FFT of axial force, Fx, cross-flow bending moment, My, and in-line

bending moment, Mz, at shoulder element 342. z/D and y/D are normalized with respect to diameter

cross-flow and in-line response amplitude at node 512 (midspan), respectively. 0.5345 m/s current ve-

locity 90° relative to geographic North.
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Figure 10.57: Longitudinal stress history at root position for different θ-angles around the pipeline cross-

section to the left. Corresponding Rainflow counting and fatigue damage/y (current probability of oc-

currence included) to the right. 0.5345 m/s current velocity 90° relative to geographic North.

82



Figure 10.58: In-line displacement pattern. 0.5345 m/s current velocity 90° relative to geographic North.

Figure 10.59: Cross-flow displacement pattern. 0.5345 m/s current velocity 90° relative to geographic

North.

Figure 10.60: Combined in-line and cross-flow displacement pattern at midspan. 0.5345 m/s current

velocity 90° relative to geographic North.
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0.5945 m/s

Figure 10.61: Time histories and FFT of axial force, Fx, cross-flow bending moment, My, and in-line

bending moment, Mz, at shoulder element 342. z/D and y/D are normalized with respect to diameter

cross-flow and in-line response amplitude at node 512 (midspan), respectively. 0.5945 m/s current ve-

locity 90° relative to geographic North.
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Figure 10.62: Longitudinal stress history at root position for different θ-angles around the pipeline cross-

section to the left. Corresponding Rainflow counting and fatigue damage/y (current probability of oc-

currence included) to the right. 0.5945 m/s current velocity 90° relative to geographic North.
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Figure 10.63: In-line displacement pattern. 0.5945 m/s current velocity 90° relative to geographic North.

Figure 10.64: Cross-flow displacement pattern. 0.5945 m/s current velocity 90° relative to geographic

North.

Figure 10.65: Combined in-line and cross-flow displacement pattern at midspan. 0.5945 m/s current

velocity 90° relative to geographic North.
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11 Sensitivity study

11.1 Shoulder element

A sensitivity study on the shoulder element was performed in order to investigate the importance of

choosing the correct element where maximum cross-flow fatigue damage/y is anticipated. In this study,

all the elements at the shoulder of the free span were investigated by extracting the axial force and bend-

ing moments of each element and then calculating the bending stress at θ = 270. Figure 10.15 displays

that a current velocity of 0.2945 m/s from 90 degrees relative to the geographic North gave the largest

damage/y at the shoulder, thus this current condition was used as the environmental load for this sens-

itivity study. The simulation length used was the same as for previous runs, and Figure 11.1 gives the

axial load and moment outputs as well as the calculated stress for elements 340-350. Further, the rain-

flow counting algorithm together with the root SN curve was used to find the cross-flow damage/y for

each element as shown in Figure 11.2. It becomes evident from the figure that the element used in the

case scenario (element 342) has less damage/y compared to element 345, which has the maximum dam-

age/y. The damage/y for element 345 is 6.9×10−4, which is close to 3 times larger than for element 342

which is 2.47×10−4.

The maximum fatigue damage/y occurring at a different element in the TD-VIV model compared to

the response model can be attributed to the presence of non-linearities and shifting constraints in the

former. The TD-VIV model incorporates these non-linear effects, such as material yielding and varying

contact conditions, which cause the stress and strain distribution to dynamically change as the pipeline

moves. In contrast, the response model uses linear approximations for the modal response, neglecting

shifting constraints and non-linear effects. As a result, it underestimates the influence of these factors,

leading to a different prediction of the element experiencing maximum damage/y. In the cross-flow dir-

ection, the pipeline is subjected to alternating lift forces caused by vortex shedding. These forces induce

bending moments and vertical displacements, leading to complex interactions between the pipeline

and its surrounding environment. The non-linear effects, such as shifting constraints and soil con-

tact interactions, play as mentioned a significant role in redistributing stresses and strains along the

pipeline. As a result, the location of maximum damage/y dynamically changes as the pipeline responds

to varying cross-flow conditions. On the other hand, in the in-line direction, the pipeline experiences

predominantly axial loading and elongation due to internal pressure and thermal expansion, as well as

alternating drag forces caused by vortex shedding. These forces induce bending moments and lateral

displacements that are smaller in amplitude compared to CF direction, and the linear approximations

used in the response model are generally more accurate in capturing the behaviour of the pipeline under

such conditions. Hence, the shifting constraints and non-linear effects are generally more pronounced

in the CF direction and have a relatively larger impact on the distribution of fatigue damage compared

to the IL direction.

The difference in damage/y between these two elements highlights the sensitivity of the results to the

choice of element. In other words, the results are highly dependent on selecting the correct element.

Therefore, future studies and post-processing methods should account for this sensitivity and ensure

that the correct element is chosen to obtain accurate results. To improve the accuracy of the results, it is

recommended to perform further studies using different environmental loads to confirm the sensitivity

of the results to the choice of element. Additionally, the study could be expanded to include a larger

number of elements to get a more comprehensive understanding of the stresses in the shoulder region

and/or across the whole free spanning pipeline. Finally, the results could be compared to experimental

data to validate the simulation approach and ensure that the results are reliable.
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Figure 11.1: TD-VIV output data and longitudinal stress calculations for element 340-350.

Figure 11.2: TD-VIV model damage/y vs. element number.
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11.2 Hydrodynamic coefficients

The hydrodynamic coefficients used in the case study were directly taken from the SIMLA user manual

[25]. The parameters there have been intensively studied and optimised focusing specifically on risers,

and might not accurately be representable for a free spanning pipeline scenario. A study performed by

Farantos [28] aimed to validate and calibrate the TD VIV prediction tool for free spanning pipelines, fo-

cusing on both pure IL and combined IL and CF VIV. The study used a calibration procedure to find one

set of empirical hydrodynamic coefficients that produced results in good agreement with reference data.

The study varied the non-dimensional frequency of maximum energy transfer in the two directions to

account for both pure IL and CF-induced IL vibrations simultaneously. The reduction of the values of

these frequencies resulted in the prediction of smaller values for the dominant vibration frequencies

in both directions and a small increase in the obtained results for the response amplitudes. The study

found that reducing the values of these frequencies leads to the prediction of the transition from pure IL

to the combined CF and IL phenomenon at slightly higher current velocities. The study concluded that

Parameter Set No. 8 which is given in Table 11.1 as Set 2 is the overall optimum parameter set with regard

to all three investigated test series, as it was able to predict the experimentally captured VIV response

accurately or to give slightly more conservative results.

In this section, the parameter set from the study is used in a sensitivity and correlation study for the

realistic free spanning pipeline case given. The in-line and cross-flow response amplitude, stress and

fatigue damage/y are presented and compared with the response model in FatFree for individual current

velocities from 90 degrees relative to geographic North. Note that in this study, the damage/y is not

influenced by the probability of occurrence, as it is set to unity for each individual current. A parameter

Set 3 was introduced as the response amplitude for sets 1 and 2 in the cross-flow direction was less

compared to the response model in FatFree. The set is similar to Set 1 but with a lower value for the

quadratic drag coefficient in the normal direction.

Description Symbol Unit Set 1 Set 2 Set 3

Quadratic drag coefficient in normal direction CDn - 1.2 1.2 0.7

Quadratic drag coefficient in tangential direction CDt - 0.1 0.1 0.1

Added mass coefficient in normal direction C An - 1.0 1.0 1.0

Added mass coefficient in tangential direction C At - 0.1 0.1 0.1

Cross-flow vortex shedding coefficient Cv,y - 1.0 0.85 1.0

In-line vortex shedding coefficient Cv,x - 0.8 0.75 0.8

Maximum cross-flow energy transfer frequency f̂0,y - 0.18 0.144 0.18

Minimum cross-flow synchronization range f̂mi n,y - 0.125 0.08 0.125

Maximum cross-flow synchronization range f̂max,y - 0.3 0.208 0.3

Maximum in-line energy transfer frequency f̂0,x - 0.5 0.36 0.5

Minimum in-line synchronization range f̂mi n,x - 0.3 0.1 0.3

Maximum in-line synchronization range f̂max,x - 0.7 0.9 0.7

Table 11.1: Set 1 is the default hydrodynamic parameters used in the TD-VIV model in SIMLA and Set 2

is from the study from Farantos [28]. Set 3 is similar to 1 but with a reduced quadratic drag coefficient in

the normal direction.
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11.2.1 Effect on response amplitude

The normalized with respect to diameter in-line response for the different parameter sets compared

to the response model in FatFree is shown in Figure 11.3. As mentioned in the case scenario results,

response amplitudes (nodal displacements) from SIMLA were extracted from node 512 which is loc-

ated approximately at 1/2 of the span length, i.e. at the midspan. This implies that it is more prone

to accurately capture the maximum response amplitude of symmetric vibrations rather than antisym-

metric, where the maximum response amplitude usually are located at 1/3 and 2/3 of the span length.

FatFree response models are empirical models providing the maximum steady state VIV amplitude for

each mode, hence only the symmetric modes of the span of interest are included in order to compare

the responses with SIMLA. The mode shapes were presented in Section 10.2.

The in-line vortex shedding coefficient, Cv,x was changed from 0.8 to 0.75 between sets 1 and 2 respect-

ively. This coefficient mainly affects the response amplitude in this direction, but might also affect the

cross-flow response as well due to coupling. The mean response amplitude for parameter Set 1 was

0.14D, and 0.11D for Set 2. The maximum in-line energy transfer frequency, f̂0,x was changed from 0.5

to 0.36 between Set 1 and Set 2 respectively. This can also affect the response amplitude, and it appears

that decreasing the maximum energy transfer frequency generally leads to lower response amplitudes,

especially at higher current velocities. This is consistent with the theoretical understanding that a lower

maximum energy transfer frequency reduces the sensitivity of a vibrating structure to higher frequency

excitations, while a higher maximum energy transfer frequency increases this sensitivity. In the con-

text of the TD-VIV model, the lower value reduces the instantaneous vortex shedding frequency. The

synchronization range is 0.4 and 0.8 for Set 1 and Set 2 respectively, which means that the system can

maintain its vibration frequency and amplitude over a broader range for Set 2. This might explain why

the response of Set 1 has a more non-monotonic behaviour than Set 2, which assumingly is more real-

istic for the free span scenario if compared to the response in FatFree. At last, we see that the response

for parameter Set 3 resembles Set 1, but with significantly larger response amplitudes with a mean value

of 0.17D, and broader response intervals. This is the effect of decreasing the quadratic drag coefficient,

CDn , from 1.2 to 0.7. The quadratic drag force is proportional to the square of the velocity, and redu-

cing the coefficient means that the drag force will decrease at a slower rate with increasing velocity. As

a result, the object will experience less resistance as it moves faster, allowing it to reach higher velocit-

ies before the drag force becomes significant enough to slow it down. This can lead to larger response

amplitudes and broader response intervals, as the object is able to maintain higher velocities for longer

periods of time before being slowed down by the drag force.
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Figure 11.3: Response amplitude vs. current velocity for in-line direction. Response model vs. TD-VIV

model.

The normalized with respect to diameter cross-flow response for the different parameter sets compared

to the response model in FatFree is shown in Figure 11.4. The cross-flow vortex shedding coefficient,

Cv,y was changed from 1.0 to 0.85 between sets 1 and 2 respectively. This coefficient mainly affects the

response amplitude in this direction, but might also affect the in-line response as well due to coupling.

The mean response amplitude for parameter Set 1 was 0.34D, and 0.36D for Set 2. The maximum cross-

flow energy transfer frequency, f̂0,y was changed from 0.18 to 0.144 between Set 1 and Set 2 respectively.

This can also affect the response amplitude, and it appears that decreasing the maximum energy trans-

fer frequency leads to lower response amplitudes at higher current velocities. This is consistent with the

theoretical understanding that a lower maximum energy transfer frequency reduces the sensitivity of a

vibrating structure to higher frequency excitations, while a higher maximum energy transfer frequency

increases this sensitivity. In the context of the TD-VIV model, the lower value reduces the instantaneous

vortex shedding frequency. The synchronization range is 0.175 and 0.2 for Set 1 and Set 2 respectively,

which means that the system can maintain its vibration frequency and amplitude over a broader range

for Set 2. This explains why the response for Set 2 is over a broader range of the current interval compared

to Set 1. It is evident that the response of the first mode of vibration in SIMLA and FatFree initiates at

approximately the same current speed, but increases more rapidly in amplitude and has a narrower cur-

rent interval. At last, we see that the response for parameter Set 3 resembles Set 1, but with significantly

larger response amplitudes with a mean value of 0.54D. This is the effect of decreasing the quadratic

drag term as explained for the in-line response.
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Overall, the changes in the parameters made had a significant effect on the response of the pipeline, as

demonstrated by the differences in response amplitudes and behaviour between the sets. These results

underscore the importance of carefully selecting parameter values when designing and analyzing free

spanning pipelines and highlight the need for a comprehensive parameter study to find optimal para-

meters for the TD-VIV model on free spans. Additionally, there is no underlying experimental data for

the span of interest, and deciding which parameter set which represents the underlying physics and the

real-world scenario the most, was not possible in this case.

Figure 11.4: Response amplitude vs. current velocity for cross-flow direction. Response model vs. TD-

VIV model.

11.2.2 Effect on stress

Figure 11.5 and 11.6 display the in-line stress at shoulder element 342 from the TD-VIV parameter study

and the modal stress from the response model in FatFree, respectively. Between parameter Set 1 and

2 for the in-line stresses, it can be seen a decrease in stress amplitude for Set 2, which generally agrees

with the decrease in the mean response amplitude seen for the in-line response in the previous sec-

tion. Between parameter Set 1 and 3, the decrease in quadratic drag for Set 3 gives larger stresses over

broader current intervals compared to Set 1, as expected. It should be mentioned that the response at

the shoulder element might deviate significantly from the response at the mid-span, due to the influ-

ence of varying current profiles along the span, pipe-soil interaction, and other non-linear effects on

the model. This means that correlating the stresses and fatigue damage to the response amplitudes in

the previous section might not be accurate. Further, it should be mentioned that a direct comparison

between the stresses between the TD-VIV model and FatFree is difficult, due to multi-modal responses

and not knowing which modes are activated in FatFree at different current velocities. Nonetheless, by

comparing the stresses from the TD-VIV model and the modal stresses, they seem to correlate well for

the lower in-line modes. Interestingly, from mode 13 and outward, there is a significant increase in

stresses, which does not correlate to the TD-VIV analysis at all. By only activating the higher modes in

FatFree, it can be concluded that these stress amplitudes contribute to the response at higher velocities
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and significantly affect the fatigue damage/y as shown in the next subsection.

Figure 11.5: Stress vs. current velocity for in-line direction (θ = 0).

Figure 11.6: In-line stress vs. mode number for response model.

Figure 11.7 and 11.8 display the cross-flow stress at shoulder element 342 from the TD-VIV parameter

study and the modal stress from the response model in FatFree, respectively. The individual peak in-

tervals represent the response to a certain mode, where the first peak interval corresponds to the first

mode of vibration, and the second interval to the second mode of vibration. Between parameter Set 1
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and 2, the cross-flow stress is larger in amplitude and over a broader current range for parameter Set 2.

This is consistent with the increase in the synchronization range, and it can be concluded that lock-in

occurs over a broader range of velocities when increasing this parameter. Between parameter Set 1 and

3, the decrease in quadratic drag for Set 3 gives significantly larger stresses over broader current inter-

vals compared to Set 1, as expected. It should be mentioned that the response at the shoulder element

might deviate significantly from the response at the mid-span, due to the influence of varying current

profiles along the span, pipe-soil interaction, and other non-linear effects on the model. This means

that correlating the stresses and fatigue damage to the response amplitudes previously is not recom-

mended. Further, it should be mentioned that a direct comparison between the stresses between the

TD-VIV model and FatFree is difficult, due to multi-modal responses and not knowing which modes

are activated in FatFree at different current velocities. Nonetheless, by comparing the stresses from the

TD-VIV model and the modal stresses, it can be seen that the first mode in FatFree gives a cross-flow

stress of 22MPa, and by comparing this value to the responses in SIMLA it can be seen that parameter

Set 1 and 3 deviates the most, while Set 2 has a maximum response of 19MPa in its peak interval. For the

second mode in FatFree the cross-flow stress is 21.5MPa, which is significantly lower than the responses

in SIMLA which are 30MPa and above.

Figure 11.7: Stress vs. current velocity for cross-flow direction (θ = 270).
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Figure 11.8: Cross-flow stress vs. mode number for response model.

11.2.3 Effect on damage/y

Figure 11.9 and 11.10 display the in-line and cross-flow damage/y as a function of current velocity, re-

spectively. For velocities in the interval of 0-0.5m/s, it is seen for the in-line damage/y that the trendline

correlates well between the different parameter sets and the FatFree result. For the lowest velocities,

FatFree is limited to a damage/y of 10−6. Parameter Set 1 correlates best with the results from FatFree

in this interval, while Set 2 and 3 deviate with approximately plus and minus one or two powers of ten.

In the current interval of 0.5-1.0m/s, there is as mentioned significantly higher in-line damage/y from

FatFree compared to the SIMLA results, which is due to activation of the higher modes shown in Figure

11.6.

As for the cross-flow damage/y, it is, in general, larger and thus more conservative in FatFree compared

to the SIMLA results. The observed differences between the cross-flow damage/y results obtained from

FatFree and SIMLA can be attributed to the influence of non-linearities and shifting constraints present

in the cross-flow direction, affecting the stress and strain distribution along shoulder elements. In the

SIMLA analysis, these non-linear effects and shifting constraints were considered, resulting in generally

lower cross-flow damage/y values compared to FatFree.
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Figure 11.9: Damage/y vs. current velocity for in-line direction (θ = 0).

Figure 11.10: Damage/y vs. current velocity for cross-flow direction (θ = 270).
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12 Conclusion & recommendations

12.1 Conclusion

A realistic free span scenario was given by Reinertsen New Energy in order to perform fatigue analysis

using two different VIV prediction models; the recommended response-based model in DNV-RP-F105:

Free Spanning Pipelines [11], and a newly developed TD-VIV model at NTNU. The software FatFree was

used in compliance with the response-based model, and the FEM tool SIMLA was used for the TD-VIV

model. The fatigue damage/y at shoulder element 342 was investigated and compared for a given envir-

onmental loading condition using both approaches. For the specific case scenario, the in-line damage/y

in FatFree and SIMLA was in good agreement, with a damage/y of 3.6×10−6 and 4.16×10−6, respect-

ively. The cross-flow damage/y in FatFree were 4.72×10−5 and 3.14×10−6 in SIMLA, thus an order in

the power of ten difference between the two, making FatFree the more conservative result.

A sensitivity study was performed on the neighbouring shoulder elements of element 342 to investig-

ate the importance of selecting the correct element for the damage analysis. A representative current

direction from the environmental loading condition was used in the study. The results showed a signi-

ficant difference in the maximum damage/y between elements 340-350. Notably, element 345 exhib-

ited the largest damage/y among all the elements for this loading condition, with values approximately

three times larger than that of element 342. This discrepancy can be attributed to the presence of non-

linearities and shifting constraints in the TD-VIV model, which captures the dynamic changes in stress

and strain distribution as the pipeline moves. In contrast, the response model, which uses linear approx-

imations for the modal response, neglects these effects and underestimated their influence, especially

for the cross-flow direction. These findings highlight the importance of including non-linear effects and

selecting the correct element for fatigue damage calculation and suggest the need for future studies and

post-processing techniques and procedures to account for this sensitivity.

A parameter study on the hydrodynamic coefficients used for the TD-VIV model in SIMLA was conduc-

ted. Three different parameter sets were investigated, where Set 1 (which was used for the case scenario)

uses the default parameters given by Sævik et al. [25] in the SIMLA user manual. Set 2 uses coefficients

from the parameter study by Farantos [28], which aimed to validate and calibrate the TD-VIV prediction

tool for free spanning pipelines, focusing on both pure IL and combined IL and CF VIV. Finally, Set 3

is similar to Set 1, but with a reduced quadratic drag coefficient. The effect of changing parameter sets

was explored by looking at the differences in the response amplitude, stress, and damage/y between

the results for the in-line and cross-flow directions. Additionally, it was compared to the results from

FatFree.

Regarding the in-line response amplitude, Set 1 and Set 2 correlates well with the response model in

FatFree, while Set 3 predicts a significantly larger response. Set 1 has a more non-monotonic behaviour

compared to Set 2, which can be linked to the reduction in maximum in-line transfer frequency and syn-

chronization range. This behaviour is more similar to the modal response amplitudes in FatFree. Thus,

as seen in the case scenario, the dynamic response in SIMLA was in good agreement with the modal

response in FatFree for Set 1, making it the more favourable parameter set for the in-line direction. The

in-line stresses between the two models seemed to correlate well at lower current velocities. Interest-

ingly, at higher velocities, the stresses were significantly larger in the response model. This was further

seen in the fatigue damage/y results, where the damage/y correlated well between 0-0.6 m/s current

velocity, but at higher velocities the response model was significantly more conservative. The reason for

this was that at higher current velocities, the activation of unrealistically high in-line modes produced
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stresses significantly larger than stresses from the dynamic analysis. The current velocities in the case

scenario were between 0-0.6 m/s, hence these higher modes were not activated and did not influence

the results for the case scenario, which can be seen by the good agreement between in in-line damage/y

results for the case.

As for the cross-flow response amplitude, none of the parameter sets corresponded well with the re-

sponse model in FatFree. First off, synchronization/lock-in for the TD-VIV models occurred at signific-

antly lower current velocities for the fundamental natural frequency, and over a smaller range of current

velocities. Set 2 responded over the broadest current interval, which can be linked to the larger max-

imum cross-flow transfer frequency and synchronization range. Additionally, Set 1 & 2 both respond

at a maximum amplitude of approximately 0.83D, which was significantly less than the maximum amp-

litude for the response model, which was 1.22D. Set 3 responded with a maximum amplitude of 1.15D,

due to the reduction in quadratic drag coefficient. Looking at the damage/y, the response model is gen-

erally more conservative compared to the TD-VIV model used in SIMLA, for all current velocities. This

explains the larger cross-flow damage/y in the case scenario.

12.2 Recommendations for further work

The following list is a proposal for further work:

• Validate the TD-VIV model with reference data such as experiments to ensure its accuracy and

reliability in predicting VIV response and fatigue damage for free-spanning pipelines.

• Develop standard procedures and coefficients for different free span situations to make the TD-

VIV model more widely applicable and easier to use for industry professionals. This could involve

extensive testing and analysis of a wide range of different environmental conditions and pipeline

configurations.

• Investigating the effect of different environmental loading conditions on the accuracy of the TD-

VIV model in SIMLA, such as changes in water depth, current velocity, or the influence of wave

loads. This could help to determine the range of conditions for which the model is most accurate

and identify any limitations or areas for improvement.

• Developing post-processing techniques and procedures to account for the sensitivity of fatigue

damage calculations to the choice of element for the damage analysis, as highlighted in the sens-

itivity study. This could involve developing algorithms or software tools to automate the process

of selecting the appropriate element for damage analysis or developing guidelines for analysts to

follow when selecting elements for fatigue analysis.

• Explore the potential for using machine learning techniques to improve the accuracy and effi-

ciency of VIV prediction and fatigue analysis for free-spanning pipelines.

• Conduct field tests and case studies to validate the TD-VIV model in real-world scenarios and

provide practical insights for industry professionals.
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Appendix

A Flow Regimes

Figure A.1: Flow regimes
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B Cap damage/y results

Figure B.1: Cap damage/y from current 0° relative to North

Figure B.2: Cap damage/y from current 45° relative to North

Figure B.3: Cap damage/y from current 90° relative to North
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Figure B.4: Cap damage/y from current 135° relative to North

Figure B.5: Cap damage/y from current 180° relative to North

Figure B.6: Cap damage/y from current 225° relative to North
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Figure B.7: Cap damage/y from current 270° relative to North

Figure B.8: Cap damage/y from current 315° relative to North

Figure B.9: Cap cumulative damage/y
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C Root damage/y results

Figure C.1: Root damage/y from current 0° relative to North

Figure C.2: Root damage/y from current 45° relative to North

Figure C.3: Root damage/y from current 90° relative to North
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Figure C.4: Root damage/y from current 135° relative to North

Figure C.5: Root damage/y from current 180° relative to North

Figure C.6: Root damage/y from current 225° relative to North
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Figure C.7: Root damage/y from current 270° relative to North

Figure C.8: Root damage/y from current 315° relative to North

Figure C.9: Root cumulative damage/y
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