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Abstract

This thesis deals with design and analysis of steel semi-
submersible hulls for supporting MW-level horizontal axis wind
turbines. The thesis address the following four topics: 1) conceptual
design methods, 2) conceptual design of a steel braceless hull for
supporting a reference wind turbine (denoted as 5-MW-CSC), 3)
development, verification and validation of numerical approaches for
analyzing global structural responses of structural components of
semi-submersible hulls in wind and waves, and 4) case studies
related to numerical simulations and experimental measurements for
load and load effects on semi-submersible wind turbines.

Simplified design procedure, criteria and design check
approaches for conceptual design with respect to safety have been
systematically presented and discussed based on publicly accessible
publications and the author’s experience and practice in the past six
years.

The 5-MW-CSC is developed based on the simplified design
procedure, criteria and design check approaches. Numerical analysis
shows that the 5-MW-CSC has very good intact stability, well
designed natural periods and modes, moderate rigid-body motions in
extreme environmental conditions and a reasonable structural design.

The structural design of the 5-MW-CSC is checked by using
simplified ULS and FLS design checks. Two time-domain
approaches, which can be easily implemented in various state-of-the-
art computer codes to extend their capabilities to analyze sectional
forces and moments in structural components of generic and specific
floaters subject to environmental loads from wind and waves, were
developed by the author. The developed approaches focus on
modeling of inertia and external loads on the floaters and mapping of
the loads in finite element model of the floaters. The floaters are
considered as an assemblage of several structural components. The
conventional hybrid frequency-time domain approach is extended to
model the external loads on and inertia loads of each structural



component. Limitations of the developed time-domain approaches
and future work for solving these limitations are discussed.

The developed approach for generic floaters were verified and
validated by comparing with simulated responses given by other
reference numerical models and measurements from a 1:30 scaled
model test campaign using the ReaTHM® testing approach to
overcome the limitations of conventional model test approaches. The
verification and validation consist of five comparisons. Objectives
and expected results of the five comparisons are illustrated. In
general, the comparisons agree with the expectations while possible
reasons for the deviations are thoroughly and quantitatively analyzed.

Effect of non-linear wave excitation loads, drag forces, each load
component, and steady wind and wave loads induced by changes of
the mean wetted body surface on rigid-body motions and sectional
bending moments in five specified cross-sections on the hull of the
5-MW-CSC were analyzed by comparing the measurements of the
model test campaign and carrying out numerical sensitivity study.

These analyses shed more light on features of the loads and load
effect on and critical structural components of the hull of the 5S-MW-
CSC, and critical environmental conditions for the 5-MW-CSC with
respect to fatigue damage and extreme load effects. The obtained
understanding was used to simplify complexity of numerical models
of the 5-MW-CSC to reduce computational cost of the design checks,
and is helpful for reducing design conditions required by ULS and
FLS design checks and structural optimization.

Experience acquired from design and analysis of the 5-MW-CSC
and development of the time-domain approaches will promote
development of novel and cost efficient designs of semi-submersible
wind turbines; while the 5-MW-CSC and developed approaches can
be used as reference to validate other computer codes for analyzing
global responses of floating wind turbines.



Preface

This thesis is submitted to Norwegian University of Science and
Technology (NTNU) in partial fulfilment of requirements for degree
of Doctor of Philosophy.

The thesis is a result of my research work carried out at the
Department of Marine Technology at NTNU, supervising by Prof.
Torgeir Moan (my major supervisor) and Prof. Zhen Gao (my co-
supervisor) from August 2011 to May 2018.

One objective of my Ph.D study is to develop a novel, cost
effective and reliable design of semi-submersible hull for supporting
wind turbines. This is a very challenge task which needs a huge
effort since 1) design is an iterative process, 2) development of
floating wind turbines is in its early stage, and 3) floating wind
turbines are complex system with strongly coupled subsystems, i.e.
the wind turbine, control system, hull and mooring system.
Consequently, significant efforts were needed in addition to a normal
3-year Ph.D program.

To solve this challenge, in additional to the funding for my 3-
year Ph.D study by the Norwegian Research Centre for Offshore
Wind Technology (NOWITECH), additional funding was obtained
from the Research Council of Norway through the Centre for Ships
and Ocean Structures (CeSOS) and the Centre for Autonomous
Marine Operations and Systems (AMOS), and the EU FP-7 project
MARINA Platform project to contribute to these projects.

In the framework of CeSOS and NOWITECH, I cooperated with
other researchers. By now, as first author or co-author, I have
published five journal papers and seven conference papers while
there 1s a paper has been submitted to a journal for review.

This thesis is paper-based and composed of a summary of five
attached papers and an attached report. The summary highlights my
contribution with respect to 1) conceptual design methods, 2)
conceptual design and analysis of semi-submersible wind turbine
hulls and 3) development, verification and validation for numerical
approaches for analyzing global structural responses. While detailed
information is referred to the attached papers and report.



I intend to make the summary easy to read, and to be a helpful,
informative and suitable reference for readers of this thesis, in
particular for inexperienced researchers, students and engineers who
are working on or would like to work on design and numerical and
experimental analysis of global responses of floating wind turbine
hulls in wind and waves. Consequently, relevant background
information is highlighted in the summary, while some detailed
information with respect to the differences between the developed
numerical approaches and conventional approaches and the
procedure for verifying and validating the developed approach are
included in the summary as well.
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Chapter 1

Introduction

Development of wind energy is driven by the fact that wind
energy is an attractive solution to feed the huge demand of energy
consumption in future. By now, onshore wind energy has been well
developed. Wind power industry is moving from on-shore to
offshore, from on-land and shallow water to deeper water, from
bottom fixed wind turbines to floating wind turbines. Background
information of these issues is introduced in Section 1.1 in together
with a brief introduction (more details are given in later chapters of
this thesis) with respect to the state-of-the-art knowledge, limitations
and challenges about design and analysis of semi-submersible wind
turbines. The research work included in this thesis intends to give
contributions to solve these limitations and challenges. Four
specified objectives and interconnection between the objectives and
the appended papers are presented in Section 1.2.

1.1 Background

1.1.1 Wind Energy: An attractive solution to feed the huge demand
of energy consumption in future

The 2017 Revision of World Population Prospects published by
United Nations (2017) shows that the world population of 7.6 billion
in the year 2017 is expected to reach 8.6 billion in 2030, 9.8 billion
in 2050 and 11.2 billion in 2100. While, the United States Energy



Information Administration (IEO, 2017) projects that world energy
consumption will grow by 28% between 2015 and 2040, from 575
quadrillion British thermal units (Btu) to 736 quadrillion Btu. Wind
energy, which is clean and renewable, is more and more attractive to
human civilizations to feed the huge demand of energy consumption
in future as concern with sustainable development, global warming
and climate change, and environmental protection keep increasing.
As released by the Global Wind Energy Council (GWEC 2016)
“more than 54 GW of clean renewable wind power was installed
across the global market in 2016, which now comprises more than 90
countries, including 9 with more than 10,000 MW installed, and 29
which have now passed the 1,000 MW mark. Cumulative capacity
grew by 12.6% to reach a total of 486.8 GW”. As shown in the
WindEurope’s Central Scenario (Wind Europe 2017) “323 GW of
cumulative wind energy capacity would be installed in the EU by
2030, 253 GW onshore and 70 GW offshore.

By now, onshore wind energy has been well developed. Arup, a
leading engineering consultant firm, discovered that cost of onshore
wind energy development now competitive with gas in the UK
(Energy Manager Today, 2017). While, the potential of offshore
wind energy is substantial, particularly in relatively deep water (e.g.
deeper than 50 m (EWEA 2013)).

1.1.2 On-shore MW-Ilevel wind turbines

A modern on-shore MW-level horizontal axis wind turbine is
composed of a Rotor Nacelle Assembly (RNA) and a tower. As
shown in Figures 1.1 and 1.2, the tower is mounted on a foundation
on ground and is used to support the rotor and nacelle. The rotor is
composed of a hub and several blades, e.g. three blades or two blades.
The blades are attached on the hub. A drive train system and a
generator are located in the nacelle. The drive train is used to connect
the rotor and generator. For a conventional generator, a speed
increasing gearbox i1s needed. This means the drive train includes a
low speed shaft, a high speed shaft and a speed increasing gearbox.
One end of the low speed shaft is connected to the hub while one end
of the high speed shaft is connected to the generator. The rest ends of
the low speed and high speed shafts are connected to the gear box
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which is used to transfer kinetic energy of the shafts. In additional to
the conventional generator, there has been considerable development
of generators driven directly by the wind turbine rotor without a
speed increasing gearbox. For these generators, the hub is directly
connected to the generator by a shaft.

Aerodynamic loads on the blades result in a torque which rotates
the hub with respect to the axis of the low speed shaft while the
generator provides a resistant moment on the high speed shaft and
convert kinetic energy to electrical power. The blades are rotatable.
A control system is used to adjust the pitch angle of the blades, see
Figures 1.2, and the resistant moment provided by the generator to
start-up and shut down the wind turbine, and to optimize output
electrical power. A yaw drive, which is located on tower top, is used
to rotate the nacelle to insure that, for an upwind rotor, the rotor
plane is facing to the direction of incident winds and on the upwind
side of the tower. Similarly, for a downwind rotor, the rotor plane is
on the downwind side of the tower. The blades are deformed by
external and inertial loads on the blades. Upwind rotor should be
designed to have sufficient clearance between the blades and the
tower. For downwind rotor, deformation of the blades induced by
mean component of the external loads will increase the clearance
between the blades and tower. However, for downwind rotor, effect
of aerodynamic loads on the blades, which are induced by wake of
the tower, needs to be appropriately analyzed.

In addition to MW-Ilevel horizontal axis wind turbines, which
have been well developed, some conceptual designs of MW-level
vertical axis wind turbines, see Figure 1.3, have been developed and
analyzed by some researchers. Detailed information of vertical axis
wind turbines is referred to (Wang et al., 2014).
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Figure 1.3 Configuration of a vertical-axis semi-submersible
wind turbine (Wang et al., 2014)

1.1.3 Trend for developing offshore wind energy

Offshore wind power has several advantages over onshore wind
power (Twidell and Gaudiosi, 2009). First, offshore wind sites
generally produce stronger winds with less turbulence on average
because sea surface is considerably smoother than land surface.
Second, effects of noise and visual pollution from these sites on
humans are negligible because of their distance from populated areas.
Third, in most countries, sea is owned by government rather than
private landlords, which allows for development of large offshore
wind farms. Finally, good sea transport capabilities allow for
construction of large wind turbines with high rated power (e.g., 5-10
MW).

1.1.4 Offshore fixed wind turbines

Offshore fixed wind turbines, which could be considered as a
wind turbine mounted on a supporting structure fixed on sea bed,
have been used by offshore wind industry to harvest wind energy in
offshore sites. The supporting structure could be a monopile, a Tri-
Pod structure, a jacket, a suction caisson or a gravity based structure,



see Figure 1.4. Compared to the on-shore wind turbines, hydrostatic
and hydrodynamic load effects on the offshore fixed wind turbines
must be appropriately accounted for.

Monopile Tri-Pod Jacket Suction Caisson  Gravity Base

Figure 1.4 Configurations of five fixed offshore wind turbines
(Edenhofer et al., 2011)

1.1.5 Motivations for developing floating wind turbines

With increase of water depth, cost of construction, installation
and maintenance of the supporting structure will increase
significantly since the supporting structure has to be designed to have
sufficient global stiffness to avoid large amplitudes of global
structural vibrations excited by first order wave loads. Large
amplitudes of the global structural vibrations are not preferred to in
view of design for safety and functionality as the structural vibrations
could result in considerable fatigue damage on structural components
of the offshore wind turbines. As the global stiffness of the
supporting structure increases, the cost of installation and



maintenance may increase correspondingly. For example, for a
monopile wind turbine, increasing the diameter of the monopile is an
effective way to increase the global stiffness of the supporting
structure. However, the difficulty for piling the monopile on the sea
bed will increase with increase of the diameter of the monopile.
Floating wind turbine concepts are considered an attractive
solution for harvesting offshore wind energy in relatively deep water,
e.g. deeper than 80 m. By now, the offshore wind industry is moving
from pilot prototype field tests to pilot commercial size floating wind
farms while structural optimization for cost reduction is a focus of
these pilot projects (Statoil As, 2017) (Principle Power Inc., 2017).

1.1.6 Floating wind turbines

Floating wind turbines could be considered as a wind turbine
mounted on a hull (floater) that is moored by a mooring system, see
Figure 1.5. According to different approaches for obtaining
resistance with respect to overturning moments, floating wind
turbines can be classified into spar-type, tension leg platform (TLP)
and semi-submersible (which 1is also known as column
stabilized)/barge wind turbines. More discussions with respect to
classification of floating wind turbines are referred to (Butterfield et
al., 2007).

Floating Wind Turbine Concepts

Figure 1.5 Configurations of three floating offshore wind
turbines (Edenhofer et al., 2011)



1.1.7 Motivations for developing semi-submersible wind turbines

In general, semi-submersible wind turbines are expected to have
better performance when compared to barge wind turbines which are
considered as counterparts of the semi-submersible wind turbines.
This is because the barge wind turbines may have relatively larger
water plane area which means larger amplitudes of wave excitation
loads and dynamic responses. Compared to spar-type or tension leg
platform wind turbines, the advantages of semi-submersible wind
turbines include, but are not limited to, 1) greater flexibility in terms
of varying sea bed conditions and drafts and 2) significantly reduced
installation costs due to their simpler installation, with full assembly
at dock (Roddier et al., 2010). Some conceptual designs of semi-
submersible wind turbines are shown in Figure 1.6.

= 3= Topoftower

Figure 1.6 Configuration of S-MW-CSC (left), OC4-Semi
(middle) and WindFloat (right)

1.1.8 Design of semi-submersible wind turbine hulls

To enable semi-submersible wind turbines for harvesting wind
energy in offshore wind farm, analyzes and tests must be
appropriately carried out to demonstrate that 1) levelized cost of
energy for development of semi-submersible wind farms can be
reduced to a profitable level, and 2) developed semi-submersible
wind farms achieve a desired level of reliability.

The TEC 61400-1 design standard (IEC 2005) specifies the
design requirement for land-based wind turbines. The IEC 61400-3



design standard (IEC 2009) supplements the IEC 61400-1 design
standard with design requirements for bottom-fixed offshore wind
turbines. Current design standards for floating wind turbines, e.g.
DNV-0S-J103 (DNV, 2013a), ABS #195 (ABS, 2013) and ClassNK
guideline (ClassNK, 2012), are developed on base of combination of
successful experience accumulated by the offshore oil and gas
industry and wind power industry over the past decades.

In general, semi-submersible hulls for supporting offshore wind
turbines are designed for serviceability and safety. The main
serviceability criterion relates to stable power production, while the
safety is specified as an agreed acceptable failure probability of
failure events, such as capsizing/sinking and local and global
structural failures, that may lead to catastrophic consequences, e.g.
fatalities and environmental damage, and property damage of the
floating wind turbines during their design lifetime. The design
lifetime 1s composed of development of design, fabrication,
operation and removal and reuse.

In general, cost of developments of floating wind turbines
increases significantly when higher safety levels are incorporated.
Reducing the costs of the produced power to a competitive level is an
important challenge for the offshore wind energy development.
Unlike offshore oil and gas platforms, floating wind turbines are
unmanned during operation, limiting the consequences of failures to
economic losses rather than loss of human life and/or environmental
damage. In addition, these floaters are designed for different
functionalities. For example, semi-submersible hulls used in the
offshore oil and gas industry may need to be designed to have large
space of upper deck to accommodate living and production facilities,
equipment and buildings, and to have moderate motions in operating
conditions as required by the compensator of risers. While the hulls
of semi-submersible wind turbine should be designed to have a
relatively large second moment of water plane area to ensure
sufficient intact stability. Consequently, trade-off between the safety
levels and the levelized cost of energy should be considered and
addressed, while a significant reduction of the levelized cost of



energy is expected to be achieved by developing novel design of
semi-submersible hulls (EWEA, 2013).

Note that hull design should not be performed in isolation; rather,
the interactions of the subsystems, i.e., the wind turbine, control
system, hull and mooring system, should be appropriately considered.
This is because floating wind turbines have strongly coupled system
behavious.

As pointed in (Wind Energy Programmatic EIS, 2018) (Moan,
2016), the accumulated experiences show that the requirements of
serviceability and safety can be achieved by implementing risk
control of accidental events and use limit states, i.e. ultimate
equilibrium limit state (UELS), ultimate limit state (ULS), fatigue
limit state (FLS), serviceability limit state (SLS) and accidental limit
state (ALS)/ progressive failure limit state (PLS), as design criteria.

1.1.9 Conceptual designs of semi-submersible wind turbines

Most of the proposed MW level horizontal axis steel semi-
submersible wind turbine concepts feature either three columns with
a wind turbine on one side column or four columns with a wind
turbine on the central column. The columns could be connected by
braces (as in WindFloat (Roddier et al., 2010) (Roddier et al., 2011)
and OC4-Semi (Robertson et al., 2012)) or pontoons (as in the 5-
MW GustoMSC Tri-Floater (Huijs et al.,, 2013) and 5-MW-CSC
concept (Paper Al)). Meanwhile, concrete semi-submersible wind
turbines, e.g. VolturnUS (Viselli et al. 2014) and Dr.techn.Olav
Olsen’s concept (Dr. techn.Olav olsen As, 2018), multi-turbine
concepts, e.g. Hexicon (Hexicon AB, 2018) and WindSea (WindSea
AS, 2018), MW level vertical axis semi-submersible wind turbines,
e.g. (Wang et al, 2014), and wind-wave hybrid concepts (for which
semi-submersible wind turbines are combined with wave energy
convertors), e.g. (Luan et al., 2014) (Michailides et al., 2014), are
proposed and analyzed by designers and/or researchers from industry,
research institutes and/or universities. Among existing concepts of
semi-submersible wind turbines, by now, three full scaled prototype
semi-submersible wind turbines (Roddier et al., 2017), i.e. the 2-MW
WindFloat prototype semi-submersible wind turbine (Cermelli et al.,
2010) (Cermelli et al., 2012), the Fukushima Mirai 4-column
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prototype semi-submersible wind turbine (Saeki et al., 2014)

(Ishihara, 2013),

and the Fukushima Shinpuu V-shape prototype

semi-submersible wind turbine (Komatsu et al., 2016), have been
constructed and operated in real to prove technical and economic
feasibility of development of semi-submersible wind turbines. The 2-
MW WindFloat prototype semi-submersible wind turbine has been
successfully operated for its design life (Roddier et al., 2017), from
offshore commissioning (in December 2011) to decommissioning
(July 2016 (4COffshore, 2018)), and demonstrates the technical and

economic feasibility.
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Figure 1.7 Environmental loads subjected on floating wind
turbines (Butterfield et al., 2007)
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responses of semi-submersible wind turbines

1.1.10 Loads and load effects

Floating wind turbines operate in complex environmental
conditions, see Figure 1.7. Design checks for serviceability and
safety are carried out on base of analyses with respect to subjected
loads and load effects. The load effects could be obtained by carrying
out numerical simulations, experimental tests in laboratory and/or
prototype tests in real, see Figure 1.8.

Meanwhile, the analyses with respect to subjected loads and load
effects shed light on responses of semi-submersible wind turbines in
environmental conditions. To develop a cost-effective design with an
acceptable level of reliability and simplified numerical approaches
for simulating responses of semi-submersible wind turbines, an in-
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depth understanding with respect to responses of semi-submersible
wind turbines is needed.

As mentioned in (EWEA, 2013), development of floating wind
turbines is still in its young stage and facing considerable technical,
economic and political challenges. Consequently, numerical
simulations and model tests for analyzing global responses of
floating wind turbines, which are in terms of motions and sectional
forces and moments and required by relevant standards and
guidelines for offshore wind turbines in wind and waves are hot
research topics.

Due to limitations of conventional frequency-domain and time-
domain numerical modelling approaches, which have been illustrated
in detail in Chapter 4, numerical simulations with respect to
responses, in terms of sectional forces and moments or stresses, of
structural components of semi-submersible hulls in wind and waves
are very limited. However appropriate design checks for structural
design of semi-submersible hulls must be carried out while structural
optimization for cost reduction is identified as a major focus of the
existing pilot floating wind turbine projects for commercializing
floating wind turbines (Statoil As, 2017) (Principle Power Inc., 2017).

1.2 Motivation and thesis objectives and organization

1.2.1 Motivation and thesis objectives

The author is motivated to give contributions for overcoming the
challenges and existing limitations described in Section 1.1.8 and
Section 1.1.10, and to promote large-scale development of semi-
submersible wind turbines. Consequently four objectives are
specified by the author and tabulated in Table 1.1.

Development of novel designs of floating wind turbines is
encouraged and 1is expected to significantly reduce cost of
development of floating wind turbines. Therefore, Objective 1 is to
develop a novel conceptual design of semi-submersible hull for
supporting a 5-MW horizontal axis reference wind turbine.
Meanwhile, the developed design is planned to be published to
public and be used as a reference semi-submersible wind turbine.
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Table 1.1 List of thesis objectives

Objective 1 | to develop a novel conceptual design of semi-submersible
hull for supporting a 5-MW horizontal axis reference wind
turbine (the developed design is considered as a reference
model and used in numerical analysis and experimental
model test)

Objective 2 | to make contributions to the development of simplified
design method and analysis approaches

Objective 3 | to shed more light on the response characteristics of the
reference semi-submersible wind turbine in wind and
waves

Objective 4 | to develop and validate a time-domain numerical approach
for analyzing sectional forces and moments in hull of a
generic floating wind turbine

The background information mentioned in Section 1.1 is used to
guide the design work carried out by the author for developing the
novel conceptual design. Design is an iterative process while
simplified design approaches for developing conceptual designs are
needed. Consequently, Objective 2 is to make contribution on
development of simplified design method and analysis approaches.

The simplified design method and analysis approaches should be
developed on base of an in-depth understanding with respect to
features of responses of semi-submersible wind turbines in
environmental conditions. However, floating wind turbines could be
a complex system, operate in complex and harsh environmental
conditions, and have the strongly coupled system behavious. While,
development of floating wind turbines is still in its young stage.
These facts mean that huge effects are still needed to shed more light
on responses of floating wind turbines in wind and waves.
Consequently, Objective 3 is to shed more light on responses of the
reference semi-submersible wind turbine in wind and waves.

Objective 4 is to develop and validate a time-domain numerical
approach for analyzing sectional forces and moments in generic
floating wind turbine hulls to overcome the limitations of the
conventional frequency-domain and time-domain numerical
modelling approaches and to enable straightforward time-domain
numerical simulation for the sectional forces and moments in
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structural components of the floating wind turbines hulls with
reasonable accuracy.

1.2.2 Thesis organization

The objectives of the thesis and interconnection between the
appended papers are shown in Figure 1.9.

Chapter 2
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Objective 1
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Figure 1.9 Objectives of the thesis and interconnection
between the appended papers
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Simplified design approaches implemented by the author for
estimating mass and determining overall dimensions (e.g. the
dimensions of the columns, pontoons and braces) of the hull of initial
designs of semi-submersible hulls and discussions with respect to
simplifications for design checks are illustrated in Paper B1 and
summarized in Chapter 2.

The simplified design approaches presented in Chapter 2 serve as
a base of development of the novel conceptual design which is a steel
braceless semi-submersible hull for supporting a 5-MW horizontal
axis reference wind turbine. The developed reference semi-
submersible wind turbine is named 5-MW-CSC and corresponds to
Objective 1. Design of the 5-MW-CSC, relevant design
considerations, and methods and results of simplified design checks
are published in Paper A5 and summarized in Chapter 3.

To achieve Objective 4, time-domain numerical approaches for
generic and specific floating wind turbines were developed by the
author to analyze sectional loads in floating wind turbine hulls in
wind and waves, while conventional numerical approaches and their
challenges and limitations are discussed, see Paper A1 and A4, and
summarized in Chapter 4.

Comparisons of numerical simulations and experimental
measurements were used to verify and validate the developed
numerical approach for generic floating wind turbines step by step.
Responses of a 1:30 scaled experimental model of the 5S-MW-CSC in
wind and waves were tested by SINTEF Ocean in its ocean basin via
cooperation frame of (NOWITECH 2018) while the ReaTHM®
testing approach (Chabaud, 2016) was used to overcome challenges
in conventional experimental tests for floating wind turbines in ocean
basin. The challenges result in uncertainties in measurements and
should be considered in the validation for the developed numerical
approach. Differences in spectral densities of the measurements and
simulations were quantified while the reasons for the differences
were thoroughly analyzed and discussed. Details of the issues
mentioned in this paragraph are available in Papers Al, A2 and A3,
and summarized in Chapter 5.
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The developed numerical approach for generic floating wind
turbines was used to simulate rigid-body motions and sectional loads
in five specified cross-sections in the hull of the 5-MW-CSC.
Numerical parametrical study and measurements of the experimental
model in difference design conditions were compared and analyzed
to shed more light on rigid-body motions and structural responses of
the reference model in wind and waves. Simplification for numerical
modelling for short-term analysis was proposed based on results of
the analysis. Details of the issues mentioned in this paragraph are
available in Paper A3 and summarized in Chapter 6.
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Chapter 2

Conceptual design procedure
and methods for semi-

submersible wind turbine
hulls

The current design standards, principles, methods and limitations
for design of semi-submersible wind turbine hulls are introduced in
Section 1.1.8. Design is an iterative process. Design procedure for
developing a conceptual semi-submersible hull design, with respect
to the safety, is shown in Figure 2.1. To control cost of conceptual
design, simplified design methods need to be developed based on
experience and understanding in design.

In this chapter, the author intends to systematically present and
discuss conceptual design procedure and simplified design methods
for semi-submersible wind turbine hulls in view of design for safety
based on a review of publicly accessible publications and the
author’s experience and practice with respect to design and analysis
of semi-submersible wind turbines in the past six years.

The conceptual design procedure can be summarized as follows:

As shown by the black lines in the Figure 2.1, Initial designs are
selected from design base which is established on base of
requirements stipulated by customer and authorities, and simplified
design criterial and approaches. The requirements by the customer
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(Party A) should be stipulated in contract between Party A and Party
B (contractor). The requirements could be, but not limited to, 1)
requirements with respect to certification, standards and regulations,
2) requirements with respect to functionality and safety, 3)
operational location of the design, 4) approaches for fabrication and
installation, 5) accessibility for inspection and maintenance, and so
on. Meanwhile, the design shall comply with rules, requirements,
principles, guidance, standards, regulations, and law specified by
involved authorities.

The simplified design criteria and approaches are used in
practice to improve work efficiency, and limit work effort and costs.
Intact stability, natural periods and modes, and local and global
structural strength of the selected initial design need to be
appropriately analyzed to check whether or not the selected initial
design satisfy the relevant stipulated requirements and criteria. If the
selected initial design fails to satisfy the stipulated requirements and
criteria, the design procedure will return back to make a new initial
design as shown by the red dot-dash lines.

In additional to requirements for the safety, cost of the selected
initial design should be estimated and controlled. To analyze
responses of the selected initial design, numerical simulations and
experimental tests need to be carried out by using appropriate
approaches. Reasonable assumptions and simplifications are needed
to reduce computational costs of the numerical simulations to an
acceptable level, while cost-effective computer codes need to be
developed and validated appropriately, see the black dot lines.

The state-of-the-art knowledge shows that the coupled system
behaviours of semi-submersible wind turbines (see Paper B1) should
be kept in mind in the design procedure in order to achieve a cost-
effective design.

Accumulated design experience and understanding in responses
of semi-submersible wind turbines in environmental conditions are
continually used to support development of cost-effective designs
and design methods, see the black dash lines.
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Initial understanding in responses of semi-submersible wind turbines in
environmental conditions
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Figure 2.1 Design procedure for developing a novel conceptual
semi-submersible hull design, with respect to safety

The simplified methods are composed of simplified criteria and

analysis methods and as listed as follows:

e Simplified stability criterion, natural period requirements and
simplified steel mass estimation methods that are used to develop
design space for overall dimensions of initial designs of semi-
submersible hulls.

e Simplifications for analyzing intact stability, and natural periods and
modes.

e Simplifications for design conditions and numerical analysis

approaches for analyzing structural responses that are required by
design checks, such as ULS and FLS design checks.
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More details about the simplified methods presented in this
chapter is given in Paper Bl which served as a basis for the
development of the 5-MW-CSC as required by Objective 1, see
Section 1.2.
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Chapter 3

Conceptual design of a steel
braceless semi-submersible
wind turbine

In this chapter, the author intends to present definition and
design check results of the 5-MW-CSC, which is a conceptual design
of a braceless steel 5S-MW semi-submersible wind turbine developed
by the author due to Objective 1. Detailed content of this chapter is
referred to Paper AS and Paper B1.

The hull of the 5-MW-CSC is designed to support a 5-MW
NREL offshore base line wind turbine (Jonkman et al., 2009) at a site
in the northern North Sea (Li, et al. 2015), see Figure 3.1.

The design work of the 5S-MW-CSC started in April 2013 and
initially inspired by the Dr.techn.Olav Olsen’s concept
(Dr.techn.Olav Olsen AS, 2018). In 2013, conventional semi-
submersible hulls, such as the 5-MW WindFloat or the OC4-Semi,
are consisted of pontoons and columns connected by braces. It can be
very complex and expensive to weld the braces on the columns.
Moreover, fatigue life of the brace-column joints can be a very
critical issue due to stress concentration at the joints. In addition, to
avoid heave resonant motions excited by first order wave loads,
additional heave plates and/or pontoons may be needed. Construction
of the additional heave plates can be complex and expensive as well.
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In contrast to the conventional semi-submersible design with
braces, a braceless concept may reduce design complexity and costs
of the offshore wind turbine. By now, in addition to the 5-MW-CSC,
other steel braceless semi-submersible wind turbine concepts, such
as the 5-MW GustoMSC Tri-Floater (Huijs, et al., 2013), have been
proposed.
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Figure 3.1 Location of the design site (the selected site) (Li, et
al. 2015)

3.1 Dimensions of the hull of the 5-MW-CSC

As shown in Figures 2.1 and 3.2, the hull of the 5-MW-CSC is
composed of a central column, three side columns and three
pontoons. The side columns are connected by the pontoons to the
central column at the bottom to form an integrated structure. The
added mass in the heave, roll and pitch is mainly provided by the
pontoons. There are no heave plates or braces. The box-shaped cross-
section of the pontoons could provide considerable viscous damping
at the heave, roll and pitch resonant frequencies. Dimensions of the
hull of the 5-MW-CSC are given in Table 3.1
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Table 3.1. Dimensions of the hull of the 5-MW-CSC

d. [m] 6.5

d¢ [m] 6.5
dp,p [M] 6

dp,, [m] 9

d.s [m] 41
dgse [m] 45.5
Operating draft [m] 30
Displacement [tonne] 10,555
Steel weight [tonne] (hull) | 1,804
Equivalent thickness [m] | 0.03

3.2 Design checks

Numerical analysis has been carried out to analyze the intact
stability, natural periods and modes and structural strength of the
design. Results of the numerical analysis show that the design has
very good intact stability, well designed natural periods and modes,
moderate rigid-body motions in extreme environmental conditions
and a reasonable structural design.

Note that the design criteria, methods and simplifications
discussed in Chapter 2 (Paper B1) are used to guide design checks
for the 5-MW-CSC. The design checks are briefly introduced as
follows.

3.2.1 Intact stability design check

The intact stability could be checked based on the curves of the
righting and design overturning moments. Overturning moments
come from aerodynamic loads on the RNA, tower and hull and make
the semi-submersible wind turbine rotate with respect to a heeling
axis in water plane area of the hull. Righting moment is generated by
hydrostatic pressure forces on wetted body surface of the hull and
gravity of the semi-submersible wind turbine. To find the most
critical situation, overturning moments and righting moments
corresponding to several different heeling axes need to be calculated
and checked. The righting moment curves corresponding to different
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rotational axes (represented by ¢) and design overturning moment
curve of the 5-MW-CSC are given in Figure 3.3. Standards, such as
the DNV-0OS-J103, require that the ratio of the area under the
righting moment curve from 0 degrees heeling angle to the second
intersection to the corresponding area under the design overturning
moment curve should be more than a specified value, e.g. 1.3.

Detailed analysis with respect to determination of the design
overturning moment is referred to Paper AS.
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Figure 3.3 Righting moment curve (RMC) v.s. design

overturning moment curve (DOM), intact stability analysis, ¢
represents different heeling axis.
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3.2.2 Natural periods and modes

Resonant responses excited by dynamic excitation can result in
large amplitudes of sectional forces and moments, and expensive
structures (in order to have sufficient structural strength). Therefore,
natural periods and modes, i.e. six rigid-body motion modes and
structural vibrational modes of the structural components, should be
well designed to, at least, avoid resonant responses induced by
excitations with considerable energy, e.g., first-order wave load (3-
25 seconds) and 1P (5-8.7seconds for the 5-MW-CSC) and 3P (1.7-
2.9 seconds for the 5-MW-CSC) effects (Twidell and Gaudiosi,
2009). In general, a given 1-hour turbulent wind may include a wide
range of frequency component. For semi-submersible wind turbines,
resonant rigid-body motions excited by wind loads and low
frequency wave loads cannot be avoid by tuning the natural periods,
however, the resonance can be limited by aerodynamic and
hydrodynamic damping which may be quite considerable (Papers A2
and A3). In addition, vibration modes and frequencies should also be
considered. The vibration (flexible) modes may be excited due to: 1)
the motivation of cost reduction may result in a flexible hull; 2) high-
frequency rotor loads, e.g., the 3P effect; and 3) the modes and
frequencies are affected by strong coupling effect between the hull
and other components of floating wind turbines. If structural
vibrations are excited by first-order wave loads, the effect of
hydroelasticity on the hull must be considered.

Natural periods of the rigid-body motion modes can be obtained
by carrying out decay test while the periods and structural vibrational
modes of the structural components, in principle, should be
calculated by solving the eigenvalue problem. Lanczos' method
(Nour-Omid et al., 1983) is widely used in commercial codes to
solve the eigenvalue problem, which is related to generalized mass
and stiffness. Stiffness of the pontoons and columns are represented
by beam elements with simplified cross-sections. For example,
Figure 3.4 shows a realistic cross-section (Cross-section 6 shown in
Figure 3.2) of a pontoon with structural details of the 5S-MW-CSC.
The realistic cross-section is represented by a simplified box-shape
cross-section. The mass of the hull is represented by mass points
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attached to the beam elements. Similarly, the mass and stiffness of
the RNA and tower could be represented by mass points and beam
elements. Note that the natural frequencies for the natural modes of
the generator and drivetrain are expected to be very high. Therefore,
the nacelle could be simply modeled by a mass point attached to a
beam element, which represents global structural stiffness of the
nacelle.

Plate

Longitudinal
stiffeners

\

el
Girder

Figure 3.4 A realistic cross-section (left), stiffened plates
(right top), and simplified box shape cross-section with
equivalent thickness (right bottom)

In analysis for natural periods and modes, it is important to
appropriately account for effect of flexibility of the hull, tower, RNA,
mooring system, added mass and fluctuations of hydrostatic pressure
and gravity on the natural modes and frequencies. For instance, as
shown in Figure 3.5, numerical analysis shows that natural period of
the side-to-side tower central column bending mode of the 5-MW-
CSC is reduced from 3.08 seconds to 2.16 seconds if real flexibility
of the hull is replaced by an assumption that the hull is considered as
a rigid body. Rigid-body assumption for the hull is used in some
conventional time-domain computer codes for analyzing global
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responses, €.g. bending moment in tower base, rigid-body motions of
the hull and mooring line tensions (Paper Al). The rigid-body
assumption may result in artificial resonant structural vibrations
exited by, for example, the 1P and 3P effects

Flexible tower Heahk wes

Rigid

Flexible
e | | /centmi
column
column
- : 5

!

Figure 3.5 Side—to-side tower central column bending mode

3.2.3 Simplified ULS and FLS design check based on a limited
number of design conditions

The pontoons of the 5-MW-CSC are composed of stiffened
plates, girders and bulkheads. A stiffened plate is shown in Figure
3.4 and is assumed to be located in between of two transverse girders
and the side surfaces of the pontoon. The stiffened plate is subjected
to opp, 01, 0, and 71, which are explained in Table 3.2.

Buckling utilization factors for the stiffened plate in all the
combinations of the design loads, i.e. gy, 01, 0, and 74, , are
calculated by using the S3 element code of PULS (DNV 2009).
PULS 1is a computerized buckling code for thin-walled plate
construction and accepted by DNV-RP-C201 (DNV 2010a) for
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checking buckling strength of plated structures. The code
implements the Marguerre’s non-linear plate theory in combination
with stress control criteria.

As explained in Table 3.2, 0y, 0, and 7, are derived from
sectional forces and moments in structural components of the hull.
Numerical models and development of numerical approaches for
simulating rigid-body motions and sectional forces and moments are
addressed in Chapter 4 while discussions with respect to
simplifications for design conditions used in ULS and FLS design
checks are referred to Chapter 2 (Paper B1) and Paper AS.

Fatigue analysis for structural components of the hull is normally
conducted by the S-N Palmgren-Miner rule approach. The stress
ranges used in the S-N fatigue approach could be calculated by
applying rainflow counting method to the time series of the hot-spot
stress. Appropriate SN curves should be selected based on relevant
standards, e.g., DNV-RP-C203 (DNV 2010b).

The hot-spot stresses are induced by stress concentration in
particular at structural intersections or joints. Fatigue life is very
sensitive to the hot-spot stresses (in the order of 3-5 due to the slope
of the S-N curves), which may appear at the joints between the
columns, pontoons or braces. Therefore, the structural details need to
be well designed to reduce the hot-spot stresses.

For a complex joint or structural intersection, it is recommended
that the hot-spot stress be calculated by finite element analysis (DNV
2010b). Sectional forces and moments in ends of the joint, which are
given by carrying out global response analysis, are used as boundary
conditions of the finite element model. Examples are referred to
(Fredheim, 2012) (Marin, 2014).

For the compartments of the pontoons and columns that are in
between of the joints, in general, the stress concentration effect is not
critical. Therefore, the fatigue life for such compartments could be
estimated by normal stresses of several representative points in the
corresponding cross-section on the pontoons or columns multiplied
by a specified stress concentration factor (SCF). A sensitivity study
for the fatigue damage with respect to SCF is needed.
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Table 3.2 Nominal and shear stresses used in ULS design check

Ohp Hydro-pressure on the plate (including hydrostatic pressure and
hydrodynamic pressure on the outer surface of the plate and the ballast
water induced pressure on the inner surface of the plate)

04 Nominal uniform stress in stiffener direction
0y Nominal uniform stress in perpendicular to stiffener direction
Tiy Shear stress

Note

o0, and 74, can be derived from Eq.(3.1) and Eq. (3.2) which are established on
base of Euler—Bernoulli beam theory and the simplification for which, in finite
element analysis, beam elements with simplified cross-sections are used to capture
global load effects on the pontoons and columns of the hull. A simplified box shape
cross-section is shown in Figure 3.4 as an example.

E., E,, F;, My, M,,, and M, are obtained by solving the beam element finite
element model and represent sectional forces and moments at the geometrical center
of the cross-section (the origin of the x_inp-y inp-z_inp coordinate system).

In Eq. (3.1) and Eq. (3.2), A is area of the cross-section. w,, ;,,, and w,, ;,, are
the corresponding section moduli. 4, is the circumscribed area of the cross-section.
t. is the equivalent thickness of the cross-section. S, ;,,, and S, ;,,, are static
moments corresponding to the y_inp and z_inp axes and the position of the point on
the cross-section. I, ;,,, and I, ;,,, are the second moments of area of the cross-
section. Compared with a realistic cross-section, which includes structural details,
such as stiffeners, the thin wall box-shape approximation with t, will underestimate
the maximum shear stresses because the stiffeners carry the shear force inefficiently.
Therefore, a reduction factor could be applied to t. to compensate the
underestimations for the shear stresses.

EF, M, M,

o-l(yinpﬂzinp) = Z + w + (31)
Yinp Zinp
M x Fy SZ inp FZSJ/ inp
g Y= 3.2
TlZ(Ylnp Zlnp) ZAOtC Izinptc + Iyinptc ( )
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Chapter 4

Development of time-
domain numerical
approaches for determining
sectional loads 1n floating
wind turbine hulls

As introduced in Section 1.1.10, floating wind turbines operate
in complex environmental conditions, see Figure 1.7, while design
checks for serviceability and safety are carried out on the basis of
analyses with respect to subjected loads and load effects. In addition,
to develop a cost-effective design with an acceptable level of
reliability and simplified numerical approaches for simulating load
effects of floating wind turbines, an in-depth understanding with
respect to loads and load effects of floating wind turbines is essential.

As shown in Figure 1.8, the load effects could be obtained by
carrying out numerical simulations, experimental tests in the
laboratory and/or prototype tests in the field.

Numerical approaches for modelling and simulating loads and
global load effects on floating wind turbines are systematically
presented in this chapter.
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To simulate global load effects which are in terms of, for
instance, motions and sectional forces and moments in structural
components, of floating wind turbines, finite element models and/or
rigid-body motion equations need to be generated and solved in
appropriate coordinate systems, while external and inertial loads on
the floating wind turbines need to be appropriately modelled by
using  frequency-domain  or time-domain approaches in
corresponding coordinate systems.

A general introduction with respect to numerical modelling
approaches and their advantages and limitations is given in Section
4.1. As addressed in Section 4.1.3, the state-of-the-art knowledge
suggests using time-domain computer codes to analyze the aero-
hydro-servo-elastic responses of floating wind turbines and to
account for nonlinear aerodynamic loads, automatic control and
transient loading events. Consequently, the rest part of this chapter
focuses on presenting two time-domain numerical approaches
developed by the author.

The developed approaches focus on modelling of inertia and
external loads on floating wind turbine hulls, and mapping of the
loads in finite element model of the hulls. The developed approaches
are extension of the conventional hybrid frequency-time domain
approach. In the developed approaches, floating wind turbine hulls
are modelled as multi-bodies instead of single body with 6 d.o.f.s.
The developed approaches can be easily implemented in various
state-of-the-art computer codes for wind turbine analysis, e.g.
Simo/Riflex/Aerodyn (Moriarty and Hansen, 2005) (MARINTEK,
2011) (MARINTEK 2013) (Ormberg et al., 2011) (Luxcey et al.,
2011) (Ormberg and Bachynski, 2012), OrcaFlex (Robertson et al.,
2014) and FAST+CHARMS3D (Robertson et al., 2014), to extend
their capabilities to analyze sectional forces and moments in
structural components of a generic floater and a specific floater,
respectively.

Detailed content of the conventional and developed numerical
approaches in together with analysis for their advantages and
limitations is referred to Papers Al and A4, and summarized and
highlighted in Sections 4.2-4.5.
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4.1 General information for numerical approaches

4.1.1 Coordinate systems

In general, four types of coordinate systems, as shown in Figure
4.1 and Table 4.1, could be used by time-domain and frequency-
domain numerical approaches.

Table 4.1 Coordinate systems

09 - x9 - yg -z9
coordinate system

A global coordinate system for which the coordinate system
is fixed. 09 could be fixed at an arbitrary position in space

0F -xI -yl - 4f
coordinate system

An earth fixed coordinate system located at mean position of
geometrical center of water plane area of a floater, see
Figure 4.1.

0P —xb _yb - 7P

coordinate system

A body-fixed coordinate system. Position of 0P and
orientation of the body-fixed coordinate system rigidly
follow rigid-body motions of the floater.

r r

O" -x"-y" -2z
coordinate system

A body-related coordinate system. O" rigidly follows
horizontal movements of O? (the floater) but the orientation
of the body-related coordinate system and vertical position
of the 0" are fixed (as the same as the body-related
coordinate system when the floater is located at its initial
position).

Note

When the floater is located at its mean position, the 0/ -x/-y/-z/ 0P-xP-yP-zb
and 0"-x"-y"-z" coordinate systems are coincident.

v,
o <4 so
|
Instantaneous

| Mean position " .
1 1 position

Figure 4.1 Definition of the coordinate systems for a floating

body
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4.1.2 Numerical approaches for analyzing load effects

Finite element analysis (based on shell and/or beam elements) is
normally carried out to determine the load effects with appropriate
methods for modelling the loads.

Shell elements might be employed to model structural details, e.g.
bulkheads, girders and stiffeners in the hull, blades and tower; chains
and wires of the mooring lines; and gear box, shaft and generator in
nacelle.

Alternatively, we might consider that the structure is composed
of several structural components (based on a multi-body formulation).
For instance, the blades, rotational shaft, nacelle, tower, mooring
lines and columns, pontoons and braces of the hull can be considered
as structural components. Beam elements can be used to account for
global structural behaviors of these structural components, e.g.
sectional forces and moments in the structural components. The
sectional forces and moments might be used as inputs of design
formulas for structural strength design checks specified by relevant
standards and guidelines from the International Electrotechnical
Commission (IEC), International Organization for Standardization
(ISO), American Petroleum Institute (API), the Norwegian
petroleum industry, class societies such as Det Norske Veritas and
Germanischer Lloyd (DNVGL) and the American Bureau of
shipping (ABS) and so on. For example, buckling strength of plates,
stiffeners and girders in global and local loads can be checked by the
formulas specified in DNV-RP-C201 (DNV 2010a) and Section
3.2.3. The sectional forces and moments might be used in ULS
design checks for tubular members and joints based on formulas
specified in NORSOK-NO004 (Standards Norway, 2004). An example
is available in Paper A4. In addition, the sectional forces and
moments might be used as boundary conditions in a sub-model finite
element analysis to determine structural responses such as stresses,
etc, see (Fredheim, 2012) (Marin, 2014).

Note that, in addition to finite element analysis, load induced
motions could be obtained by generating and solving corresponding
rigid-body motion equations. More detailed discussions are referred
to Section 4.2. For a static determined structure, which means that a
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cross-section on the structure can be divided into two parts, see the
cross-Section 6 in Figure 3.2 as an example, sectional forces and
moments in the cross-section are in equilibrium to inertial and
external loads on each of the two parts. Consequently, the sectional
forces and moments could be obtained.

4.1.3 Frequency-domain approaches versus time-domain
approaches

The state-of-the-art knowledge suggests using time-domain
computer codes to analyze the aero-hydro-servo-elastic responses of
floating wind turbines and to account for nonlinear aerodynamic
loads, automatic control and transient loading events. Reasons are
explained in this section.

To explain the reasons, an introduction for a well-developed
frequency-domain approach for modelling hydrodynamic loads is
presented in this section. However, a focus of this thesis is on time-
domain approaches. Consequently, introduction to conventional
time-domain approaches for modelling aerodynamic and
hydrodynamic loads are given in Section 4.1.4 and Section 4.1.5.

Frequency-domain approach for analyzing oscillating responses
of a generic floater in waves with respect to its mean position has
been well developed by the offshore oil and gas industry and
implemented in computer codes, e.g. WADAM (DNV, 2013b). In
these computer codes, perturbation analysis with the wave amplitude
as a small parameter, Bernoulli’s equation and velocity-potential,
which is obtained by generating and solving corresponding boundary
problem are used to efficiently analyze hydro-pressure forces on
mean wetted body surface of the floater and the resulting wave-
induced rigid-body motions. The hydro-pressure forces together with
the inertial loads on the floater due to its motions can be used in a
finite element analysis (DNV, 2013b) to efficiently determine
structural responses such as stresses, etc. If the floater has a
structural static determinate hull, sectional forces and moments in the
hull can be obtained by integrating external and inertia loads which
are acting on the corresponding structural components of the hull.
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Finite element analysis in frequency-domain is very cost-
effective. However, as addressed in Chapter 2 (Paper BIl),
subsystems, i.e., the RNA, control system, tower, hull and mooring
system, of floating wind turbines need to be appropriately modelled
as these subsystems could be strongly coupled. As indicated by Eq.
(4.1), the resultant thrust force on the rotor is proportional to square

of U,.,; which i1s relative wind speed at the nacelle projected to the

rotor plane. U,,; is related to speed of incident winds, rigid-body
motions of the hull, which are excited by environmental loads, e.g.
wind and wave loads, and deflection of the tower, as the tower is a
flexible and slender structure. While, aerodynamic loads on the
blades are also related to rotational speed of the rotor and pitch
angles of the blades which are controlled by the controller of the
turbine timely. These facts are known as aero-hydro-servo-elastic
feature (Jonkman, 2007).

Consequently, it is a big challenge to develop a generic
frequency-domain approach to model aerodynamic loads on the rotor.
Instead, as shown in the work done by Kvittem and Moan (2015),
relative wind speed to aerodynamic loads transfer functions could be
derived from reference realizations of relative wind speed at the
nacelle and aerodynamic loads on the rotor given by time-domain
codes. However, validity of the derived transfer functions must be
appropriately checked, in particular for novel designs of floating
wind turbines, we still need to use time-domain simulations and
model tests to shed more light on the aero-hydro-servo-elastic feature.
Another limitation is that frequency-domain models cannot be used
to account for transient loading events, e.g. wind turbine faults.

4.1.4 Conventional time-domain approaches for modelling
aerodynamic loads

A general introduction with respect to conventional approaches
for modelling aerodynamic loads on the RNA is available in De Vaal
(2015). Environmental loads result in rigid-body motions in 6 d.o.fs,
i.e. surge, sway, heave, roll, pitch and yaw. The rigid-body motions
could be described in a global coordinate system (denoted as 09-x9-
y9-z9) as shown in Figure 4.2. Surge, sway and heave are oscillating
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motions along the x9, y9, and z9 axes respectively while roll, pitch
and yaw are oscillating rotational motions with respect to the x9, y9,
and z9 axes respectively.

To analyze wind loads induced rigid-body motions, aerodynamic
thrust force (denoted as T#¢"?), which is a resultant of aerodynamic
loads on blades projected to the rotor, could in a simple and effective
way be modelled by Eq. (4.1). p,ir 1s air density. A,y¢or 1S area of
the rotor plane. C£¢">"°*" is a non-dimensional thrust coefficient
which could be given as a function with respect to speed of the

incident wind at the nacelle. U,.,; 1s relative wind speed at the nacelle
projected to the rotor plane. This practical approach is developed on
base of the actuator disc concept, as shown in Burton et al. (2011),
and used by time-domain computer codes, e.g. TDHMILL (Y'ttervik,
2009), to simulate the aerodynamic thrust force on the rotor.
However, this approach cannot be used to simulate structural
responses of the blades and variations in pitch angle of each blade
due to pitch actual control (Jonkman et al., 2009) and rotational
speed induced by difference between generator torque and
aerodynamic torque on the rotor. Aerodynamic loads on the rotor are,
in fact, resultants of aerodynamic pressure forces on the blades.
Local peaks corresponding to NP frequency are observed in spectral
densities of measured structural responses of prototype wind turbines,
see Figure 4.3. P is equal to w, ¢, Which is rotational speed of the
rotor. N is an integer and is related to number of blades. N, could be,
for example, 1, 2, 3, 4, or even a higher value. NP, for example,
means that the frequency of the local peak is N times w,y¢or. The
local peaks are excited by fluctuation of aerodynamic loads on the
blades as incident wind speed at a given position on the rotor plane
varies with respect to time and space while the blades rotate with
rotational speed w;otor . Resonant structural vibrations could be
excited by the fluctuation of the aerodynamic loads and result in
large fatigue damage on the vibrated structure if NP is close to
corresponding eigen frequencies of corresponding modes with
respect to the structural vibrations. However, this important effect
cannot be captured by the simplified approach shown in Eq. (4.1).
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Figure 4.3 Spectral densities of measured structural

responses of the WindFloat prototype (Roddier et al., 2017)

Time realizations of pressure and wind velocity vector of a given
point in a wind field, for which floating wind turbine is operating in
incident winds, could be obtained by using computational fluid
dynamics method to numerically generate and solve corresponding
Navier-Stokes equations (Matha et al, 2011). However,
computational cost of this approach is extremely high and quality of
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simulated result is very sensitive to quality of the generated
numerical model.

The state-of-the-art time-domain aerodynamic computer codes,
e.g. Aerodyn (Moriarty and Hansen, 2005), use the blade element
momentum theory with necessary engineering corrections and/or
generalized dynamic wave theory to simulate distributed
aerodynamic loads on rotor blades in a given wind field while effect
of configuration of the blades on the wind field is accounted for.
Note that, in addition to the blade element momentum theory which
is based on momentum analyses, vorticity-based methods can also be
used for study of wind turbine aerodynamics. More detailed
information for modelling of aerodynamic loads on the rotor blades
are referred to (Hansen, 2008) (Branlard, 2017), as the focus of this
chapter 1s on development of numerical time-domain approaches for
analyzing sectional loads in floating wind turbine hulls by solving
the challenges that are recognized as 1) how to accurately calculate
hydro loads on the hull and 2) how to effectively map the loads in the
finite element model.

4.1.5 Conventional time-domain approaches for modelling
hydrodynamic loads

A review of conventional time-domain approaches for modelling
hydrodynamic loads on floating wind turbine hulls and mooring lines
is available in (Paper Al). Features of some conventional time-
domain computer codes are tabulated in (Robertson et al., 2014).
Morison formula and/or the conventional hybrid frequency-time
domain approach (Paper Al) are used to model hydrodynamic loads
on the floating wind turbine hulls. Note that computational fluid
dynamic method is not considered to be practical due to its expensive
computation cost and tens of thousands of time-domain simulation
hours (IEC. 2005) (IEC. 2009) (Kvittem and Moan, 2015) as
required by ULS and FLS design checks for floating wind turbines.

The Morison’s formula is implemented in some cost effective
computer codes (Robertson et al., 2014) to model the hydrodynamic
loads. However, the Morison formula is an empirical formula. In
general, it is applicable on a slender structure when wave length is
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larger than five times diameter of the slender structure’s cross-
section (Faltinsen, 1990). Meanwhile, application of the Morison
formula means memory effects of the hydrodynamic loads are
neglected. In addition, additional pressure forces must be added to
account for hydrodynamic loads in axial directions of the columns
and pontoons (Robertson et al., 2014).

The computer codes which implement the conventional hybrid
frequency-time domain approach in combination with drag term of
Morison formula can accurately model the hydrodynamic loads on
offshore structures and is frequently used in the offshore oil and gas
industry but cannot capture sectional forces and moments in floating
wind turbine hulls since the hull is modelled as a rigid-body with 6
d.o.fss.

To solve this limitation, two time-domain approaches are
developed by the author. The developed approaches are extensions of
the conventional hybrid frequency-time domain approach. More
detailed information with respect to the conventional hybrid
frequency-time domain approach and developed approaches are
referred to Sections 4.2-4.5.

4.2 Conventional hybrid frequency-time domain
approach

4.2.1 Frequency-domain approaches for motion equations of a
genetic floater in waves

As aforementioned, for a generic floater oscillating in waves
with respect to its mean position, perturbation analysis with wave
amplitude as a small parameter, Bernoulli’s equation and velocity-
potential can be used to effectively model potential hydrodynamic
loads on hull of the floater. Consequently, if we assume that the
floater is a rigid-body, linear motion equations in a sinusoidal wave
in direction 3, see Figure 4.2, could be generated as shown in Eq.
(4.2). The terms in Eq. (4.2) are explained in Table 4.2. More details
with respect to the terms are referred to (Faltinsen, 1990).
—~M’Y(w,t) and —CTY(w, t) represent linearized inertial loads and
restoring loads of the floater, respectively, in the 0/ -x/-y/-zf
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coordinate system with respect to 0. Second and higher order terms
with respect to wave amplitude are not included in Eq. (4.2). While,

H' (w,B), Y(w,t), Y(w,t) and Y(w,t) are complex values. R{}
denotes the real part of the complex value inside the bracket.
R{(M” + 47 () ¥(w,1) + B (@)Y (0, ) + €Y (0, 1)}
= R{H" (w, )X e 10t} (4.2)
Table 4.2 Terms in linear motion equations of a generic floater in
a sinusoidal wave in direction 8

X, Oscillation amplitude of the sinusoidal wave
W Oscillation frequency of the sinusoidal wave

RH (w, HXTPe~0t)

A 6 X 1 vector representing first order wave excitation
loads on the floater

Y(w,t)

A 6 X1 vector representing the linear rigid-body
motions of the floater in 6 d.o.f.s with respect to its mean
position.

Y(w,t) is described in the O/ -x/ -y/ -2/ coordinate
system with respect to 07

Y(w,t)

First derivative of ¥ (w, t) with respect to time (t)

Y(w,t)

Second derivative of ¥ (w, t) with respect to time (t)

A’ (w) , B/ (w) , and
H (,)

Hydrodynamic coefficients that are known as added
mass coefficient matrix, potential damping coefficient
matrix and first order wave excitation load transfer
function, respectively

U

Linearized mass matrix

crf

Restoring coefficient matrix

Note

A’ (w), Bf (w), and H' (w, B) can be calculated by 1) solving the potential-flow
boundary value problem with assumption that the hull of the floater is a rigid-body in
the 0/ -x/-y/ -2/ coordinate system, 2) calculating pressure forces on the mean
wetted body surface of the hull based on the Bernoulli’s equation and corresponding
velocity potential, 3) integrating the pressure on the wetted body surface of the hull
using the coordinate system O/ -x/-y/-z/ to obtain the integrated forces and
moments acting on 0/, and 4) derive the hydrodynamic coefficients based on the
corresponding resultant forces and moments on the 0/ in the 0/ -x/ -y/ -2/

coordinate system.
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4.2.2 Cummins’s hybrid frequency-time domain approach for
motion equations of a generic floater in waves

Cummins (Naess and Moan 2013) initially used a hybrid
frequency-time domain approach to convert the motion equations
from frequency-domain, as shown by Eq. (4.2), to time-domain, as
shown by Eq. (4.3). Note that Eq. (4.3) does not include nonlinear

wave loads, i.e. drag force and second and higher order wave loads.
+ oo

(M + AT (w = ) y(t) + k(t — )y(t)dr + T y(t)

—00

= Rpotentialwa,,e (1) (4.3)

In Eq. (4.3), y(t), y(t), and y(t) are time realizations of the
position, velocity and acceleration of the floater in 6 d.o.f.s described
in the 07 -x/-y/ -2/ coordinate system. A/ (w = o) is the added
mass matrix corresponding to infinite frequency. The radiation effect
induced hydrodynamic loads, which are represented by

—R{(Af(a))) Y(w,t) + Bf (w)Y(w,t)} in Eq. (4.2), are converted

into — (4f (0 = 0)) () - [* k(t = 1)y()dr in Eq. (43).
fjoc: k(t —t)y(t)dt is a convolution term. k is known as
retardation or memory function and determined by A’ (w) or B/ (w)
(Naess and Moan, 2013). Ry,tential wave(t) — represents the

resultants of first order wave excitation loads on the floater and is
obtained by applying inverse Fourier transform  on

R{H (0, ))XT™ =@t} Note that the Ryotential wave (t) can also
be expressed by a convolution term as Rpotential wave(t) =
fjozo h/ (t — t)x(t)dr. x(t) is realization of incident wave elevation.

h/ is determined by H (o, B).

4.2.3 Conventional hybrid frequency-time domain approach for
modelling floating wind turbines in wind and waves

The Cummins equations are implemented in some widely used
time-domain computer codes to simulate global responses of a given
floater in wind, wave and currents, e.g. Simo (MARINTEK, 2011)
and Orcaflex (Robertson et al., 2014).
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The motion equations could be approximately be expressed by
Eq. (4.4) with the assumption that the floater is considered as a rigid-
body with 6 d.o.fs. Rg.q4(t) represents resultants of hydro drag
forces on the floater induced by viscous effects of hydro fluid and
could be modelled by the drag term of the Morison formula. Note
that, for a floater, the hydro drag forces induce a quadratic damping
effect which is shown mathematically in the Morison formula.
R, (t) represents other resultant forces and moments on the floater,
e.g. second and higher order wave excitation forces and moments,
wind drag forces and moments, wave drift damping, forces and
moments from the mooring lines and structures that are attached on
the floater, and other specified forces and moments. R 44 (t) and
R,,:(t) are dependent on states, e.g. motion, velocity and
acceleration, of the floater. Note that, in principle, the motion
equations could be generated and solved in an earth fixed coordinate
system, while kinetics of the floater, and inertial and environmental
loads on the floater could be appropriately modelled in appropriate
coordinate systems, but be, eventually, transferred to the earth fixed
coordinate system.

(Mf + A (w = oo)) ¥y + [ k(t —Dy@dr + Cy() =

Rpotentialwave (t) + Rdrag (t) + Rext(t) (4-4)
For modelling of a generic horizontal axis floating wind turbine,
the flow chart of a time-domain numerical model, which implements
the hybrid frequency-time domain approach and is developed in the
computer code Simo/Riflex/Aerodyn, is given in Figure 4.4 as an
example. The hull of the floating wind turbine is considered as a
rigid-body with 6 d.o.f.s, while the tower base and fairleads of the
mooring lines rigidly follow the motions of the hull. Six motion
equations that are composed of the resultant external loads, e.g.
viscous loads, gravity loads and hydro loads, on and inertial loads of
the hull are generated in Simo with necessary input, e.g. mass
properties of the hull, drag coefficients, hydrodynamic coefficients,
i.e. the added-mass coefficient matrices (A’ (w)), potential damping
coefficient matrices (B (w)) and first order wave excitation load

transfer function (Hf (w,B)), and specified forces, moments and
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restoring stiffness matrix. A finite element model, for which the
mooring lines, tower and RNA are modelled as bar and beam
elements and coupled to the motion equations of the hull are
generated and solved in Riflex (MARINTEK 2013) with necessary
input, e.g. relevant mass and structural properties and drag and added
mass coefficients. Aerodyn and a Java controller (Ormberg and
Bachynski, 2012) are coupled to Riflex through a dll file (Ormberg
and Bachynski, 2012) to account for the aerodynamic loads on the
RNA and tower, effect of pitch control on aerodynamic loads on the
three blades and effect of the generator inside the nacelle on the
power production and generator torque. More details are available in
the later part of this chapter and Bachynski (2014).

piE Bar and beam
SERC l ‘1;1 ents for [nertia Mass.
Input properties = “,‘ t’ “_‘.( P properties
for slender ads of the hull
. Drag and structures
Riflex .
added mass (e.g. mooring Drag
coefficients lines) Viscous coefficients
(Morison loads (Morison
formula) Six motion formula)
equations T
Input for Control L{i\ fioid Gravity Mass.
Java Patesioes body fir the LGRS p;o];lertlieil
controller im”) of the hu
and Wave excitation
Aerodyn ki W loads and
radiation loads

A beam Hyclro lpads
(Potential-
flow
theory)

(Hf(w' B)!

element
finite
element
model for the G Hydrostatic
RNA and loads
tower

Aerodynami
¢ coefficients

of the RNA
and tower

Wind field Numerical Numerical models in Simo

models in Riflex

Input for Simo

Figure 4.4 The flow chart of a time-domain numerical model
of a generic horizontal axis floating wind turbine developed in
Simo/Riflex/Aerodyn (the conventional approach)
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The conventional hybrid frequency-time domain approach is
considered as the state-of-the-art approach and has been used by
researchers, e.g. Bachynski (2014), (Nejad et al., 2015), Moan (2015),
(Bachynski et al., 2013), to analyze structural responses of the RNA,
tower and mooring lines and rigid-body motions of the hull of
floating wind turbines. However, to calculate structural responses of
the hull, we must develop a finite element model of the hull rather
than a rigid-body formulation; while, to map the loads in the finite
element model, we must develop accurate and effective time-domain
approach to model the loads on the hull as distributed loads rather
than three integrated forces and moments.

To solve this challenge, time-domain approaches for modelling
generic and specific floaters are developed by the author, see
Sections 4.3 and 4.4.

4.3 Development of a time-domain approach for generic
floaters

The developed approach for generic floaters is presented in this
section and Paper Al.

In general, numerical models in finite element codes are
developed in an earth fixed coordinate system, such as the global
coordinate system (09-x9-y9-z9) shown in Figure 4.5.

In the developed (proposed) time-domain approach for generic
floaters, the hull of floating structures is considered as an assemble
of d structural components. d is specified by designer. A beam
element finite element model, which includes d nodes (red colored in
Figure 4.5), can be developed in the global coordinate system to
represent the global stiffness of the structural components. Each node
has 6 d.o.f.s and corresponds to a structural component. The external
loads on and inertia loads of each structural component are
calculated, integrated and transferred to the node that corresponds to
the structural component in the finite element model. In particular,
hydrostatic and the hydrodynamic loads on each structural
component are obtained by integrating hydrostatic and

47



hydrodynamic pressure loads on wetted body surface of the
structural component. The pressure loads are normally calculated
based on a frequency-domain hydrodynamic code using a panel
method. Sectional forces and moments in structural components of
the hull can be obtained by carrying out a finite element analysis
using a time-domain code. Accurate sectional forces and moments
are given at the cross-sections corresponding to the red dashed lines,
see Figure 4.5. The number of the structural components and quality
of the finite element model of the hull affect the accuracy of the
sectional forces and moments. The beam element finite element
model of the hull should accurately represent the global stiffness of
the hull, in particular for static indeterminate structures.

A structural component (The hullis
composed of d structural components. d is ——4>
specified by designer )

The red colored nodes of the beam finite
element model represent the 6 d.o.fsof ——p
each structural component.

The resultants of the hydro loads on and
inertia loads of each structural component
are calculated and acting on the node that
corresponds to the structural component.

v

Global internal forces and moments in
the red dashed cross-sections are
calculated

s

nd

2
/

Beam finite element model (to represent the global
stiffness of each structural component)

Figure 4.5 Definition of a finite element model of the hull
The flow chart of a time-domain numerical model of a generic
horizontal axis floating wind turbine which implements the proposed
approach and is developed in the computer code
Simo/Riflex/Aerodyn is given in Figure 4.6. Comparing to Figure 4.4
(the conventional hybrid frequency-time domain approach), the
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proposed approach models the hull as a beam element finite element
model while detailed approaches for modeling the external on and
inertia loads of each structural component are referred to Paper Al.
The approaches are developed by extending the conventional
approaches used in the state-of-the-art computer codes. Therefore,
the proposed approach can be easily implemented in various state-of-
the-art computer codes to extend their capabilities. Note that
different coordinate systems, as shown in Section 4.1, are used to
describe the kinetics of the system and model each component of the
inertial and external loads on the hull.
The hull is modeled as a finite element model rather than one rigid-body

3\

Mass and Bar and beam Mass_
structural elements for A rigid-body properties
properties slender with 6 d.o.fs Inertia loads of the
structures for the structural .
Drag and (e.g. mooring structural component L

added mass lines) component 1
coefficients

Drag
)| coefficients
Viscous loads | (Morison
formula)

A beam -
clement finite A rigid-body
Input for Control element model with 6 d.o.f's
Java parameters for the hull for the
(Representing structural

Mass
properties

Gravity loads of the
structural

controller : component i
y the global component i Eistord
and stiffness of the c: i erd
strucutral fadiauon aiy
Aerodyn Java OmDotents) wave excitation Hpy i(w),
controller SOMPOTICNLS L 5adson the Ai(w) and
T structural Bi(w)
1‘\'/ A rigid-body :
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Relevant approaches are developed to modify the input for Simo, which is used to model the
external and inertial loads on each structural component.
Figure 4.6 The flow chart of a time-domain numerical model
of a generic horizontal axis floating wind turbine developed in
Simo/Riflex/Aerodyn (the developed approach)
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4.4 Development of a time-domain approach for specific
floaters

The specific floaters mentioned in this thesis are floaters for
which columns and pontoons of floater hulls are connected by
braces, e.g. the OC4 semi-submersible wind turbine and WindFloat,
see Figure 1.6. The braces of the specific floaters are considered as
critical structural components while global and local load effects on
the braces need to be analysed. Consequently, the author developed a
time-domain approach for simulating sectional forces and moments
in the braces. The developed approach is presented in this section
and Paper A4. Note that the developed approach can be used to
simulate responses of a generic floater as long as corresponding
hydrodynamic coefficients could be appropriately obtained, see more
discussions in Section 4.5, the future work mentioned in Chapter 7,
later part of the present section and Paper A4.

For the specific floaters, Morison formula could be sufficient to
model hydrodynamic loads on the braces since diameter of the braces
could be very small when compared to wave length of the incident
waves.

Each of the columns and pontoons, for which the braces are
attached on, could be treated as a structural component. In contrast to
the wetted body surfaces of structural components of the hull of a
generic floater illustrated in Section 4.3, e.g. Figure 4.5, wetted body
surface of each of the columns and pontoons, itself or with the still
water plane area, can be approximately considered as a closed
surface in boundary value problem for solving velocity potential and
hydro pressure forces on the wetted body surface, e.g. the OC4-semi.
This is because that area of interfaces between the columns and
braces is small when compared to area of wetted body surface of the
columns, and has negligible effects on value and distribution of the
corresponding velocity potential and hydro pressure forces on the
wetted body surface.

For such specific floaters, each of the columns and pontoons
could be modelled as a rigid-boy with 6 d.o.f.s,, while the braces are
modelled as beam elements attached on the columns. In another

50



word, the semi-submersible hull could be modelled as a multi-body
system connected by beam elements. Motion equations for the multi-
body system could be established as shown in Eq. (4.5) by extending
the Eq. (4.4). Dimensions of matrices and vectors in Eq. (4.4) are
6 X 6 and 6 X 1, respectively. The dimensions of these matrices and
vectors are extended to 6m X 6n and 6n X 1. n is number of the
rigid-bodies. For the OC4-semi submersible wind turbine, n is 4.
Expression of the Kgpxen is given in Eq. (4.6). kgye is 2 6 X 6
matrix. kg, is used to account for hydrodynamic loads on body u
due to memory effect of hydrodynamic loads and rigid-body motions
of body v. kg, can be calculated by A(w)gys or B(w)grs- A(W)exe
is added mass matrix of body u induced by motions of body v.
B(w)gy, is potential damping matrix of body u induced by motions
of body v. Ryotential,,qy. 6nx1(t) represents the resultants of first
order wave excitation loads on the structural components of the hull
and 1is obtained by applying inverse Fourier transform on
R{H g1 (0, PIX" e,

(M6nx6n + Agnxen(w = °°))5’6nx1(t)
+00
+ f Kenxen(t — T)Venx1(T)dT

+ ConxenYenx1(t)
= Rpotentialwaveﬁnxl(t) + Rdrag_6nx1(t)

+ Rext_onx1(t) (4.5)
LET KT
k= ke (4.6)

Hydrodynamic coefficients, e.g. A(w)gxs » B(w)gxs » and

Hg,1(w,B), used in Eq. (4.5), can be easily calculated by
commercial hydrodynamic codes, e.g. WAMIT, as long as the wetted
body surface of each of the columns and pontoons can be
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approximately considered as a closed surface or the wetted body
surface with the water plane area can be approximately considered as
a closed surface.

Sectional forces and moments in braces that are attached on the
columns and pontoons can be obtained by solving the motion
equations as shown in Eq. (4.5). More detailed description of the
developed approach and a case study, for which forces and moments
in braces of the OC4-semi in wind and waves are calculated and used
in ULS design check for the braces, are
referred to Paper A4.

4.5 Summary of assumptions and limitations of the
conventional hybrid frequency-time domain approach
and the developed approaches

The differences between the conventional hybrid frequency-time
domain approach and developed approaches are related to 1)
structural model of the hull and 2) numerical approaches for
modelling hydro-pressure forces on wetted body surface of the hull.
These differences are summarized and highlighted in Table 4.3 in
together with corresponding implemented assumptions of the
numerical approaches and their limitations.

The structural model of the hull in the conventional hybrid
frequency-domain approach is a rigid-boy with 6 d.o.f.s while, in the
proposed (developed) approaches for generic and specific floaters,
the hull is modelled as a multi-body system connected by beam
elements which are used to model flexibility of the hull.

The hydro-pressure forces on wetted body surface of the hull are
composed of viscous drag forces, which are modelled by using the
drag term of the Morison formula, and potential hydrodynamic loads
and hydrostatic pressure forces. Summaries of approaches for
modelling hydrostatic pressure forces and hydrodynamic loads are
given in Section 4.5.1 and Section 4.5.2, respectively.

Additional terms could be added in the motion equations or
expressions of the hydrodynamic loads on each structural
components mentioned by the conventional and proposed approaches
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to account for second and higher order hydro load effects. Method
for deriving the additional terms for the conventional approach is
referred to MARINTEK (2011), while method for modelling second
and higher order hydro loads on the structural components of the
proposed approaches needs to be developed in the future.

Accuracy of simulated motions given by the conventional
approach for offshore platforms has been widely accepted by
offshore oil and gas industry. Validations for the proposed approach
for generic floaters are presented in Chapter 5. The proposed
approach for specific floaters needs to be validated in the future.

4.5.1 Summary of approaches for modelling hydrostatic pressure
forces

According to the Bernoulli’s equation, hydrostatic pressure on a
given point on wetted body surface of the hull could be expressed as
—pgz. p is density of the hydro fluid. g is gravity acceleration. z is
vertical position of the point in an earth fixed coordinate system. The
hydrostatic pressure on the point fluctuates when the hull oscillating
around its mean position.

The author derived a generic expression for the resultant forces
and moments of the hydrostatic pressure forces on the outer surface
and the atmospheric pressure forces on the inner surface of the
structural component i when the structural component is located at
its instantaneous position described by
nt(t) = [ni,n5, 15 15, nt,nE]7 in an earth fixed coordinate system.
The resultant forces and moments are denoted as Rj ;(t). By
neglecting the second order and higher order terms with respect to
wave elevation, the expression of the Ry ;(t) is given by Eq. (4.7).

Ry ;(t) =F + (1) = C;in'(t) (4.7)

F.;1s a6 X 1 vector. C; is a 6 X 6 matrix with real coefficients.
The expressions of F; and C;n'(t) are referred to Paper Al. Eq.
(4.7) could be used by the conventional hybrid frequency-time
domain approach except that the hydrostatic pressure forces on the
wetted body surface of the hull, instead of the wetted body surface of
the structural component i, are integrated.
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We use the origin of a body-fixed coordinate system to represent
rigid-body motions of a hull. As shown in Figure 4.1, when the hull
is located at its mean position, the origin of the body-fixed
coordinate system is located at center of water plane area, while the
body-fixed coordinate system is coincident to the global coordinate
system and the 0/ -x/-y/-zf coordinate system. The instantaneous
position of the body-fixed coordinate system is described by
n(t) = [71,M2, M3, M4, N5, M) T . The resultant of hydrostatic pressure
forces on the hull is denoted as R}.(t). Note that R}.(t) is acting on
origin of a body-related coordinate system, which corresponds to the
body-fixed coordinate system as shown in Figure 4.1, and described
in the body-related coordinate system. By using Eq. (4.7), an
analytical expression of R}.(t) can be easily derived due to the fact
that the wetted body surface of the hull and the water plane area form
a closed surface, see Eq. (4.8).

R.(t) = F. + (=1) » Cn(t) (4.8)

mean

We assume that the buoyancy of the hull is pgV,;;s“", pointing
upward and acting on (x5,y5,z5) in the body-fixed coordinate
system, when the hull is at its mean position. V;[s*" is volume of
displaced water. Then,
F.=10,0, pgViiean ybpgymean —xbpgyviied® 0] and C is
expressed by Eq. (4.9). In Eq. (4.9), A]**?™ is mean water plane area.

xbxp and L0yt are second moment of water plane area with

respect to the axes of x5 and y2, respectively.

c
00 0 8 8 8
0 0 pgAng‘e“" 0 0 0
=lo o 0 pgImean + pgVeanzh 0 —pgVais it xg
00 0 0 PILyE + pgViis ™ zy  —pgymeanyb
0 0 0 0 0 0

Eq. (4.8) can be used by the proposed approach for specific
floaters since, in this approach, wetted body surface of each
structural component is approximately considered as a closed
surface. However, Eq. (4.8) cannot be used in the proposed approach
for generic floaters.
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4.5.2 Summary of approaches for modelling hydrodynamic
pressure forces

In the conventional approach, hydrodynamic pressure forces on
wetted body surface of a hull are integrated and represented by three
resultant forces and moments which are expressed in form of the
convolution terms as shown in Eq. (4.4) and are determined by
hydrodynamic coefficients A/ (w), B/ (w) and H (w,B) . These

coefficients are derived from resultant of corresponding
hydrodynamic pressure forces on mean wetted body surface of the
hull.

In the proposed approaches, hydrodynamic pressure forces on
wetted body surface of each structural component of the hull are
integrated and represented by three resultant forces and moments
which are expressed in form of the convolution terms as shown in
Eq. (4.10) and Eq. (4.5), respectively, and are determined by
hydrodynamic coefficients Hy, ;(w,f), A;(w) and B;(w), and

Hgpyq (w, ﬂ)a Agnxen and By, gn, respectively.

+00
Lgxternal,i = Rpotential_wave_i (t) — f ki(t - T)UL(T)dT

— AP (D) (4.10)

Note that, in the proposed approach for generic floaters, the
resultants of the first order radiation and wave excitation loads on the
structural component i are represented by LYy ernari» Se€ Eq. (4.10).
L. ternar; i described in a body-related coordinate system of the
structural component i and acting on the origin of the coordinate
system. 17'(t) and 1'(t) represent velocity and acceleration of the
structural component i . Rpotential wave i(t) , k; , and A° are
determined by the hydrodynamic coefficients, i.e. Hg,, ;(w,B),
A;(w) and B;(w).

wa_i (w,B), A;(w) and B;(w), and H6nx1(w:ﬂ): Agnxen and
Bgnxen are derived from resultant of corresponding hydrodynamic

pressure forces on mean wetted body surface of each structural
component.
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The hydrodynamic pressure forces are given by the Bernoulli’s
equation on base of corresponding velocity potential which is
obtained by solving the corresponding boundary value problem. In
the conventional approach and the proposed approach for generic
floaters, the corresponding boundary value problems are generated
and solved by considering the hull as a rigid-body. This means that,
in the proposed approach for generic floaters, the kinematics of
different structural components is constrained by the rigid-body
assumption. Consequently, although the hydrodynamic interaction
effects between the structural components are included in the
hydrodynamic loads on each structural component, the proposed
approach for generic floaters may not be able to well model the
hydroelasticity effect. Therefore, it is not recommended to be applied
on floating structures with relatively large flexibility, for which
hydroelasticity effect can be important.

In contrast, in the proposed approach for specified floaters, the
corresponding boundary value problem is generated and solved by
considering the hull as a multi-body system for which each of the
structural components of the hull is considered as an independent
rigid-body with 6 d.o.f.s. This means the boundary value problems,
for which one structural component is oscillating about its mean
position while the rest structural components are fixed at their mean
position, are generated and solved. Consequently, both of the
hydrodynamic interaction effects between the structural components,
and linear component of interaction effects between structural
vibration of the hull and the structural vibration induced
hydrodynamic loads are accounted for in the proposed approach for
specific floaters. To solve the boundary value problems by using the
state-of-the-art commercial hydrodynamic codes, e.g. WAMIT, the
wetted body surface of each structural component must be a closed
surface or the wetted body surface and the water plane must form a
closed surface. However, this requirement cannot be satisfied by a
generic floater. This limitation of the commercial hydrodynamic
codes limits application of this approach.
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Table 4.3 Summary of differences, assumptions and
limitations of the conventional and proposed time-domain

numerical modelling approaches

The conventional | The proposed | The proposed
hybrid frequency- | approach for | approach for
time domain | generic floaters specific floaters
approach for (Analysis for
generic floaters responses of
braces)
Structural model | A rigid-body with | Multi-bodies Each  of  the
of the hull 6 d.o.fis attached on a beam | columns and
element finite | pontoons is
element  model. | modelled as a
Each body has 6 | rigid-body with 6
d.o.f:s d.o.f.s while the
attached  braces
are modelled by
beam elements
Viscous drag Drag term of the Morison formula
forces
Hydrostatic Eq. (4.7) or Eq. Eq. (4.7) Eq. (4.7) or Eq.
pressure forces (4.8) (4.8)
hydrodynamic Three  resultant | Three resultant | Three  resultant
loads (based on | forces and | forces and | forces and
potential flow | moments on the | moments on each | moments on each
theory) hull which are | structural structural

expressed by the
convolution terms
as shown in Eq.

(4.4).. The
convolution terms
are related to
hydrodynamic
coefficients

A’ (w) , B/ (w)
and H' (w,B)

component which
are expressed by
the convolution
terms as shown in
Eq. (4.10). The
convolution terms
are related to
hydrodynamic
coefficients

H fw_i (w' .3 ) 5
A;(w) and B;(w)

component which
are expressed by

the  convolution
terms as shown in
Eq. (4.5). The
convolution terms
are related to
hydrodynamic
coefficients

Hgp i (w,B) )
A6n><6n and
Bgnxen

57




Table 4.3 continuing

Boundary  value | The boundary value problems are | The boundary
problem generated and solved by considering the | value  problems
hull as a rigid-body. are generated and
solved by
considering  the
hull as a multi-

body system.

Limitations Structural Flexibility effects | The wetted body
responses of the | of the hull on the | surface of each
hull cannot be | hydro loads are not | structural
captured by the | accounted for. The | component is
structural model | approach may not | required to be a
of the hull except | be able to well | closed surface or
for the rigid-body | model the | the wetted body
motions in 6 | hydroelasticity surface and the
d.o.f:s effect. water plane are

required to form a
closed surface by
state-of-the-art
commercial
hydrodynamic
codes for
generating and
solving the
boundary  value
problem.

Notes Additional terms | The hydrodynamic interaction effects
could be added in | between the structural components are
the motion | included in the hydrodynamic loads on
equations to | each structural component.
account for second | Method for modelling second and higher
and higher order | order hydro loads on the structural
hydro load effect. | components of the proposed approaches

needs to be developed in future

Validations Accuracy of | The approach has | The approach
simulated motions | been validated, see | need to be
of offshore | Chapter 5. validated in future
platforms has been
widely  accepted
by offshore oil and

gas industry
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Chapter 5

Numerical and experimental
verification and validation
for the developed numerical
approach

Several numerical models which implements the proposed
approach for generic floaters as presented in Chapter 4 have been
generated to analyze global responses, e.g. rigid-body motions and
sectional forces and moments, of the 5-MW-CSC, which has a
braceless and static determinate hull and been presented in Chapter 3.
To verify and validate the proposed approach, the simulated
responses of the numerical models are compared to simulations of
the other reference numerical models and measurements of
experimental tests, in a systematical way and step by step. An
introduction for the procedure, results, analysis and limitations with
respect to the verification and validation is presented in this chapter.
Detailed information is referred to Papers A1, A2 and A3. Note that
validation for the proposed approach for specific floaters is not
included in this thesis but is proposed as future work.

5.1 Summary of reasons for verifying and validating the
developed approach for generic floaters

The proposed approach for generic floaters is an extension of the
conventional hybrid frequency-time domain approach which has

been widely used by offshore oil and gas industry to simulate rigid-
body motions and mooring line tensions of offshore platforms in
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waves, see Eq. (4.4). Although accuracy of simulated rigid-body
motions by using the conventional hybrid frequency-time domain
approach has been accepted by offshore oil and gas industry, still,
there is a need to validate the proposed approach. The reasons are
highlighted as follows:

Accuracy of the rigid-body motions is an indicator of
resultant hydro loads on the hull. However, situation of
sectional forces and moments in the hull could be more
complicated. For instance, the cross-section 6, as shown in
Figure 3.2 divided the hull into two parts. We denote the part
without the tower as Part A. The sectional forces and
moments (R® (t)), and inertial and external loads of the Part

A (denoted as R' (t) and RC (t) respectively) are in
equilibrium as the hull is a static determinate structure. This
means accuracy of the sectional forces and moments is
actually affected by accuracy of local inertial and external
loads. Consequently, accuracy of distributions of the
simulated inertial and external loads on the hull is important
to the accuracy of the simulated sectional forces and
moments, and need to be appropriately validated.

The resultant of hydro loads on the hull may be dominated
by first order potential loads. However, second and higher
order hydro load effect may be considerable for sectional
forces and moments in some locations of the hull. To
quantify this effect, comparisons between numerical
simulations and experimental measurements are needed.

The R (¢t) and R® (¢t) could be out of phase and result in a
cancellation effect on R® (t) which means that, in some
situations, R® (t) could be a small part when compare to
either R® (t) or R® (t). Consequently, RS (t) may be more
sensitive to relative differences between simulations and
corresponding reference values of R' (t) and R® (t) ,
respectively.

Due to limited profit margin, an over conservative structural
design of the hull is not preferred by offshore wind industry.
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Therefore, the structural design of floating wind turbines
may be more sensitive to accuracy of relevant numerical
approaches. Consequently, uncertainties of the numerical
approaches need to be appropriately quantified.

5.2 Verification procedure (comparisons in numerical
simulations)

The procedure of the verification discussed in this chapter and
relevant numerical models are shown in Figures 5.1 and 5.2. Detailed
information is referred to Paper Al.

Three comparisons, i.e. Comparison A, Comparison B and
Comparison C, have been carried out to verify the proposed
approach step by step on base of numerical simulations given by five
numerical models. These numerical models and the comparisons are
briefly explained below and illustrated in Figure 5.1 and Figure 5.2,
respectively.

Computer Numerical
code model
Simo/Riflex TDM-2B-L

The proposed
approach

Reference = Ol:n?jl.‘ltt‘l' Numerical Numerical
wind turbine SO model model

Simo/Riflex/ = ;
5-MW-CSC TDM-2B-N TDM-29B-N
Aecrodyn

Numerical

model The clunt\"c_nlllunul
TDM-1B-C ﬁ'cql:;n:;-"-l ime
(reference domain approach

model

5 Numerical T atarian
Computer The standard

code
WADAM

model procedure used

FDM in the offshore
(reference oil and gas

model) industry

Figure 5.1 Numerical models developed in the verification
procedure
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Numerical
model
TDM-2B-L

accounting
the influence of

Numerical
model
TDM-2B-N

Accuracy of the
proposed approach for
predicting responses
of the RNA, tower
and mooring lines

the ISA
Numerical
model
TDM-1B-C
(reference
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Accuracy of the
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predicting motion
response of the hull

Numerical
model
FDM
(reference
model)

Comparison A

Comparison B

\ Accuracy of the
proposed approach for
modeling the hydro

loads on the structural
components of the hull

Numerical
model
TDM-29B-N

The proposed
approach can be
applied to generic
floating wind

It is not

ssary to be
limited to two rigid-
bodies for the hull.

Accuracy of the
proposed approach for

Numerical

predicting the global
forces and moments in
the hull

Comparison C

Figure 5.2 Verification procedure

5.2.1 Numerical models used in the verification

FDM is a frequency-domain model of the 5-MW-CSC developed
in WADAM to calculate wave induced sectional forces and moments
by implementing a standard procedure used in the offshore oil and
gas industry (DNV, 2013b). A summary of the features of the time-
domain models is available in Table 5.1. More details are referred to
Paper Al.

Among the time-domain numerical models, see Table 5.1, it is
expected that the TDM-2B-N can calculate sectional forces and
moments in the cross-section as shown by the dashed line in Figure
3.2 while the time-domain model TDM-29B-N can calculate the
sectional forces and moments in the same cross-section and the other
twenty-seven cross-sections.
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Table 5.1 Summary of the features of the time-domain models
developed in the verification procedure

Mass and TDM-2B-L TDM-1B-C TDM-2B-N/ TDM-29B-N
structural | (Time-domain model, two rigid | (Time-domain model, One (Time-domain model, two/twenty
models bodies for the hull, linear rigid bodies for the hull, nine rigid bodies for the hull,
model) conventional approach) developed approach)
The floating wind turbine is | The hull is modeled as one | The hull is discretized as two rigid-
The hull divided into two parts: “Part A” | rigid-body with 6 d.o.fis. | bodies: “Bodyl” and “Body2” /
and “Part B”. The two parts are | Integrated mass. twenty-nine  rigid-bodies. Each
modeled as two rigid-bodies. rigid-body has 6 d.o.f.s. The two
Each rigid-body has 6 d.o.fs. rigid-bodies are connected by three
The two rigid-bodies are artificial beam elements / The
connected by three artificial twenty-nine  rigid-bodies  are
beam elements. Integrated mass connected by beam elements.
(corresponding to each rigid- Integrated mass (corresponding to
body). each rigid-body)
Nacelle Rigid-bodies with integrated | Mass point attached to
mass (Included in the rigid-body | tower top Identical to TDM-1B-C
hub for the “Part B”). Mass point attached to shaft
Tower Flexible bodies
Blades Beam elements
Shaft Distributed mass
Mooring The finite element model of the
lines mooring lines is not developed.
External TDM-2B-L TDM-1B-C TDM-2B-N/ TDM-29B-N
load
model
1) Gravity loads 1) Gravity loads 1) Gravity loads
2) Extended hybrid frequency- | 2) Conventional hybrid | 2) Extended hybrid frequency-time
The hull time domain approach frequency-time domain | domain approach
3)Hydrostatic pressure force approach 3) Viscous force (Drag term of the
4) Rayleigh damping (the part | 3) Viscous force (Drag term | Morison formula. The drag
that is proportional to the | ofthe Morison formula) coefficients are identical to TDM-
structural stiffness) 4)  Hydrostatic pressure | 1B-C)
5) Linearized restoring forces | force 4) Hydrostatic pressure force
and moments provided by the 5) Rayleigh damping (the part that
mooring lines. is proportional to the structural
stiffness)
Nacelle 1) Gravity loads
hub 1) Gravity loads 2) Rayleigh damping (the
Tower part that is proportional to | Identical to TDM-1B-C
the structural stiffness)
Blades 1) Gravity loads
2)  Aerodynamic loads
(Aerodyn)
3) Rayleigh damping (the
part that is proportional to
the structural stiffness)
Shaft 1)Generator torque
Mooring None 1) Gravity and Buoyancy
lines loads

2) Morison formula
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Table 5.1 continuing

Note

TDM-2B-L is a time-domain model of the 5-MW-CSC developed in Simo/Riflex. The proposed approach
is implemented to calculate wave induced sectional forces and moments in the cross-section as shown by
the dashed line in Figure 3.2. Aerodynamic loads are not available in the TDM-2B-L.

TDM-1B-C is a time-domain model developed in Simo/Riflex/Aerodyn. Aerodynamic loads on the RNA
and tower are appropriately accounted for in the TDM-1B-C, while the conventional hybrid frequency-
time domain approach is implemented to model the hydro loads on the semi-submersible hull. The
modeling approach implemented in the TDM-1B-C is considered as the state-of-the-art approach that has
been used by researchers to analyze responses of floating wind turbines in wind and waves except for the
sectional forces and moments in the hull since the approach models the hull as one rigid-body with 6
d.ofs.

TDM-2B-N is an extension of the TDM-1B-C. The proposed approach is implemented to calculate
sectional forces and moments in the hull (in the cross-section as shown by the dashed line in Figure 3.2).
The TDM-1B-C and TDM-2B-N are identical except for the finite element model of the hull and method
for modeling the external and inertial loads on the hull.

TDM-29B-N is an extension of the TDM-2B-N. The TDM-2B-N includes two rigid-bodies for the hull,
while, the TDM-29B-N includes twenty-nine rigid-bodies for the hull, see Figure 5.3. The TDM-29B-N
model is developed and compared to the TDM-2B-N model in order to show that the proposed method can
be generalized to a model consisting of any number of structural components. From the practical use point
of review, it is convenient to use the TDM-29B-N model to obtain the dynamic responses at any critical
position of the hull by just one time-domain model. While, using the TDM-2B-N approach, many different
numerical models need to be built and analyzed.

Connected to
tower base
g ,f
x9 xf
l ﬂ Still water plane

End node
End node

of beam
of beam

element
element

S
Position of the red ICP_S1
SP3_2 dashed cross-section
Reference node shown in Figure 4
for ICP_S3

Figure 5.3 The finite element model of the hull with twenty-nine

bodies




5.2.2 Objectives and expectations of Comparison A, Comparison B
and Comparison C

Accuracy of the calculated responses is related to two modeling
issues: 1) whether or not the computer codes can accurately calculate
the wind and waves induced external and inertial loads on the
floating wind turbines and map the loads to the generated finite
element models of the floating wind turbines; and 2) whether or not
the finite element models generated in the computer codes can
accurately represent the global stiffness of the floating wind turbines
and calculate the structural responses for given loads. These two
features are coupled.

The hull of the 5-MW-CSC is a static determinate structure. For
a static determinate structure, in general, the accuracy of the
responses in the structure is purely determined by accuracy of
external loads acting on the structural components. In linear theory,
hydrodynamic and hydrostatic loads on structural components of the
hull are determined by two issues. We denote these issues as ISA and
ISB, respectively.

e ISA: Configuration and shape of mean wetted body surfaces

of the structural components.

e ISB: Motion responses of the structural components.

The accuracy of the sectional forces and moments in the hull
calculated by the TDM-2B-N is indicated by the results of
Comparison A and Comparison B. Comparison A focuses on
verifying that the influence of the ISA on the hydro loads on the
structural components can be accurately modeled in finite element
codes which implement the proposed approach. Comparison B
focuses on verifying that finite element codes which implement the
proposed approach can accurately predict motion responses of the
structural components and responses of the RNA, tower and mooring
lines of the reference semi-submersible wind turbine in wind and
waves. Comparison C is carried out, to some extent, to address that
the proposed approach can be applied to generic floating wind
turbines, for which the hull may need to be modeled by any number
of structural components. The proposed approach is not necessarily
limited to two rigid-bodies for the hull. Due to the limitation of the
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proposed approach, we do not account for the hydroelasticity effect
in the comparisons discussed in the present paper.

More explanations with respect to the comparisons and
numerical models used in the comparisons are given as follows:

In Comparison A, the FDM is used as a reference model for the
transfer functions of wave to sectional forces and moments in the
hull. While the transfer functions can also be derived from structural
responses of the hull calculated by carrying out regular and/or
irregular wave analysis in time-domain numerical models that
implement the proposed approach, e.g. TDM-2B-L, TDM-2B-N and
TDM-29B-N. The FDM is a linear system and does not account for
non-linear effects on the sectional forces and moments, while TDM-
2B-L is developed to be, as much as possible, a linear system and
equivalent to the FDM. The agreement in the transfer functions
calculated in the FDM and TDM-2B-L is expected to be good if the
proposed approach accurately models the hydro pressure forces on
the structural components of the hull and maps the forces on the
finite element model of the hull.

TDM-2B-L.  models the 5-MW-CSC as two structural
components connected by three artificial beam elements.
Aerodynamic loads are not accounted for in the TDM-2B-L. In
contrast, aerodynamic loads are accounted for in the TDM-2B-N
while the TDM-2B-N models the hull of the 5-MW-CSC as two
structural components connected by three artificial beam elements
and the mooring lines, tower and blades as beam elements. The mean
wetted body surfaces of the two structural components of the TDM-
2B-L are identical to the mean wetted body surfaces of the two
structural components of the TDM-2B-N correspondingly and
respectively. Consequently, if the influence of the ISA on the hydro
loads on the structural components can be accurately modeled in the
TDM-2B-L, the influence can be accurately modeled in the TDM-
2B-N as well.

The motions of the hull and responses of the RNA, tower and
mooring lines predicted by the TDM-2B-N and TDM-1B-C are
compared in Comparison B. TDM-1B-C is used as a reference model
except for the sectional forces and moments in the hull. TDM-1B-C
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and TDM-2B-N are identical except for the finite element model of
the hull and method for modeling the external and inertial loads on
the hull. Therefore, agreement in the compared responses is expected
to be good.

Since the hull of the 5-MW-CSC is a static determinate structure,
it is expected that the global structural stiffness of the hull does not
affect the sectional forces and moments in the structural components
of the hull except for the inertia loads and hydro loads induced by the
flexible modes of the hull. The global structural stiffness of the hull
is determined by properties of the equivalent cross-sections of the
pontoons and columns and material properties, e.g. Young’s modulus
and modulus of rigidity. In Comparison C, artificial material
properties are implemented to make the global structural stiffness of
the hull of the TDM-29B-N to be of the same magnitude as the one
of the TDM-2B-N. Consequently, the sectional forces and moments
calculated by the TDM-2B-N and TDM-29B-N are expected to be
identical.

5.3 Validation procedure (comparisons between
numerical simulations and experimental measurements)

In the validation procedure, comparisons between numerical
simulations and experimental measurements, i.e. Comparison D and
Comparison E, see Figure 5.4. Detailed information is referred to
Papers A2 and A3.
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Figure 5.4 Validation procedure

5.3.1 Limitations of current model tests and uncertainties of
measured data

Global responses of floating wind turbines in wind and waves
can be measured (and analyzed) by carrying out model tests.
Limitations of the model tests and uncertainties of the measured data
must be aware when measured data is used to validate numerical
codes.

Conventional model tests for measuring wave induced responses
of a floating unit are designed to satisfy geometrical and kinematic
similarities and equality according to Froude number ensure
similarity between inertia and gravity forces of experimental and
actual models. However, similarity between inertia and viscous
forces of the models cannot be achieved since, in practice, equality in
Reynolds number cannot be satisfied at the same time. Different
Reynolds number may indicate different patterns of fluid flows
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around the experimental and actual models. Necessary corrections
are needed if the measurements are sensitive to the viscous forces.
Due to the same reason, similarity between inertia and aerodynamic
loads on the RNA, which are important to responses of floating wind
turbines, cannot be achieved either, see (Goupee et al., 2012b)
(Goupee et al., 2012a) (Koo et al., 2012). To solve this problem,
various forms of “non-geometrical scaling” of the wind turbine rotor
have been developed to improve the aerodynamic load modeling in
wind-wave model tests. For example, one form of non-geometrical
scaling is to replace the wind turbine rotor with a drag disk, e.g.
(Roddier et al., 2010) (Wan et al.,, 2015). A more sophisticated
method of non-geometrical scaling is to modify the wind turbine
airfoil shape and chord length to obtain improved performance at low
Reynolds numbers (Kimball et al.,, 2014) (Fowler et al., 2013)
(Bottasso et al., 2014) (Fernandes et al., 2014). These non-
geometrical scaled wind turbines can be designed to achieve the
same non-dimensional thrust coefficient as the reference full scale
wind turbine in a specified steady condition (calm water, constant
wind speed, and fixed rotational speed and pitch angle of blades).
Therefore, the “non-geometrical scaled” wind turbines can be used to
physically analyze static response of the experimental model of
floating wind turbines in steady conditions. However, it is still a
challenge, which has not been solved yet, to make a performance-
matched wind turbine model, which means to use the non-
geometrical scaled wind turbines in model tests to accurately mimic
Froude scaled actual aerodynamic loads on the rotor of the
corresponding full scale reference wind turbine in dynamic
conditions (turbulent winds, and/or regular or irregular waves, and/or
with or without controller for blade pitch angle and rotational speed).
This is because it is a challenge to design a non-geometrical scaled
wind turbine for which the non-dimensional thrust coefficient is
always identical to the corresponding coefficient of the reference full
scale wind turbine in an arbitrary steady condition. As shown in
(Kimball et al., 2014), the non-dimensional thrust coefficient versus
tip speed ratio curves of the non-geometrical scaled wind turbines
can be very sensitive to wind speed (the Reynolds number). It is also
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a challenge to generate and/or measure constant and turbulent wind
fields in a classical towing tank or ocean basin (Helder and Pietersma,
2013) as well. Implementation of real-time hybrid model testing
approach, e.g. ReaTHM® (Sauder et al., 2016), and (Hall et al, 2017),
is a recent development for accurate modelling the actual
aerodynamic loads in ocean basin. ReaTHM® relies on assumption
that actual aerodynamic loads on the full scaled reference wind
turbine can be captured by state-of-the-art aecrodynamic computer
codes, e.g. Aerodyn. A numerical finite element model for the RNA
and control system of the full scale reference wind turbine and
numerical model of wind field are generated in a computer code
which implements the state-of-the-art aecrodynamic computer code to
calculate aerodynamic loads on the RNA in the wind field. The
resultants of the calculated aerodynamic loads are down scaled
(based on Froude scale) and physically applied on a Froude scaled
model of the floating wind turbine, while in the computer code the
hub of the RNA rigidly follows measured rigid-body motions, which
has been up scaled (based on Froude scale), of the experimental
model.

5.3.2 Experimental approach and measured data used in the
validation

Rigid-body motions and sectional forces and moments in tower
base and base of a side column of a 1:30 scaled model of the 5-MW-
CSC in several wave-only and wind-wave conditions were measured
by SINTEF Ocean in its ocean basin (Bachynski et al., 2016) by
using the ReaTHM® testing approach. The ReaTHM® can
appropriately address effects of the control system on aerodynamic
loads while actual loaded forces can be measured in a straight-
forward manner. A detailed description of the approach and its
feasibility is available in (Sauder et al., 2016) and Chabaud (2016).
The measurements are used in Comparison D and Comparison E.
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5.3.3 Comparisons of simulated and measured responses in
moderate waves

Comparison D focuses on comparisons of the responses of the
semi-submersible wind turbine in moderate waves with less non-
linear effects for which frequency-domain commercial computer
codes, e.g. WAMIT, WADAM, can be used as a reference model. A
frequency-domain model is developed in WADAM. While a time-
domain model is developed in Simo/Riflex by using the proposed
approach. Wave-induced transfer functions for rigid-body motions
and fore-aft and side-to-side bending moments in base of the side
column derived from time-domain and frequency-domain
simulations and measurements are compared. The developed time-
domain model is expected to give the same results as the commercial
computer codes, while the time-domain model can be further used to
analyze the sectional forces and moments in the hull in combined
wind and wave loads in a straightforward manner but the frequency-
domain codes cannot.

5.3.4 Comparisons of simulated and measured responses in
operational conditions (in wind and waves)

Comparison E focuses on comparisons of the responses of the
semi-submersible wind turbine in operational conditions (in wind
and waves).

In previous, comparisons of simulated and measured responses
of floating wind turbines have been analyzed by some researchers,
e.g. Wendt et al., (2017). Geometrical scaled or non-geometrical
scaled wind turbine, which cannot correctly mimic the Froude scaled
aerodynamic loads on the corresponding full scale reference wind
turbine in dynamic condition, are used in the model tests mentioned
by the researchers in their publications, while these model tests are
not designed for capturing sectional forces and moments in hull of
floating wind turbines. For each model test, the wind turbine of the
experimental model is modelled in its corresponding numerical
model to simulate aerodynamic loads on the wind turbine while
numerical wind field is generated based on measured wind speed at
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one specified fixed position in the model test. Consequently, the
differences between the measurements and simulations are due to the
differences between 1) the numerical wind field and actual wind field
in the model test, 2) performance of the numerical and experimental
models of the wind turbine and 3) mass properties of the numerical
and experimental models and 4) hydro loads on the hull of the
numerical and experimental models. These differences are mixed and
make it be difficult to analyze the reasons for the differences
between the measurements and simulations in quantity. To avoid this
difficult situation, the aerodynamic loads which are actually loaded
on the 1:30 scaled model analyzed in Comparison E are measured
and loaded on its corresponding numerical model to ensure identical
aerodynamic loads. Consequently, differences in simulated and
measured responses only indicate differences in simulated and actual
hydro loads on the hull, and differences in modeled and actual mass
properties of the semi-submersible wind turbine.

The differences in the mass properties can be reduced to a
negligible level by carrying out quality control and calibrations. Note
that the “model-the-model” principle, which means to simulate the
actual model tests as closely as possible (Ormberg et al., 2003), is
used in development of the frequency-domain and time-domain
numerical models used in Comparison D and Comparison E.
Rational calibration procedures are referred to Paper A2 and Paper
A3.

To analyze the differences between measurements and
simulations, effects of components that may affect the rigid-body
motions and sectional bending moments are analyzed in quantity.
The results and conclusion of this analysis is summarized in Chapter
6. Detailed information is referred to Paper A3.

5.4 Summary of key results and conclusions with respect
to the verification and validation

5.4.1 Comparison of TDM-2B-L and FDM (Comparison A)

As shown in Figure 5.2, objective of Comparison A is to validate
the accuracy of the proposed approach for accounting for the
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influence of the ISA issue by comparing transfer functions given by
the FDM, which is a frequency-domain model and is considered as a
reference model, and transfer functions that are derived from
simulated realizations which are obtained by carrying out irregular
wave analysis or regular wave analysis by using the TDM-2B-L.
Regular wave analysis can directly give the moduli and phase
angles of the transfer functions; however, the phase angles are very
sensitive to numerical issues. Alternatively, wave induced transfer
function (Hyy(w)), which is composed of the response amplitude
operator (RAQO), which is also known as transfer function modulus,
and phase angle (a), can be derived from realizations of the incident
waves (input, denoted as x) and corresponding responses (output,
denoted as y), as shown in Eq. (5.1) and Eq. (5.2). Gyy, and Gy, are
one-side spectra that are derived from the corresponding cross-
correlation and autocorrelation with respect to the realizations of x
and y, respectively (Bendat, 2010). H,,, (w) is a complex number.

Real and imaginary parts are denoted as Re and Im, respectively.

Hyy(w) = ?;i—gwwi = Re + ilm (5.1)

RAO = +/Re? + Im? (5.2)

Note that transfer functions of wave induced axial and shear
stresses are determined by transfer functions of wave induced
sectional forces and moments, as shown by Eq. (3.1) and Eq. (3.2).

Good agreement in transfer function moduli for wave induced
axial and shear stresses given by two models indicates that
agreement in transfer function moduli and phase angle of wave
induced sectional forces and moments given by these models is good.
Therefore, we focus on comparing the transfer function moduli for
wave induced sectional forces and moments, and axial and shear
stresses.

The relative difference (Rp) in the obtained transfer function is
employed to show the difference in two groups of data, see Eq. (5.3).
Ry, 1s used to address the relative difference with respect to
corresponding maximum value in entire wave frequency range (from
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0.35 rad/s to 2 rad/s). For
example, e(w) = {e(wq), e(wy), ...e(w;), ...} and flw) =
{f(wq), f(wy), ... f(w;), ...} represent transfer function moduli for
wave induced axial force. e(w) and f(w) are calculated by carrying
out irregular wave analysis and regular wave analysis, respectively.
w; 1s a given frequency.

R, (w;) = €(@) — f(wi)l/max{e(oo), o)) X 100%  (53)

We find that, as expected, agreement in transfer function moduli
obtained by carrying out regular and irregular wave analysis in the
TDM-2B-L is good. The largest R;, for the transfer function moduli
for axial and shear stresses is less than 6%. For most of the transfer
function moduli, R, is less than 3%.

Wave induced axial and shear stress transfer function moduli
given by the FDM and TDM-2B-L are compared, while the transfer
function moduli given by the TDM-2B-L are obtained by carrying
out irregular wave analysis. The agreement is very good. The relative
differences (Rj) vary with respect to the wave frequency and wave
direction. In general, peak values of R, may appear at frequencies
nearby troughs of the transfer function modulus curves. However,
the effect of the peak values of R;, on the accuracy of the sectional
forces and moments calculated by the TDM-2B-L is very limited.
This is because, in the frequency range from 0.35 rad/s to 2 rad/s, for
most of the transfer function moduli, R, is less than 2.5%. The
maximum value of R, for the transfer function moduli for stresses
and for sectional forces and moments is no more than 8% and 5.9%
respectively. Two examples are available in Figures 5.5 and 5.6.
Position of the points on the cross-section is shown in Figure 3.4.
The difference is induced by: 1) inherent difference between
frequency-domain and time-domain models; 2) accuracy limitation
for the numerical solver and other numerical issues. Detailed
discussions are referred to Paper Al.
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Figure 5.5 Comparison of transfer function modulus curves for
the axial stress at the point 6 given by the FDM and TDM-2B-L
subjected to 120-degree-wave
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Figure 5.6 Comparison of transfer function modulus curves for
the axial stress at the point 1 given by the FDM and TDM-2B-L
subjected to 10-degree-wave

75



5.4.2 Comparisons of TDM-2B-N, TDM-1B-C and TDM-29B-N
(Comparison B and Comparison C)

As shown in Figure 5.2, objective of Comparison B is to verify
the accuracy of the proposed approach for predicting responses of the
RNA, tower, mooring lines and motions of the hull by comparing
simulated realizations given by the TDM-2B-N and TDM-1B-C. The
TDM-1B-C 1s developed by using the conventional hybrid
frequency-time domain approach and considered as a reference
model.

Ten combined wind and wave conditions are selected from a site
in northern North Sea (Li et al., 2015) and tabulated in Paper Al.
The combined wind and wave conditions are composed of five
different mean wind speeds covering below rated, at rated, above
rated and parked wind speed and two wave directions. In addition,
we also looked at wave only conditions by removing the winds from
the combined conditions. For each condition, one 1-hour time-
domain simulation is carried out in the TDM-1B-C, TDM-2B-N and
TDM-29B-N respectively. Identical random seeds are used to
eliminate stochastic uncertainties. Responses, 1.e. the pitch angle of
each blade, azimuth angle and rotational speed of the rotor,
aerodynamic forces and moments on the rotor, torque on the
rotational shaft of the drive train, generator torque, generated power,
sectional forces and moments in a given cross section of the tower,
global rigid-body motions of the hull and mooring line tension at the
top end (fairlead) of each mooring line, are calculated and compared.

The responses of the TDM-1B-C and TDM-2B-N subjected to
the wave only conditions are firstly compared. We find that the
responses are identical to each other (the difference is negligible).
Part of the realization of the fore-aft bending moment at the tower
base, in EC02000 (wave only), is given as an example, see Figure 5.7.

Detailed comparisons of responses of the TDM-1B-C and TDM-
2B-N in wind and waves are referred to Paper Al.
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Figure 5.7 An example of the time series of the fore-aft bending
moment at the tower base of the TDM-1B-C and TDM-2B-N,
EC02000 (wave only)

Regarding Comparison C, we compare the responses of the
TDM-2B-N and TDM-29B-N in wave only and in combined wind
and wave conditions. Observations of the comparisons of the
responses of the RNA, tower and mooring lines of the TDM-2B-N
and TDM-29B-N are similar to the observations of the comparison of
the TDM-1B-C and TDM-2B-N which have been illustrated in above.
For each condition, time realizations of the sectional forces and
moments of the TDM-2B-N and TDM-29B-N are in phase and

almost identical. An example is given in Figure 5.8.
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Figure 5.8 An Example of the time series of the M,, (bending
moment) of the TDM-2B-N and TDM-29B-N, EC04000
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5.4.3 Comparisons of simulations and measurements in moderate
waves (Comparison D)

In Comparison D, measured and simulated responses, i.e. the
fore-aft and side-to-side bending moments and rigid-body motions,
of the 1:30 scaled model of the 5-MW-CSC in moderate wave-only
conditions are compared. Note that necessary calibrations have been
done as we follow the “model-the-model” principle (Ormberg et al.,
2003). Descriptions of the model test, post-processing for the
measured data and development of time-domain and frequency-
domain numerical models are referred to Paper A2.

Skewness and kurtosis (Bendat, 2010) of the measured and
simulated realizations and waves are around 0 and 3, respectively,
and indicate that, in moderate waves, the experimental model and
time-domain model are linear systems with respect to waves (input,
denoted as x) and corresponding response (output, denoted as y).
Therefore, wave induced transfer function ( Hy, (w)), which is
composed of the response amplitude operator (RAO) and phase
angle (a), are derived by using Eq. (5.1) and Eq. (5.2). The phase
angle (a) is derived based on the corresponding values of Re and
- Im. A negative phase angle (a) means the y lags the x.

Note that computation of the phase angle of the H,,, (w) derived
from measurements of the incident waves and corresponding
responses 1s very sensitive to the synchronization in particular for
high-frequency components of the transfer functions. For example, a
0.4 seconds mismatch means a 9-degree-shift and a 32-degree-shift
of the phase angle for the wave components for which the frequency
is 0.4 rad/s and 1.4 rad/s, respectively.

The linear characteristic of the system can also be checked by
calculating corresponding coherence function yxzy (w), see Eq. (5.4),
(Bendat, 2010). The values of y;3, will always satisfy 0 <y, < 1.
The ]/xzy will equal to one for an ideal constant parameter linear
system. G, is one-side spectrum that is derived from the
corresponding autocorrelation with respect to the realizations of y.
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Transfer functions are derived from 1-hour measurements of the
pink noise and Jonswap spectrum model tests, i.e. model test 2310,
2321 and 2420, and the corresponding simulations. Reasonably good
agreement between the RAOs of the experimental and numerical
models is observed, see Figure 5.9 for example.
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Figure 5.9 Transfer function for the fore-aft bending moment,
derived from 1-hour realizations, pink noise, H; = 2 m (2310)
and H; = 4 m (2321), and Jonswap spectrum, H; = 3.6 m and

T, = 10.2 seconds (2420)

Some explanations for differences in the transfer functions
between the time-domain model and experimental model are 1) some
non-linear effects, e.g. second and higher order hydrodynamic loads
and non-linear wave kinematics, which inherently exist in the model
tests but are not modelled numerically, and 2) uncertainties, noise
and unknown errors in the measurements. Some relevant
observations are referred to Paper A2.

Coherence functions are expected to equal to one when the time-
domain model and experimental model are subject to small incident
waves, e.g. the pink noise model test 2310. However, as shown in
Figure 5.10, significant deviations can be observed in the coherence
function of the measurements in the frequency range from 1 rad/s to
1.4 rad/s. The deviations indicate that one or more of three possible
physical situations exist. The three possible situations are 1)
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extraneous noise is present in the measurements; 2) the system
relating the incident wave (input) and the corresponding response
(output) is not linear; and 3) the response is an output due to an input
of the wave elevation as well as to other inputs.
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Figure 5.10 Coherence functions between incident waves
(input) and the fore-aft bending moment (output), derived from
1-hour realizations, pink noise, H; = 2 m (2310) and H;, = 4 m

(2321), and model test 2420, H; = 3.6 mand T, = 10.2 s
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Spectral densities and realizations of the simulated and measured
responses, 1.e. the fore-aft and side-to-side bending moments and
rigid-body motions, of the model in a moderate wave-only condition
(model test 2420) are compared. The difference in the standard
deviation of the simulated and measured fore-aft bending moment is
1.4% and good agreement is seen in the spectrums and realizations,
see Figure 5.11 and A30. In major wave frequency range of the
simulated waves (from 0.4 rad/s to 1.4 rad/s), good agreement is seen
in spectrums of measured and simulated rigid-body motions. Motions
induced by the slow varying drift force on the experimental model
can be observed in the low frequency range in the spectrums of the
measurements, while second and higher order hydrodynamic loads,
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expect for viscous drag forces, are not included in the time-domain
model.
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Figure 5.11 Spectral density functions of the fore-aft bending
moment, derived from 1-hour realizations, moderate wave only,
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Figure 5.12 Part of measured and simulated fore-aft bending
moment, moderate wave only, H; = 3.6 mand T, = 10.2 s

5.4.4 Comparisons of simulations and measurements in
operational conditions (Comparison E)

In Comparison E, measured and simulated responses, i.e. the

fore-aft and side-to-side bending moments and rigid-body motions,
of the 1:30 scaled model of the 5-MW-CSC in several operational
conditions (operating in wind and waves, including three different
turbulent wind conditions, which includes turbulent winds with mean
wind speed below (8 m/s), at (11 m/s) and above (25 m/s) the rated
wind speed of the 5-MW wind turbine) are compared. Note that
necessary calibrations have been done as we follow the “model-the-
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model” principle (Ormberg et al., 2003). Descriptions of the model
test, post-processing for the measured data and development of time-
domain numerical models are referred to Paper A3.

The relative difference (n,) of standard deviations of simulations
and measurements are calculated based on the area under the
corresponding spectral density curves in the corresponding specified
frequency range, see Eq. (5.5) and Naess and Moan (2013),. In Eq.

(5.5), my s represents the area of the part under the spectral density
curve of a simulated response in a specified frequency range, i.e. full
frequency-range, low frequency-range (defined as from 0 rad/s to 0.3
rad/s) and wave-frequency-range (defined as from 0.3 rad/s to 2
rad/s). Similarly, m,,, represents the area of the part under the
spectral density curve of a measured response in a specified
frequency range.

_ \/mo,s - \/mo,m
Y, mO,m

In general, agreement between simulated and measured rigid-
body motions, in terms of spectral densities and phase angle, is very
good. The relative difference of standard deviations of simulated and
measured pitch in full frequency-range is less than 4%, see Figure
5.13 for example. The differences in phase angle between simulated
and measured motions are no more than 20 degrees, see Figure 5.14.
For the phase angles, we focus on the differences in frequency range
from 0 rad/s to 1 rad/s since the responses in the rest frequency range
are very limited.

n, *100% (5.5)
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Figure 5.13 Comparisons of spectral densities of simulated
and measured pitch motions in operational conditions
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Figure 5.14 Difference in phase angle between simulated and
measured surge (Left Figure) and pitch (Right Figure) motions
in operational conditions

In general, agreement between simulated and measured fore-aft
bending moments, in terms of spectral densities and phase angle, is
very good. |n,| for standard deviations of simulated and measured
fore-aft bending moment in full frequency-range in tower base and
base of the side column 1 are less than 4% and 10%, respectively.
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While the differences in phase angle between simulated and
measured bending moments are no more than 25 degrees, see Figures
5.15 and 5.16 for example.
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Figure 5.15 Comparisons of spectral densities of simulated
and measured fore-aft bending moments in base of side column
1(S1)
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Figure 5.16 Comparisons of simulated and measured
realizations of fore-aft bending moments in base of side column
1(S1) (mean values have been removed)

The external loads are composed of aerodynamic loads, hydro
loads and gravity forces. The differences between simulated and
actual inertial loads and gravity forces are related to uncertainties in
the mass properties and differences in measured and simulated rigid-
body motions. We can assume that the differences between the
simulated and actual aerodynamic loads are negligible since the

84




measured aerodynamic loads are applied on the numerical model as
prescriptive loads. The numerical model cannot completely account
for all the components of second and higher order hydro loads
however these loads inherently exist. In addition, the drag term of
Morison formula (DNV 2010c) is used to model the viscous drag
forces on the hull and mooring lines. This is an empirical formula.
While, the coefficients for simulating the viscous drag forces are
determined according to the Reynolds number, Keulegan-Carpenter
numbers and surface roughness which correspond to the full size
model rather than the Froude law scaled model. Consequently, the
drag coefficients need to be appropriately calibrated. The hydro loads
can be further classified as wave excitation loads, radiation loads,
and hydrostatic pressure forces, see (Paper A1l). Note that these loads
are related to the configuration of the wetted body surface of the hull.

The sensitivity study and comparisons of measurements in
different conditions are used to analyze effects of these components
on rigid-body motions and sectional bending moments, see Chapter 6.
The effect of these components is used to identify the reasons for the
differences between the measurements and simulations presented in
this section.

As analyzed in (Chabaud, 2016), we expected that the
differences between the applied aerodynamic loads on the numerical
and experimental model are negligible. The major reasons for the
difference between wave-frequency components of the simulated and
measured bending moments are identified as:

e Differences in the modelled and actual wave excitation loads

and radiation loads.

e Differences in the rigid-body motions.

The major reasons for the difference between low frequency
components of the simulated and measured bending moments are
identified as:

e Differences in the modelled and actual fluctuations of

hydrostatic pressure forces and viscous drag forces.

e Differences in the rigid-body motions.

Detailed discussions and analysis are referred to Paper A3. It
should be highlighted that the numerical model based on the
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proposed approach (linear potential-flow theory) underestimates the
standard deviation of wave-frequency components of the fore-aft
bending moments in base of the side-column 1 (see Figure 6.1) by 5%
to 10%. Differences in simulated and actual excitation loads are
considered as the major reason for the differences. More
experimental tests designed for distinguishing linear and non-linear
hydro loads are needed.

The aerodynamic loads applied on the numerical models are
prescriptive loads measured from model tests. Analysis shows that
the actual aerodynamic loads on the experimental model can be
accurately measured. Consequently, the difference between the
measurements and simulations only indicate differences in the hydro
loads on the hull and the mass properties of the numerical and
experimental models. If the deviation between simulated and
measured rigid-body motions is large, the prescriptive loads will fail
to represent the right dependency of the aerodynamic loads with
respect to the rigid-body motions. Fortunately, the agreement
between simulated and measured rigid-body motions is very good.
This limitation can be avoided by developing a numerical model for
the wind turbine of the experimental model to simulate acrodynamic
loads in time-domain simulations based on numerical wind field and
the simulated rigid-body motions. However, increase of uncertainties
due to differences between the numerical and actual wind fields, and
differences between performance of the numerical and experimental
models of the wind turbine must be considered.

Analysis and discussions given in this paper are based on
available measurements. More systematical and step by step model
tests for quantifying and minimizing uncertainties in measurements
and identifying first order and higher order wave excitation loads are
welcome in future.
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Chapter 6

Numerical and experimental
analysis of important load
components

To shed more light on sectional forces and moments in the hull
of semi-submersible wind turbines submitted to combined wind and
wave loads, the measurements of the 1:30 scaled model test in
SINTEF Ocean and corresponding numerical simulations are
analyzed thoroughly. Relevant work is highlighted in this chapter.
Detailed information is given in Section 5 of Paper A3, for which
effect of non-linear wave excitation loads, drag forces, each load
component, and steady wind and wave loads induced changes with
respect to mean wetted body surface on rigid-body motions and
sectional bending moments in five specified cross-sections on the
hull are analyzed by comparing measurements in different conditions
and carrying out numerical sensitivity study. Positions of the five
cross-sections, which are denoted as S1, S2, S3, S4 and S5, are
shown in Figure 6.1.
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Figure 6.1 A layout of the hull of the experimental model,
courtesy of Fredrik Brun (SINTEF Ocean). Note that the
configurations of the three pontoons are identical. Some parts of
the configurations of Pontoon 1 and 3 are not shown.

Note that external load on a semi-submersible hull could be
composed of linear and high-order wave excitation loads, added
mass forces, potential damping forces, gravity, hydrostatic forces,
and drag forces. Relative importance of load components on the fore-
aft bending moments depends on wind and wave conditions, location
of the cross-section in the semi-submersible hull, amplitudes and
phase angles of the rigid-body motions, and configuration of
corresponding wetted body surface of the hull. Configurations of
mean wetted body surface of the hull in wind and waves and in wave
only are different due to differences in mean components of the wind
loads on the rotor, tower and hull of the model. The difference means
that hydrodynamic coefficients that are calculated for modeling
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hydro loads on the hull are different since values and distributions of
hydro pressure forces on the hull are changed. This may result in a
considerable change in resultant sectional forces and moments of the
hull even though change in resultant of the hydro pressure forces on
the whole wetted body surface of the hull could be very limited.

For the 5-MW-CSC, in operational conditions with moderate
waves, e.g. model test 4310, second and higher order wave excitation
loads and drag excitation forces are negligible while increased
second and higher order wave excitation loads are expected in model
test 4121 and 4410 as significant wave height increases. In addition
to low frequency excitation loads, resonant responses are sensitive to
the damping level of the model. Drag force on a 2-D cross-section of
a structural component, e.g. column, and pontoon, is expressed by Eq.
(6.1), see DNV (2013a). v and 1 are corresponding velocities of fluid
and the cross-section. 1 can be derived from the motions of the hull.
We can see that L%l?ag (v,7) is composed of terms that are related to

v?, 72, and vr. The terms related to v? behave as excitation forces
while the terms related to 72 and v7 behave as damping forces. p is
density of fluid. Cp is non-dimensional drag coefficient. D is
characteristic length corresponding to the cross-section of the
structural component. Terms related to 72 and v7 indicate that the
damping level of the model is related to incident waves. Results of
numerical simulations show that the analyzed incident waves result
in increase of damping level of the numerical model, while, as a
result, low frequency motions in frequency ranges around its natural
frequency of surge, heave and pitch motions can be significantly
reduced, see Figure 6.2 as an example. Further investigation based
on experimental measurements is recommended.

drag (U T‘) pCDD(v - T')ll? - T'l (6-1)
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Figure 6.2 Comparisons of spectral densities of simulated
surge, heave and pitch motions in wind-only and wind-wave
conditions. Note that the only difference between numerical

model for a wind-wave condition and its corresponding wind-
only condition is that the model for the wind-only condition is in
calm water. Note that second and higher order wave excitation
loads are not included.

For the 5-MW-CSC, important load components on simulated
fore-aft bending moments in the five cross-sections of the hull is
summarized in Section 5 of Paper A3.

For the 5-MW-CSC within the analyzed operational conditions,
the generated convolutional terms in the time-domain simulations
have very limited effect on simulated responses and could be
removed from the numerical models, while a sensitivity study shows
that, for the analyzed model, simulated fore-aft bending moments of
the model in wind and waves could be obtained by superimposing
the corresponding simulations of the model subjected to its
corresponding wind only condition, and wave only condition except
that three constant forces and moments which are the corresponding
averaged wind induced forces and moments are applied. Note that
mean values of the simulations should be removed as the focus is on
dynamic responses and spectral densities which are important to
fatigue limit state design checks. This simplification can significantly
reduce the number of cases of short-term analysis required in long-
term analysis. However, note that the simplification is related to
relative importance of each load component on the sectional forces
and moments. Applicability of the simplification should be analyzed
case by case.
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Simulated sectional forces and moments in the five cross-
sections are compared. The interface between the pontoons and
central column is identified as the most critical part. Both low
frequency and wave frequency components of load effects could be
important. From cross-section S1 to cross-section S4, value of
standard deviation of first order wave excitation load induced fore-
aft bending moment increases. The effect of fluctuation of
hydrostatic pressure on the wetted body surface of the hull and
fluctuation of gravity forces are important to fore-aft bending
moments in cross-sections in the tower and central column and in
cross-sections that are on the pontoons and close to the central
column. Phase difference between simulated surge and pitch motions
can be close to 180 degree in the frequency range from 0.4 rad/s to
0.6 rad/s and means a cancellation effect for the bending moments
induced by the inertial loads which are associated to acceleration in
surge and pitch.

More detailed information is referred to Section 5 of Paper A3
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Chapter 7

Conclusions and future work

7.1 Summary and conclusions

This thesis deals with the design and analysis of steel semi-
submersible hulls for supporting MW-level horizontal axis wind
turbines. The thesis consists of 1) conceptual design methods, 2)
conceptual design of a steel braceless hull for supporting a reference
wind turbine (denoted as 5-MW-CSC), 3) development, verification
and validation of numerical approaches for analyzing global
structural responses of structural components of semi-submersible
hulls in wind and waves, and 4) case studies related to numerical
simulations and experimental measurements for loads and load
effects on semi-submersible wind turbines.

The experience acquired from design and analysis of the 5-MW-
CSC and the development, verification and validation of the time-
domain approaches can be used to 1) develop novel and cost efficient
designs of semi-submersible wind turbines, 2) validate other
developed computer codes for analyzing global responses of floating
wind turbines, 3) shed more light on loads and their effects on
floating wind turbines, 4) develop simplified design methods and
reduce computational cost of design and 5) improve the design of
experimental tests.

The conclusions of this thesis are as follows:
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7.1.1 Conclusions with respect to simplified design method and the
design of the 5-MW-CSC

Conceptual design procedure, criteria and design check
approaches, with respect to safety, have been systematically
presented and discussed based on publicly accessible publications
and the author’s experience and practice in the past six years.

The allowable heeling angle, which is the upper limit of the
critical heeling angle induced by the design overturning moment
about the critical axis, could be used as a simplified stability criterion,
in together with a criterion with respect to natural periods of rigid-
body motions of semi-submersible wind turbines and two practical
approaches for estimating value and distribution of steel and ballast
mass of the hull, for developing initial designs of semi-submersible
hulls.

To satisfy the criterion with respect to natural periods of rigid-
body motions, sufficient added mass and mass of displaced water are
required. Heave plates could be used to efficiently increase added
mass of the hull but will significantly increase the system complexity
and construction and maintenance costs. For semi-submersible wind
turbines without heave plates, a relatively high roll/pitch restoring
stiffness and the restriction of the heave natural period to beyond the
wave range result in a large displaced volume and steel mass of the
semi-submersible hull.

The design of the 5-MW-CSC is developed based on the
presented conceptual design procedure, criteria and design check
approaches. In contrast to the conventional designs, the 5-MW-CSC
1s a braceless semi-submersible wind turbine, for which the columns
are connected by pontoons rather than braces to reduce design
complexity.

Numerical analysis shows that the 5-MW-CSC has very good
intact stability, well designed natural periods and modes, moderate
rigid-body motions in extreme environmental conditions and a
reasonable structural design. Details of relevant analysis approaches
and results are presented and discussed. The structural design of the
5-MW-CSC is checked by using simplified ULS and FLS design
checks.
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Simplification of the methods for estimating the load effect on
the hull is discussed. To appropriately account for the aero-hydro-
servo-elastic feature of semi-submersible wind turbines, time-domain
finite element analysis should be used. However, for some design,
structural responses of some structural components in wind and
waves could be dominated by first order wave excitation loads, and
inertial and radiation loads which are related to wave induced
motions. Consequently, these structural components could be
designed based on wave induced responses calculated by using the
frequency-domain approach described in Paper B1.

7.1.2 Conclusions with respect to development, verification and
validation of the time-domain approaches for determining sectional
forces and moments in floating wind turbine hulls

Two time-domain approaches, which can be easily implemented
in various state-of-the-art computer codes to extend their capabilities
to analyze sectional forces and moments in structural components of
generic and specific floaters subject to environmental loads from
wind and waves are developed by the author. While the developed
approaches for generic floaters has been appropriately verified and
validated step by step.

The developed approaches focus on modeling the inertia and
external loads on the hull and mapping the loads in the finite element
model of the hull. In the developed approaches, floating wind
turbines are considered as an assemblage of several structural
components. The conventional hybrid frequency-time domain
approach is extended to model the external loads on and inertia loads
of each structural component. Summary of differences, assumptions
and limitations of the conventional and developed time-domain
numerical modelling approaches are tabulated in Table 4.1.

Several numerical models which implement the developed
approach for generic floaters have been generated to analyze global
responses, €.g. rigid-body motions and sectional forces and moments,
of the 5-MW-CSC.

Procedure, development of numerical models, calibrations,
results, analysis and limitations with respect to the verification and
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validation are presented. To avoid uncertainties due to limitations of
conventional experimental tests, the measurements come from a 1:30
scaled model test of the 5-MW-CSC which implements the
ReaTHM® testing approach.

The verification and validation procedure of the developed
approach for generic floaters are divided into five comparisons.
Expected results and objectives of the comparisons are illustrated in
Sections 5.2 and 5.3 while key results of the comparisons are
summarized in Section 5.4.

In general reasonable good agreement is observed in these
comparisons, e.g. the relative difference of standard deviations of
simulated and measured fore-aft bending moment in full frequency-
range in tower base and base of the side column 1 in the operational
conditions are less than 4% and 10%, respectively.

Reasons for differences between each compared two realizations
in these comparisons are thoroughly analyzed and are referred to
Section 5.4.

7.1.3 Conclusions with respect to numerical and experimental
analysis for importance of load components

Effect of non-linear wave excitation loads, drag forces, each load

component, and steady wind and wave loads induced changes with
respect to mean wetted body surface on rigid-body motions and
sectional bending moments in five specified cross-sections on the
hull are analyzed by comparing measurements in different conditions
and carrying out numerical sensitivity study.

We find that:

e Low frequency rigid-body motions of the 5-MW-CSC are
dominated by wind loads, second and higher order wave
excitation loads, and restoring stiffness while resonant
motions are sensitive to the damping forces and moments.
The low frequency fore-aft bending moments in tower base
and cross-sections in structural components of the hull of the
5-MW-CSC are dominated by wind loads, and pitch motion
related fluctuations of gravity forces and hydrostatic pressure
forces. Inertial load effects on the low frequency responses
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are limited except for responses with frequency components
around pitch natural frequency.

Effect of second and higher order wave excitation loads on
fore-aft bending moments is observed and discussed. In
general the effect is relatively limited in the analyzed
operational conditions but can be critical in extreme
conditions.

Mean forces and moments from wind and waves result in a
change in configuration of mean wetted body surface of the
hull when compared to the configuration in calm water. This
may result in a considerable change in resultant sectional
forces and moments, e.g. more than 20% difference in
standard deviations, even though change in resultant of the
hydro pressure forces on the whole wetted body surface
could be very limited.

A summary of important load components on simulated fore-
aft bending moments in the five cross-sections is available in
Table 11 of Paper A3. Relative importance of load
components on the fore-aft bending moments depends on
wind and wave conditions, location of the cross-section in
the hull, amplitudes and phase angles of the rigid-body
motions, and configuration of corresponding wetted body
surface of the hull.

The interface between the pontoons and central column of
the 5-MW-CSC 1is identified as the most critical part. Both
low frequency and wave frequency components of load
effects could be important. The effect of fluctuation of
hydrostatic pressure on the wetted body surface of the hull
and fluctuation of gravity forces are important to fore-aft
bending moments in cross-sections in the tower and central
column and in cross-sections that are on the pontoons and
close to the central column. Phase difference between
simulated surge and pitch motions can be close to 180 degree
in the frequency range from 0.4 rad/s to 0.6 rad/s and means
a cancellation effect for the bending moments induced by the
inertial loads which are associated to acceleration in surge
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and pitch.

e The convolutional terms have very limited effect on
simulations and could, for the 5-MW-CSC in the analyzed
operational conditions, be removed from the numerical
models to significantly reduce modelling complexity and
computational cost for short-term analysis in this case.
Applicability of the simplification should be analyzed case by
case.

e For the analyzed model of the 5-MW-CSC in the operational
conditions, simulated fore-aft bending moments of the model
in wind and waves could be obtained by superimposing the
corresponding simulations of the model subjected to its
corresponding wind only condition, and wave only condition
except that three constant forces and moments which are the
corresponding averaged wind induced forces and moments
are applied. This simplification can significantly reduce the
number of cases of short-term analysis required in long-term
analysis. However, the simplification is related to relative
importance of each load component on the sectional forces and
moments. Applicability of the simplification should be analyzed
case by case.

7.2 Future work

e The developed two time-domain approaches can be further
extended to use other finite element models (instead of beam
elements) to represent global stiffness of structural components
of hulls and to account for full expressions of second and/or
higher order hydrodynamic loads and hydroelastisity. While,
future work for improving numerical model of the drag forces,
which able to model the drag forces with an acceptable
accuracy in blind tests, is highly recommended.

e More systematical and step by step model tests and sensitivity
studies for quantifying and minimizing uncertainties in
measurements are recommended in future, in particular for the
extreme condition. More experimental studies designed for
distinguishing linear and non-linear hydro loads are needed, e.g.
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numerical modelling approach for full second order wave
excitation loads should be developed, while wave excitation
loads on the hull, when the hull is fixed at its mean position in
wind and waves, should be measured in future test programs.
The configuration of mean wetted body surface of the hull of
the 5-MW-CSC indicates that the effect of frequency dependent
radiation and diffraction hydrodynamic loads on the hull could
be more significant when the hull is subjected to irregular
waves, for which major wave energy is in frequency range from
1 rad/s to 2 rad/s. Consequently, these model tests should be
scheduled in future.

Validation for the developed time-domain approach for specific
floaters is not included in this thesis but is proposed as future
work.

Further developments of commercial and/or academic
hydrodynamic computer codes are recommended to obtain
corresponding hydrodynamic coefficients which enable the
developed time-domain approach for specific floaters being
used to simulate responses of generic floaters.

Analysis with respect to design of the semi-submersible hull
against accidental events, such as ship collision, loss of a
mooring line and flooding in a column, needs to be done in
future. While, numerical and experimental analysis for the
reference floating wind turbines in extreme conditions and
fault conditions are recommended as future work as well.

7.3 Original contributions

Original contributions made by the author in this thesis are
briefly summarized as follows:

Establishing a simplified approach for the initial (preliminary)
design of semi-submersible hulls

An efficient simplified design approach is developed and used by
the author to determine initial designs of semi-submersible hulls (the
dimension of the hull and estimation of the value and distribution of
the mass of the hull) is illustrated in this thesis.
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Development of design of a reference braceless steel semi-
submersible hull for supporting a 5-MW horizontal axis reference
wind turbine.

The 5-MW-CSC has been developed by the author by using the
simplified design approach mentioned above. In contrast to the
conventional designs, the 5S-MW-CSC is a braceless steel semi-
submersible wind turbine, for which the columns are connected by
pontoons rather than braces to reduce design complexity and
construction and maintenance cost.

Numerical analysis show that the 5-MW-CSC has very good
intact stability, well designed natural periods and modes, moderate
rigid-body motions in extreme environmental conditions and a
reasonable structural design.

Details of relevant approaches and results are presented and
discussed in this thesis and appended papers.

The 5-MW-CSC has been used as a reference model. The design
of the SMW-CSC has been published and is accessible to public. The
design has already been used by several researchers, while a 1:30
scaled model of the design has been experimentally tested in ocean
basin of SINTEF Ocean.

The experience acquired by the design and analysis of the 5-
MW-CSC can be used to develop other novel and cost efficient
designs of semi-submersible wind turbines.

Development of time-domain numerical approaches for analyzing
sectional forces and moments in structural components of hulls in
wind and waves

Two time-domain approaches are developed by the author and
were implemented in Simo/Riflex to extend its capabilities to
analyze sectional forces and moments in structural components of a
generic floater and a specific floater, respectively. However, note
that the approaches can be easily implemented in various state-of-
the-art computer codes for wind turbine analysis to extend their
capabilities as well.
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Differences, assumptions and limitations of the conventional and
developed time-domain numerical modelling approaches are
addressed.

The developed approaches could be used to validate other
developed computer codes for analyzing global responses of floating
wind turbines and be used to shed more light on short-term and long-
term loads and load effects on floating wind turbines.

Verification and validation for the developed approaches by using
numerical simulations and experimental measurements in a
systematical and sequential manner

To verify and validate the developed approach for generic
floaters, the simulated responses of the numerical models are
compared to simulations of the other reference numerical models and
measurements of experimental tests, in a systematical way and step
by step manner. The procedure, development of numerical models,
calibrations, results, analysis and limitations with respect to the
validation are presented.

The obtained results and experiences are helpful for improving
design of model tests in the future.

Numerical and experimental analysis for quantifying loads and
load effects on the 5-MW-CSC

Effect of non-linear wave excitation loads, drag forces, each load
component, and steady wind and wave loads induced changes with
respect to mean wetted body surface on rigid-body motions and
sectional bending moments in five specified cross-sections on the
hull are analyzed by comparing measurements in different conditions
and carrying out numerical sensitivity study.

The acquired insight was used to simplify complexity of
numerical models of the 5-MW-CSC to reduce computational cost of
the design checks, and is helpful for reducing design conditions
required by ULS and FLS design checks and structural optimization.
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ABSTRACT

Structural design of the floater is an important aspect in developing cost efficient and reliable floating wind turbines. It is
difficult to well account for the effect of strong non-linear dynamic characteristics and transient loading events, e.g. wind turbine
faults, of floating wind turbines in a frequency-domain finite element analysis. The time-domain approach which implements the
Morison’s formula cannot accurately account for the hydrodynamic loads on the hull of floating wind turbines. While, the
conventional hybrid frequency-time domain approach (based on the potential flow theory) fails to capture structural responses of
the hulls since a rigid-body global model rather than a finite element model of the hull is employed. The present paper deals with
the development and verification of a time-domain approach that can be easily implemented in various state-of-the-art computer
codes for wind turbine analysis, e.g. Simo/Riflex/Aerodyn, OrcaFlex and FAST+CHARM3D, to extend their capabilities to
analyze global forces and moments in structural components of a generic floater subject environmental loads from e.g. wind and
waves. The global forces and moments in the structural components might be used as inputs of design formulas for structural
strength design checks and/or used as boundary conditions in a sub-model finite element analysis to determine structural
responses such as stresses. The proposed approach focuses on modeling of the inertia and external loads on the hull and mapping
of the loads in the finite element model of the hull. In the proposed approach, floating wind turbines are considered as a system of
several structural components, e.g. blades, rotational shaft, nacelle, tower, mooring lines, columns, pontoons and braces, rather
than one rigid-body, while a finite element model for the hull is developed to represent the global stiffness of the structural
components. The external and inertial loads on the hull are modeled as distributed loads rather than the integrated forces and
moments. The conventional hybrid frequency-time domain approach, which is available in the state-of-the-art computer codes, is
implemented to model the hydrodynamic loads on each structural component with essential modifications with respect to the
corresponding hydrodynamic coefficients, e.g. added mass and potential damping coefficients and wave excitation forces.
Approaches for modeling the hydrostatic pressure forces, gravity loads, drag forces and inertial loads on each structural
component are also illustrated. Second order and higher order terms of the hydrostatic and hydrodynamic loads and the
hydroelasticity effects are not accounted for in the present paper but can be further included. So far, the proposed approach has
been implemented in the computer code Simo/Riflex/Aerodyn to analyze global forces and moments in the hull of a semi-
submersible wind turbine. Good agreement between the reference values and the simulation results has been observed and
indicates that the developed time-domain numerical models are reliable. The simulation results show that the low-frequency
aerodynamic loads and fluctuations of hydrostatic pressure forces on and gravity of the floating wind turbine are important

contributions to the structural responses, in particular, in the low-frequency range.



1 Introduction

By now, onshore wind energy has been well developed while the potential of offshore wind energy is substantial, particularly
in relatively deep water (e.g. deeper than 80 m). Moving from onshore and shallow water to deep water, floating wind turbines
might be more economically competitive than bottom fixed wind turbines in particular for large wind turbines with high rated
power (e.g. 5-10 MW).

In general, a floating wind turbine is composed of a Rotor Nacelle Assembly (RNA), a tower, a hull and a mooring system.
Current floating wind turbines can be classified as spar-type [1,2], TLP [3-9] and semi-submersible wind turbines [10-17].

In the structural design, ultimate limit state (ULS) and fatigue limit state (FLS) design checks must be carried out based on
structural responses of the floating wind turbine in relevant design conditions. Finite element analysis is normally carried out to
determine the load effects for the design checks with appropriate models of the loads.

Shell elements might be employed to model structural details, e.g. bulkheads, girders and stiffeners in the hull, blades and
tower; chains and wires of the mooring lines; and gear box, shaft and generator in nacelle. Alternatively, we might consider that
the structure is composed of several structural components (based on a multi-body formulation). For instance, the blades,
rotational shaft, nacelle, tower, mooring lines and columns, pontoons and braces of the hull can be considered as structural
components. Beam elements can be used to account for the global structural behaviors of these structural components, e.g. the
global forces and moments in the structural components. The global forces and moments might be used as inputs of design
formulas for structural strength design checks specified by relevant standards and guidelines from the International
Electrotechnical Commission (IEC), International Organization for Standardization (ISO), American Petroleum Institute (API),
the Norwegian petroleum industry, class societies such as Det Norske Veritas and Germanischer Lloyd (DNVGL) and the
American Bureau of shipping (ABS) and so on. For example, buckling strength of plates, stiffeners and girders in global and local
loads can be checked by the formulas specified in DNV-RP-C201 [19]. The global forces and moments might be used in ULS
design checks for tubular members and joints based on formulas specified in NORSOK-N004 [20]. In addition, the global forces
and moments might be used as boundary conditions in a sub-model finite element analysis to determine structural responses such
as stresses, etc.

Finite element analysis in frequency domain is very cost-effective. However, the major limitations are that 1) it is a big
challenge to appropriately account for the strong non-linear dynamic characteristics, which is known as the aero-hydro-servo-
elastic feature [35], of floating wind turbines; and 2) transient loading events, such as wind turbine faults, cannot be modeled in
frequency domain.

Regarding the finite element analysis in time domain, 19 computer codes used by participants from various organizations in
several countries were compared through a code-to-code verification activity [22]. However, none of the developed numerical
models can be used to predict the global forces and moments in the hull of the reference semi-submersible wind turbine. The
challenges are 1) how to accurately calculate hydro loads on the hull and 2) how to effectively map the loads in the finite element
model.

As pointed by Matha et al. [36], the Morison’s formula, potential flow theory and computational fluid dynamics methods can
be used to model hydrodynamic loads on the hull and mooring lines. ULS and FLS design checks require tens of thousands of
time-domain simulation hours [37-39]. Therefore, the computational fluid dynamic method is not considered to be practical for
ULS and FLS design checks due to the extremely expensive computational cost.

The Morison’s formula is implemented in some cost effective computer codes [22] to model the hydrodynamic loads on the
hull of floating wind turbines. However, the Morison formula is an empirical formula. In general, it is applicable when wave
length is larger than five times the diameter of the slender structure’s cross-section [23]. Meanwhile, the application of the
Morison formula means the memory effects of the hydrodynamic loads are neglected. In addition, additional pressure forces must
be added to account for hydrodynamic loads in axial directions of the columns and pontoons [22].

The potential flow theory combined with the drag term of the Morison formula can accurately model the hydrodynamic loads

on offshore structures and is frequently used in the offshore oil and gas industry. A set of equations of motions can be established,



as initially proposed by Cummins [25], and solved to obtain the motion responses of the platforms in waves. In these equations,
the platform is assumed as one rigid-body with 6 d.o.f.s, while a hybrid frequency-time domain approach is implemented to
convert the frequency dependent hydrodynamic pressure loads due to wave diffraction and radiation to the integrated forces and
moments corresponding to these 6 d.o.f.s. While, wind loads on blades and tower are typically considered as distributed loads.
This approach has been implemented in some computer codes [22] to analyze structural responses of the RNA, tower and mooring
lines and rigid-body motions of the hull of floating wind turbines [21,40-45].

The flow chart of a time-domain numerical model of a generic horizontal axis floating wind turbine which implements the
hybrid frequency-time domain approach and is developed in the computer code Simo/Riflex/Aerodyn [29-32] is given in Figure 1
as an example. The hull of the floating wind turbine is considered as a rigid-body with 6 d.o.f.s, while the tower base and fairleads
of the mooring lines rigidly follow the motions of the hull. Six motion equations that are composed of the resultant external loads,
e.g. viscous loads, gravity loads and hydro loads, on and inertial loads of the hull are generated in Simo [27] with necessary input,
e.g. mass properties of the hull, drag coefficients, hydrodynamic coefficients, i.e. the added-mass coefficient matrices (A(w)),
potential damping coefficient matrices (B(w)) and first order wave excitation load transfer function (Hy, (w)), and specified
forces, moments and restoring stiffness matrix. A finite element model, for which the mooring lines, tower and RNA are modelled
as bar and beam elements and coupled to the motion equations of the hull are generated and solved in Riflex [28] with necessary
input, e.g. relevant mass and structural properties and drag and added mass coefficients. Aerodyn [32] and a Java controller [31]
are coupled to Riflex through a dll file [31] to account for the aerodynamic loads on the RNA and tower, effect of pitch control on
aerodynamic loads on the three blades and effect of the generator inside the nacelle on the power production and generator torque.
More details are available in the later part of this paper and [47].
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The conventional hybrid frequency-time domain approach is considered as the state-of-the-art approach and has been used by
researchers, e.g. [21, 43, 46, 47], to analyze responses of floating wind turbines. However, to calculate structural responses of the
hull, we must develop a finite element model of the hull rather than a rigid-body formulation; while, to map the loads in the finite
element model, we must develop accurate and effective time-domain approach to model the loads on the hull as distributed loads
rather than three integrated forces and moments.

This paper addresses a time-domain approach to deal with the challenges mentioned above. The focus is on the modeling of
the inertia and external loads on the floating wind turbine hull and the mapping of the loads to the finite element model of the hull.
The proposed approach can be easily implemented in various state-of-the-art computer codes, e.g. Simo/Riflex/Aerodyn, OrcaFlex
[22] and FAST+CHARM3D [22], to extend their capabilities to analyze global forces and moments in structural components of a
generic floater subject to linear and non-linear environmental loads, e.g. wind and waves. Details of the proposed approach and
verification are available in the later part of this paper. An application of the proposed approach for ULS design check for the
structural design of the hull of a semi-submersible wind turbine is available in [15].

2 The proposed approach

In general, numerical models in finite element codes are developed in an earth fixed coordinate system, such as the global
coordinate system (09-x9-y9-z9) shown in Figure 2.

In the proposed approach, the hull of floating structures is considered as an assemble of d structural components. d is
specified by designer. A beam element finite element model, which includes d nodes (red colored in Figure 2), can be developed
in the global coordinate system to represent the global stiffness of the structural components. Each node has 6 d.o.f.s and
corresponds to a structural component. The external loads on and inertia loads of each structural component are calculated,
integrated and transferred to the node that corresponds to the structural component in the finite element model. In particular, the
hydrostatic and the hydrodynamic loads on each structural component are obtained by integrating the hydrostatic and
hydrodynamic pressure loads on the wet surface of the structural component. The pressure loads are normally calculated based
on a frequency-domain hydrodynamic code using a panel method. Global forces and moments in structural components of the
hull can be obtained by carrying out a finite element analysis using a time-domain code. Accurate global forces and moments are
given at the cross-sections corresponding to the red dashed lines, see Figure 2. The number of the structural components and
quality of the finite element model of the hull affect the accuracy of the global forces and moments. The beam element finite
element model of the hull should accurately represent the global stiffness of the hull, in particular for statically indeterminate
structures.

The flow chart of a time-domain numerical model of a generic horizontal axis floating wind turbine which implements the
proposed approach and is developed in the computer code Simo/Riflex/Aerodyn is given in Figure 3. Comparing to Figure 1 (the
hybrid frequency-time domain approach), the proposed approach models the hull as a beam element finite element model while
the approaches for modeling the external on and inertia loads of each structural component are illustrated in the following part of
this section together with the limitations of the approaches.

The approaches are developed by extending the conventional approaches used in the state-of-the-art computer codes.
Therefore, the proposed approach can be easily implemented in various state-of-the-art computer codes to extend their

capabilities.
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Generating and solving time-domain motion equations for a rigid-body oscillating with respect to its mean position in waves
is a fundamental feature in some of the state-of-the-art computer codes used in the offshore wind and offshore oil and gas industry.
In these computer codes, usually, three coordinate systems, i.e. 0°-x?-y?-z?, 07-x"-y"-z" and 0/ -x/-y/ -z coordinate systems,
are established. As shown in Figure 4, the 0/-x/-y/-z/ coordinate system is an earth fixed coordinate system located at the mean
position of the geometrical center of the water plane area of the floater. The 0”-x?-y?-z” coordinate system is a body-fixed
coordinate system. The position of O” and the orientation of the coordinate system rigidly follow rigid-body motions of the
floater. The O™-x7-y"-z" coordinate system is a body-related coordinate system. O" rigidly follows horizontal movements of 0?
(the hull) but the orientation of the body-related coordinate system and vertical position of the O™ are fixed (as the same as the
body-related coordinate system when the hull is located at its initial position in time-domain simulation). When the floater is
located at its mean position, the 0F-x-yf-zf 0P-x?-y?-z? and OT-x"-y"-z" coordinate systems are coincident. In the motion
equations, the hybrid frequency-time domain approach is implemented to account for the wave excitation load effects and
radiation load effects on the rigid-body motions. Hydrodynamic coefficients, i.e. the added-mass coefficient matrices (A(w)),
potential damping coefficient matrices (B(w)) and first order wave excitation load transfer function (Hy,, (w)) must be calculated
by 1) solving the potential-flow boundary value problem with the assumption that the hull of the floater is a rigid-body in the 0/-
x7-yf-zf coordinate system, 2) calculating pressure forces on the mean wet surface of the hull based on the Bernoulli’s equation
and corresponding velocity potential, 3) integrating the pressure on the wet surface of the hull using the coordinate system 0/-x/-
y7-zf to obtain the integrated forces and moments acting on 0F, and 4) derive the hydrodynamic coefficients based on the
corresponding resultant forces and moments on the 0/ in the 0/ -x-y/-z/ coordinate system.

In the proposed approach to calculate external and inertial loads on each structural component, we assumes that 1) the
atmospheric pressure inside the hull is constantly equal to the atmosphere pressure at the still water plane and 2) the ballast fluid
inside the hull is considered as ballast mass which introduce inertia loads on the hull rather than hydro pressure forces on the
corresponding inner surface of the hull; while, in the boundary value problem for solving the hydrodynamic loads on each
structural component, the hull is considered as a rigid-body. The second order and higher order terms of the hydro loads on the
hull, except for the drag forces induced by viscous effect, and hydroelasticity effects are not included in the approaches discussed
in the present paper, but they can be further included. The two assumptions are used to simplify the numerical models for the
loads on the structural components. The second assumption can be implemented since the focus of the proposed approach is on
capturing the global forces and moments in the structural components.

Details of the approaches for modeling inertial and external loads on each structural component are illustrated as follows.

For each structural component, a body-related coordinate system and a body-fixed coordinate system are established. We
denote the origins of the body-related and body-fixed coordinate systems for the structural component i as O™ and 0P*
respectively. When the floating wind turbine is located at its mean position, the body-related and body-fixed coordinate systems
for each structural component and the 07 -x/-y/-z/ coordinate system are coincident. The body-fixed coordinate system of the

structural component i rigidly follows the motion of the corresponding node of the structural component i in the finite element



model in the 09-x9-y9-z9 coordinate system. In the O/ -x/-yf-z/ coordinate system, the motion of the 0?* and the orientation
of the body-fixed coordinate system are described by 7'(t) = [ni, 15,15, ni, 1t ni]". ni, nt and n are three Euler angles about
x%, y/ and z” axis.

The gravity loads of the structural component i can be modelled as constant force acting on the centre of gravity of the
structural component i in the body-fixed coordinate system of the structural component i and pointing to the negative direction of
the vertical axis of the global coordinate system. Inertial loads of and viscous loads on the structural component i can be
calculated in the body-fixed coordinate system. A body mass matrix of each structural component with respect to the origin of the
corresponding body-fixed coordinate system can be specified. The viscous loads can be accounted for by the drag term of the
Morison formula.

The resultants of the first order radiation and wave excitation loads on the structural component i are represented by
L iernari> see Bq.(1). L:, onay; is described in the body-related coordinate system of the structural component i and acting on
the O™*.

+o0
Lgxternal,i = Rputential_wave_i(t) - f ki(t - T)ﬁl(‘[)d‘[ - Afoﬂl(t) (1)

In the LY ornatis Rpotential wave i(t) is the resultants of the wave excitation loads on the structural component i obtained by
applying inverse Fourier transform on Ry,qye ;(@). Ryave ;(w) is frequency dependent first order wave excitation vector for the
structural component i. We have Ryqy i (@) = Hy,, ;(w) * Amp,,. Amp,, is determined by a spectrum of incident waves. For a
sinusoidal wave with a given frequency w, Amp,, is the amplitude of the sinusoidal wave. Hp,, ;(w) is first order wave excitation
load transfer function for the structural component i. k;(t) is known as retardation or memory function for the structural
component i and determined by A4;(w) or B;(w) . A is A;(w) corresponding to the high-frequency limit. 4;(w) and B;(w) are
frequency dependent added mass coefficient matrix and potential damping coefficient matrix for the structural component i.

Hp, ;(w), A;(w) and B;(w) are obtained by the following steps, 1) solving the boundary value problem in the 0/ -x/-y/-z/
coordinate system with the rigid-body assumption for the hull, 2) calculating pressure forces on the mean wet surface of the
structural component i (S, ;) based on the Bernoulli’s equation and corresponding velocity potential, 3) integrating the pressure
on the wet surface of the component i (on the S‘f,et,i) using the coordinate system 0 -x/-y/-z/ to obtain the integrated forces and
moments acting on 07, and 4) derive the hydrodynamic coefficients based on the corresponding resultant forces and moments on
the 07 in the 0F-x/-y -2/ coordinate system. H fw_i(w), A;j(w) and B;(w) include hydrodynamic interactions.

R ;(t) represents the resultant forces and moments of the hydrostatic pressure forces on the outer surface and the
atmospheric pressure forces on the inner surface of the structural component i when the structural component is located at the
instantaneous position described by n'(t) = [ni, 75,15, n5, 18, ni]" in the 0/ -xS-y/ -2/ coordinate system. RY. ;(¢) is a 6 x 1
vector, acting on 0™ and described in the body-related coordinate system.

Neglecting the second order and higher order terms, the expression of the R;_i (t) is derived as:

R () =F,+ (=D *Cm'(t) 2

F; is a 6 X 1 vector. C; is a 6 X 6 matrix with real coefficients. The expressions of F; and C;1'(t) are available in Eq. (3-8).

The coefficients in the C; and F, are expressed by parameters that are defined in the 0 -xT-y/-zF coordinate system with
respect to the mean wet surface whereas R} ;(t) represents forces and moments acting on 0™ in the body-related coordinate
system. We assume that the mean outer wet surface of the structural component i and the corresponding inner surface are identical
and are denoted as S‘(,f,et’i in the 0-x/-yf-z/ coordinate system. s, is a point on the wet surface of the hull. The normal vector
and position vector of s, at the mean position are denoted as ny = [n,n,,n3]7 and vy, = [vy, v,, v3]7. N, is pointing away from
the fluid field. Hydrostatic pressure on the s, (Ps(z]’hydm_sm) is given by applying Bernoulli’s equation. P, represents the
atmosphere pressure at the still water plane. Z, = 0 since the 0-x/-y/-z/ coordinate system is located at the still water plane. Py
is density of sea water, taken as 1.025 tonnes/m?. g is gravity acceleration, 9.81 m/s2. We denote the atmospheric pressure inside
the hull as Piperaem. We assume Pipper aem i constantly equal to Py . Ps(f,_net denotes the net pressure on the s, at the mean



position. P2 somet 18 the difference between the hydrostatic pressure on the outer surface of the s, and the atmospheric pressure on

the inner surface of the s,.
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Flexibility effects of the hull on the hydro loads are not accounted for. The hydrodynamic loads on each structural component
are derived from the velocity potential that are obtained by solving the boundary value problems with the assumption that the hull
is a rigid-body. The kinematics of different structural components is constrained by the rigid-body assumption. Consequently, the
hydrodynamic interaction effects between the structural components are included in the hydrodynamic loads on each structural
component. However, the proposed approach may not be able to well model the hydroelasticity effect. Therefore, it is not
recommended to be applied on floating structures with relatively large flexibility, for which hydroelasticity effect can be
important.

The expressions of LY ;enqr; and Ry ;(t) can be further modified. For example, additional terms can be included to account
for second order and/or higher order hydro loads on each structural component, while the load effects of the ballast fluid can be
modeled as pressure forces on the inner surface of each structural component.

3 Verification of the proposed approach

The proposed approach is implemented in Simo/Riflex/Aerodyn [29-32] to calculate global forces and moments of the 5-
MW-CSC [15]. The layout of the semi-submersible floater is given in Figures 5 and 6. The 09-x9-y9-z9 and Of-x-y/ -2/
coordinate systems are established at the mean position of the geometrical centre of the water plane area.

Five numerical models have been developed. Three comparisons, i.e. Comparison A, Comparison B and Comparison C, have
been carried out to verify the proposed approach step by step. These numerical models and the comparisons are briefly explained
below and illustrated in Figure 7 and Figure 8, respectively. Detailed descriptions for the numerical models are available in the
later part of this paper. A summary of the features of the time-domain models is available in Table 3.

FDM is a frequency-domain model of the 5-MW-CSC developed in WADAM [26] to calculate wave induced global forces
and moments by implementing a standard procedure used in the offshore oil and gas industry [26].

TDM-2B-L is a time-domain model of the 5-MW-CSC developed in Simo/Riflex [27, 28]. The proposed approach is
implemented to calculate wave induced global forces and moments in the cross-section as shown by the dashed line in Figure 5.
Aerodynamic loads are not available in the TDM-2B-L.



TDM-1B-C is a time-domain model developed in Simo/Riflex/Aerodyn. Aerodynamic loads on the RNA and tower are
appropriately accounted for in the TDM-1B-C, while the conventional hybrid frequency-time domain approach is implemented to
model the hydro loads on the semi-submersible hull. The modeling approach implemented in the TDM-1B-C is considered as the
state-of-the-art approach that has been used by researchers, e.g. [21, 43, 46, 47], to analyze responses of floating wind turbines in
wind and waves except for the global forces and moments in the hull since the approach models the hull as one rigid-body with 6
d.ofs.

TDM-2B-N is an extension of the TDM-1B-C. The proposed approach is implemented to calculate global forces and
moments in the hull (in the cross-section as shown by the dashed line in Figure 5). The TDM-1B-C and TDM-2B-N are identical
except for the finite element model of the hull and method for modeling the external and inertial loads on the hull.

TDM-29B-N is an extension of the TDM-2B-N. The TDM-2B-N includes two rigid-bodies for the hull, while, the TDM-29B-
N includes twenty-nine rigid-bodies for the hull. The TDM-29B-N model is developed and compared to the TDM-2B-N model in
order to show that the proposed method can be generalized to a model consisting of any number of structural components. From
the practical use point of review, it is convenient to use the TDM-29B-N model to obtain the dynamic responses at any critical
position of the hull by just one time-domain model. While, using the TDM-2B-N approach, many different numerical models need
to be built and analyzed.

It is expected that the time-domain model TDM-2B-N can calculate the global forces and moments in the cross-section as
shown by the dashed line in Figure 5 while the time-domain model TDM-29B-N can calculate the global forces and moments in
the same cross-section and the other twenty-seven cross-sections.

As far as the authors know, there is no published experimental data for the global forces and moments in the hull of floating
wind turbines in wind and waves. In addition, the state-of-the-art time-domain computer codes cannot accurately calculate the
global forces and moments in the hull [22].

The accuracy of the calculated responses is related to two modeling issues: 1) whether or not the computer codes can
accurately calculate the wind and waves induced external and inertial loads on the floating wind turbines and map the loads to the
generated finite element models of the floating wind turbines; and 2) whether or not the finite element models generated in the
computer codes can accurately represent the global stiffness of the floating wind turbines and calculate the structural responses for
given loads. These two features are coupled.

The hull of the 5-MW-CSC is a statically determinate structure. For a statically determinate structure, in general, the accuracy
of the responses in the structure is purely determined by the accuracy of the external loads acting on the structural components,
like aerodynamic loads on the blades and the tower and hydrodynamic loads on the floater and mooring lines and the inertial loads.

In linear theory, hydrodynamic and hydrostatic loads on structural components of the hull are determined by two issues. We
denote these issues as ISA and ISB respectively.

ISA: The configuration and shape of the mean wet surfaces of the structural components.

ISB: The motion responses of the structural components.

The accuracy of the global forces and moments in the hull calculated by the TDM-2B-N is indicated by the results of
Comparison A and Comparison B. Comparison A focuses on verifying that the influence of the ISA on the hydro loads on the
structural components can be accurately modeled in finite element codes which implement the proposed approach. Comparison B
focuses on verifying that finite element codes which implement the proposed approach can accurately predict the motion
responses of the structural components and responses of the RNA, tower and mooring lines of the reference semi-submersible
wind turbine in wind and waves. Comparison C is carried out, to some extent, to address that the proposed approach can be
applied to generic floating wind turbines, for which the hull may need to be modeled by any number of structural components.
The proposed approach is not necessarily limited to two rigid-bodies for the hull. Due to the limitation of the proposed approach,
we do not account for the hydroelasticity effect in the comparisons discussed in the present paper.

In Comparison A, the FDM is used as a reference model for the transfer functions of wave to global forces and moments in

the hull. While the transfer functions can also be derived from structural responses of the hull calculated by carrying out regular



and/or irregular wave analysis in time-domain numerical models that implement the proposed approach, e.g. TDM-2B-L, TDM-
2B-N and TDM-29B-N. The FDM is a linear system and does not account for non-linear effects on the global forces and moments,
while TDM-2B-L is developed to be, as much as possible, a linear system and equivalent to the FDM. The agreement in the
transfer functions calculated in the FDM and TDM-2B-L is expected to be good if the proposed approach accurately models the
hydro pressure forces on the structural components of the hull and maps the forces on the finite element model of the hull.

TDM-2B-L models the 5-MW-CSC as two structural components connected by three artificial beam elements. Aerodynamic
loads are not accounted for in the TDM-2B-L. In contrast, acrodynamic loads are accounted for in the TDM-2B-N while the
TDM-2B-N models the hull of the 5-MW-CSC as two structural components connected by three artificial beam elements and the
mooring lines, tower and blades as beam elements. The mean wet surfaces of the two structural components of the TDM-2B-L are
identical to the mean wet surfaces of the two structural components of the TDM-2B-N correspondingly and respectively.
Consequently, if the influence of the ISA on the hydro loads on the structural components can be accurately modeled in TDM-2B-
L, the influence can be accurately modeled in the TDM-2B-N.

The motions of the hull and responses of the RNA, tower and mooring lines predicted by TDM-2B-N and TDM-1B-C are
compared in Comparison B. TDM-1B-C is used as a reference model except for the global forces and moments in the hull. TDM-
1B-C and TDM-2B-N are identical except for the finite element model of the hull and method for modeling the external and
inertial loads on the hull. Therefore, agreement in the compared responses is expected to be good.

Since the hull of the 5-MW-CSC is a statically determinate structure, it is expected that the global structural stiffness of the
hull does not affect the global forces and moments in the structural components of the hull except for the inertia loads and hydro
loads induced by the flexible modes of the hull. The global structural stiffness of the hull is determined by properties of the
equivalent cross-sections of the pontoons and columns and material properties, e.g. Young’s modulus and modulus of rigidity. In
Comparison C, artificial material properties are implemented to make the global structural stiffness of the hull of the TDM-29B-N
to be of the same magnitude as the one of the TDM-2B-N. Consequently, the global forces and moments calculated by the TDM-
2B-N and TDM-29B-N are expected to be identical. Research on the importance of the influence of the inertia loads and hydro

loads induced by the flexible modes of the hull is interesting and will be investigated in future.

9m
65 / Side Column 2
6.5 m
«> \
e Central column —1 A
6.5m Side Column 1
_/ 20m Pontoon 2 __|
29 f Side column 1 4l m :
/T | yswL X il
e R At A e -
09 T1m 19 I O
1
24 m £ - >
455m !
Pontoon 1 1
( Pontoon 3
\ v
| | | N | | i 6m
€ . | > Side Column 3
455 m

Figure 5 Side (left) and top (right) views of the semi-submersible hull of S-MW-CSC



T T I I T Point § Point 1 Point 2
Zinp
Point 7 xinp Point 3
oinp
1 | | | | | Pont 6 Pont 5 Point 4|

Reference
wind turbine

5-MW-CSC
[15]1

Computer
code
Simo/

Computer
code
WADAM
[26]

Numerical
model
TDM-2B-1

Numerical
model
TDM-2B-N

Numerical
maodel
TDM-1B-C
(reference
model)

Numerical
model
FDM
(reference
model)

Figure 7 Numerical models

Numerical
model

T'he conventional

ndard

jure used

in the offshore
oil and gas
industry [26]

Numerical
model

TDM-2B-L

Numerical
model
FDM
(reference
model)

Accuracy of the

appro
accounting for
the influence of
the ISA

Comparison A

Numerical
model
TDM-2B-N

Numerical
model
TDM-1B-C
(reference
model)

Comparison B

Accuracy of the
proposed approach for
predicting responses
of the RNA, tower

and mooring li

Accuracy of the
proposed approach for
predicting motion
response of the hull

The proposed
approach can be
applied to generic

floating wind
turbines. It is not

necessary to be
limited to two ri
bodies for the hull.

Comparison C

Numerical
model
TDM-29B-N

Numerical
model
TDM-2B-N

proposed approach for
modeling the hydro

loads on the structural

components of the hull

Accuracy of the
proposed approach for
predicting the global
forces and mome

the hull

Figure 8 Verification procedure




3.1 FDM

The FDM is a frequency-domain model developed in WADAM [26] to calculate wave induced global forces and moments in
a cross-section as shown by the dashed line in Figure 5. Only wave loads are considered here. A realistic cross-section of the
pontoon of the hull may be composed of stiffened plates, stiffeners and girders. As shown in Figure 6, in global analysis, the
realistic cross-section can be simplified as a box-shape cross-section with equivalent thickness. The mean position of the
geometrical center of the box-shape cross-section in the O -x/-y/-z/ coordinate system is (31.5, 0, -27). The cross-section
divides the semi-submersible wind turbine into two parts: “Part A” and ‘“Part B”. The wind turbine is included in the “Part B”. The
global forces and moments in the cross-section are derived based on the fact that the global forces and moments in the cross-
section and inertial and external loads on the “Part A” (as well as on Part B) must be in equilibrium. The standard procedure used
in the offshore oil and gas industry [26] is implemented in WADAM to calculate the inertial and external loads on the “Part A”.

The inertial loads on the “Part A” are determined by the mass and acceleration of the “Part A”. Motion equations are
generated and solved in frequency domain to derive the acceleration. In the motion equations, the RNA, tower and hull are
modeled as a single rigid-body with 6 d.o.f.s. Structural flexibility of the floating wind turbine is neglected. The mooring lines are
not included in the rigid-body formulation. Instead, a 6 X 6 restoring stiffness matrix (Cpooring) is introduced in the motion
equations to represent the restoring effect of the mooring lines on the motions. Hydrodynamic coefficients used in the motion
equations are calculated by solving the potential-flow boundary value problem with the rigid-body assumption. The motion
equations do not include viscous effect. The external loads on the “Part A” are composed of the first order hydrodynamic loads
and the fluctuations of hydrostatic pressure forces and gravity loads.

[114 kN/m 0 0 0 —2052 KN 0 1
| 0 114 kN/m 0 2052 KN 0 0 |
e _| 0 0 0 0 0 0 I ©
mooring 0 2052 KN 0 149669 kN *m 0 0
—2052 KN 0 0 0 149669 kN *m 0
0 0 0 0 0 204628 kN = m

3.2 TDM-2B-L

The TDM-2B-L is a time-domain model developed in Simo/Riflex [27,28] and implements the proposed approach. We intend
to make it be, as much as possible, equivalent to the FDM. That means, in the TDM-2B-L, the “Part A” and “Part B” are modeled
as two rigid-bodies. Each rigid-body has 6 d.o.f.s. The origins of the body-fixed and body-related coordinate systems for the two
rigid-bodies are denoted as 0?P4 and 0™P4and 0P"F and 0"PF respectively. When the floating wind turbine is located at its mean
position, the body-fixed and body-related coordinate systems are coincident to the 0-x/-yf-z/ coordinate system. The positions
and orientations of the 0P4 and OPFE are described by nP4(t) and nP2(t) in the 0F-x/-y/ -2/ coordinate system. In the
frequency-domain model, the global forces and moments in the cross-section are derived from the equilibrium between the
relevant external and inertial loads and the global forces and moments. However, to calculate the global forces and moments in a
straight-forward manner in Simo/Riflex, we must have a finite element model. Consequently, the two rigid-bodies are connected
by three artificial beam elements. The mean positions of the end nodes of the artificial beams in the 0-x/-yf-z/ coordinate
system are tabulated in Table 1. Each end node rigidly follows the motions of its corresponding rigid-body (9™ (t) or nP2(t)).
The artificial beam elements are massless. There are no external loads on the artificial beam elements. Each artificial beam
element only has axial and torsional stiffness. Artificial Young’s modulus and modulus of rigidity are specified to make the
artificial beams be stiff. For each beam element, the product of the Young’s modulus and cross-section area is specified as 10° kN,
while, the product of the torsional rigidity and modulus of rigidity are specified as 10° kNm?/rad. The proposed approach is
implemented to calculate the first order hydrodynamic loads, gravity and hydrostatic pressure forces on the “Part A” and “Part B”
and map the loads on the end nodes of the artificial beam elements. Viscous loads on the hull are not included. The mooring lines
induced forces and moments on the floating wind turbine are accounted for by (—1) * Cinooring * 172 (t), which are acting on
O™PB and described in the body-related coordinate system of the rigid-body that corresponds to the “Part B”.

Table 1 Positions of end nodes of three artificial beams in the body-fixed coordinate system (Units in meter)

End 1 End 2
Artificial beam 1 (31.4,0,-27) (31.6,0,-27)
Artificial beam 2 (31.5,-0.1,-27) (31.5,0.1,-27)
Artificial beam 3 (31.5,0,-27.1) (31.5,0,-26.9)




3.3 TDM-1B-C

The TDM-1B-C is a time-domain model developed in Simo/Riflex/Aerodyn. The time-domain model implements the
conventional hybrid frequency-time domain approach. The hull is modeled as a rigid-body with 6 d.o.f.s in Simo. The
conventional hybrid frequency-time domain approach is used to account for the first order wave excitation and radiation loads on
the hull. The blades, shaft of the drive train inside the nacelle, tower and mooring lines are modeled as beam elements in Riflex.
The motions of the lower end node of the tower and the upper nodes of the mooring lines rigidly follow the motions of the hull.
The hub and nacelle are modeled as rigid mass points attached on the shaft and top of the tower. Aerodynamic loads on the blades
and tower are calculated in Aerodyn [32]. A dll file [31] is used to account for the effect of pitch control on aecrodynamic loads on
the three blades and the effect of the generator inside the nacelle on the power production and generator torque. The torque of the
generator is calculated by the dll file based on the rotational speed of the shaft. The shaft is rotational about its longitudinal axis.
The rotational d.o.f. is achieved by applying a flex joint [28] on the beam element of the shaft. The blades are connected to the
tower through the shaft. Loads on the blades, hub, shaft and generator torque are transferred through the flex joint to the beam
element of the tower. Hydrodynamic loads on the mooring lines are accounted for by the Morison formula. The drag term of the
Morison formula is used to account for the viscous loads on the hull. The non-dimensional drag coefficients (C;) are specified in
DNV][33]. C, for the width and height of the pontoons of the 5-MW-CSC is 1.95. C; for the central column is 0.8. C; for the side
columns is 0.64. The work-flow chart is available in Figure 1.

3.4 TDM-2B-N

The TDM-1B-C and TDM-2B-N are identical except for the finite element model of the hull and method for modeling the
external and inertial loads on the hull. The cross-section, as shown by the dashed line in Figure 5, discretizes the hull into two
components. The two components of the hull are modeled as two rigid-bodies: “Bodyl” and “Body2”. The wind turbine is
mounted on the “Body 2”. Each rigid-body has 6 d.o.f.s. The origins of the body-fixed and body-related coordinate systems for
the “Body1” and “Body2” are denoted as 0! and 0™F1and 0?52 and 0™5? respectively. When the floating wind turbine is
located at its mean position, the body-fixed and body-related coordinate systems are coincident to the 0F-x/-y/-z/ coordinate
system. The positions and orientations of the 0?5 and 0?52 are described by n%1(t) and n%2(t) in the 0/ -x/-y/-z/ coordinate
system. The two rigid-bodies are connected by the artificial beam elements used in the TDM-2B-L. Each end node of the artificial
beam element rigidly follows the motions of its corresponding rigid-body (9®1(t) or n8%(t)). The proposed approach is
implemented to calculate the first order hydrodynamic loads, gravity and hydrostatic pressure forces on the “Body1” and “Body2”
and map the loads on the end nodes of the artificial beam elements. The drag term of the Morison formula is used to account for
the viscous loads on the hull. The non-dimensional drag coefficients used in TDM-2B-L and TDM-2B-N are identical. The work-
flow chart is available in Figure 3.

3.5 TDM-29B-N

The TDM-29B-N is an extension of the TDM-2B-N. Numerical models for the RNA, tower and mooring lines of the TDM-
2B-N and TDM-29B-N are identical. In the TDM-29B-N, we consider that the hull is composed of twenty-nine structural
components. For example, the blue colored parts in the Figure 9 are the structural components named “ICP_S1” and “SP3_2”
respectively. Each structural component corresponds to a reference node (the brown colored circle). Each reference point
represents 6 d.o.f.s of the corresponding structural component. The reference points are connected by beam elements that
represent the flexibility of the hull. The beam elements are massless and there are no external loads on the beam elements. The
viscous drag is accounted for by the drag term of the Morison formula and being integrated and transferred to the corresponding
reference nodes. The end nodes of beam elements rigidly follow the motions of the corresponding reference node. In the 5-MW-
CSC, there are four interfaces between the columns and pontoons. The ICP_S1 represents an interface between the side column 1
and the pontoon 1. For the TDM-29B-N, the stiffness of the interfaces is not modeled since the interfaces are modeled as rigid-
bodies. The stiffness of the beam elements are determined by properties of the equivalent cross-sections of the pontoons and
columns and material properties, e.g. Young’s modulus and modulus of rigidity. In the Comparison C, artificial material
properties are implemented to make the global structural stiffness of the hull of the TDM-29B-N be in the same level as the one of
the TDM-2B-N. The specified stiffness properties of the beam elements are tabulated in Table 2. EA, represents the product of the

Young’s modulus and cross-section area. EI; represents the product of the Young’s modulus and the second moment of the area
of the cross-section. GJ, represents the product of the torsional rigidity and modulus of rigidity. The work-flow chart is available
in Figure 3.

Table 2 Specified stiffness properties of the beam elements used in TDM-29B-N

EAq [kN] El, [kNm?] GJ, [kNm?/rad]
Column 1.29 * 1010 6.79 * 101 5.11 100
Pontoon 1.89 * 1010 6.27 % 100 2.00 * 100
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Table 3 Summary of the features of the time-domain models

Mass and TDM-2B-L TDM-1B-C TDM-2B-N/ TDM-29B-N
structural
models
The floating wind turbine is divided into | The hull is modeled as one rigid- | The hull is discretized as two rigid-
The hull two parts: “Part A” and “Part B”. The | body with 6 d.o.f.s. Integrated | bodies: “Bodyl” and “Body2” /
two parts are modeled as two rigid- | mass. twenty-nine rigid-bodies. Each rigid-
bodies. Each rigid-body has 6 d.o.fs. body has 6 d.o.f.s. The two rigid-
The two rigid-bodies are connected by bodies are connected by three artificial
three artificial beam elements. Integrated beam elements / The twenty-nine rigid-
mass (corresponding to each rigid-body). bodies are connected by beam
elements. Integrated mass
(corresponding to each rigid-body)
Nacelle Rigid-bodies with integrated mass | Mass point attached to tower top
hub (Included in the rigid-body for the “Part ["Nags point attached to shaft Identical to TDM-1B-C
Tower B). Flexible bodies
Blades Beam elements
Shaft Distributed mass
Mooring The finite element model of the mooring
lines lines is not developed.
External TDM-2B-L TDM-1B-C TDM-2B-N/ TDM-29B-N
load model
1) Gravity loads 1) Gravity loads 1) Gravity loads
2) Extended hybrid frequency-time | 2) Conventional hybrid frequency- | 2) Extended hybrid frequency-time
The hull domain approach time domain approach domain approach
3)Hydrostatic pressure force 3) Viscous force (Drag term of the | 3) Viscous force (Drag term of the
4) Rayleigh damping (the part that is | Morison formula) Morison formula. The drag coefficients
proportional to the structural stiffness) 4) Hydrostatic pressure force are identical to TDM-1B-C)
5) Linearized restoring forces and 4) Hydrostatic pressure force
moments provided by the mooring lines. 5) Rayleigh damping (the part that is
proportional to the structural stiffness)
Nacelle 1) Gravity loads
hub 1) Gravity loads 2) Rayleigh damping (the part that
Tower is proportional to the structural | Identical to TDM-1B-C
stiffness)
Blades 1) Gravity loads
2) Aerodynamic loads (Aerodyn)
3) Rayleigh damping (the part that
is proportional to the structural
stiffness)
Shaft 1)Generator torque
Mooring None 1) Gravity and Buoyancy loads
lines 2) Morison formula




4 Results and discussions
4.1 Comparison A

E., E,, F;, My, M,,, and M, denote the wave induced global forces and moments in the cross-section shown by the dashed line
in Figures 5 and 6. The global forces and moments are acting on the origin of the 0P-x"P_yimP_zinP coordinate system and
described in the 0™P-x"P_yimP_zinP coordinate system. The O7P-xP_yinP_zinP coordinate system is a body-fixed coordinate
system. When the 5-MW-CSC is located at its mean position, the body-fixed coordinate system is coincident to the 0/ -x/-y/-z/
coordinate system except that the origin of the body-fixed coordinate system is located at the geometrical center of the cross-
section which is (31.5, 0, -27) in the 0/ -x-y-zf coordinate system.

For a given point on the cross-section, axial stress (o,) and shear stress (7) are calculated by Eqs.(10,11).

F, M M,
Oy = = z + z (1 0)
A Wy_inp Wz_inp

Mx FySz_inp FzSy_inp

T=
2Aotc Iz,inp tc Iy,inp tc

an

A is the area of the cross-section. wy, ;,;, and W, ,,, are the section moduli corresponding to the y_inp and z_inp axes and the
position of the point on the cross-section. 4 is the circumscribed area of the cross-section. t. is the equivalent thickness of the
cross-section. Sy, i, and S, ;,;, are static moments corresponding to the y_inp and z_inp axes and the position of the point on the
cross-section. I, jn;, and I, j;, are the second moments of area of the cross-section.

For the TDM-2B-L, transfer function moduli for wave induced global forces and moments and axial and shear stresses can be
obtained by carrying out irregular wave analysis or regular wave analysis.

Regular wave analysis can directly give the moduli and phase angles of the transfer functions; however, the phase angles are
very sensitive to numerical issues. The transfer functions corresponding to 19 different wave directions and 58 different
frequencies are calculated. The wave direction varies from 0 degrees to 180 degrees with 10-degree intervals. The frequencies are
distributed in the range from 0.3 rad/s to 2.2 rad/s. The amplitude of each regular wave is specified as 0.1 m.

Alternatively, transfer function moduli can be derived from the spectral densities of the incident waves and global forces and
moments. For each wave direction, a 10-hour realization of wave elevation is generated from a white noise spectrum. The
frequency range of the spectrum is from 0.3 rad/s to 2.2 rad/s. Significant wave height of the spectrum is specified as 1.233m
(H 524\/5 , my denotes the variance-area under the spectral density function). The wave induced motions and global forces and
moments are calculated by the TDM-2B-L. The spectral densities are obtained by applying inverse Fourier transform, with a fixed
smoothing parameter, of the autocorrelation function of the incident wave and global forces and moments.

The relative difference (R;) in the obtained transfer function is employed to show the difference in two groups of data. Ry, is
used to address the relative difference with respect to the corresponding maximum value in the entire wave frequency range (from
0.35 rad/s to 2 rad/s). For example,e(w) = {e(wy), e(w,), ...e(w;), ...} and f(w) = {f(w,), f(w,), ... f(w;), ... } represent transfer
function moduli for wave induced axial force (|H Fxl)' The transfer function moduli are calculated by carrying out irregular wave
analysis and regular wave analysis respectively. w; is a given frequency.

Ry(w;) = le(w;) — f(w)]

max{e(w), (o)} X 100% (12)

Transfer function moduli for wave induced global forces and moments and axial and shear stresses obtained by carrying out
regular and irregular wave analysis in the TDM-2B-L are compared. The agreement is good. The largest R), for the transfer
function moduli for axial and shear stresses is less than 6%. For most of the transfer function moduli, R}, is less than 3%.
Therefore, for the TDM-2B-L, in the following, the transfer function moduli are obtained by carrying out irregular wave analysis.

The transfer function moduli given by the FDM and TDM-2B-L are compared. Some selected results are shown in the present
paper. Note that the trend of the transfer function moduli for the sectional forces and moments are not necessary to be the same as
that of the total integrated wave excitation loads or motions. The sectional forces and moments are resultants of the difference
between the effects of these two on the structure.

The main observations are discussed as follows:

The agreement in transfer function moduli for the global forces and moments and stresses given by the FDM and TDM-2B-L
is very good. The relative differences (R},) vary with respect to the wave frequency and wave direction. In general, peak values of
R, may appear at frequencies nearby troughs of the transfer function modulus curves. However, the effect of the peak values of
Ry, on the accuracy of the global forces and moments calculated by the TDM-2B-L is very limited. This is because, in the



frequency range from 0.35 rad/s to 2 rad/s, for most of the transfer function moduli, R, is less than 2.5%. The maximum value of
R, for the transfer function moduli for stresses and for global forces and moments is no more than 8% and 5.9% respectively. Two
examples are available in Figure 10 and 11. Position of the points on the cross-section is shown in Figure 6.

The difference between the FDM and TDM-2B-L is induced by: 1) inherent difference between frequency-domain and time-
domain models; 2) accuracy limitation for the numerical solver and other numerical issues.

Detailed discussions are as follows:

Transfer function moduli for the global forces and moments and stresses subjected to the white noise irregular wave
analysis with H; = 1.233 m and Hy = 12.33 m are compared. For wave directions, where yaw motion is very small
due to the shape of the wet surface of the hull, i.e. 0-degree-wave, 60-degree-wave and 120-degree-wave, R;, for the
transfer function moduli is close to zero and indicates that the difference is negligible. In the rest wave directions, the
difference is significant. In the frequency range from 0.85 rad/s to 2 rad/s, R}, for the transfer function moduli for the
stresses can be up to 28% (in the area around 1.85 rad/s). In the frequency range from 0.35 rad/s to 0.85 rad/s, R;, for the
transfer function moduli for the stresses is less than 5%. An example is shown in Figure 12.

Transfer function moduli for the responses are calculated by the TDM-2B-L based on two groups of random seed. R,, for
the transfer function moduli for the stresses is in the range of 0% to 2.2%. The difference may be induced by stochastic
uncertainties, non-linear effect and/or numerical errors.

The mooring lines, tower and blades are flexible slender structures, while the hull and shaft are very stiff. For a large
volume structure, such as the 5-MW-CSC, the integrated hydrodynamic loads on the hull can be much larger than the
integrated aerodynamic loads on the blades or hydrodynamic loads on the mooring lines. The large variations in the
generalized stiffness matrix and external load vectors of the finite element model of the floating wind turbine may,
numerically, result in an accuracy limitation and/or numerical errors.

In Simo/Riflex, global shear forces in the beam elements are calculated by the Euler—Bernoulli beam theory. If the three
artificial beam elements of the TDM-2B-L are replaced by a very short (0.1 m) beam element with very large axial,
torsional and bending stiffness, the shear forces calculated by the TDM-2B-L are strange and wrong until the bending
stiffness of the beam element is reduced and/or the length of the beam element is increased.

The TDM-2B-L does not have viscous damping. Therefore, very limited wave energy at the resonant frequencies can
result in very large resonant motions. The amplitude of the resonant motions could be much larger than the amplitude of
the motions in the wave frequency range. The very large resonant motions can introduce strong numerical noise on the
realizations of the motions in the wave frequency range. Therefore, the lower limit of the frequency range of the white
noise spectrum used in the irregular wave analysis is specified as 0.3 rad/s to keep the wave energy be away from the
resonant frequencies, avoid very large resonant motions and limit the numerical noise. Alternatively, the numerical noise
can be moderated by introducing viscous effect into the numerical model.

In the TDM-2B-L, the first order wave excitation loads on the hull are generated from the corresponding spectral
densities of the wave excitation loads. “WETFF59” and “WETFF199” represent wave to wave excitation load transfer
functions that correspond to a set of 59 selected frequencies and a set of 199 selected frequencies respectively. If the
TDM-2B-L use the “WETFF59” and is subjected to 80-degree-wave, 90-degree-wave or 100-degree-wave, the TDM-
2B-L will give strange results in the transfer functions for the global forces and moments. The strange results will
disappear if the “WETFF59” is replaced by “WETFF199”. Figure 13 shows the transfer function modulus curves for the
global lateral shear force (F,) given by the FDM and TDM-2B-L, which use the “WETFF59” and is subjected to 90-
degree-wave, as an example. Compare to the FDM, the TDM-2B-L gives strange transfer function moduli (“an
impulse”) in the frequency range from 0.79 rad/s to 0.89 rad/s. We can observe similar strange results in the spectral
densities for the global forces and moments given by the TDM-2B-L that implements the “WETFF59” rather than the
“WETFF199”. Figure 14 shows the spectral densities for the global lateral shear force (F,) given by the TDM-2B-L that
implements the “WETFF59” and “WETFF199” respectively. The circles and squares on the curves represent the set of
the 59 selected frequencies and set of the 199 selected frequencies respectively. The spectral densities are generated
based on the same smoothing factor for the inverse Fourier transform. The realizations of the global forces and moments
are calculated based on the same realization of the wave elevation. In the frequency range from 0.79 rad/s to 0.89 rad/s,
the set of the 59 selected frequencies for the “WETFF59” has two frequencies (0.797 rad/s and 0.877 rad/s). These two
frequencies are nearby the boundary of the range and sufficient to represent the wave excitation transfer functions in the
range. The set of the 199 selected frequencies for the “WETFF199” has 12 frequencies uniformly distributed in the
range. The “WETFF59” agree with the “WETFF199”, while, the “WETFF199” are smoother since the “WETFF199”
include more frequencies. Figure 15 shows the transfer function curves for the lateral wave excitation force on the
“PartA” in 90-degree-wave, as an example. We do not observe similar strange results in the “WETFF59” and
“WETFF199”. We can conclude that the strange results are related to the selected frequencies for the wave excitation
transfer functions. However, the reason is not clear yet. In this paper, the numerical models, which implement the
proposed method, utilize the “WETFF199”. In general, a refined frequency resolution should be considered when using
irregular wave analysis to obtain the transfer function.
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Figure 15 Moduli and phase angles of transfer functions of wave to lateral wave excitation force on the “PartA”, subjected
to 90-degree-wave. The solid lines represent the moduli and phase angles corresponding to the set of the 59 selected
frequencies. The dashed lines represent the moduli and phase angles corresponding to the set of the 199 selected
frequencies.



4.2 Comparison B and Comparison C

Ten combined wind and wave conditions are selected from a site in northern North Sea [34] and tabulated in Table 4. The
combined wind and wave conditions are composed of five different mean wind speeds covering the below rated, at rated, above
rated and parked wind speed and two wave directions. In addition, we also looked at wave only conditions by removing the winds
from the combined conditions. For each condition, one 1-hour time-domain simulation is carried out in the TDM-1B-C, TDM-2B-
N and TDM-29B-N respectively. Identical random seeds are used to eliminate stochastic uncertainties. Responses, i.e. the pitch
angle of each blade, azimuth angle and rotational speed of the rotor, aecrodynamic forces and moments on the rotor, torque on the
rotational shaft of the drive train, generator torque, generated power, global forces and moments in a given cross section of the
tower, global rigid-body motions of the hull and mooring line tension at the top end (fairlead) of each mooring line, are calculated

and compared.

wind 0 degrees

wave 0 degrees

wave 90

degrees

Figure 16 Definition of the directions of wind and waves.

Table 4 Environmental conditions

Environmental Mean wind speed | Turbulence Hg T, Wave direction Note

conditions at nacelle height intensity [m] [s] [degree]
[m/s] [%]
EC01000 4.9 23 4.6 8 0 Wind turbine in operation;
EC01090 4.9 23 4.6 8 90 Two-parameter
EC02000 8.0 17 52 8 0 JONSWAP spectrum
EC02090 8.0 17 52 8 90
EC03000 11.0 15 5.7 8 0
EC03090 11.0 15 5.7 8 90
EC04000 16.5 13 6.5 8 0
EC04090 16.5 13 6.5 8 90
EC05000 34.6 11.1 8.7 9 0 Wind turbine parked;
EC05090 34.6 11.1 8.7 9 90 Two-parameter
JONSWAP spectrum

Results and discussions with respect to the Comparison B are given as follows:

The responses of the TDM-1B-C and TDM-2B-N subjected to the wave only conditions are firstly compared. We find that the
responses are identical to each other (the difference is negligible). Part of the realization of the fore-aft bending moment at the
tower base, in EC02000 (wave only), is given as an example, see Figure 17.
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Figure 17 An example of the time series of the fore-aft bending moment at the tower base of the TDM-1B-C and TDM-2B-
N, EC02000 (wave only)

Then, the responses of the TDM-1B-C and TDM-2B-N subjected to the combined wind and wave conditions are compared.
When the relative wind speed at the hub is below the rated speed, the generator torque and rotational speed of the rotor will be
adjusted by the controller to optimize the power generation. A slightly numerical difference in the TDM-1B-C and TDM-2B-N
can result in slightly differences (phase shift) in the azimuth angle and rotational speed of the rotor. The differences will be
accumulated with development of simulation time and result in developing differences in the aecrodynamic loads on the rotor,
global forces and moments at the tower base and mooring line tensions at the fairleads. As shown in Figures 18 and 19, the
realizations of the azimuth angle of the TDM-1B-C and TDM-2B-N are identical at the beginning but the phase shift is
accumulated with the development of the simulation time. The differences induced by the phase shift have very limited effects on
the realizations of the rigid-body motions of the hull and spectra of the global forces and moments at the tower base, mooring line
tensions and rigid-body motions. Spectral densities of the fore-aft bending moment at the tower base of the TDM-1B-C and TDM-
2B-N are given in Figure 20 as an example.

For EC04000 and EC04090, the relative wind speed at nacelle is always above the rate speed. Therefore, the generator torque
is constant and azimuth angles of TDM-1B-C and TDM-2B-N are in phase. Very slightly difference exists in the responses, see
Figure 21 as an example. The difference is induced by very slightly numerical difference in pitch actuator control. Identical
responses can be obtained if the control model is removed from the TDM-1B-C and TDM-2B-N. In EC05000 and EC05090,
where the wind turbine is parked, identical responses are observed.
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Figure 18 An example of the time series of the azimuth angle of the TDM-1B-C and TDM-2B-N, EC02000
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Figure 19 An example of the time series of the azimuth angle of the TDM-1B-C and TDM-2B-N, EC02000
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Figure 20 Spectral densities of the fore-aft bending moment at the tower base of the TDM-1B-C and TDM-2B-N, EC02000
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Figure 21 An example of the time series of the fore-aft bending moment at the tower base of the TDM-1B-C and TDM-2B-
N, EC04000

Results and discussions with respect to the Comparison C are given as follows:

We compare the responses of the TDM-2B-N and TDM-29B-N in wave only and in combined wind and wave conditions.
Observations of the comparisons of the responses of the RNA, tower and mooring lines of the TDM-2B-N and TDM-29B-N are
similar to the observations of the comparison of the TDM-1B-C and TDM-2B-N which have been illustrated in above.

Therefore, we focus on discussions with respect to the global forces and moments in the cross-section shown in the Figure 5.
As mentioned in above, the global forces and moments in the cross-section (the dashed line) are described in the Q™P-xP_yinp_
2P coordinate system and are denoted as F,, E,, E;, My, M,,, and M,. For each condition, time realizations of the global forces
and moments of the TDM-2B-N and TDM-29B-N are in phase and almost identical. An example is given in Figure 22.

When the floating wind turbine is located in calm water without wind loads, the global forces and moments in the hull are
static and are determined by the gravity and hydrostatic pressures forces on the floating wind turbine. We find the difference in the
static loads calculated by the TDM-2B-N and TDM-29 and the analytical solution is less than 1%.

Figure 23 and 24 show the spectral densities of the M,, (bending moment) of the TDM-2B-N and TDM-29B-N in EC01000,
EC02000, EC03000, EC04000 and EC05000. We do not observe any high frequency responses (in the frequency range 2 rad/s to
4 rad/s). The peaks of the density curves in the frequency range 0.5 rad/s to 2rad/s correspond to the T, of the wave spectrum,
while, in the operational conditions, considerable low-frequency (from 0 rad/s to 0.3 rad/s) components can be observed. The
standard deviation of the M,,, for example, in EC03000 with combined wind and waves is 21.4 MN*m, while the standard
deviation of the M,, in EC03000 with waves only is 15.2 MN*m. The relative difference is 41%.

In the low frequency range, the global forces and moments in the structural components of the hull are sensitive to
fluctuations of the hydrostatic pressure forces on the structural components. This is because: 1) the aerodynamic loads on the
RNA and tower can excite significant rotational motions (e.g. roll and pitch) in particular in the low frequency range comparing to
the motions excited by the wave excitation loads on the hull, while the first order terms of the fluctuations of the hydrostatic
pressure forces are proportional to the motions; 2) wave excitation loads are expected to be small since wave energy is expected to
be very limited (except for swell) in the low-frequency range; and 3) inertia and radiation loads are proportional to the first order
derivative (velocity) and second order derivative (acceleration) of the motions and are expected to be small in the low-frequency
range.
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Figure 22 An Example of the time series of the M,, (bending moment) of the TDM-2B-N and TDM-29B-N, EC04000
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Figure 23 Spectral densities of the M, (bending moment) of the TDM-2B-N and TDM-29B-N in EC01000, EC02000,
EC03000, EC04000 and EC05000
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Figure 24 Spectral densities of the M, (bending moment) of the TDM-2B-N and TDM-29B-N in EC01000, EC02000,
EC03000, EC04000 and EC05000 (wave only)

5 Conclusions

The present paper deals with the development and verification of a time-domain approach that can be easily implemented in
various state-of-the-art computer codes to extend their capabilities to analyze global forces and moments in structural components
of a generic floater subject to linear and non-linear environmental loads from wind and waves. The global forces and moments in
the structural components might be used as inputs of design formulas for structural strength design checks and/or used as
boundary conditions in a sub-model finite element analysis to determine structural responses such as stresses, etc.

The proposed approach focuses on the modeling of the inertia and external loads on the hull and the mapping of the loads in
the finite element model of the hull. In the proposed approach, floating wind turbines are considered as an assemblage of several
structural components. The conventional hybrid frequency-time domain approach is extended to model the external loads on and
inertia loads of each structural component. Hydrodynamic loads on each structural component are obtained by integrating the
pressure loads that are obtained by solving the linear hydrodynamic problem with the assumption that the hull is a rigid-body. The
kinematics of different structural components is constrained by the rigid-body assumption. The proposed approach does not
account for hydroelasticity effects. The expressions of the hydro loads on each structural component can be further modified to



account for, for example, second order and/or higher order hydro loads on each structural component. Beam elements are used to
represent the global stiffness of the structural components but the proposed approach can be further extended to use other finite
element models to represent the stiffness of the structural components.

So far, the proposed approach has been implemented in the computer code Simo/Riflex/Aerodyn to analyze global forces and
moments in the hull of a semi-submersible wind turbine. Responses calculated by the numerical models that implement the
proposed approach and obtained by the reference models are compared step by step. The agreements are very good. Accuracy of
the proposed approach needs to be further checked by sensitivity studies and by comparison to the model test data.

In the operational conditions, considerable low-frequency components can be observed in the spectra of the obtained global
forces and moments in the pontoons of the reference floating wind turbine. The results indicate that the low-frequency
aerodynamic loads, the fluctuations of the hydrostatic pressure forces and the fluctuations of the gravity loads of floating wind
turbines are important contributions to the structural responses, in particular, in the low-frequency range. This feature needs to be
further investigated by experimental studies.
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Abstract

To achieve cost-effective and reliable structural design of floating wind turbines, efficient and accurate time domain numerical
approaches are required to analyse structural responses in design conditions, e.g. wind and waves. This paper focuses on
validation of a time-domain numerical approach for determining forces and moments in structural components of floaters. The
approach considers floating wind turbines as a system of several structural components, e.g. blades, rotational shaft, nacelle,
tower, mooring lines, columns, pontoons and braces. A finite element model is developed to represent global stiffness of the
structural components. The external and inertia loads on the structural components are modelled as distributed loads.
Hydrodynamic loads on each structural component are derived from the corresponding hydrodynamic coefficients obtained by
solving the first order boundary value problem using WAMIT. A 1:30 scaled braceless semi-submersible model test which
implements the ReaTHM® testing approach was done by SINTEF Ocean, formerly MARINTEK, in its ocean basin.
Measurements of the global forces and moments at the base of a side column of the model and rigid-body motions of the model
are compared to the corresponding simulations. This paper focuses on responses in moderate waves for which linear
hydrodynamic loads are applicable. Differences in the corresponding simulations and measurements are found to be small, while
possible reasons, e.g. synchronizations, non-linear effects, and uncertainties in the measurements and simulations, for the
differences are analysed. Essential information about the model test, descriptions of the numerical models, calibrations and
results and discussions of the validation are given in this paper.
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1. Introduction

Innovative floating wind turbine concepts are considered an attractive solution for harvesting offshore wind
energy in relatively deep water, e.g. deeper than 80 m. The offshore wind industry is moving from pilot prototype
field tests to pilot commercial size floating wind farms while structural optimization for cost reduction is a focus of
these pilot projects [1, 2].

In general, a floating wind turbine is composed of a rotor nacelle assembly (RNA), a tower, a hull, and a mooring
system. Many concepts, e.g. [3-9], have been proposed. These concepts can be classified as spar [3, 4], TLP [5, 6]
and semi-submersible wind turbines [7-9].

Floating wind turbines operate in wind, current and waves which result in dynamic motions around mean offsets
and structural responses. Limit states with respect to the motions and structural responses are specified in design
standards of floating wind turbines, e.g. DNV-OS-J103, ABS #195 and ClassNK guideline [10-12], to make sure
that the developed designs will have acceptable stability and structural strength. Consequently, designers must
implement appropriate approaches, e.g. numerical simulations and/or model tests, to demonstrate that the designs
satisfy the specified requirements and criteria.

Frequency-domain computer codes, e.g. WADAM [25], are widely used in the offshore oil and gas industry to
efficiently analyse wave induced rigid-body motions and hydro-pressure forces on mean wetted body surface of a
floating unit. The hydro-pressure forces can be used in a finite element analysis [25] to efficiently determine
structural responses such as stresses, etc. If the unit has a hull, which is a statically determinate structure, global
forces and moments in the hull can be obtained by integrating external and inertia loads which are acting on the
corresponding structural components of the hull. Meanwhile, frequency-domain computer codes, e.g. Turbu
Offshore [30], are capable of efficient optimizations for designs of offshore bottom-fixed wind turbines. However,
validity of the linearized approximations used in the frequency-domain codes must be appropriately checked, in
particular for novel designs of floating wind turbines. While we still need to use time-domain simulations and model
tests to shed more light on the aero-hydro-servo-elastic feature [13]. Another limitation is that frequency-domain
models cannot be used to account for transient loading events, e.g. wind turbine faults. Kvittem and Moan [31]
studied a frequency-domain method for estimating short-term tower base bending moments and tower fatigue
damage of a semi-submersible wind turbine. In the frequency-domain method, responses to combined wind and
wave loads are obtained by superposing responses to separated wind and wave loads. The frequency-domain method
was used in a case study to predict bending moments and fatigue damage in tower base of a reference semi-
submersible wind turbine in combined wind and wave loads. Predicted results given by carrying out a fully coupled,
nonlinear time-domain analysis are considered as reference values. Comparing to the reference values, the fatigue
damage predicted by the frequency-domain method were underestimated by 0-60%, corresponding to discrepancies
in standard deviations of stress in the order of 0-20%.

Conventional time-domain computer codes [14] focus on simulating global responses of the RNA, tower, and
mooring system, and rigid-body motions of floating wind turbines. Finite element models for floating wind turbines
are generated and solved in these computer codes. A review of conventional approaches for modelling aerodynamic
loads on the RNA and tower and hydro loads on the hull and mooring lines is available in [15]. Morison formula
and/or the conventional hybrid frequency-time domain approach [16] are used to model hydro loads on the floating
wind turbine’s hull. The hull is modelled as a rigid-body with 6 d.o.f:s in the time-domain finite element model,
while the conventional hybrid frequency-time domain approach gives integrated forces/moments in 6 d.o.f.s rather
than distributed forces and moments. Consequently, sectional forces and moments in the hull cannot be captured in a
straightforward manner. A straightforward manner means that the sectional forces and moments can be directly
obtained from time-domain simulations and used for design check. This is in contrast to the approach for which a
global motion response analysis must be carried out first and then the external aero- and hydro- dynamic loads as
well as the inertial loads are applied in a structural analysis of the floater for design check.

Luan et al [16] developed an approach for determining forces and moments in floaters. The approach can be
easily implemented in various state-of-the-art computer codes for wind turbine analysis, e.g. Simo/Riflex/Aerodyn,
OrcaFlex and FAST+CHARM3D, to extend their capabilities to analyse sectional forces and moments in structural
components of a generic floater. The sectional forces and moments in the structural components might be used as
input to design formulas for structural strength design checks and/or used as boundary conditions in a sub-model
finite element analysis. More details with respect to the difference between the developed approach and conventional
approaches, as well features and limitations, can be found in [16].
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We intend to, step by step, validate the approach of Luan et al [16] by using measurements of a 1:30 model test of
a braceless semi-submersible wind turbine [9] which has been tested in the ocean basin of MARINTEK, now
SINTEF Ocean.

In this paper, we focus on comparisons of the responses of the semi-submersible wind turbine in moderate waves
with less non-linear effects for which frequency-domain commercial computer codes, e.g. WAMIT, WADAM, can
be used as a reference model. Wave-induced transfer functions for rigid-body motions and fore-aft and side-to-side
bending moments in base of a side column derived from time-domain and frequency-domain simulations and
measurements are compared. The developed time-domain model is expected to give the same results as the
commercial computer codes, while the time-domain model can be further used to analyze the sectional forces and
moments in the hull in combined wind and wave loads in a straightforward manner but the frequency-domain codes
cannot.

The “model-the-model” principle, which means to simulate the actual model tests as closely as possible [17, 18],
is used. Uncertainties exist in the measurements, e.g. mass matrices, position of centre of gravity of each component
and positions of the anchors. Consequently, necessary calibrations with respect to some inputs of the numerical
models are carried out. All numerical results are given by the numerical models with calibrated inputs.

Essential information of the model test, i.e. coordinate systems, measured model properties, environmental
conditions and post-processing approach for the measurements, is given in section 2. More details with respect to the
model test are referred to [19-21]. The developed numerical models are described in section 3. Calibrations are
presented in section 4. Analyses and discussions of the results are available in section 5.

2. The floating wind turbine concept and model test

A layout of the experimental model and definitions of the direction of the wind and waves are shown in Figure 1
in a global Earth-fixed coordinate system (09-x9-y9-z9 ). 09 is at the geometrical center of the water plane area
when the model is in calm water. Mass properties and dimensions of the semi-submersible wind turbine are
described in a body-fixed coordinate system (0?-x?-y?-zP) The 0?-x?-yP-zP coordinate system is coincident to the
global coordinate system when the model is in calm water. Note that all the data and results presented and discussed
in this paper are given in full scale and in the corresponding coordinate systems described in this paper. A linear
scaling factor of A = 30 and the Froude scaling law are used to scale the original data measured from the model test.

The specified dimensions of the semi-submersible hull are tabulated in Table 1 and shown in Figure 2. As
shown in Figure 2, a column which includes two flanges is used to connect “Side column 1 to “Pontoon 1”. Fore-aft
and side-to-side bending moments in a cross section of the column are measured by strain gauges. The geometric
centre of the cross section is (41, 0, -27) in the body-fixed coordinate system. The cross section splits the model into
two parts. The part which includes the “Side column 1” is denoted as Part A while the rest is denoted as Part B.
Measured mass properties are given in Table 2.

The mooring system is composed of three catenary chain mooring lines with lead wires added for weight
correction. Distributions of mass and buoyancy of the mooring lines are made according to a design of the mooring
system for which each line has two segments from the fairlead to anchor with constant solid circular cross-section.
The design parameters are given in Table 3 and 4. According to the Froude scaling law, the scaled value of the
Young’s modulus of the mooring lines of the experimental model is 6.3 * 10° kN/m?.

Environmental conditions of the model tests, for which the results are discussed in this paper, are tabulated in
Table 5. In addition, some model tests, e.g. the pull-out tests, decay tests and turbulent wind only tests, are used to
calibrate the numerical models.

In the tests with the experimental model, wave elevation at Posl, see Table 6, was measured and denoted as
WAVEI while in the calibration tests (without the experimental model) wave elevations at Posl, Pos2 and Pos3
were measured and denoted as WAVElc, WAVE2c and WAVE3c, respectively. Full-scale horizontal locations of
the wave probes in the global coordinate system are given in Table 6.

Table 1. Specified dimensions of the semi-submersible hull (Full-scale)

Central column diameter [m] 6.5
Side column diameter [m] 6.5
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Pontoon height [m] 6
Pontoon width [m] 9
Central column freeboard [m] 10
Side column freeboard [m] 20
Centre-to-centre (central to side column) [m] 41
Centre-to-edge (central column to pontoon end) [m]  45.5
Operating draft [m] 30
Displacement [tonne] 10,555

Table 2 Measured mass properties of the experimental model. The center of gravity is described in the body-fixed coordinate
system with respect to OP. The moments of inertia are about the center of gravity.

Mass [tonnes] Centre of gravity [m] Moments of inertia [tonnes*m?]
xP yb z° [xx Iyy Izz Ixy Ixz Iyz
Complete model 9,730 0 0 -19.05 10297582 10297582 7641621 0 0 0
Part A 456.7 41 0 -12.93 96093 96093 2193 0 0 0

Table 3. Design parameters of a single mooring line

Segment Length Mass per length Wet weight Specified diameter
(m) (kg/m) (kN/m) (m)
Upper 240.00 235.0 2.005 0.195
Lower 367.55 446.0 3.804 0.269

Table 4. Arrangement of the mooring line anchors and fairleads described in the global coordinate system

Fairlead x9 i z9  Anchor x9 vy z9
1 45.95 0 -27 1 603 0 -200
2 -2298 398  -27 2 -301.5 5222 -200
3 -2298 -39.8 -27 3 -301.5  -522.2 -200

Table 5 Environmental conditions of selected model tests

Reference No.  Hy [m] [s] Wave direction [degree]  Model test duration [hour] Note
2310 2 Period range:3.5-22 0 3 Pink noise tests
2321 4 Period range: 4.5-22
2420 3.6 T,:10.2 0 3 JONSWAP spectrum

Table 6 Wave probe position in calibration (in the 09-x9-y9-z9 coordinate system)

x9(m) y9(m)
Posl  -187.5 -94.2
Pos2 0 0
Pos3 0 -94.2

B0 0 m  w o s

Figure 1 Layout of the experimental model
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Figure 2 A layout of the hull of the experimental model, courtesy of Fredrik Brun (SINTEF Ocean). Note that the configurations of the three
pontoons are identical. Some parts of the configurations of Pontoon 1 and 3 are not shown.

3. Numerical methods and models

A time-domain model (TDM) and a frequency-domain model (FDM) are developed to calculate the forces and
moments in the aforementioned cross section for which the geometric center of the cross section is (41, 0, -27) in the
0P-xP-yP-zP coordinate system. The forces and moments are denoted as F,, F,, F,, My, M,,, and M, and described in
a body-fixed coordinate system (Q™P-x"P-yinP_zinP) with respect to 0. The OP-x"P_yiP_z P and OP-xP-yb-
zP coordinate systems are coincident except that 0™ is located at (41, 0, -27) in the OP-x?-y?-zP coordinate
system. M,; and M,, correspond to the side-to-side and fore-aft bending moments, respectively.

3.1. TDM

We denote the Simo/Riflex [43, 44] time-domain finite element model for calculating sectional forces and
moments in the cross-section between Parts A and B as TDM.

The finite element model is generated in Riflex in the global coordinate system. The model is composed of 183
truss elements for modelling the three mooring lines, three artificial beam elements for capturing the sectional forces
and moments in the cross-section and two control nodes for modelling external and inertial loads on the Parts A and
B.

The approach, which is initially described in [16], is used in Simo to calculate the external and inertial loads on
Parts A and B. The loads given by Simo are described in the corresponding body-related coordinate systems (0™4-
x"A-y"A-z74 and 078 -x"B-y"B_z7'B) respectively and transferred to the control nodes of the finite element model.
Each control node has 6 d.o.f.s. Each of the end nodes of the artificial beam elements and the top end nodes of the
mooring lines (the fairleads) rigidly follows the motions of the corresponding control node. The 0?-x?-y?-z? and
body-related coordinate systems are coincident when the model is located at its mean position in calm water. 0™4
and 05 rigidly follow rigid-body motions of the O but the orientation of the body-related coordinate systems and
vertical position of the 0”4 and 0™F are fixed (as the same as the body-related coordinate systems when the model
is located at its initial position in time-domain simulation). To obtain the first order hydro loads, boundary value
problem in an earth-fixed coordinate system (e.g. 09-x9-y9-z9) with assumption that the hull is a rigid-body needs
to be solved to derive the corresponding coefficient vectors and matrices. Note that the derived coefficient vectors
and matrices include hydrodynamic interactions. Second order and higher order hydrodynamic loads and
hydroelastical effects are not included. More details are available in [16].
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Morison’s formula is used to model the hydrodynamic loads on the mooring lines, while the drag term of the
Morison’s formula is use to model the drag forces on Parts A and B. A discussion with respect to selection of the
corresponding drag coefficients (C,;) and added mass coefficients (C,) is given in section 4.

Young’s modulus of mooring lines of the numerical model is specified as 2.1 * 108 kN/m? rather than the value
of the experimental test (6.3 * 10° kN/m?) to avoid numerical problems. In theory, effects of this difference on
mooring line tensions and global responses of the model are negligible.

In Riflex, the time-domain finite element model is solved by using the Newmark-/£ numerical integration
(f =3.9and y = 0.505). Time step is set to be 0.05 seconds. Rayleigh damping, which is a linear combination of
the Riflex generated global mass and stiffness matrices, is used for modelling effect of structural damping. The
corresponding mass and stiffness proportional coefficients are set to be 0 and 0.005, respectively. More explanations
are given in [24].

3.2. FDM

WADAM implements a function for which a specified plane, e.g. the y-z plane at x=5, automatically divides the
hull into two parts, and calculates sectional forces and moments that are in equilibrium to inertial and external hydro-
loads on each part. However, we cannot use this function to calculate the forces and moments in the base of the side
column of our model since the specified plane in WADAM is infinite. If we specified an x-y plane at z=-24, one of
the parts divided by the specified plane would be composed of the wetted surface of the three side columns and the
central column. Consequently, the FDM, which implements the same principle as WADAM for calculating wave
induced transfer functions for rigid-body motions and sectional forces and moments but is more flexible for users to
divide the wetted surface into user specified parts, is developed in Matlab [22] and validated by using WADAM.
Note that the FDM implements linear theory [25]. Viscous drag forces on the hull and hydroelastic effects are not
included.

The implemented principle is described as follows:

The transfer functions for the sectional forces and moments (R® (w)) can be derived from R® (w,t) =
R{R® (w)e~!}. RS (w,t) denotes the global forces and moments induced by a unit-amplitude regular wave for
which second order and higher order terms with respect to amplitude of the regular wave are removed. The hull of
the experimental model is a statically determinate structure. As a result, the global forces and moments (R° (w, t))
are in equilibrium with inertia loads (R’ (w,t)) and external loads (R® (w, t)) on the Part A, see Figure 2 and Eq.
(1). R" (w,t) is determined by the mass matrix of Part A and acceleration (Y (w, t)). ¥ (w, t) is obtained by solving
the equations of motion in the the 09-x9-y9-z9 coordinate system, see Eq. (2). Rigid-body motions are denoted as
Y(w) = [V1, Y, Y5, Y4, Y5, Ye]. Y(w, t) = R{Y(w)e ™t} denotes the 6 d.o.f. rigid-body motions induced by a unit-
amplitude regular wave. R{} denotes the real part of the complex value inside the bracket. Approaches for
generating and solving the equations of motion are well known and referred to [26]. In Eq. (1), M9, A9 (w), B9 (w),
C9and HY (w) are the mass matrix, added mass coefficient matrix, potential damping coefficient matrix, restoring
coefficient matrix and first order wave excitation load transfer function. The R® (w,t) is composed of wave
excitation loads (R"%**(w,t)), added mass forces (R***(w,t)), potential damping forces (R"(w,t)) and

R™(w,t). RY**(w,t), R*(w,t), and R”*(w,t) can be obtained by 1) solving the potential-flow boundary value
problem with the assumption that the hull of the model is a rigid-body; 2) calculating the corresponding pressure
forces on the mean wetted body surface of the Part A based on the Bernoulli’s equation and the corresponding
velocity potential, and 3) integrating the pressure forces and transfer the integrated forces and moments to the
corresponding coordinate system. R’ lu(w, t) is the resultant forces and moments of gravity, hydrostatic pressure
forces on the outer surface and the atmospheric pressure forces on the inner surface of the Part A when the model is
located at an instantaneous position. Note that second and higher order terms with respect to amplitude of the regular
wave are not included in the R® (w,t) and R® (w, t) as well.

R° (w,t) + R* (w,t) + R® (w,t) =0 1
R{(M9 + A9 (w))¥(w,t) + BI(w)Y (w, 1) + CIY (0, )} = R{HY (w)e~ ™!} (2)
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4. Calibration of numerical model

The “model-the-model” principle, which means to simulate the actual model tests as closely as possible [18], is
used. A rational calibration procedure for the mooring system is available in [27] and implemented in this paper. Cy
and C, for the segments of each mooring line are specified as 1.4 and 1.0 respectively. The anchors of the mooring
lines are moved 1.5 meters away along the radial direction to increase the simulated pretension of each mooring line
in calm water from 1,517 kN to 1,597 kN. As discussed in [27], the deviation can be attributed to small inaccuracies
in the setup of the model test, e.g. the actual positions of anchors deviated from the specified positions and the actual
lengths of the mooring lines were slightly shorter than the specified values.

The mass of the experimental model can be estimated based on the draft, configuration of the hull and resultant
force of the vertical components of the mooring line tensions at the fairleads. Comparing the estimated mass to the
measured mass (which is tabulated in Table 2), a 4.7% deviation is observed. Meanwhile there are discrepancies
between the simulated and measured roll/pitch natural periods (obtained from decay tests) and mean heeling angle
and fore-aft and side-to-side bending moment in turbulent wind-only conditions. As discussed in [27], deviations
may exist in the measurements of the position of the centre of gravity and moment of inertia.

Consequently, a constant force which is acting on the 0Pt B and pointed to the negative axis of z"P%tB is
added in the TDM model to compensate the 4.7% difference and make the numerical model float at the same draft as
the experimental model in calm water while the vertical position of the centre of gravity and mass matrix of Part A
and B are calibrated.

The centre of gravity of the Part A is adjusted to (41, 0, -15.3) in the body-fixed coordinate system to give the
TDM the same mean bending moments as the measurements when the experimental and numerical models are
subjected to the same static tilt angle. The centre of gravity of the Part B is adjusted to (-2.019, 0, -20.6) so that the
TDM and experimental model have the same title angle under the same overturning moment. Adjustment of the
centre of gravity of the Part A has limited effects on the centre of gravity of the whole model. The relative difference
between the adjusted and original vertical positions of the centre of gravity of Part B is 6% (compared to [27]).

Three forces and moments are used to adjust the inertial loads of Part B and denoted as M2 ,#j®(t). The M2, is a
6 X 6 matrix. The #j(t) is the simulated motions of Part B. The M2, #j®(t) and M2 #® (t) are described in the
0B -x"B_y"B_z"B coordinate system with respect to the 08, According to the results of a parametric study with
respect to the effect of each term in the M2, on the motion responses and bending moments, all the terms in the M2,
are zero except for m;; = m,, = 571 tonnes and m,, = m,, = 5690 tonnes*m?. Relative differences between the
adjusted terms and the corresponding terms in the original measured mass matrix of Part B are less than 6%.

Adjustments with respect to the terms in the mass matrix of the Part A are not considered since a parametric study
shows that reasonable variations, e.g. in a range from -10% to 10%, have very limited effects on the motion
responses and bending moments.

The non-dimensional drag coefficients (C;) for the width and height of the pontoons and the columns are
specified as 2.1, 1.7 and 0.5, respectively, according to [28]. Results of a sensitivity study show that the effect of the
drag coefficients on the simulated global forces and moments and rigid-body motions are negligible in the wave
frequency range, i.e. from 0.3 rad/s to 1.4 rad/s.

5. Results and discussions

In this section we intend to compare the simulated and measured responses, i.e. the fore-aft and side-to-side
bending moments and rigid-body motions, of the model in moderate wave-only conditions.

5.1. General

WAVE2c are the measurements of undisturbed waves at Pos2 in wave calibration tests (without the experimental
model). WAVE2c were synchronized with the measurements of the model tests by comparing the WAVE1 and
WAVEIlc from the time 0 to 100 seconds (full-scale) since the WAVE] and WAVEIlc were measured by the same
wave probe at the same position in the model tests and wave calibration tests, and radiation and diffraction effects of
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the experimental model on the wave elevations at the Pos1 are expected to be negligible in the first 100 seconds. The
synchronized WAVE2c are considered as measurements of incident waves of the corresponding model tests (with
the experimental model) and were used as input to the TDM.

Lowpass Butterworth filter [22] and zero-phase digital filtering are used to remove high frequency components in
the measurements. The cutoff frequency, which is the frequency where the magnitude responses of the filter is

\/1_/2, is specified as 0.5 Hz. Then, the measurements are downsampled from 111.11 Hz to 5 Hz without risk of
aliasling.

Skewness and kurtosis [29] of the measured and simulated responses and waves are around 0 and 3, respectively
and indicate that, in moderate waves, the experimental model and TDM are linear systems with respect to waves
(input, denoted as x) and the corresponding response (output, denoted as y). Therefore, wave induced transfer
function (Hy, (w)), which is composed of the response amplitude operator (RAO) and phase angle (), are derived
by using Eq. (3, 4). Gy, and Gy, are one-side spectra that are derived from the corresponding cross-correlation and
autocorrelation with respect to the realizations of x and y, respectively [29]. Hy, (@) is a complex number. Real and
imaginary parts are denoted as Re and Im respectively. The phase angle () is derived based on the corresponding
values of Re and - Im. A negative phase angle (o) means the y lags the x. Note that computation of the phase angle
of the H,,,(w) derived from measurements of the incident waves and corresponding responses is very sensitive to the
synchronization in particular for high-frequency components of the transfer functions. For example, a 0.4 seconds
mismatch means a 9-degree-shift and a 32-degree-shift of the phase angle for the wave components for which the
frequency is 0.4 rad/s and 1.4 rad/s, respectively.

Hyy(w) = (G;Z—EZ; =Re +ilm 3)

RAO =y Re? + Im? 4)

The linear characteristic of the system can also be checked by calculating the corresponding coherence function
Y4y (w), see Eq. (5), [29]. The values of v, will always satisfy 0 <y, < 1. The %, will equal to one for an ideal
constant parameter linear system. G,,, is one-side spectrum that is derived from the corresponding autocorrelation
with respect to the realizations of y.

|Gay (@)

G (@)Gyy (@) )

V)?y (w) =

5.2. Comparisons of transfer functions

Transfer functions are derived from 1-hour measurements of the pink noise and Jonswap spectrum model tests,
i.e. model test 2310, 2321 and 2420, and the corresponding simulations. Reasonably good agreement between the
RAOs of the experimental and numerical models is observed, see Figure 3-6. In the comparisons, we focus on
frequency ranges where majority of the wave energy is distributed (from 0.4 rad/s to 1.4 rad/s for the pink noise
model tests and from 0.5 rad/s to 1 rad/s for the Jonswap spectrum model test). Spectral densities of the waves are
given in Figure 7. In addition, the work of Bachynski et al [19] shows that the RAOs which are derived from the
pink noise and regular wave model tests are consistent.

Peaks at 0.8 and 1.25 rad/s and trough at 1 rad/s are observed in the RAO for the fore-aft bending moment, see
Figure 3. The peaks and trough are attributed to inertial loads and added mass forces which are related to second
derivatives of surge and pitch motions (accelerations). Two troughs nearby 0.8 and 1.25 rad/s and a peak nearby 1
rad/s can be observed in the RAO for surge motion.

More significant discrepancies are in comparisons of the phase angles of the transfer functions, in particular for
frequencies that are higher than 0.9 rad/s. For the fore-aft bending moments in Figure 3, absolute value of the
difference between the phase angle given by the FDM and the phase angle given by experimental measurements or
simulations is less than 10 degrees at 0.4 rad/s (the frequency), but up to 50 degrees at 1.4 rad/s. For surge, heave
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and pitch motions, large differences between the phase angle given by the FDM and the phase angle given by
experimental measurements or simulations are in frequency ranges where amplitudes of the corresponding RAOs are
very small (close to zero).

14000 ; ‘ : : 100
12000 o
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10000 | 5
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£ I | o
£ 8000 )
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- -200| __1pwm 2310
——TDM 2310 3
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————— Model test 2321 P ¥;;e|2 1382511 2321
4000 -~ TDM 2321 e
——-Maodel test 2420 ———Model test 2420
2000 ‘ ‘ ~ — - Model test 2420 400 L=~ Model test 2420 | ‘
0.4 0.6 0.8 1 1.2 14 0.4 0.6 08 1 1.2 14

w [rad/s] w [rad/s]

Figure 3 Transfer function for the fore-aft bending moment, derived from 1-hour realizations, pink noise, H; = 2 m (2310) and Hy = 4 m (2321),
and Jonswap spectrum, H; = 3.6 m and T, = 10.2 seconds (2420)
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Figure 4 Transfer function for surge, derived from 1-hour realizations, pink noise, H; = 2 m (2310) and Hg = 4 m (2321), and Jonswap
spectrum, H; = 3.6 m and T,, = 10.2 seconds (2420)
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Figure 5 Transfer function for heave, derived from 1-hour realizations, pink noise, H; = 2 m (2310) and Hy = 4 m (2321), and Jonswap
spectrum, Hg = 3.6 m and T, = 10.2 seconds (2420)
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Figure 6 Transfer function for pitch, derived from 1-hour realizations, pink noise, H; = 2 m (2310) and H; = 4 m (2321), and Jonswap spectrum,
H; = 3.6 m and T, = 10.2 seconds (2420)
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Figure 7 Spectral densities of measured and simulated wave elevations at Pos2 (WAVE2c), derived from 1-hour realizations
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5.3. Investigation of differences between simulation and experiment

Some explanations for differences in the transfer functions between the TDM and experimental model are 1)
some non-linear effects, e.g. second and higher order hydrodynamic loads and non-linear wave kinematics, which
inherently exist in the model tests but are not modelled numerically, and 2) uncertainties, noise and unknown errors
in the measurements. Some relevant observations are discussed as follows.

Coherence functions are expected to equal to one when the TDM and experimental model are subject to small
incident waves, e.g. the pink noise model test 2310. However, as shown in Figure 8, significant deviations can be
observed in the coherence function of the measurements in the frequency range from 1 rad/s to 1.4 rad/s. The
deviations indicate that one or more of three possible physical situations exist. The three possible situations are 1)
extraneous noise is present in the measurements; 2) the system relating the incident wave (input) and the
corresponding response (output) is not linear; and 3) the response is an output due to an input of the wave elevation
as well as to other inputs.

o
©

—— Model test (2310) Lot
—— - Model test (2321) P
————— Model test (2420) AN
—— TDM (2310) i
——-TDM (2321) i

-~ TDM (2420 v
0.6 @420) : :

04 0.6 0.8 1 1.2 14
w [rad/s]

Coherence function
o
(o}

o
N

Figure 8 Coherence functions between incident waves (input) and the fore-aft bending moment (output), derived from 1-hour realizations, pink
noise, H; = 2 m (2310) and Hg = 4 m (2321), and model test 2420, H; = 3.6 mand 7, = 10.2's

Statistical moments, i.e. skewness and kurtosis, are used to analyse characteristics of probability distributions of
the measurements with and without implementing a highpass Butterworth filter [22]. The cutoff frequency [22] is
1.2 rad/s. The use of the highpass filter removes the frequency components below 1 rad/s. The results, see Table 7,
show that 1) in full frequency range (without filter) the skewness and kurtosis of the measurements are close to 0 and
3, respectively, and indicate that Gaussian distribution can be used to model the probability distribution of the
measurements; 2) measurements of the responses are dominated by components that are linearly proportional to the
corresponding components of the measured incident waves since in the full frequency range the measured waves and
responses can be described by Gaussian distributions; and 3) non-Gaussian components exist in the measurements in
particular for the low frequency range due to slow varying drift force on the model and frequency range above 1
rad/s where the corresponding coherence functions significantly deviate from 1. For example, the kurtosis of the
measured pitch motion in the model 2321 is 3.68 and 2.99, with and without filter respectively. The kurtosis of the
measured wave elevation in the model test 2321 is 3.05 and 6.01, with and without filter respectively.

Some statistical values of the measured and simulated wave elevations are tabulated in Table 8. Airy wave theory
is implemented in the TDM. The spectral densities and standard deviations of the simulated and measured wave
elevations are almost identical, see Figure 7. However the relevant difference between the maximum values of 1-
hour wave elevation of the simulation and measurement can be more than 19% (in the Pink noise model test 2321),
also see Figure 9.
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Table 7 Skewness and kurtosis of measurements with and without filter

Measurements Wave M,  Surge Heave Pitch
2420 Full frequency range 0.09 0.02  -0.10 0.08 0.24
Above 1 rad/s (after filtering)  0.38 0.00  -0.11 0.96 0.02
Full frequency range 0.13 0.08  -0.08 0.07 -0.03

Skewness 2310 .
Above 1 rad/s (after filtering) 034  -0.02  -0.02 -0.87 0.01
2391 Full frequency range 0.15 0.04  -0.05 0.03 0.03
Above 1 rad/s (after filtering)  0.78 0.06 -0.12 2.49 -0.04
Full frequency range 3.00  3.08 3.05 2.93 3.14

2420

Above 1 rad/s (after filtering)  3.64  3.14  8.21 56.72  3.06
Full frequency range 3.17 3.02 2.53 2.97 3.19

Kurtosis 2310 .
Above 1 rad/s (after filtering)  3.90 3.00 3.14 32.70 3.21
2321 Full frequency range 3.05 2.99 2.77 2.92 3.68

Above 1 rad/s (after filtering)  6.01 3.87 517 233.01 299

Table 8 Statistical values of simulated and measured wave elevations

Unit [m] 2310 2321 2420

Std Model test  0.47 1.00  0.92
TDM 047 099 092

Max Model test ~ 1.89 3.89 4.00
TDM 1.78 3.15 3.89

Min Model test -1.62  -3.08 -3.03
TDM -1.63  -333  -3.02

Skewness  Model test  0.13 0.15  0.09
TDM 0.11 0.02 0.10

Kurtosis ~ Model test ~ 3.17 3.05 3.00
TDM 312 292 299

2321

Wave elevation [m]

| | | | |
2340 2360 2380 2400 2420 2440 2460 2480
Time [s]

Figure 9 Comparisons of measured and simulated wave elevation realizations. Pink noise model test 2321

Incident wave elevations are measured at the Pos2. However, there is a difference between the mean position of
the experimental model, which is induced by mean drift forces on the model, and the Pos2. Fortunately, the
difference is negligible since, in moderate wave conditions, the mean offset of the model is relatively small
compared to wave length of the incident waves. For instance, the mean offset is less than 0.2 meters (in full-scale)
while the wave length of a 4-second-period wave, approximately, is 25 meters.

Transfer functions that are derived from different sets of 1-hour simulations subjected to different moderate
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waves are more consistent than the transfer functions derived from different sets of 1-hour measurements, see Figure
10 as an example. To quantify uncertainties in the measurements, well designed and systematical repeat-model tests
are needed and should be analysed in future.
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Figure 10 Transfer functions of the fore-aft bending moment, derived two sets of 1-hour realizations
5.4. Simulations and measurements in a moderate Jonswap wave-only condition

Spectral densities and realizations of the simulated and measured responses, i.e. the fore-aft and side-to-side
bending moments and rigid-body motions, of the model in a moderate wave-only condition (model test 2420) are
compared. The difference in the standard deviation of the simulated and measured fore-aft bending moment is 1.4%
and good agreement is seen in the spectrums and realizations, see Figure 11 and 12. In wave frequency range (from
0.4 rad/s to 1.4 rad/s), good agreement is seen in spectrums of measured and simulated rigid-body motions. Motions
induced by the slow varying drift force on the experimental model can be observed in the low frequency range in the
spectrums of the measurements, while second and higher order hydrodynamic loads, expect for viscous drag forces,
are not included in the TDM.
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Figure 11 Spectral density functions of the fore-aft bending moment, derived from 1-hour realizations, moderate wave only, H; = 3.6 m and
T,=102s
P
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Figure 13 Spectral density functions of surge, derived from 1-hour realizations, moderate wave only, H; = 3.6 mand T, = 10.2 s
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Figure 14 Spectral density functions of heave, derived from 1-hour realizations, moderate wave only, H; = 3.6 m and T, = 10.2 s
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Figure 15 Spectral density functions of pitch, derived from 1-hour realizations, moderate wave only, H; = 3.6 m and T,, = 10.2's
6. Conclusions

Measurements of a 1:30 scaled braceless semi-submersible model test which implements the ReaTHM™ testing
approach are used to validate a recently developed time-domain numerical approach for determining forces and
moments in floaters. The focus of this paper is on responses in moderate waves. Second order wave loads are
expected to be negligible in moderate waves. Statistical values, kurtosis and skewness, for the wave elevations and
responses measured in the model test show that the incident waves and corresponding responses are Gaussian-
distributed and indicate that the model is linear system with respect to the incident wave (input) and responses
(output). Therefore, measurements of the global forces and moments in the base of the side column of the
experimental model are compared to the corresponding simulations given by a frequency-domain model (the FDM)
and a time-domain model (the TDM). Necessary calibrations with respect to some measured data, i.e. mass matrices,
position of centre of gravity and positions of the anchors of the experimental model and drag and added mass
coefficients for the hydrodynamic loads on the mooring lines and drag forces on the hull of the model have been
carried out according to a rational procedure. The measured wave elevations were synchronized.

Reasonably good agreements are observed in the comparisons between the transfer functions for wave induced
rigid-body motions and bending moments at the base of the side column, which are directly given in the FDM and
derived from the corresponding simulations and measurements, and comparisons between the corresponding
response spectral densities. More differences are observed in comparisons of phase angles of the transfer functions,
in particular in frequencies that are higher than 0.9 rad/s. Phase angles of the transfer functions are very sensitive to
the synchronizations of the measured data in particular for the higher frequency components of the waves. Due to
mean drift forces on the experimental model, there is a difference between the mean position of the experimental
model and the Pos2. Fortunately, the difference is negligible in moderate waves. Viscous drag forces have limited
effects on the transfer functions. Transfer functions that are derived from different sets of 1-hour simulations
subjected to different moderate waves are more consistent than the transfer functions derived from different sets of
1-hour measurements.

The differences in the transfer functions may be arbitrated to 1) some non-linear effects, e.g. second and higher
order hydrodynamic loads and non-linear wave kinematics, inherently exist in the model tests but are not modelled
numerically; and 2) uncertainties, noise and unknown errors exist in the measurements. Relevant observations in
term of coherence functions, statistical properties and realizations are analysed. To quantify the uncertainties in the
measurements, well designed and systematical repeat-model tests are needed and should be analysed in future.

Analysis for the comparisons between the simulated realizations and measurements in extreme waves, for which
the second-order effects and maybe also high-order effects are critical, will be given in future. Simo/Riflex can
account for the second-order wave loads as long as the hull is modelled as one rigid-body. However, to capture the
sectional forces and moments in a straightforward manner, the hull needs to be modelled at least as two rigid-bodies.
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Therefore, additional efforts are needed to develop modelling approaches to address this problem. At the moment,
the second-order wave loads are not modelled in the estimation of the cross-sectional loads.
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ABSTRACT

Multi-body time-domain finite element models, which implement a recently developed numerical approach for determining
forces and moments in floaters, are developed to simulate rigid-body motions and sectional forces and moments of a reference 5-
MW braceless semi-submersible wind turbine in turbulent winds and irregular waves corresponding to below rated, at rated and
above rated conditions. The simulated responses are compared with measurements of a 1:30 scaled model test using a real-time
hybrid testing approach. In general, agreement between simulations and measurements are very good. Differences in spectral
densities of the measurements and simulations have been quantified while the reasons for the differences have been thoroughly
analyzed and discussed based on comparisons of measurements in different conditions and numerical parametrical study. Effects
of non-linear wave excitation loads and drag forces on the rigid-body motions and sectional forces and moments are analyzed
while dominant load components in fore-aft bending moments in five cross-sections in the hull of the reference model are
identified. The interface between the pontoons and central column of the reference model is identified as the most critical part.
Both low frequency and wave frequency load effect should be accounted for. Mean forces and moments from wind and waves
result in a change in configuration of mean wetted body surface of the hull when compared to its configuration in calm water. This
may result in a considerable change in resultant sectional forces and moments even though change in resultant of the hydro
pressure forces on whole of the wetted body surface could be very limited. For the analyzed model, simulated fore-aft bending
moments of the model in wind and waves could be obtained by superimposing the results for wind only condition, and wave only
condition except that the corresponding averaged wind induced forces and moments should be applied on the numerical model.
This simplification can significantly reduce number of cases of short-term analysis required in long-term analysis. However,
applicability of the simplification should be analyzed case by case in particular for a blunt structure with relatively large volume
of displaced water in waves with relatively small wave length. Analysis and discussions given in this paper are based on available
measurements of the model test. Hydroelastisity and structural vibration of the columns and pontoons of the hull are not accounted
for by the numerical and experimental models. Suggestions for design of future model tests are given in this paper.

1 Introduction

Floating wind turbines are considered an attractive solution for harvesting offshore wind energy in relatively deep water, e.g.
deeper than 80 m. In general, a floating wind turbine is composed of a Rotor Nacelle Assembly (RNA), a tower, a hull and a
mooring system.

As required by relevant standards and guidelines for offshore wind turbines, e.g. [1-5], global responses, in terms of motions
and sectional forces and moments, should be appropriately analyzed for limit state design checks. As the development of floating
wind turbines is at an early stage, numerical simulations and model tests for analyzing the global responses of floating wind
turbines in wind and waves are hot research topics.

Computer codes for analyzing floating wind turbines have been developed by combining the knowledge and computer codes
for modelling hydro loads on offshore platforms and aecrodynamic loads on land-based wind turbines for decades [6]. A review of
conventional approaches for modelling aerodynamic loads on the RNA and tower, hydro loads on the hull and mooring lines of
floating wind turbines is available in [7]. Features of some conventional time-domain computer codes are tabulated in [8]. Global
responses of the RNA, tower, and mooring system, and rigid-body motions of a given floating wind turbine can be simulated in
these codes by generating and solving finite element model for the floating wind turbine, while Morison formula and/or the
conventional hybrid frequency-time domain approach [9] is used to model hydro loads on the hull of the floating wind turbine.
Morison formula is an empirical formula and, in general, applicable when wave length is larger than five times the diameter of the
slender structure’s cross-section [10]. The computer codes which implement the conventional hybrid frequency-time domain
approach cannot capture the sectional forces and moments in the hull since the hull is modelled as a rigid-body with 6 d.o.fs in
the finite element model. Luan et al [9] recently developed an approach based on an extension of the conventional hybrid
frequency-time domain approach, for which the hull is modelled as multi-bodies. The developed approach can be easily
implemented in various state-of-the-art time-domain computer codes for floating wind turbines, e.g. Simo/Riflex/Aerodyn,
OrcaFlex and FAST+CHARMS3D, to extend their capabilities to analyze sectional forces and moments in structural components of
a generic floater. A moderate wave-only experimental validation for this approach is made in [11].

Global responses of floating wind turbines in wind and waves can be measured (and analyzed) by carrying out model tests.
Conventional model tests for measuring wave induced responses of a floating unit are designed to satisfy geometrical and
kinematic similarities and equality according to Froude number ensure similarity between inertia and gravity forces of the
experimental and actual models. However, similarity between inertia and viscous forces of the models cannot be achieved since,
in practice, equality in Reynolds number cannot be satisfied at the same time. Different Reynolds number may indicate different
patterns of fluid flows around the experimental and actual models. Necessary corrections are needed if the measurements are
sensitive to the viscous forces. Due to the same reason, similarity between inertia and aerodynamic loads on the RNA, which are
important to responses of floating wind turbines, cannot be achieved either, see [12-14]. To solve this problem, various forms of
“non-geometrical scaling” of the wind turbine rotor have been developed to improve the aerodynamic load modeling in wind-
wave model tests. For example, one form of non-geometrical scaling is to replace the wind turbine rotor with a drag disk, e.g. [15,
16]. A more sophisticated method of non-geometrical scaling is to modify the wind turbine airfoil shape and chord length to



obtain improved performance at low Reynolds numbers [17-20]. These non-geometrical scaled wind turbines can be designed to
achieve the same non-dimensional thrust coefficient as the reference full scale wind turbine in a specified steady condition (calm
water, constant wind speed, and fixed rotational speed and pitch angle of the blades). Therefore, the “non-geometrical scaled”
wind turbines can be used to physically analyze static response of the experimental model of floating wind turbines in steady
conditions. However, it is still a challenge, which has not been solved yet, to make a performance-matched wind turbine model,
which means to use the non-geometrical scaled wind turbines in model tests to accurately mimic Froude scaled actual
aerodynamic loads on the rotor of the corresponding full scale reference wind turbine in dynamic conditions (turbulent winds,
and/or regular or irregular waves, and/or with or without controller for blade pitch angle and rotational speed). This is because it is
a challenge to design a non-geometrical scaled wind turbine for which the non-dimensional thrust coefficient is always identical to
the corresponding coefficient of the reference full scale wind turbine in an arbitrary steady condition. As shown in [17], the non-
dimensional thrust coefficient versus tip speed ratio curves of the non-geometrical scaled wind turbines can be very sensitive to
the wind speed (the Renolds number). It is also a challenge to generate and/or measure constant and turbulent wind fields in a
classical towing tank or ocean basin [21] as well. Implementation of real-time hybrid model testing approach, e.g. ReaTHM® [22],
and reference [23], is a recent development for accurate modelling the actual aerodynamic loads in ocean basin. ReaTHM® relies
on the assumption that actual aerodynamic loads on the full scaled reference wind turbine can be captured by the state-of-the-art
aerodynamic computer codes, e.g. Aerodyn [24]. A numerical finite element model for the RNA and control system of the full
scale reference wind turbine and numerical model of wind field are generated in a computer code which implements the state-of-
the-art aerodynamic computer code to calculate the acrodynamic loads on the RNA in the wind field. The resultants of the
calculated aerodynamic loads are down scaled (based on Froude scale) and physically applied on a Froude scaled model of the
floating wind turbine, while in the computer code the hub of the RNA rigidly follows the measured rigid-body motions, which has
been up scaled (based on Froude scale), of the experimental model. A 1:30 scaled braceless semi-submersible model test which
implements the ReaTHM® testing approach was done by SINTEF Ocean in its ocean basin [25]. Sectional forces and moments in
base of a side column and tower base of the model in different combined wind and wave conditions have been measured.
ReaTHM® can appropriately address effects of the control system on the aerodynamic loads while the actual loaded forces can be
measured in a straight-forward manner. A detailed description of the approach and its feasibility is available in [22, 26].

This paper intends to shed more light on sectional forces and moments in the hull of semi-submersible wind turbines
submitted to combined wind and wave loads by thoroughly analyzing the measurements of the 1:30 scaled model test in SINTEF
Ocean and corresponding numerical simulations. A Simo/Riflex model which implements the approach presented by Luan et al [9]
has been generated. Sectional forces and moments in five cross-sections of the hull of the braceless semi-submersible wind turbine
are analyzed. The hull of the braceless semi-submersible wind turbine is a static determinate structure. The external load on the
hull is composed of wave excitation loads, added mass forces, potential damping forces, gravity, hydrostatic forces, and drag
forces. Configurations of mean wetted body surface of the model in wind and waves and in wave only are different due to mean
components of the wind loads on the rotor, tower and hull of the model. The difference means that hydrodynamic coefficients that
are calculated for modeling hydro loads on the hull are different since values and distributions of hydro pressure forces on the hull
are changed. Numerical sensitivity study and comparisons of measurements in different conditions are used to analyze effects of
each component of the external loads, and inertial load on the sectional bending moments in different cross-sections of the hull.
Simplifications for the numerical modelling are discussed based on the results of the parametric analysis. Sectional forces and
moments in different cross-sections are compared. To quantify the differences between the numerical model and the experimental
model, the simulated and measured fore-aft bending moments in the bases of the side column and tower are compared. The
agreement is reasonably good.

In previously, comparisons of simulated and measured responses of floating wind turbines have been analyzed by some
researchers, e.g. [27]. Geometrical scaled or non-geometrical scaled wind turbine, which cannot correctly mimic the Froude scaled
aerodynamic loads on the corresponding full scale reference wind turbine in dynamic condition, are used in the model tests
mentioned by the researchers in their publications, while these model tests are not designed for capturing sectional forces and
moments in hull of floating wind turbines. For each model test, the wind turbine of the experimental model is modelled in its
corresponding numerical model to simulate aerodynamic loads on the wind turbine while numerical wind field is generated based
on measured wind speed at one specified fixed position in the model test. Consequently, the differences between the
measurements and simulations are due to the differences between 1) the numerical wind field and actual wind field in the model
test, 2) performance of the numerical and experimental models of the wind turbine and 3) mass properties of the numerical and
experimental models and 4) hydro loads on the hull of the numerical and experimental models. These differences are mixed and
make it difficult to analyze reasons for the differences between the measurements and simulations in quantity. To avoid this
difficult situation, the aerodynamic loads which are actually loaded on the 1:30 scaled model analyzed in this paper are measured
and loaded on their corresponding numerical model to ensure identical aerodynamic loads. As analyzed in detail later in this paper,
although the aerodynamic loads are loaded as prescriptive loads the differences between the measurements and simulations only
indicate differences in the hydro loads on the hull and the mass properties of the numerical and experimental models. The
differences in the mass properties can be reduced to a negligible level by carrying out quality control and calibrations. The
differences in each component of the hydro loads are analyzed in this paper.



2 Model tests

A layout of the experimental model, the Earth-fixed coordinate system (09-x9-y9-z9 ) and load directions are shown in Figure
1. 09 is at geometrical center of water plane area when the model is in calm water. The specified dimensions of the semi-
submersible hull are tabulated in Table 1 and shown in Figure 2. The mooring system is composed of three catenary chain
mooring lines. Each mooring line has two segments from fairlead to anchor with constant solid circular cross-section. Design
parameters are given in Table 2 and 3. The scaled value of the Young’s modulus of the mooring lines of the experimental model is
6.3 * 10° kN/m?. Measured mass properties of the hull are given in [25]. However, as analyzed in [11], calibrated rather than
measured mass properties are eventually used in development of numerical models due to the “model-the-model” principle which
means to simulate the actual model tests as closely as possible [28]. The calibrated mass properties are given in Section 3,
describing the numerical models used in this paper. Note that all the data and results presented and discussed in this paper are
given in full scale and in the corresponding coordinate systems described in this paper. A linear scaling factor of A = 30 and the
Froude scaling law are used to scale the original data measured from the model test. Environmental conditions of the model tests
are tabulated in Table 4. Fore-aft bending moments in the base of the side column 1 and tower are measured. A more detailed
description of the model tests is found in [11, 25].

Table 1. Specified dimensions of the semi-submersible hull (Full-scale)

Central column diameter [m] 6.5
Side column diameter [m] 6.5
Pontoon height [m] 6
Pontoon width [m] 9
Central column freeboard [m] 10
Side column freeboard [m] 20
Center-to-center (central to side column) [m] 41
Center-to-edge (central column to pontoon end) [m] | 45.5
Operating draft [m] 30
Displacement [tonne] 10,555

Table 2. Design parameters of a single mooring line (Full-scale)

Segment Length Mass per length Wet weight Specified diameter
(m) (kg/m) (kN/m) (m)

Upper 240.00 235.0 2.005 0.195
Lower 367.55 446.0 3.804 0.269
Table 3. Arrangement of the mooring line anchors and fairleads described in the global coordinate system (Full-scale)

Fairlead  x9 y9 z9 Anchor  x9 y9 z9
1 45.95 0 -27 1 603 0 -200
2 -2298 398 -27 2 -301.5 5222  -200

3 -22.98 -39.8 -27 3 -301.5 -522.2  -200




Table 4 Environmental conditions of selected model tests (Full-scale)

Reference Hg T, Mean Turbulence Direction of  Direction of Model test Note

No. [m] [s] wind intensity waves winds duration

speed at factor [degree] [degree] [hour]

nacelle [%]

[m/s]

2410 15.3 14 None None 0 None 3 Irregular wave only condition.
2420 3.6 10.2 None None 0 None 3 JONSWAP wave spectrum
1713 None None 11 17.0 None 0 3 Turbulent wind only condition.
1733 None None 25 13.2 None 0 3 Kaimal wind spectrum
4121 5.9 11.3 25 13.2 0 0 3 Turbulent wind and irregular
4132 5.9 11.3 25 13.2 0 0 3 waves. JONSWAP wave
4310 3.6 10.2 11 17.0 0 0 3 spectrum and Kaimal wind
4410 52 8 8 19.5 0 0 3 spectrum. In operation

Figure 2 A layout of the hull of the experimental model, courtesy of Fredrik Brun (SINTEF Ocean). Note that the
configurations of the three pontoons are identical. Some parts of the configurations of Pontoon 1 and 3 are not shown.
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3 Numerical models and calibrations
3.1 Numerical models

Simo and Riflex [29, 30] are used to simulate sectional forces and moments in five cross-sections (denoted as SX, X=1,
2,...,5) in the hull of the semi-submersible wind turbine. S1 represents a horizontal cross-section on the base of side column 1. S2
and S3 are vertical cross-sections on Pontoon 1. S4 is a horizontal cross-section on base of central column. S5 is a horizontal
cross-section on the base of tower, see Figure 2. The geometrical center of the cross-sections are tabulated in Table 5 in a body-
fixed coordinate system (denoted as 0?-x?-y?-z?) which coincides with the global coordinate system (09-x9-y9-z9) when the
wind turbine is located in calm water. Each cross-section divides the model into two part: Part A and B. We denote the part which
includes the tower and RNA as Part B, see Figure 2 for an example.

Key features and limitations of the developed numerical models are highlight as follows:

e A time-domain finite element model is generated to simulate sectional forces and moments

e  Effect of flexible modes of the hull and tower on motions and sectional forces and moments (effect of hydroelasticity) is
negligible as the hull and tower of the experimental model is stiff.

e  Wave excitation and radiation loads on Parts A and B are modelled by using hydrodynamic coefficients that are obtained
by solving a first order boundary value problem based on corresponding mean wetted body surface of the hull with rigid-
body assumption for the hull. The second and higher order wave loads on the hull are not modelled except for the drag
forces which are modelled by the drag term of Morison formula

e The measured acrodynamic loads are applied on Part B as prescriptive loads. The differences between the measurements
and simulations only indicate the differences in the hydro loads on the hull and the mass properties of the numerical and
experimental models.

e Necessary calibrations are carried out to reduce uncertainties between the numerical and experimental models.

e Luan et al’s approach is available to a generic floater (with a static determinate or indeterminate structure). The numerical
models used in this paper are its specific applications. More detailed descriptions and limitations of the approach are
referred to [9]

A detailed description of the developed numerical models is given as follows:

To simulate sectional forces and moments in a given cross-section, a time-domain finite element model is generated and
solved in Riflex in the global coordinate system. The model is composed of 183 truss elements for modelling the three mooring
lines, three artificial beam elements for capturing sectional forces and moments in the corresponding cross-section and two control
nodes for modelling external and inertial loads on the corresponding Parts A and B.

If we denote location of geometrical center of SX as (x2y, 2, z&) in the 0?-x?-yP?-z? coordinate system, positions of end
nodes of the corresponding artificial beams are given in Table 6. The artificial beam elements are massless. There are no external
loads on the artificial beam elements. Each artificial beam element only has axial and torsional stiffness. The columns and
pontoons of the experimental model are designed to have sufficient stiffness to make hydroelasticity effects on the model
negligible. Therefore, for each artificial beam element, the product of the Young’s modulus and cross-section area is specified as
10° kN, while, the product of the torsional rigidity and modulus of rigidity are specified as 10° kNm? /rad.

The external and inertial loads on Parts A and B are modelled in Simo by using the Luan et al’s approach which is initially
described in [9] and applied on the control nodes in the finite element model generated in Riflex. Each control node has 6 d.o.fs.
Each of the end nodes of the artificial beam elements and the top end nodes of the mooring lines (the fairleads) rigidly follows the
motions of the corresponding control node.

We denote position of the control nodes corresponding to the corresponding Parts A and B for the cross-section SX in the
global coordinate system as 75%4(t) and 75%B(t), respectively. 15%4(t) and 9% (t) are 6 X 1 vectors and used to represent
motions of the Parts A and B. When the floating wind turbine is in calm water, the control nodes are located at the origin of the
global coordinate system while all of the terms in ¥4 and n5% are zero.

Body related coordinate systems for Parts A and B corresponding to cross-section SX are generated in Simo and denoted as
OTASX_xTASX_yTASX_gTASX  and QTBSX _xTBSX_yTBSX_grB.SX - regpectively. The 0P-xP-yP-z? and body-related coordinate
systems are coincident when the model is located at its mean position in calm water. 074X and 055X rigidly follow rigid-body
motions of the 0P but the orientation of the body-related coordinate systems and the vertical position of the 045X and 0™5SX are
fixed (as the same as the body-related coordinate systems when the model is located at its initial position in time-domain
simulation).

Applying Luan et al’s approach, the first order wave excitation and radiation loads are modeled as forces and moments acting
on the 045X and 0™BSX | while the forces and moments are determined by corresponding hydrodynamic coefficients and first
and second derivative of %4 (t) and n°%8 (t) and wave elevation of incident waves.

The hydrodynamic coefficients are obtained by the following steps, 1) generating and solving a boundary value problem
based on corresponding mean wetted body surface in 0-x/-yf-z/ coordinate system (an earth fixed coordinate system) with
rigid-body assumption for the hull, 2) calculating pressure forces on the mean wetted body surface based on the Bernoulli’s
equation and corresponding velocity potential, 3) integrating the pressure on the wetted body surface of the corresponding Part A
or B using the coordinate system O/ -x/-y/-z/ to obtain the integrated forces and moments acting on the 0/, and 4) derive the



hydrodynamic coefficients based on the corresponding resultant forces and moments on the 0f in the 0f-x/-y -z coordinate
system.

Wind and wave loads on floating wind turbines have a steady (constant) component. The component is composed of constant
forces and moments and results in a mean horizontal offset and title angle. Phase angle of each frequency component of incident
wave should be updated based on the mean horizontal offset in particular for high frequency components which can be very
sensitive to the mean horizontal offset. The configuration of the mean wetted body surface in the 0/-x/-y -z coordinate system
should be updated based on the mean title angle. The mean wetted body surfaces of the hull corresponding to 0-degree and a-
degree tilt angles in the 07 -x/-y -2/ coordinate system are shown in Figure 3.
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Figure 3 Configuration of mean wetted body surface of the hull subjected to different title angles

Morison’s formula is used to model the hydrodynamic loads on the mooring lines, while the drag term of the Morison’s
formula is use to model the drag forces on the hull components. Non-dimensional drag and mass coefficients (C, and C,) for the
segments of each mooring line are specified as 1.4 and 1.0 respectively, while C; for width and height of the pontoons and
columns are specified as 2.1, 1.7 and 0.5, respectively, according to [31]. Young’s modulus of mooring lines of the numerical
model is specified as 2.1 * 108 kN/m? rather than 6.3 * 10° kN/m?, which is obtained by upscaling the measured value of the
experimental model, to avoid numerical problems. In theory, the effect of this difference on mooring line tension and global
responses of the model are negligible.

Aerodynamic loads which were applied on the experimental model were measured. The measured aerodynamic loads are
applied on the control node for Part B to model the aerodynamic loads.

The numerical models do not include the second order and higher order hydrodynamic loads and hydroelastical effects except
for the viscous drag forces, while the numerical models include hydrodynamic interactions between Parts A and B.

In Riflex, the time-domain finite element model is solved by using Newmark-f numerical integration (f = 3.9 and y = 0.505).
Time step is set to be 0.05 seconds. Rayleigh damping, which is a linear combination of the Riflex generated global mass and
stiffness matrices, is used for modelling effect of structural damping. The corresponding mass and stiffness proportional
coefficients are set to be 0 and 0.005, respectively. More explanations are given in [30].

Table 5 Positions of geometrical center of the five cross-sections in the body fixed coordinate system

SI[S2[s3[s4]ss
xb, |41 (315750 [0
vl oo olo]o
b |27 27 [27] 2210

Table 6 Positions of end nodes of the three artificial beams that correspond to the SX in the body-fixed coordinate

system (Units in meter)

End 1 End 2
Artificial beam 1 (x2-0.1, y&y. z2) (x8y+0.1, yiy, 28)
Artificial beam 2 (xé’x, ny-O.l, Z_é’X) (x_é’x, yé’X-FO. 1, Z_é’x)
Atrtificial beam 3 (x2y, y2y, 22,-0.1) (x2y, y2, 22+0.1)




Table 7 Mass properties of the numerical models. The center of gravity is described in the body-fixed coordinate

system with respect to 0”. The moments of inertia are about the center of gravity.

Mass [tonnes] Centre of gravity [m] Moments of inertia [tonnes*mz]

xb yb Zb Ixx Iyy Izz Ixy Ixz Iyz

Complete model 9,730.0 0 0 -20.35 10,308,320 10,293,841 7,637,715 0 20,759 0

Part A for S1 456.7 41 0 -12.93 96,093 96,093 2,193 0 0 0
Part A for S2 1,422.7 376 0.0 -24.6 170,571 193,411 27,594 0.0 0.0 -25,754
Part A for S3 2,574.7 295 0.0 -26.7 187,382 474,115 295,068 0.0 0.0 -79,897
Part A for S4 8,712.0 0.0 0.0 -279 4,009,202.0 4,080,202.0 7,638,356.0 0.0 0.0 19,947.0
Part A for S5 8,873.2 0.0 0.0 -27.5 4,105,877.0 4,173,877.0 7,640,000.0 0.0 0.0 19,947.0

3.2 Calibrations

The “model-the-model” principle, which means to simulate the actual model tests as closely as possible [18], is used. As
discussed in [11, 32], the anchors of the mooring lines are moved 1.5 meters away along the radial direction. The mass of the
experimental model can be estimated based on the draft, configuration of the hull and resultant force of the vertical components of
the mooring line tensions at the fairleads. Comparing the estimated mass to the measured mass, a 4.7% deviation is observed
(Note that the difference due to the weight of the mooring lines has already been considered). Meanwhile there are discrepancies
between the simulated and measured roll/pitch natural periods (obtained from decay tests) and mean heeling angle and fore-aft
and side-to-side bending moment in turbulent wind-only conditions. As discussed in [32], deviations may exist in the
measurements of the position of the center of gravity and moment of inertia. Consequently, a constant force is added to
compensate the 4.7% difference and make the numerical model float at the same draft as the experimental model in calm water
while the vertical position of the center of gravity and mass matrix of the corresponding Parts A and B are calibrated. Mass
properties used in the numerical models are tabulated in Table 7. The procedure for calibrating the mass properties of the whole
model and Parts A and B corresponding to S1 has been presented in [11]. Note that three forces and moments were used to adjust
the inertial loads of Part B (corresponding for S1) and denoted as —M %4 7518 (t). The M2 is a 6 x 6 matrix. The ij5VB(t) is
the second derivative of the 758 (t). The three forces and moments are described in the O"-B-S1.x™BS1_yTBS1_z7B.S1 coordinate
system with respect to the 07251, According to the results of a parametric study with respect to the effect of each term in the

M3 on the mo?ion responses and bending moments, all the terms in the M3 are zero except for Ma%4l || = MZ4dl ) =571
tonnes and ML, = ML ., = 5,690 tonnes*m?. Relative differences between the adjusted terms and the corresponding

terms in the original measured mass matrix of Part B are less than 6%. As shown in [11], agreement between measured and
simulated rigid-body motions and fore-aft bending moments in cross-section S1 of the semi-submersible wind turbine in moderate
wave-only conditions is very good. Therefore, the same calibrated mass properties are used in the present paper while the same
procedure is used to calibrate mass properties of Parts A and B corresponding to S5. We do not have any measurements to
calibrate mass properties of Parts A and B corresponding to cross-section S2, S3 and S4. Therefore, these mass properties are
reasonably estimated by the authors according to the calibrated mass properties and mass distribution of the original design
described in [33].

In numerical models for simulating sectional forces and moments in S1, S2 and S3, an inertial load vector (—M23L§#HSXB) 5
quadratic damping force vector (—D&*|5|5*F#75%F) and a restoring load vector (—K24&qSXF), X=1, 2, or 3, are added on the
control node corresponding to the corresponding Part B. Forces and moments presented by the vectors are described in the 0™-5%-

xTBSX_yTBSX_zTBSX goordinate system with respect to the 078X, X=1, 2, or 3. D44 and K#%4' are 6 X 6 matrixs. All terms in

K724 are zero except for K44, = —8 kN/m and K24 s = KAL) = —80 kNm/m. All terms in DZ*® are zero except for

Dg_‘é‘éi = 40,013,494 kNms?/rad? for model tests 4410 and 4310. Note that the quadratic damping force vector is not added on
the numerical models for test 4121. Similarly, — M3 {S%A4, —ngdi|ﬁ|SX'Ah5X'A and —K%4dinSXA  X=4 or 5, is added on the
control node corresponding to the corresponding Part A in the numerical models corresponding for S4 and S5.

These added forces and moments, to some extent, affect rigid-body motions of the model, in particular for low frequency
components of the motions. Consequently, components of sectional forces and moments in the cross-sections that are related to
motions, velocities and accelerations are affected by these added forces and moments. While, comparing to forces and moments in
the specified cross-sections, the added forces and moments are negligible.

4 Comparisons for measured and simulated responses in operational conditions

Simulated and measured rigid-body motions and fore-aft sectional bending moments of the model in combined wind and
wave conditions, i.e. model test 4410, model test 4310 and model test 4121, are compared.

The differences between the measurements and simulations are related to uncertainties in the measurements and the
differences between the actual and simulated inertial and external loads on the semi-submersible wind turbine. In another word,
the simulated and measured responses, e.g. rigid-body motions and sectional forces and moments, will be identical, if the
simulated and actual inertial and external loads are identical, and the actual responses can be accurately measured. The external



loads are composed of aerodynamic loads, hydro loads and gravity forces. We can assume that the differences between the
simulated and actual aecrodynamic loads are negligible since the measured aerodynamic loads are applied on the numerical model
as prescriptive loads. While, as analyzed by [25, 26], we can assume that sensors used in the model test can accurately measure
the rigid-body motions, fore-aft sectional bending moments, wave elevation and the actual applied aerodynamic loads on the
experimental model.

Consequently, differences in simulated and measured responses indicate differences between simulated and actual inertial
loads, gravity forces and hydro loads.

The differences between simulated and actual inertial loads and gravity forces are related to uncertainties in the mass
properties and the differences in measured and simulated rigid-body motions. As analyzed in [11, 32] and Section 3.2 of this paper,
measurements of the mass properties and configurations of the mooring lines and hull of the experimental model may be uncertain.
Therefore, essential calibrations are carried out to reduce these uncertainties, see Section 3.2.

Objective of this section is to identify differences between the simulated and actual hydro loads via comparing the simulated
and measured responses.

Note that the developed numerical models cannot completely account for all the components of the second and higher order
hydro loads however these loads inherently exist in the experimental tests. In addition, the drag term of Morison formula [31] is
used to model the viscous drag forces on the hull and mooring lines. This is an empirical formula. While, the coefficients for
simulating the viscous drag forces are determined according to the Reynolds number, Keulegan-Carpenter numbers and surface
roughness which correspond to the full size model rather than the Froude law scaled model. Consequently, the drag coefficients
need to be appropriately calibrated, see Section 3.2. The hydro loads can be further classified as wave excitation loads, radiation
loads, and hydrostatic pressure forces, see [9]. Note that these loads are related to the configuration of the wetted body surface of
the hull. The sensitivity study and comparisons of measurements in different conditions are used to analyze effects of these
components on rigid-body motions and sectional bending moments, see Section 5. The effect of these components is used to
identify reasons for the differences between the measurements and simulations presented in this section.

In this section, the measurements correspond to three different turbulent wind conditions, which includes turbulent winds with
mean wind speed below (8 m/s), at (11 m/s) and above (25 m/s) the rated wind speed of the 5-MW wind turbine. 3-hour
realizations of wave elevation are generated in the time-domain models according to the corresponding 3-hour realizations of the
measured wave elevations; while the measured aerodynamic loads are loaded on the time-domain models, correspondingly. 1-
hour realizations of rigid-body motions and bending moments are selected from the 3-hour simulated realizations by neglecting
transient processes (first 1,000 seconds of each realization).

Spectral density functions are obtained by applying inverse Fourier transform, with a fixed smoothing parameter, of the
autocorrelation function of the 1-hour realizations. Regarding the spectral density functions, we focus on spectral densities in
frequency range of 0 rad/s to 2 rad/s. Major parts of areas under spectral density curves of incident wave-elevations and thrust
forces and moments applied on the rotor are in wave-frequency-range (defined as from 0.3 rad/s to 2 rad/s) and low frequency-
range (defined as from 0 rad/s to 0.3 rad/s), respectively, see Figure 4. The turbine is in operational condition in these model tests.

Relative difference (n,) of standard deviations of simulations and measurements are calculated based on the area under the
corresponding spectral density curves in the corresponding specified frequency range, see Eq. (1) and [34]. In Eq. (1), m
represents the area of the part under the spectral density curve of a simulated response in a specified frequency range, i.e. full
frequency-range, low frequency-range and wave-frequency-range. Similarly, m,,, represents the area of the part under the
spectral density curve of a measured response in a specified frequency range.

My — /M
n, =22 MO, 1009 )
Mo,m

We denote a simulated and a measured response as x and y, respectively. Transfer function between x and y can be
calculated by using Eq. (2). Gy, and Gy, are one-side spectra that are derived from corresponding cross-correlation and
autocorrelation with respect to the realizations of x and y, respectively [35]. Hy, () is a complex number. Real and imaginary
parts are denoted as Re and Im respectively. Phase angle (a) between x and y is derived based on the corresponding values of Re
and Im.
Gry(w)
Grx (@)

Hyy(w) = =Re+Im=i (2)
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Figure 4 Normalized spectral densities of wave elevations and thrust forces applied on the rotor.

4.1 Comparisons of measured and simulated rigid-body motions in operational conditions

In general, agreement between simulated and measured rigid-body motions, in terms of spectral densities and phase angle, is
very good. Relative difference of standard deviations of simulated and measured pitch in full frequency-range is less than 4%.
Differences in phase angle between simulated and measured motions are no more than 20 degrees, see Figure 8. For the phase
angles, we focus on the differences in frequency range from 0 rad/s to 1 rad/s since the responses in the rest frequency range are
very limited.

Wave-frequency components in the surge and pitch motions are limited when compared to the corresponding low frequency
components, see Figures 5 and 6. As analyzed later in this paper, the difference between simulated and measured wave-frequency
components in the surge and pitch motions could be induced by the second and higher order wave excitation loads which are
inherently exist in the model tests but are not modelled in the numerical models and/or differences between the simulated and
actual first order wave excitation loads on the hull. The agreement between wave-frequency components of the heave motion of
the numerical and experimental models is very good.

Low frequency responses of the model with frequency components around its natural frequencies (0.073rad/s for surge, 0.21
rad/s for pitch and 0.246 rad/s for heave) are sensitive to the second and higher order hydro loads (potential loads and viscous
drags) and restoring stiffness, while low frequency responses of the model with frequency components less than 0.05 rad/s are
sensitive to the restoring stiffness. As analyzed later in this paper, the differences between the measured and simulated heave
motions with frequency components from 0.2 rad/s to 0.3 rad/s, and the surge motions with frequency components from 0 rad/s to
0.1 rad/s are due to differences in the second and higher order hydro loads of the numerical and experimental models. When the
effect of the second and higher order hydro loads on the low frequency surge and pitch motions are relatively small (i.e. low
frequency surge motion of model test 4310, and pitch motions of model test 4310, 4410 and 4121), very good agreement between
simulated and measured surge and pitch motions can be achieved by adjusting (calibrating) restoring stiffness of the numerical
mooring lines and quadratic damping coefficients. n,. for standard deviations of the simulated and measured pitch motion in low
frequency-range is less than 3%, while n,. for standard deviations of the simulated and measured surge motion of the model test
4310 in the low frequency-range is less than 0.34%.
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motions in operational conditions

Note that, as shown in Section 3.2, we did not make calibrations with respect to quadratic damping coefficients for the surge
motions. This is because that the model tests were not designed for distinguishing the second and higher order wave excitation
loads and viscous drag forces from the measured responses. Fortunately, the differences in the surge motions have very limited
effects on sectional bending moments.

Comparisons of measured and simulated bending moments are given as follows. More detailed analysis is available later in
this paper.

4.2 Comparisons of measured and simulated bending moments in operational conditions

In general, agreement between simulated and measured fore-aft bending moments, in terms of spectral densities and phase
angle, is very good. |n,| for standard deviations of simulated and measured fore-aft bending moments in full frequency-range in
the tower base and base of the side column 1 are less than 4% and 10%, respectively. While differences in phase angle between
simulated and measured bending moments are no more than 25 degrees, see Figure 9-13. Mean values of the fore-aft bending
moments in the base of the side column (S1) and base of the tower in difference environmental conditions can be significantly
different. For instance, mean value of the measured fore-aft bending moment in S1 in the model tests 4121 and 4310 are -2,885
kN*m and -10,050 kN*m. To highlight differences in variations of the measured and simulated fore-aft bending moments in
different model tests with respect to time, mean values of realizations presented in Figures 12 and 13 have been removed. In
general, agreement between the simulated and measured mean values of the fore-aft bending moments in S1 and S5 is good and
reasonable. For example, relative difference between the simulated and measured mean values of the fore-aft bending moment in
S5 is less than -1.3% (the relative difference is only -0.19% in the model test 4310). Mean values of the fore-aft bending moments
in S1 are affected by mean components of the second and higher order hydrodynamic loads on the side column 1, e.g. mean wave
(drift) forces and moments, which inherently exist in the experimental model test but are not modelled in the numerical models.
However, absolute values of the differences between the mean values of simulated and measured fore-aft bending moments in S1
are small and have very limited effect on extreme responses while, roughly speaking, fatigue damage is related to the variations
rather than the mean values of the bending moments. The differences between the mean values of the simulated and measured
fore-aft bending moments in S1 in the model tests 4121, 4410 and 4310 are -649 kN*m, -714 kN*m and -331 kN*m, respectively,
while simulated 1 hour maximum fore-aft bending moments in S1 in these model tests are 51,338 kN*m, 49,658 kN*m and
29,487 kN*m, correspondingly and respectively.

Therefore, in this section, we focus on comparing the differences in standard deviations and spectral densities of the
simulations and measurements.

As analyzed in [26], we expect that the differences between the applied aerodynamic loads on the numerical and experimental
model are negligible. Major reasons for the difference between wave-frequency components of the simulated and measured
bending moments are identified as:

e Differences in the modelled and actual wave excitation loads and radiation loads.

e Differences in the rigid-body motions.

The major reasons for the difference between low frequency components of the simulated and measured bending moments
are identified as:

e Differences in the modelled and actual fluctuations of hydrostatic pressure forces and viscous drag forces.

e Differences in the rigid-body motions.
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Table 8 Relative difference of standard deviations of the simulated and measured fore-aft bending
moments in S1 and S5

n, of Std. of the fore-aft bending Full frequency =~ Wave frequency range, in range from 0.3~ Low frequency range,
moment [%] range rad/s to 2 rad/s below 0.3 rad/s
4121 -4.6 -4.5 2.8
81 4410 -10.2 -10.1 -5.7
4310 -5.3 -5.2 -4.9
4121 -0.2 -2.2 3.0
. 4410 -4.1 -6.8 2.4
4310 =22 -9.1 -0.3

The differences in the rigid-body motions result in differences in the gravity forces and inertial loads on the tower, and the
inertial loads and fluctuated hydrostatic pressure forces on the side column 1. To eliminate these differences, the simulations can
be modified by regenerating the simulated gravity forces, inertial loads and fluctuated hydrostatic pressure forces by using the
measured rigid-body motions instead of using the simulated rigid-body motions.

Comparisons of spectral densities of the simulations with and without the modification and measurements of the fore-aft
bending moment in S5 and S1 are given in Figures 14 and 15, respectively.



In Figure 14, spectral densities of the simulations with modification are almost identical to the spectral densities of the
corresponding measurements. This fact indicates that the differences in the rigid-body motions are the major reason for the
differences in simulated and measured fore-aft bending moments in the base of the tower, while the differences in the calibrated
and actual moment of inertial of the tower with respect to the tower base is negligible.

x10°

~

w

N

fore-aft bending momentin S5 [(kN*m)Z/rad]
N

N

——-Measurement 4121
—— Simulation 4121

— — - Simulation with modification 4310

0.15 0.2
Frequency [rad/s]

fore-aft bending momentin S5 [(kN*m)erad]

%108

EN
T

w
T

N
T

N
T

——=Measurement 4121
—— Simulation 4121

— — - Simulation with modification 4121 6 i —— ~ Simulation with modification 4121
----- Measurement 4410 il —-—-—Measurement 4410

6 —— Simulation 4410 ,' ll —— Simulation 4410
— — - Simulation with modification 4410 5r i — — - Simulation with modification 4410
—=~Measurement 4310 --—-—Measurement 4310

5 —— Simulation 4310 —— Simulation 4310

— — - Simulation with modification 4310

Y

09 11

13 15 17 19
Frequency [rad/s]

Figure 14 Comparisons of spectral densities of the simulated and measured fore-aft bending moments in the tower
base (S5) with and without the modifications
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Figure 15 Comparisons of spectral densities of the simulated and measured fore-aft bending moments in the base of
the side column 1 (S1) with and without the modifications

In Figure 15, differences in wave-frequency components of the spectral densities of the simulations with and without the
modification are negligible. This indicates that differences exist in the modeled and actual wave excitation loads and radiation
loads on the model since these loads dominate the fore-aft bending moments in S1, see discussions in Section 5.2. It should be
kept in mind that the second and higher order hydro loads are not completely modeled in the numerical model, however the loads
are inherently exist in the experimental model. Sclavounos et al [36] analyzed non-linear wave excitation loads on a fixed column
in a sea state for which the significant wave height is 10.71 m and peak period of the wave spectrum is 15 seconds. Diameter of
the column is 6 meters, which is close to the diameter of the columns of the reference semi-submersible wind turbine. Sclavounos
et al show that the standard deviation of the second order wave excitation loads on the column in surge direction can be
approximately 10% of the standard deviation of the first order wave excitation loads. Analyses in Section 5.1 confirm that the
experimental model in model tests 4121 and 4410, for which the significant wave heights are 5.9 meters and 5.2 meters
respectively, are subjected to considerable non-linear wave excitation loads. The differences in the simulated and actual wave
excitation loads agree with, and explain the reason for, the differences observed in the simulated and measured rigid-body motions,
see Figures 5, 6, and 8.



Analysis in Section 5.1 shows that the second and higher order wave excitation loads on the experimental model in the model
test 4310, for which the significant wave height is 3.6 meters, are negligible. Consequently, the differences in the simulated and
measured results of the model test 4310 are due to the differences in the modeled and actual first order wave excitation loads and
radiation loads, and uncertainties and noises in the measurements. Some analysis with respect to the uncertainties and noises are
referred to [11] for which the simulated and measured responses of the model in moderate waves, e.g. model test 2420, are
analyzed. Note that elevation of incident waves in each model test is measured from its corresponding calibration test which is a
repeated test without the experimental model. The model tests 2420 and 4310 correspond to the same calibration test since the
incident waves in these model tests are designed to be identical. Differences between measured wave elevations in the calibration
test and wave elevations of the actual incident waves in the model tests 2420 and 4310 can be quantified by comparing
measurements of these model tests and their repeated tests. The model test 4132 is a repeated test for the model test 4121. Relative
difference of standard deviations of measurements of the fore-aft bending moments in full frequency-range in S1of the model tests
4121 and 4132 is 2.48%. Note that repeated tests for the model tests 2420 and 4310, and calibration tests were not carried out. The
relative difference of standard deviations of the simulated and measured fore-aft bending moment in the full frequency-range in
S1 of the model subjected to environmental conditions of the model tests 4310 and 2420 are 5.3% and 1.4%, respectively.
Accounting for the relative difference quantified by the repeated test, the authors feel that the agreements between the measured
and simulated fore-aft bending moments in S1 for the model subject to environmental conditions of the model tests 2420 and 4310,
respectively, are consistent to each other and acceptable. In addition, note that different sets of coefficients for modeling the first
order wave excitation loads and radiation loads are used in the numerical models corresponding to the model tests 4310 and 2420.
This is because, from the model test 2420 to the model test 4310, mean configuration of the wetted body surface of the
experimental model changes with respect to the mean aerodynamic loads on the tower of the model. More analysis is referred to
Section 5.4.

In Figure 15, for the model test 4310, the differences between the low frequency components of the spectral densities of the
simulations with the modification and measurements indicate the differences in the modelled and actual hydrostatic pressure
forces on the hull of the model, while the differences in the modelled and actual radiation loads also contribute to the differences
in the components with frequencies around the natural frequency of the pitch motion. The differences in the hydrostatic pressure
forces are also related to the changes in the mean wetted body surface. More explanation is referred to Section 5.4.

For the model tests 4121 and 4410, some differences in the low frequency components are due to the second and higher order
wave excitation loads on the experimental model.

5 Analysis for effect of components on rigid-body motions and sectional bending moments

In this section, effect of the non-linear wave excitation loads, drag forces, each load component, and steady wind and wave
loads induced changes with respect to the mean wetted body surface on the rigid-body motions and sectional bending moments
are analyzed by comparing the measurements in different conditions and carrying out numerical sensitivity study.

As mentioned in Sections 3.1 and 4, the measured aecrodynamic loads are applied on the numerical models. This ensures that
the simulated and actual applied aerodynamic loads on the corresponding numerical and experimental models are identical. The
differences between the simulated and measured responses are induced by the differences between simulated and actual
hydrodynamic loads. As shown in Section 4, in general, agreements between the simulations and measurements are good. This
indicates that differences between simulated and actual hydrodynamic loads are small. Consequently, in general, the aerodynamic
loads and hydrodynamic loads on the experimental models can be reasonable accounted for in the numerical models. Therefore,
the numerical models could be used to analyze the effect of the components on rigid-body motions and sectional bending
moments of the 5-MW-CSC.

5.1 Analysis for the effect of the non-linear wave excitation loads and drag forces

Velocity potential can be used to describe unsteady, irrotational and inviscid fluid motion, for which the only external force
field is gravity. Consequently, we can consider that the hydro loads are composed of the drag forces due to viscous effects of fluid
and potential loads. The potential loads are resultants of pressure forces on the wetted body surface of the hull. We denote position
of an arbitrary point on the wetted body surface of the hull in the global coordinate system as (x,y,z). The hydro pressure at the
point follows from Bernoulli’s equation, see Eq. (3).

p=C-pgz—p>-—5Vd Vo (3)

where ¢ is time dependent velocity potential. C is a constant value related to the atmospheric pressure on free-surface. p is
density of the sea. g is gravity acceleration.

¢ is obtained by solving the corresponding boundary value problem [37]. Note that the positions of free-surface and the
wetted body surface of the hull in the global coordinate system, and body-velocity are related to the motions of the hull. We define
that the wave excitation loads as the potential loads which include ¢ but are independent to the motions of the hull. Rest part of
the potential loads is related to the motions of the hull (including first and second derivative of the motions with respect to time).

The drag force on a 2-D cross-section of a structural component, e.g. column, and pontoon, is expressed by Eq. (4), see [5]. v
and 7 are corresponding velocities of the fluid and cross-section. 1 can be derived from the motions of the hull. We can see that



Lffr’ag (v, 7) is composed of terms that are related to v2, 72, and v7. The terms related to v? behave as excitation forces while the
terms related to 72 and v7 behave as damping forces.

1
Litag@7) = 5pCpD (v = )|v 7| )

Natural periods of the motions of the semi-submersible wind turbine are designed in the low frequency-range to avoid
resonances excited by the first order wave excitation loads, while, resonances could be excited by the second and higher order
wave excitation loads, excitation loads included in the drag forces, and aerodynamic loads. For wind waves in open sea,
significant wave height tends to increase with increase of mean wind speed. This means wave load effect could be more and more
important, e.g. effect of the second order wave loads on the motions in the low frequency-range could be more important than the
effect of aerodynamic loads. Spectral density curves of the motions and fore-aft bending moments of the experimental model in
the extreme and moderate wave only conditions are given in Figures 16 and 17 and serve as reference values for the motions and
sectional forces and moments excited by the second order wave excitation loads in the low frequency-range. The second order
wave loads affect the amplitudes and phase angles of the responses of the model.

Measurements in different wind-only and wind and waves conditions are compared as well, see Figures 16 and 17. Spectral
density curves of measurements in the model test 4310 and its corresponding wind-only model test (model test 1713) are almost
identical. This indicates that in operational conditions with moderate waves, e.g. the model test 4310, the second and higher order
wave excitation loads and drag excitation forces are negligible.

Increased second and higher order wave excitation loads are expected in the model tests 4121 and 4410 as the significant
wave height increases. As observed in Figure 16 the experimental model in the model test 4121 has more low frequency dynamic
motions in the surge and heave motions than the one in the corresponding wind-only model test. Another evidence is the
differences in spectral densities of the measured fore-aft bending moments in S1 of the model tests 4121 and 1733 (in frequency
range from 0 rad/s to 0.15 rad/s).

Note that wave steepness and ratio between water depth and wave length of the measured incident waves in the model tests
4121, 4410 and 4310 indicate that wave crest kinematics of some measured waves are recommended to be modelled by Stokes
2" order or Stokes 3™ order wave theory [46]

In addition to the low frequency excitation loads, the resonant responses are sensitive to the damping level of the model. Eq.
(4) shows that the drag forces on the model include a force that is related to the first derivative of the motions of the hull and fluid
velocity (v7). This indicates that the damping level of the model is related to the incident waves.

The motions of the model in the wind-wave and wind-only conditions are simulated and compared in Figure 18. The
numerical model does not include low frequency wave excitation loads but includes the drag forces. Comparisons of the low
frequency components of the simulated motions of the model in the wind-waves and wind-only conditions show that the incident
waves result in increase of the damping level of the model, while, as a result, the low frequency motions in the frequency ranges
around the model’s natural frequencies of the surge, heave and pitch motions can be significantly reduced. The observations in
Figure 18 are supported by observations in comparisons of simulations of the conventional numerical models used in [9] for
which aerodynamic loads (including aerodynamic damping effect) are accounted for by Aerodyn based on blade element
momentum theory.

The differences in spectral densities of measured fore-aft bending moments in S5 and S1 of the model tests 4121 and 1733 (in
the frequency range from 0.15 rad/s to 0.25 rad/s) are results of the differences in the pitch motions which are affected by the
differences in the damping level and differences in low frequency excitation loads, i.e. 2" and higher order wave loads and
aerodynamic loads, see more discussions in Section 5.2. Effect of the wave excitation loads can be quantified in a straight-forward
manner by carrying out a corresponding wave-only model test which is similar as the model tests 2410 and 2420. However, the
wave-only model test was not carried out in the laboratory. Analysis and discussions given in this paper are based on available
measurements. More systematical model tests are welcome in future.

As shown in Figure 15 and Table 8, the numerical model based on linear potential-flow theory underestimates the standard
deviations of wave-frequency components of the fore-aft bending moments in S1 by 5% to 10%. The differences in the simulated
and actual excitation loads are considered as the major reason for the differences. More experimental tests designed for
distinguishing linear and non-linear hydro loads are recommended to be considered in future.
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5.2 Dominant components in the fore-aft bending moments in five cross-sections

and

moments
RX(t) = [RSS*, RS*, RS, REX, RESX, RIS¥|T. R®*¥(t) are described in a body-fixed coordinate system (OPSX-xPSX.ybsx.

in  cross-section SX  as

zPS%) that is identical to the body-fixed coordinate system except that the 0?X is located at geometrical center of the cross-

section SX.

The sectional forces and moments are in equilibrium to external and inertial loads on the corresponding Part A or B. As
classified in [9], components of the external loads on Parts A and B are tabulated in Table 9.



Table 9List of the components of external loads on Parts A and B

Components On Part A On Part B
(Each component is 6 X 1 vector including three forces and moments) corresponding to SX | corresponding to SX
Drag forces Le,vis,SX,A (t) Le,vis,SX,B (t)
Gravity loads Le,gra,SX,A (t) Le,gra,SX,B (t)
First order wave excitation loads LewaexSXA gy LEWaexSKE (1
First order radiation loads LETALSXA (1) LETASXE (1)
Resultant forces and moments of hydrostatic pressure forces on the outer

surface and the atmospheric pressure forces on the inner surface of the A () LEStHSXE (1)
corresponding part (the corresponding Part A or B) at instantaneous position

Applied thrust forces and moments Not applicable LERTUSESXB (1

Each of the radiation loads (Le'md'SX'A (t) and LeTodSXE (t), see Table 9) can be expressed as a superposition of a convolution
term and a term that is proportional to acceleration associated with the rigid-body motions, see Eq. (5) as an example. In Eq. (5),
rigid-body motions are denoted as 5%4(t), 75%4 and #§%4 are first order derivative (velocity) and second order derivative
(acceleration) of 1%, respectively. k;(t) is known as retardation or memory function for Part A and determined by Agx 4(w) or
Bgy 4(w) . ASk 4 is Asx a(w) corresponding to the high-frequency limit. Agy 4(w) and Bsy 4(w) are frequency dependent added
mass coefficient matrix and potential damping coefficient matrix for Part A. More details are referred to [9].

+00
LA = - [ KA - DR AR - ASA) ®)

Consequently, each realization of simulated sectional forces and moments in the specified cross-sections can be expressed as
a superposition of realizations tabulated in Table 10. Expression of the superposition is given in Eq.s (6) and (7).

Table 10 List of decomposed realizations of the simulated sectional forces and moments. All the terms in Eq.s (6 and 7)
are described in the body-fixed coordinate system (Q?SX-xbSX_ybSx_zbSX) with respect to 0”SX.

Realizations in Eq. (6) Definition
RYWaExSKA Simulated realizations of three forces and moments that are in equilibrium to LW aexSKA
RI1us%A Simulated realizations of three forces and moments that are in equilibrium to L®Y raSXA and
Le,sta,SX,A
Rimertiasx.A Simulated realizations of three forces and moments that are in equilibrium to inertial loads of
corresponding Part A
Rad.inf,SX,A Simulated realizations of three forces and moments that are in equilibrium to —Ag 47554
RRetardsx.a Simulated realizations of three forces and moments that are in equilibrium to the convolution term
+0 4 SX,A B
(— o Kt — D (@)do).
RResSXA Simulated realizations of three forces and moments that are in equilibrium to the rest external loads
. e,vis,SX,A
on the corresponding Part A, e.g. L .
Realizations in Eq. (7) Definition
RThTustSX.B Simulated realizations of three forces and moments that are in equilibrium to L& StSX.58
Similarly, R¥4e%SXE RIWSXE pinertiasXh padd.InfSX5 - pRetardSXB 4 pResSXE are in equilibrium to the corresponding
loads on the corresponding Part B.

RS’SX(t) — Rwaex,SX,A + Rflu,SX,A + Rlnertia,SX,A + Radd,inf,SX,A + RRetard,SX,A + RRES'SX'A(t),SX — 1'2 or3 (6)
RS'SX(t) — Rwaex,SX,B + Rflu,SX.B + RInertia,SX,B + Radd,mf,SX.B + RRetard,SX,B + RThrust,SX,B + RRes,SX,B(t) ,SX =40r5 (7)

R¥*(t) and all of the other terms shown in Eq.s (6 and 7) are simulated in the time-domain model. We focus on fore-aft
bending moments (R;SX ) which are the sectional bending moments with respect to axis y?S* and intend to identify dominant
terms in the fore-aft bending moment.

Spectral density functions of Ré'sx and different combinations of the corresponding terms are compared.

For example, according to Eq. (7), we have Eq. (8). As shown in Figure A4, the spectral density curves of Rg'ss and
Rgzu,ss,s + RsThru“’SS'B are almost identical in the frequency-range from 0 rad/s to 0.1 rad/s. This indicates that effects of

Inertia,ss,B 55 o
R™TH®>5 on R are negligible in this frequency-range.



Note that R7*S%8

cross-section S5 (the tower base) are in equilibrium. Similarly, R are in equilibrium to the applied thrust
forces and moments (aerodynamic loads) and inertia loads on the corresponding Part B, respectively. For S5, there are no hydro

RIWSSE . actually, in equilibrium to the gravity

, gravity forces and hydrostatic pressure forces on the Part B (the tower and RNA) corresponding to the
Thrust,S5,B and RInertia,SS,B

pressure forces on the Part B since the Part B is out of the sea. Consequently,
forces. Meanwhile, R"***5>, RO S5E ang RFeLTaSSE which are in equilibrium to hydrodynamic pressure forces on the
corresponding Part B are not exist. Except for the external and inertia loads on the Part B discussed in above the numerical models
do not have any other external and/or inertial loads on the Part B. Consequently, R?**°>* does not exist.
R;,SS (t) — Ré‘lu,SS.B + Rénertla,SS,B + R;vaex,SS,B + Rtsldd,mf,SS,B + Rgetard,SS,B + R;‘hrust,SS,B + Rges,SS,B
— Ré’lu,SS,B + Rénertia,SS,B + Rghrust,SS,B (8)
Using this approach, dominant components in the fore-aft bending moments in five cross-sections are analysed. Results are

summarized in Table 11.
Table 11 Summary of dominant load components in the fore-aft bending moments in the five cross-sections

Low frequency-range Wave-frequency-range
Around surge natural Around pitch natural
frequency frequency
0-0.05 rad/s 0.05-0.15 rad/s 0.15-0.25 rad/s 0.25-0.3 rad/s 0.3-2 rad/s
S1 Rwaex,Sl,A + Rmertia,Sl,A
Rg u.5X.A +5 stzdd_inf,SLAs
3] R[™*A X =12 0r3 + RInertiasxa Components of RWACESTA | pimertia sy A
S3 + RAdAIn.SXA RS X =12340r5 | 5 o
¥ 5 120r3 in this range are + Rsl o
A= heor negligible since + Réc WA X =20r3
S4 excitations and rigid- RyaexS4E 4 Rénertia‘54'3
flu,SX,B Thrust,SX,B 1 1 1 i
s S R! + Ry Tus body motions in t.hIS n Rgdd,mf,Sll-,B
R + Ry »48 X =4o0r5 + Rlnertiasxp range are very limited. + RIMTUSLSHB | pflussB
. 5 5
S5 + R4 SXE RIWSSE | pinertia,sss
5 5
,X=4o0r5 Thrust,S5,B
+ R5 TUS!

. Thrust,SX,B SX,B SX,A e i
In the numerical models, R , RV**>%Zand RV4¢*>%* are prescriptive since the thrust forces and moments applied

on the numerical models are identical to the measurements of the thrust forces and moments applied on the experimental model
during the model tests, while the first-order wave loads are generated based on the corresponding hydrodynamic coefficients,
which are related to configuration of the mean wetted body surface of the hull and obtained by solving the corresponding
boundary value problem [9] and measured wave elevations of incident waves.

RmeTtiasXAand RIMTHASXE gre related to mass distributions of the hull and the acceleration associated with rigid-body

motions. R4/ 554 ang RA44-INSSXE yre related to the acceleration associated with the rigid-body motions and configuration of

the mean wetted body surface of the hull.

RI™S%4and R7™%5 are related to rigid-body motions, distribution of the vertical position of the mass of the hull and
configuration of the mean wetted body surface of the hull.

In the numerical models, the dynamic motions and sectional forces and moments in the hull are excited by the first-order
wave loads and thrust forces and moments, which are dominant excitations for the wave frequency responses and low frequency
responses, respectively. Components of the fore-aft bending moments with oscillating frequencies in range from 0.25 rad/s to 0.3
rad/s are negligible since excitations and rigid-body motions in this range are very limited.

For a model oscillating with frequency w,, inertial loads of the model are proportional to w?. Therefore, effects of
Rimertiasx.a - pinertiaSXB - padd InfSXA 4 gedd-infSXE oy components of the fore-aft bending moments with very small

oscillating frequencies, e.g. below 0.05 rad/s, are negligible when compared to the corresponding RTMTUSLSXE - pflusKA nd

RI™SXE even though in nature large low-frequency motions, e.g. the surge and pitch motions, may be excited by wind loads on

the RNA and tower, and second and higher order wave excitation loads on the hull. For the reference semi-submersible wind
turbine, we observe that components of the fore-aft bending moments with oscillating frequencies in the low frequency-range are
dominated by R["™*** or R["S*# 4 RIMUSLSXE oxcept that inertial related terms, e.g. R S%A and RIV 5% can affect
the components of the fore-aft bending moments with oscillating frequencies that are around pitch and surge natural frequencies

since 1) amplitudes of rigid-body motions are amplified as the resonant motions are excited, and 2) Rsﬂu'SX’A, Rglu’SX’B

R:hm“'sx B and the terms related to the acceleration associated with the rigid-body motions are not uncorrelated.

The resonant rigid-body motions are sensitive to the level of the damping forces. Consequently, rigid-body-motion related
Rs,SX’ e.g. Rflu,SX,A , Rlnertia,SX,A and Rudd,inf,SX,A

>

terms of , are sensitive to the level of the damping forces. While, a numerical




sensitivity analysis shows that the fore-aft bending moments, which are in the five cross-sections and in equivalent to the
corresponding damping forces on the corresponding Part A or B, are negligible when compared to R>* 1t should be noted that,
as discussed in Section 5.1, the damping forces and moments are affected by incident waves via the term v7.

Relative importance of load components on the fore-aft bending moments depends on wind and wave conditions, location of

the cross-section in the hull, amplitudes and phase angles of the rigid-body motions, and configuration of corresponding wetted
body surface of the hull, as well. Effect of these issues is analyzed in Sections 5.3-5.5.

5.3 Comparisons of the simulated fore-aft bending moments in the specified five cross-sections

Spectral densities of the fore-aft bending moments in the five cross-sections for the model in the three wind-wave
environmental conditions are compared, see Figure 19. The interface between the pontoons and central column is identified as the
most critical structural component. Ratio between square root of area under low frequency-range and wave-frequency-range of
each spectral density curve is calculated. We find the ratio varies from 0.1, which means the corresponding fore-aft bending
moment is dominated by wave frequency components (see the bending moment in S1), to 2.3, which means the corresponding
bending moment is dominated by low frequency components (see the bending moment in S5 in the model tests 4310 and 4410).
The ratio is around 1 for the corresponding bending moment in S5 in the model test 4121, S2, S3 and S4. This indicates that both
of the low frequency and wave frequency components are important.
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Figure 19 Comparisons of spectral densities of the simulated fore-aft bending moments in the five cross-sections in the
three wind-wave conditions

Spectral densities of R\Svaex,SX,A, (Rénertia,SX,A + Rgdd,inf,SX,A) and Rsflu,SX,A

Radd_inf,SX,B

5

,S4,B I tia,SX,B
,X=12o0r3, R/ and (RS +

) and Rsﬂu’sx'B are compared. See Figure 20 for example. From S1 to S3, value of standard deviation of the

corresponding first order wave excitation load induced fore-aft bending moment increases. Effects of fluctuation of hydrostatic
pressure forces on wetted body surface of the hull and fluctuation of gravity forces are important to fore-aft bending moments in

cross-sections in the tower and central column and in cross-sections that are on the pontoons and close to the central column.
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Figure 20 Comparisons of spectral densities of RVWaexSKA (waveex), R/SKA (FLU) and RimertiasxA | padd.inf.sx.a
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The inertial loads induced fore-aft bending moments in the tower base and base of the central column are dominated by the
inertial loads that are proportional to the acceleration associate with the surge and pitch motions. Spectral densities of the fore-aft
bending moments in the tower base, which are in equilibrium to the components of the inertial loads on the tower that are
associated to acceleration in surge only, acceleration in pitch only and acceleration in combined surge and pitch, are given in the



left figure of Figure 21. A cancellation effect between the bending moments induced by the inertial loads that are associated to
acceleration in surge and pitch can be clearly observed in frequency range from 0.4 rad/s to 0.6 rad/s. The cancellation is due to,
as shown by the right figure given in Figure 21, the fact that phase difference between simulated surge and pitch motions is close
to 180 degrees in this frequency range.

By using the same analysis approach, we find that the inertial loads induced fore-aft bending moments in S3 are dominated by
the inertial loads that are proportional to the acceleration associate with the heave motions.
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Figure 21 left: comparisons of spectral densities of the simulated fore-aft bending moments in S5 which are in
equivalent to different components of the inertial loads of the RNA and tower; right: differences in phase angle between
simulated surge and pitch motions

5.4 Analysis for effects of changes in the mean-offset and mean-heeling-angle of the hull on rigid-body motions and
sectional bending moments

As mentioned in Section 3, floating wind turbines are subjected to constant forces and moments from wind and waves. These
constant forces and moments can result in a mean horizontal offset and title angle. The horizontal offset results in a change in
restoring stiffness of the mooring lines due to change in configuration of the mooring lines and a change in phase angle of each
frequency component of the incident waves. As shown in Figure 3, the tilt angle means a change in configuration of mean wetted
body surface of the hull which results in a change in corresponding velocity potential and a change in value and distribution of
hydro pressure forces on the wetted body surface. This may result in a considerable change in resultant sectional forces and
moments even though change in resultant of the hydro pressure forces on whole of the wetted body surface could be very limited.
This statement is substantiated by comparisons of the measurements and simulations of the platform in a combined wind-wave
condition (the model test 4310), its corresponding wave only condition (model test 2420), and a model for which averaged wind
induced forces and moments are applied, see Figure 22.
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Figure 22 Comparison of spectral densities of the simulated and measured fore-aft bending moments in S1, and the
surge and pitch motions. The model test 4310 is a combined wind-wave condition, while the model test 2420 is its
corresponding wave only condition.



5.5 Convolution terms in expressions of the radiation loads

It is of great interesting to analyze load effects of the convolution terms shown in the expressions of L&7%%5¥4 and [#7*4S%5
since computational cost and complexity of the numerical models can be significantly reduced if the convolution terms can be
neglected. RF¢* ¥ 4S%4 4nd RF'4S%E gre in equilibrium to the corresponding convolution terms, respectively. Comparisons of

the numerical results presented in Section 5.2 show that Rg etardSXE ¥ = 4 or 5, and R?emm'SX'A,X = 1,2 or 3, are negligible for
the analyzed model.

Spectral densities of the rigid-body motions and fore-aft bending moments in the five cross-sections given by numerical
models with and without the convolution terms in the expressions of radiation loads on each part of the hull are compared, see
Appendix B. Numerical model without the convolution terms means that 1) the potential damping forces are not modelled, and 2)
the frequency dependent added mass coefficients are replaced by added mass coefficients that corresponding to the high-
frequency limit. Components of the potential damping forces with oscillating frequencies in the low frequency range are expected
to be negligible. We find that effect of the convolution terms on the motions and fore-aft bending moments of the present model in
the analyzed environmental conditions are negligible. This is agreed by the measured responses and indicates that, for the
analyzed environmental conditions, Morsion formula with calibrated coefficients could be available to reasonably account for the
hydro dynamic loads on the hull. However, this should be validated in future. By now, computer codes which implement Morison
formula focus on rigid-body motions while thorough validation with respect to sectional forces and moments in semi-submersible
wind turbine hulls is very limited. In addition, as addressed in [8], hydro pressure forces on end surface of each structural
component of floating wind turbine hulls need to be appropriately accounted for in the computer codes which implement Morison
formula

Note that importance of the convolution terms is related to configurations of the wetted body surface, and amplitudes and
frequencies of the motions of the hull. According to potential flow theory, it is expected that the effect of the convolution terms on
the dynamic responses of the 5-MW-CSC could be more important when the model is subjected to waves with smaller periods, e.g.
below 8 seconds. This effect needs to be considered in design of model test in future. It is also of great interest to apply the Luan
et al’s approach on numerical and experimental analysis of a floater with large water plane area for which the convolution terms
could be important.

In contrast to using Morison formula to model the hydrodynamic loads on floaters, hydrodynamic coefficients used in the
Luan et al’s approach are obtained by solving the corresponding boundary value problem (there is no need to calibrate the
hydrodynamic coefficients). While, the Luan et al’s approach is expected to be available in situations for which the diffraction and
radiation effects are important, e.g. for waves with relatively small periods.

6 Simplification of numerical modelling for global dynamic analysis

Interaction effect between wind and wave loads may be very limited while the interaction effect on the sectional forces and
moments may be negligible.

For example, as shown in Figure 17, the low frequency components of spectral densities of the measured fore-aft bending
moments in the tower base (S5) and base of the side column 1 (S1) in the model test 4310, for which the model is subjected to
turbulent winds and moderate irregular waves, are almost identical to the low-frequency components of spectral densities of the
corresponding measurements in the model test 1713 which is a wind-only model test corresponding to the model test 4310. While
the interaction effect can be observed from the differences between the wave frequency components of spectral densities of
simulated pitch motions in environmental condition of the model test 4310 and the model test for which the model is subjected to
the same condition as the model test 4310 except that the corresponding applied aerodynamic load, which include wave frequency
components, are replaced by three constant forces and moments that are averaged wind induced forces and moments (constant
steady wind loads), see Figure 22. However, as shown in Figure 22, the differences between the wave frequency components of
the spectral densities of the simulated fore-aft bending moment in S1 in these two conditions are negligible. This is because that
the wave frequency components of the fore-aft bending moments in S1 are dominated by the wave excitation loads and inertial
and radiation loads which are related to wave induced motions.

These facts encourage the idea that the fore-aft bending moments of the model in wind and waves could be approximately but
effectively simulated by superimposing the corresponding simulations of the model subjected to its corresponding wind only
condition and wave only condition with the corresponding averaged wind induced forces and moments. If the simplification is
applicable, the number of cases of short-term analysis required in long-term analysis can be significantly reduced. In addition,
based on the results discussed in Section 5.5, we suggest that the convolution terms could be excluded from the numerical model
to reduce real-time-computational effort and modelling complexity for each short-term analysis. Consequently, the computational
time for a 4,600-second-simulation can be reduced from 1,253 seconds to 638 seconds (for a 2.30GHz CPU). Note that effect of
the convolution terms on responses of a generic floater could be important if the floater has relatively large volume of displaced
water and/or is subjected to waves with relatively small wave length.

Applicability of the simplification should be analyzed case by case. Spectral densities of the simulated fore-aft bending
moments in the five cross-sections of the models with and without the simplification in conditions of the model tests 4310 and
4121 have been compared. Typical results are shown in Figure 23. As expected, these results substantiate that the simplification
could be used to simulate the fore-aft bending moments in the hull. Relative difference between square root of area of



corresponding spectral density curves with and without the simplification under the low frequency-range and wave-frequency-
range are no more than 2.5% and 5%, respectively. We also find that fore-aft bending moments in cross-sections in the tower
could be sensitive to the difference in the simulated pitch motion and thrust force on the rotor with and without the simplification
but could be insensitive to the difference in the simulated surge motion. Fore-aft bending moments in cross-sections in the side
columns could be insensitive to the difference in the simulated motions and thrust force on the rotor since the fore-aft bending
moments are dominated by wave excitation loads, and inertial and radiation loads which are related to wave induced motions.

Note that the simulated model responses in the frequency-range around surge and pitch natural frequencies are very sensitive
to damping level of the numerical model. In the numerical models, the damping forces and moments in the low frequency-range
come from 1) drag forces on the mooring lines and hull and 2) the quadratic damping matrix. Morison formula, which is an
empirical formula, is used to model the drag forces. The coefficients implemented in the formula are selected according to [31]
based on Reynolds number, Keulegan—Carpenter number and surface roughness of the model in full size. As shown in Section 5.1,
due to implementation of the Morison formula, incident waves can introduce a considerable effect on the damping level of the
numerical model in the low frequency-range. Consequently, drag coefficients calibrated by using measured responses in decay
tests and/or selected according to standards, e.g. [31], may failed to accurately model the actual drag forces (value and distribution)
on the hull and mooring lines. In practice, a quadratic damping matrix is used to compensate the difference between the model and
actual damping forces and moments. However, calibration for coefficients in the quadratic damping matrix is needed case by case.
Future work for improving the modelling approach for the drag forces is highly recommended. In addition, the second and higher
order hydro loads are not completely included in the numerical models but are inherently included in nature. Effect of the second
and higher order wave excitation loads on the resonant motions should be kept in mind. As shown by the measured responses of
the model test 4310, in moderate waves, effect of the second and higher order hydro loads is very limited.
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Figure 23 Comparisons of spectral densities of simulated fore-aft bending moments with and without the
simplification for two operational conditions
7 Conclusions and future work

Multi-body time-domain finite element models, which implement a recently developed numerical approach for determining
forces and moments in floaters, are developed to simulate rigid-body motions and sectional forces and moments of a reference 5-
MW braceless semi-submersible wind turbine in turbulent winds and irregular waves corresponding to below rated, at rated and
above rated conditions. The simulated responses are compared with measurements with a 1:30 scaled model test. In general, the
agreement between the simulations and measurements is very good. The differences in the spectral densities of the measurements
and simulations have been quantified while the reasons for the differences have been thoroughly analyzed and discussed based on
the comparisons of measurements in the different conditions and numerical parametrical study.

The low frequency rigid-body motions are dominated by the wind loads, second and higher order wave excitation loads, and
restoring stiffness while the resonant motions are sensitive to the damping forces and moments that are empirically modeled by
the drag terms of the Morison formula in the developed numerical models and are affected by incident waves via the term v7. In
practice, a quadratic damping matrix is used to compensate for the difference between modelled and actual damping forces and
moments while the coefficients in the matrix need to be calibrated case by case. Future work for improving numerical model of
the drag forces, which able to model the drag forces with an acceptable accuracy in blind tests, is highly recommended.

The uncertainties in the simulated and measured low frequency surge and heave motions have negligible effects on the fore-
aft bending moments in the five cross-sections in the hull. The low frequency fore-aft bending moments are dominated by the
wind loads, and pitch motion related fluctuations of gravity forces and hydrostatic pressure forces. The inertial load effect on the
low frequency responses is limited except for responses with frequency components around the pitch natural frequency. Effect of
the second and higher order wave excitation loads on the fore-aft bending moments is observed from the measurements and
discussed. In general the effect is relatively limited in the analyzed operational conditions but can be critical in extreme conditions.

The differences in the simulated and measured wave-frequency rigid-body motions and fore-aft bending moments, for which
the relative difference for standard deviation of the corresponding measurements and simulations is no more than 10%, are due to
the difference between the simulated and actual first order and higher order wave excitation loads. Note that the second and higher



order wave excitation loads are not included in the numerical models. The level of relative difference, which is due to
uncertainties and noises in measurements, of standard deviations of the corresponding measurements and simulations could be
around 2.48%. To further analyze the reason of the differences in the simulated and actual wave excitation loads on the hull,
numerical modelling approach for full second order wave excitation loads should be developed, while the wave excitation loads
on the hull, when the hull is fixed at its mean position in wind and waves, should be measured in future test programs. A
preliminary comparison, which is scheduled to be published with a more comprehensive analysis in future, with respect to the
simulated and measured responses in a 1-hour extreme condition (the model test 2410) shows that the relative difference of the
standard deviation and maximum value of the simulated and measured fore-aft bending moment are in the level of 7.3% and 55%,
respectively. Note that more efforts are needed to quantify uncertainties in the measurements in the extreme condition, in
particular for the 1-hour maximum value.

The mean forces and moments from wind and waves result in a change in the configuration of the mean wetted body surface
of the hull when compared to the configuration in calm water. This may result in a considerable change in the resultant sectional
forces and moments even though the change in resultant of the hydro pressure forces on the whole wetted body surface could be
very limited.

A summary of important load components on the simulated fore-aft bending moments in the five cross-sections is available in
Table 11. Relative importance of load components on the fore-aft bending moments depends on wind and wave conditions,
location of the cross-section in the hull, amplitudes and phase angles of rigid-body motions, and configuration of corresponding
wetted body surface of the hull. The interface between the pontoons and central column is identified as the most critical part. Both
the low frequency and wave frequency components of load effects could be important. From S1 to S3, value of standard deviation
of the first order wave excitation load induced fore-aft bending moment increases. The effect of the fluctuation of the hydrostatic
pressure on the wetted body surface of the hull and the fluctuation of the gravity forces are important to the fore-aft bending
moments in the cross-sections in the tower and central column and in the cross-sections that are on the pontoons and close to the
central column. The phase difference between the simulated surge and pitch motions can be close to 180 degrees in the frequency
range from 0.4 rad/s to 0.6 rad/s and means a cancellation effect for the bending moments induced by the inertial loads which are
associated to acceleration in surge and pitch. The inertial loads induced fore-aft bending moments in S3 are dominated by the
inertial loads that are proportional to acceleration associated with heave motions.

In the analyzed environmental conditions, the convolutional terms have very limited effect on the simulations and could be
removed from the numerical models to significantly reduce modelling complexity and computational cost for short-term analysis.
The applicability of this simplification should be analyzed case by case since the importance of the convolution terms is related to
configurations of the wetted body surface, and amplitudes and frequencies of the motions of the hull. This issue should be kept in
mind in design of model tests in future.

Analysis presented in this paper substantiates that the simulated fore-aft bending moments of the model in wind and waves
could be obtained by superimposing the corresponding simulations of the model subjected to its corresponding wind only
condition, and wave only condition except that three constant forces and moments which are the corresponding averaged wind
induced forces and moments are applied if the interaction effect between wind and wave loads and/or the interaction effect on the
sectional forces and moments are limited. The simplification can significantly reduce computational cost but applicability of the
simplification should be analyzed case by case.

Analysis and discussions given in this paper are based on available measurements. More systematical and step by step model
tests for quantifying and minimizing uncertainties in measurements and identifying the first order and higher order wave
excitation loads are welcome in future. While, the frequency dependent radiation and diffraction hydrodynamic loads are expected
to be relatively more significant when volume in water and water plane area of the experimental model are relatively large and the
experimental model is subjected to irregular waves for which major wave energy is in frequency range from 1 rad/s to 2 rad/s.
Numerical and experimental analysis for the model in extreme conditions and fault conditions as described for example in [38-40]
is scheduled as a future work.

The aerodynamic loads applied on the numerical models are prescriptive loads measured from the model tests. Analysis
shows that the actual aerodynamic loads on the experimental model can be accurately measured. Consequently, the difference
between the measurements and simulations only indicate differences in the hydro loads on the hull and the mass properties of the
numerical and experimental models. If the deviation between the simulated and measured rigid-body motions is large, the
prescriptive loads will fail to represent the right dependency of the aerodynamic loads with respect to the rigid-body motions.
Fortunately, the agreement between the simulated and measured rigid-body motions is very good. This limitation can be avoided
by developing a numerical model for the wind turbine of the experimental model to simulate the aerodynamic loads in the time-
domain simulations based on numerical wind field and the simulated rigid-body motions. However, increase of uncertainties due
to the differences between the numerical and actual wind fields, and the differences between performance of the numerical and
experimental models of the wind turbine must be considered.

The time-domain approach used for developing numerical models analyzed in this paper is a generic approach that is
applicable for static determinate and indeterminate structures. The approach could be used for long-term extreme load prediction
and fatigue damage analysis while the understanding with respect to the wind and wave load effects on the sectional loads could
be helpful for structural optimization and control for the hull of floating wind turbines, for example, similar work with respect to
the work presented in [42-45] could be done in future. According to the approach, a genetic structure can be discretized into
several bodied for modeling hydro loads, which are based on coefficients that are obtained by solving the first order boundary



value problem with the rigid-body assumption, in time-domain on each body while global flexibility of the structure can be
modelled by using beam elements. Extension for accounting for hydroelastisity, e.g. [41], is scheduled as future work for
development of the approach.
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APPENDIX A

Detailed observations of comparisons for identifying the dominant load components listed in Table 11 in section 5.2 are
analysed and described as follows:

Components of R_f;’Sl (realization of the fore-aft bending moment in base of side column 1) with oscillating frequencies in

the low frequency-range are dominated by L9754 gnd L9S*S14 | Effects of the inertial loads and added mass loads

with a constant coefficient matrix corresponding to infinite frequency of the corresponding Part A on Ré'“ are negligible

except for components of R;Sl with oscillating frequencies in frequency-range nearby natural frequencies of surge and
pitch. Note that effects of second and higher order wave excitations are not included in the numerical models.
Components of first-order wave excitations in the low frequency-range are negligible. Spectral densities of incident
waves are given in Figure 4. Components of Rg'“ with oscillating frequencies in the wave-frequency-range are

dominated by LoV*e%SXA and inertial loads and added mass loads with a constant coefficient matrix corresponding to
infinite frequency of the corresponding Part A. See Figure Al.
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The expression of equilibrium for Ré’ss is given in Eq. (8). Inertial loads on the RNA and tower affect components of
RS'SS with oscillating frequencies that are around pitch natural frequency, e.g. from 0.15 rad/s to 0.25 rad/s. Components
of Rg,ss with very small oscillating frequencies, e.g. below 0.15 rad/s, are dominated by wind loads on and gravity forces
of the RNA and tower. The inertial loads of the RNA and tower strongly affect components of R;,ss with oscillating

frequencies that are in the wave-frequency-range. While, effects of the wind loads on and gravity forces of the RNA and
tower on these components are not negligible.
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Figure A4 Comparisons of spectral densities of simulated fore-aft bending moments in S5. Note that “Inertia” corresponding
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Observations for components of Rg'“ (realization of the fore-aft bending moment in base of the central column) with
oscillating frequencies in the low frequency-range are similar to the observations for the corresponding components of
R;,ss. Observations for components of R§'54 with oscillating frequencies in the wave-frequency-range are similar to the
observations for components of Rg'sz except that effects thrust forces on the RNA and tower on the components of R§'54
with oscillating frequencies in the wave-frequency-range are not negligible. See Figures A2, A4 and AS.
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Spectral densities of rigid-body motions and fore-aft bending moments in the five cross-sections given by numerical models
with and without the convolution terms in the expressions of radiation loads on each part of the hull are compared. Numerical
model without the convolution term means that 1) the potential damping forces are not modelled, and 2) the frequency dependent
added mass coefficients are replaced by added mass coefficients that corresponding to the high-frequency limit.
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ABSTRACT

This paper deals with analysis of the OC4 DeepCWind
semi-submersible wind turbine, which is provided by NREL
through the OC4 project. This concept is a three-column semi-
submersible supporting a 5 MW wind turbine on an additional
central column.

The fact that the semi-submersible floater needs a large
water line restoring moment to achieve sufficient stability and
the control of the cost based on the steel weight make the
design of braces and pontoons very challenging. Effective
methods are needed to check the strength of the brace system
based on the response forces and moments in the braces under
different design environmental conditions, while the floating
wind turbine is needed to be considered as an aero-hydro-servo-
elastic system.

A novel modeling methodology based on the code
Simo/Riflex is introduced in this paper. Simo/Riflex is a state-
of-the-art code that can account for the coupling effect between
rigid body motions and slender structures (e.g. mooring lines,
braces and blades) in the time-domain. Simo/Riflex can be
combined with Aerodyn, which is a state-of-the-art
aerodynamic code, to model the floating wind turbine as an
aero-hydro-servo-elastic system, as well as be combined with
simplified aerodynamic codes (e.g. TDHMILL) to improve the
efficiency of the numerical simulation.

The novel modeling method can give the forces and
moments in the brace system of the floater under hydrodynamic
and aerodynamic loads in the time-domain. In order to get the
structural response of the braces, the side columns and the
central supporting column are modeled as independent rigid
bodies in Simo while the braces are modeled by beam elements
in Riflex. Master and slave relationship is applied at the joints
in between of the columns and braces.

As an application example, the novel modeling method
based on the code Simo/Riflex+*TDHMILL, which is capable of
modeling the floating wind turbine as an aero-hydro-elastic
system, has been used to carry out Ultimate Limit State (ULS)
design check for the brace system of the OC4 DeepCWind
semi-submersible wind turbine based on relevant standards, i.e.
NORSOK N00-3, NORSOK N-004, IEC61400-1, IEC61400-3.

The modeling method can also be used by other codes
which have similar features as Simo/Riflex.

INTRODUCTION

The interest in offshore wind energy is increasing since
most of easy and good onshore wind fields have been
developed. Moreover, offshore has better wind conditions, and
offshore has less noise pollution to the local residence. The
main challenge of developing offshore wind energy is to reduce
the cost per generated power to a competitive level compared to
onshore wind energy and other commercial methods for power
generation such as hydropower and thermal power.

The substructure of offshore wind turbines makes up a high
percentage of the total cost of an offshore wind field. Based on
some existing data of monopile wind turbine farms, the
percentage may be about 20% or even more [1]. But the cost is
sensitive to environmental conditions at the specified field. In
general, bottom fixed concepts, e.g. monopile and jacket, are
used for shallow water (water depth up to 30-40m for monopile
and water depth up to 60-80m for jacket). With the increasing
of the water depth, the cost of the monopile or jacket increases
significantly. Floating concepts are considered for water depth
more than 100m. The experiences in the offshore oil industry
have been used to develop floating wind turbines. Several
designs with a 5 MW turbine have been proposed, e.g. the
OC3-Hywind [2], NREL-MIT TLP [3], and WindFloat [4].



In the present paper, the focus is on the OC4 DeepCWind
semi-submersible wind turbine [5], which is a semi-
submersible wind turbine provided by NREL for the OC4
project. The OC4 DeepCWind semi-submersible supports the
wind turbine by a central column, while WindFloat supports the
wind turbine by an offset-column.

The semi-submersible concept mainly uses water line area
restoring moment to achieve sufficient stiffness against
overturning. On one hand, the large overturning moment due to
the aerodynamic loads on the blades forces the designer to
obtain sufficient restoring stiffness by increasing the distance
between the side columns. On the other hand, the designers
have to control the steel weight because of the associated costs.
Consequently, the design of the brace system for semi-
submersible floating wind turbine is a challenging task.
Meanwhile, long-term harsh environmental conditions and
wind turbine faults may result in ultimate or fatigue failure. As
a result, design checks based on well considered numerical
simulations are important for designers to achieve a floating
wind turbine design with satisfied reliability and acceptable
costs.

The present paper proposes a novel numerical modeling
method that can be used to obtain the brace responses due to
environmental loads in the time-domain. The method has been
applied for ULS design check for the OC4 DeepCWind semi-
submersible wind turbine. The environmental data
corresponding to an offshore site at the central North Sea has
been selected in the design check although the floater is
originally designed for Gulf of Maine. Relevant information
about model descriptions, modeling method, results and
discussions have been presented in the following sections.

WIND TURBINE MODEL

The outline of the OC4 DeepCWind semi-submersible is
shown in Figure 1 and Figure 2. Wind turbine is located on the
centre column, named as main column (MC). There are three
side-columns around the central column. For each of the side-
columns, it includes an upper column (UC) and a base column
(BC). Braces are used to connect the main column, the upper
columns and base column as an integrated body. Relevant
geometry information about the columns can be found in Figure
2.

‘== Topof tower
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Figure 1Side view of the OC4 DeepCWind
semisubmersible wind turbine [5]
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Figure 2 Plan (left) and Side (right) view of the OC4
DeepCWind Semisubmersible [5]

The freeboard of the side-columns is 12m. The distance
between the top of the main column and the SWL is 10m. The
NREL offshore 5-MW base line wind turbine described in
reference [6] is used in the current model. The control system is
described in reference [6] is used in the OC4 project. But it is
not included in the present model due to the limitation of the
applied simplified aerodynamic model which has been
described in the following section. The coordinate system is
shown in Figure 2. The origin of the coordinate system is at the
center of the water line area of the main column.

The names of the columns and braces have been shown in
Figure 2. All columns and braces have cylindrical shape. The
diameter of all the braces is 1.6m.

Normal  steel (Desity=7850  [kg/m”3];  Young’s
modulus=2.1E+11[Pa];  Yield stress=235[MPa]; Poisson
ratio=0.3; Structural damping ratio=1%) is applied to all the
braces. The position of each brace is tabulated by Table 1. The
coordinate system is the same as the one used in Figure 2.



Table 1 Member Geometry [5]

Three catenary mooring lines are used to provide
horizontal restoring stiffness. Each of the mooring lines is
attached at the upper surface of each base column through the

It should be noted that the wall thickness in Table 1 is
specified by reference [5] with the consideration of achieving
the same mass distribution as a scaled model in the laboratory
test [7].

The mass of the OC4 DeepCWind semi-submersible has
been re-calculated and reformulated for the purpose of applying
the novel method described in the next section to do ULS
design check.

Table 2 Mass property of columns and braces. The centre of
gravity and moments of inertia are referred to the
coordinate system described in Figure 2.

Item | Unit Offset Offset Offset MC Braces
columnl | column2 | column3

M Tonne 4354 4354 4354 152 268

X -14.65 -14.65 29.3 0 0

y m -25.37 25.37 0 0 0

z -13.78 -13.78 -13.78 -5.77 -1.63

1 x 4.00E+06 | 4.00E+06 | 1.20E+06 | 1.83E+04 6.44E+04
ly 2.13E+06 | 2.13E+06 | 4.94E+06 | 1.83E+04 6.44E+04
1z Tonne 4.08E+06 | 4.08E+06 | 4.08E+06 | 1.58E+03 4.87E+04

KA

I_xy m*2 | 1.62E+06 1625406 0.00E+00 | 0.00E+00 0.00E+00
I yz 0.00E+00 | 0.00E+00 | 0.00E+00 | 0.00E+00 0.00E+00
1 xz 0.00E+00 | 0.00E+00 | 0.00E+00 | 0.00E+00 0.00E+00

The mass of the side-column includes the mass of the steel
hull of UC and BC and the mass of ballast water in UC and BC.
There is no ballast water in MC and braces. The mass of MC
only considers the mass of the steel hull. It should be noted that
the mass of turbine, tower and mooring lines are not included in
Table 2.2, but they are available in [5, 6].

Wall corresponding fairlead. The distance from each fairlead to the
S Abbr. Start location End location Length Thick. . R .
xY.2) ®Y.Z) my | SO centre line of the main column is 40.868m. The anchors are
“Main Columm MC ©.0.20) ©.0.00) 0 003 located on flat sea floor which is 200m below the SWL. The
Upper Colunm 1 uci (14.43,25.14) (14.43,25,12) 2% 0.06 distance from each anchor to the centre line of the main column
Upper Coluna 2 ve2 (-2887,0.-149) (-28.87,0,12) % | o006 is 837.6m. The unstretched length of each mooring line is
Upper Column 3 Ucs | (144325 1) (1343, 25, 12) 2 0.06 835.5m. The angle in between of the mooring lines is 120
Base Coluwa | BCL | (443,25, 20) (1443, 25, -19) i 0.06 degree. Uniform properties are assumed along the length of the
4 2 2 2887, 0, -2 28.87,0, - ] . . . . s
Base Colunn B¢ (28570 20) (265701 § | 006 mooring lines. The diameter of each mooring line is 0.0766m.
Base Column 3 BC3 (14,43, -25,-20) (1443 -25 -14) 6 0.06 . . . .
- . . The mass density along the length of each mooring line is
Delta Upper Brace 1 | DUIL (9.20,22, 10) (-23.67, 3, 10) 38 0.0175 N | N .
et UpperBransZ | DUZ YR o, 10 5 T oos 113.35kg/m. The bepdmg stlffne.ss and torsional stiffness are
Delta Upper Brace 3 | DU3 (14.43, 19, 10) (14.43,19,10) 3B | 0017s set to be zero. The axial stiffness is 7.536E+8N.
Delta Lower Brace 1 | DL1 (3,19,17) 1847, 6,-17) % | oous Numerical decay tests have been done by the authors to
DeltaLower Brace 2 | DL2 |  (-18.47.-6.-17) (3,19, -17) 2 | oours identify the natural periods the OC4 DeepCWind semi-
Delta Lower Brace 3 | DL3 (14.43, 413, -17) (1443, 13, -17) % | om7s submersible wind turbine. The results are tabulated as
Y Upper Brace 1 Yul (1.625, 2815, 10) (11.43, 19.81,10) 19.62 0.0175 following.
Y Upper Brace 2 YUz (-3.25,0,10) (-22.87.0.10) 19.62 00175
¥ Upper Brace 3 yus | (6252815100 | (143198110 | 1962 | oo7s . - .
oo Broce Yo | ez 2. @5 14617 e Toos Table 3 Natur:all perlo.ds of the‘rlgld 'body m{)tlons of the
Crrp—— iz G017 1687, 0.17) TR OC4 DeepCWind semi-submersible wind turbine based on
Y Lower Brace 3 YL3 | (L625,2815,-17) | (84,-146,-17) | 1362 | 00175 numerical decay test simulations. The unit is second.
Cross Brace 1 cBl | (1625, 2815.-162) | (1143.19.81.913) | 3204 | 00175 Surge Sway Heave Roll Pitch Yaw
Cross Brace 2 CBI | (325,0.-162) (2287,0,913) | 3204 | 00175 115.9 117.3 17.1 26.0 25.8 80.2
Cross Brace 3 CB3 (1.625, -2 815, -16.2) (11.43,-19.81,9.13) 32.04 0.0175

NOVEL MODELLING METHOD

The NORSOK standard N004 [8] requires that appropriate
models should be developed to verify that the structure can
resist relevant actions associated with conditions that may
occur during all stages of its life-cycle [8]. In the offshore oil
industry, different detailed FEM models have been used to get
the responses of the structure under the specified design loads
[8]. However, the floating wind turbine is considered as an
aero-hydro-servo-elastic system [9]. It means that the
aerodynamic loads on blades, as well as the hydrodynamic
loads on the floater, are fully coupled with the global motions
of the floater. In addition, the aerodynamic control of the wind
turbine will change the aerodynamic loads and therefor the
floater motions simultaneously. Consequently, it is a big
challenge to decide the appropriate design loads. Unfortunately,
by now, the experiences are quite limited.

From an engineering point of view, a simple and effective
method is needed, especially for preliminary design, to improve
the efficiency, reduce the design cost and save the human effort
and time. The authors of this paper propose a novel modeling
method that makes it possible to obtain the forces and moments
in the brace system of a semi-submersible wind turbine based
on the time-domain analysis, while considering the floating
wind turbine as an aero-hydro-servo-elastic system.

The novel method is developed on the basis of the code
Simo/Riflex [10, 11]. Simo/Riflex is a state-of-the-art time-
domain code that can well address the hydrodynamic loads and
solve the structural dynamic problem in a fully coupled way
involving all of rigid body motions and flexible deformations of
slender structures (e.g. mooring lines, braces and blades) in the
time-domain. The code Simo/RiflextTDHMILL [12, 13],




which is capable of modeling the floating wind turbine as an
aero-hydro-elastic system and Simo/Riflex+Aerodyn [14],
which is capable of modeling the floating wind turbine as an
aero-hydro-servo-elastic have been used by several researchers
to model various floating wind turbines with different types of
floaters such as Spar, TLP and semi-submersible [13, 15-17]. In
applications that are related to semi-submersible floaters, the
floater (including the columns, pontoons and braces) is
considered as an integrated rigid body and modeled as a single
rigid body system with 6 degrees of freedom of motions. The
rigid body motions, in general, can be expressed by Equation
(1) and (2). [18]
(M + Q)%+ Cx + Df(x) + K(x)x = q(t, x, %) (€Y)]

where, M is body mass matrix; A is frequency-dependent
added-mass matrix; C is frequency-dependent potential
damping matrix; D, is quadratic damping matrix; f is vector
function where each element is given by f, = x,,|X,|; K is
hydrostatic stiffness matrix; x is position vector; q is external
force vector

at,%,%) = qui + Qs + Qgn + dev + dexe (2)

where, qy; is wind force; qﬁﬁ is first order wave
excitation force; q&z& is second order wave excitation
force; qcy is current drag force; ., any other forces (wave
drift damping, specified forces and forces from station-keeping
and coupling elements, etc).

X, in Equation (1), is 6x1 vector corresponding to 6
degrees of freedom of the rigid-body motions of the floater. 4
and C are 6x6 frequency dependent added mass and potential
damping matrix respectively. They are calculated by the code
WAMIT based on Boundary Element Method (BEM) [19]. A
panel model corresponding to the whole structure of the floater
below water line is needed. The Equation (1) can be further
expressed in the form of Cummins equation by doing inverse
Fourier transform. The frequency dependent terms are
accounted by convolution integrals [20].

The conventional method is not straight-forward to
calculate the structural responses of the braces or pontoons
since all the braces, columns, pontoons of the floater are
modelled as a single body. Instead, the authors propose to
model the floater as a multi-body system. Each of the side-
columns and the main column is modelled as independent rigid
bodies. Meanwhile, each of the braces in between of the
columns is modelled as beam element to make it possible to get
the brace structure responses under the action effects of the
external wave loads and the motions of the side-columns at the
ends of the brace. A rigid connection with master and slave
relationship is applied at each of the joints between the side-
columns and braces. It is used to connect the side-columns with
the beam models.

In the novel modelling method, each side-column has 6
degrees of freedom for its rigid-body motion matrix. The
motions of the columns can also be solved by Equation (1)
except that the matrix and vectors in the Equation (1) should
include all degrees of freedom of all columns and the

corresponding cross terms which account for the interaction
coupling effects between different bodies.

Regarding to the floater of the OC4 DeepCWind
semisubmersible wind turbine model, each of the side-columns
and main column should be modelled as an independent rigid
body. Thus, the floater includes four rigid bodies.
Consequently, A(m) is 24x24 matrix rather than 6x6 matrix.
The matrix can be expressed as:

gL gLz gl3 gle
AP g22 23 g2e
A(w) = LB 43R 433 434

lA4’1 A%2 443 A4,4J

24%x24

(3)

AY (i=1,234;j=1234) is 6x6 matrix. A"
expresses the added mass on body i due to 6 degrees of
freedom motions of body j. Frequency dependent potential
damping matrix is similar to the added mass matrix. These
coefficients can be calculated by using multi-body option in
WAMIT. However, due to the limitation of the matrix solver,
hydrodynamic interaction effect cannot be considered by
current version of Riflex. It means, in frequency depended
matrix (e.g. Equation (3)) the cross terms are set to be zero,
while each of the diagonal terms, e.g. A"/ ,i = j, accounts for
the corresponding hydrodynamic load on each body due to the
motions of the body in open still sea without the other bodies.
Meanwhile, the first order potential wave load on each body
does not include hydrodynamic interaction effect. The terms
without hydrodynamic interaction effects of each body can be
calculated by WAMIT with the panel model corresponding to
each body. The second order potential wave loads are not
included in current model.

The influence of the hydrodynamic interaction effect on
the response of the floater is examined in the next section. The
results show that hydrodynamic interaction effect has very
limited influence on Response Amplitude Operator (RAO) of
the floater, for wave periods (varying from 3 second to 30
second) that are of interest. The hydrodynamic interaction
effect will be added by a new version of Riflex in the future.

In addition to the two modelling approaches mentioned in
above, each of the columns of the floater could be modelled as
beams. Consequently, the floater is treated as a flexible beam
element system by which the structural responses of the braces
or pontoon can be obtained directly from the time-domain
simulation. However the main challenge of this beam element
modelling method is how to account for the hydrodynamic
loads on the beam model of the columns. Moreover, the beam
model may under-estimate the stiffness at the joint between
braces and columns, while the local stresses due to stress
concentration, which cannot be considered by the beam model,
may dominate the stress responses at the joint. The
hydrodynamic loads on the columns can be expressed in a
practical way by using the Morison formula. It means memory
effects due to frequency dependent potential wave loads, added



mass and potential damping have to be neglected. It should be
noted that the Morison formula is an empirical formula that is,
in general, applicable when the wave length is larger than five
times the diameter of the slender structure’s cross section [21].
In addition, the Morison formula may not be appropriate to
estimate the hydrodynamic loads in the axial directions of the
columns. A study presented in [17] concludes that, for a 5 MW
semi-submersible wind turbine which is similar to WindFloat,
pure Morison model tend to result in overestimation of heave
and pitch motions when compared with the potential theory,
while diffraction effects became important for heave motions in
regular wave analysis with periods below 7 second.

Compared with the conventional method and beam
element modelling method used in the offshore oil industry, the
proposed approach makes it be capable of accounting for the
influence of the hydrodynamic load, aerodynamic load, pitch
servo system, and elastic properties of the flexible slender
structures on the structural responses of the brace system. The
obtained member forces and moments in the brace system can
be used for design checks with respect to ULS and Fatigue
Limited State (FLS).

The authors apply this method with the code
Simo/Riflex+TDHMILL and short term stochastic analysis
approach described by NORSOK NO003 [22] and NORSOK
NO004 to obtain the characteristic structural responses in design
load conditions. The responses are used to compare with the
resistance of the corresponding structure to estimate the safety
of the structure. It should be noted that proposed modelling
method can also be used in conjunction with other codes, e.g.
Simo/Riflex+Aerodyn.

The features of the developed numerical model are
summarized in Table 4.

The structure of the 5 MW wind turbine is composed of
several systems, i.e. blades, hub, nacelle and tower. The blades,
hub and nacelle are modelled as an integrated rigid body
attached at the top of the tower. There are no external loads on
the rigid body except the gravity and the aerodynamic loads.
Aerodynamic load on the blades are simplified as a thrust force
acting at the integrated rigid body by TDHMILL. The thrust
force and the generated power of the turbine are calculated
based on the relative wind speed at the nacelle considering the
effect of floater motions and the specified normalized thrust
and power coefficients [12]. The gyro moment due to the
rotation of the rotor and the global motions of the floater is also
considered by TDHMILL.

Each of the columns (side-columns and main column) is
modelled as a rigid body with the mass matrix described in
Table 2.2. First order wave loads based on the potential theory
and drag force based on the Morison formula are used to
express the hydrodynamic loads on the columns. The
hydrodynamic interaction between the columns is not included
in the model.

The tower, mooring lines and braces are modelled as beam
elements. The loads on the mooring lines and braces are
considered by the Morison formula. The drag coefficient C,4
and added mass coefficient C, in the Morison formula are

defined based on the formula described in section 6 of
reference [23]. These coefficients depend on Reynolds number,
the Keulegan-Carpenter number and the roughness [23]. The
drag coefficients used in present model are based on the values
specified by [5]. The coefficients have been tabulated in Table
5. The drag coefficients given by reference [5] are selected
based on Reynolds number except the base columns since they
work as heave plate. Instead, the drag coefficients for base
columns are selected based on results of model test [7].

The non-linear hydrodynamic loads (the drag forces on the
columns and the hydrodynamic loads on the braces) due to the
varying of the wetted surface in the time-domain can be well
addressed by Riflex. Riflex provides options that can calculate
wave kinematics and wave loads from the sea bed up to the
wave surface by stretching the velocity potential of incident
wave at the mean surface to the actual wave surface or by
keeping the potential being constant from the mean surface to
the actual wave surface. In present model, the later one is used.
During the time-domain simulation mentioned in the flowing
two sections, the relative fluid particle velocity and acceleration
at the instantaneous positions of the columns, braces and
mooring lines of the OC4 DeepCWind semi-submersible wind
turbine and the corresponding Morison loads or viscous loads
are calculated by Riflex at each time step.

Table 4 Summary of the features of the developed
numerical model

Mass model Structure Load model
model
Main 1)
column Gravity/Buoyancy
Side- 2) First order
column 1 wave loads
Side- (potential theory)
column 2 Integrated Rigid body | 3) Viscous force
Side- mass (Drag term of the
column 3 Morison formula)
Nacelle, 1) Gravity
hub and 2) Aerodynamic
blades loads
(TDHMILL)
Mooring Flexible 1)
lines and body, beam | Gravity/Buoyancy
braces Distributed element 2) Morison
mass formula
Tower Flexible 1) Gravity
body, beam
element

Table 5 Drag coefficients and added mass coefficients in the
Morison formula [5].

Braces | Mooring | MC | UC | BC BC(axial
line direction)
C; | 0.63 1.1 0.56 | 0.61 | 0.68 4.8
C, | 0.63 1.0




MODEL VERIFICATION

The influence of hydrodynamic interaction effects on the
responses of the floating wind turbine has been investigated.

Two numerical models, Model A and Model B, for the
OC4 DeepCWind floating wind turbine have been developed.
In Model A, the conventional modeling method with a single
body including hydrodynamic interaction effects is used. In
Model B, the novel modeling method with a multi-body system
but without hydrodynamic interaction effect is used. Regular
wave simulations in the time-domain with unit wave amplitude
and different wave periods, which are varying from 3 second to
30 second with a step of 0.5 second, have been carried out. The
wave direction is pointed to the direction of positive x axis of
the coordinate shown in Figure 2. The floating system can be
considered as a linear system since the amplitude of each
incident regular wave is small (1m) and the aerodynamic loads
are not included in the simulations. For each wave period, the
motion responses of Model A and Model B are quite sinusoidal.
As a result, the response amplitude of the motions are treaded
as the motion RAOs, see Figure 3. It should be noted that the
motion responses will no longer be sinusoidal due to the non-
linear effect when the ratios between the wave height and the
diameter of the columns or braces are large, e.g. above 10 [21],
in which the drag force dominates.

Figure 3 RAOs of surge, heave and pitch motions for
Model A and Model B

The motion responses of Model A in Figure 3 refer to the
origin of the body related coordinate which is located at the
same place as the coordinate system described in Figure 2.
Model B includes 4 rigid bodies. The motion responses are
referred to origins of the body related coordinate that is similar
as the coordinate of Model A except that the positions of the
origins are at the intersection of the free surface and the center
line of each column. The motion RAOs of Model B shown in
Figure 3 are the one of the main column of the floater. The
results show that the RAO curves of Model A agree with the
curves of Model B quite well, while resonant heave and pitch
motions are clearly observed. The results indicate the
hydrodynamic interaction effect has very limited influence on
the motion responses of the semi-submersible floater described
in this paper.

ULS DESIGN CHECK WITH SHORT TERM
STOCHASTIC ANALYSIS METHOD

In this section, we address the responses of the braces in 1-
hour short term sea states. The main purpose is to give an
example of applying the described modeling method and
developed numerical model to estimate the responses of the
brace system in the environmental conditions corresponding to
annual exceedance probability 0.02 (with a return period of 50
years). The responses are further used for ULS design check.

The contour line method [24] is used to predict the long
term response by using design environmental conditions. The
environmental data at an offshore site at the central North Sea
has been used in the example of ULS design check. Information
about the chosen site and the corresponding 3-D contour
surface have been described in [25]. The water depth of the site
is assumed as 200m. Other sites in the northern North Sea,
which have more serious sea states, may be applied for future
analysis.

135 design environmental conditions along the contour
surface of the central North Sea site corresponding to annual
exceedance probability 0.02 [26, 27] have been tabulated in
Table 6. Five different mean wind speed at the nacelle,
including wind speed below rated speed, at rated speed, above
rated speed and extreme wind speed have been coved in the
specified cases. Kaimal wind spectrums are used to generate
turbulent wind. Normal turbulence wind model is used. The
turbulent intensity factors given in [26] are applied, while the
wind class is assumed as class C (low turbulent wind) due to
the fact that offshore wind is less turbulent than onshore wind.

Table 6 Design environmental conditions. Mean wind speed
at nacelle: A=9.7m/s; B=11.5 m/s; C=14.69m/s; D=18.3m/s;
E=28.65m/s. Turbulence intensity: A=0.16; B=0.15; C=0.14;
D=0.13; E=0.11. Hs is significant wave height. Tp is peak
period of JONSWAP spectrum.

A B C D E
Hs Tp|Hs Tp|Hs Tp|Hs Tp|Hs Tp

LC

08 236| 1.1 220|112 19.7] 19 168]92 16.0
25 170028 17.0(29 17 |59 147]95 120
41 85|46 85|55 85|65 8587 10.0
40 75|45 75|53 75|61 75|74 85
40 70|44 7052 7 |58 7068 80
38 6042 60|48 6 |52 60|61 75
36 55140 55|45 55|48 55|54 70
33 45|35 45|38 4538 4545 65
30 40 (32 40|34 4 |33 40|35 6.0

O 0 9 AN L B W N =

JONSWAP spectrums with peakness factor equal to 3.3 are
considered. The Hs, Tp and wave incident directions are chosen
based on the results of regular wave analysis [22].
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Figure 4 RAO of CB1 axial force based on time-domain
regular wave analysis. Dir00, for example, means wave
direction is 0 degree.

Similar as what have been shown in previous section,
regular wave simulations with unit amplitude have been done
by Simo/Riflex to find out structure response RAOs and the
critical periods for the brace system. The RAOs of the axial
force of CBI in regular waves with different periods and
different incident directions is plotted in Figure 4. The wave
period varies from 3 second to 30 second with a step of 0.5
second. The wave direction is defined as the angle from the
vector (1,0,0) in the coordinate shown in Figure 2 to the vector
of wave propagating direction. Since the wind load effects have
not been included in the regular wave analysis, while the hull of
the floater and the mass distribution are symmetric, seven
different incident directions varying from 0 degree to 60 degree
are sufficient to consider effects of waves coming from
arbitrary directions. Beside the response RAOs shown in Figure
4, all the other response RAOs have been checked. The results
indicate the brace system is sensitive to wave periods around
17s (heave natural period), 26s (pitch natural period) and wave
periods from 4s to 8.5 seconds. Consequently, Tp, in Table 6,
are chosen to be as close as possible to those critical periods.
For each case, Hs is selected as the maximum value on the
contour surface corresponding to the chosen mean wind speed
and Tp. The incident wave directions in the design
environmental conditions are also selected based on the results
of regular wave simulations. Wind direction is fixed in the
direction of the 0 degree wave direction. For each design cases,
three directions of incident wave (0 degree, 30 degree and 60
degree) have been included to consider the effects due to wind
and wave misaligned angle. The misaligned wind and wave
may be critical to floating wind turbine under certain conditions
[3, 13]. A more systematic analysis regarding to the misalign
effect on the responses of the brace system should be done in
the future work.

It should be noted that, due to the short term response
variability, contour line method may, in general, underestimate
the responses. The short term response variability can be
considered by introducing a correction factor, which depends

on the nature of the response model on the expected extreme
response or by choosing the extreme maximum value
corresponding to a higher percentile of the probability
distribution [28]. The correction factor for brace system of
semi-submersible floater needs to be calibrated based on full
long-term response analysis. Due to the limitation of work
scope, the correction based on the consideration of the short
term response variability is not included in the work presented
in this paper.

The design check of the brace system is carried out by
methods and formula specified in NORSOK NO004. Utilization
ratio (U) is used to express the safety margin of each brace. The
brace will fail if U exceed to 1. In general, U can be expressed
as [8]:

U= Sd/Rd; Sa = Sk¥ri Ra = Rk/yM 4

where, S; is design action effect; R; is design
resistance; Sy, is characteristic action effect; yy is partial factor
for actions; Rj is characteristic resistance; y,, is resulting
material factor.

The uncertainty of the material property is reflected in the
value chosen for y,,. It depends on the steel quality. In present
study, yy is set to be 1.15. y; denotes the uncertainty of the
action effects, e.g. IEC61400-1 [26] suggests that y; could be
1.2 for design wind load. In present study, y; is setto be 1.3 to
all the action effects for the reason of being conservative. It
should be emphasized that the correction factor, which accounts
for the short term response variability, mentioned in above is
not included since the value of correction factors need to be
calibrated based on full long-term response analysis.

The character action effects (force and moment responses)
of the brace system are calculated by Simo/Riflex+TDHMILL
in time-domain, while the corresponding utilization factors and
the characteristic resistances are calculated based on the
interaction formulae of the bending moments and the axial
forces described in section 6.3.8 of NORSOK N-004. The
effects of hydrostatic pressure to structure strength are not
included since the design hoop stress is very small compared
with design hoop buckling strength. The hydrostatic pressures
decrease the characteristic resistances of the structure.

The utilization factor of the interaction formula of tension
and bending moment is denoted as U;. Similarly, U. denotes
the utilization factor of the interaction formula of compression
and bending moment. In addition, utilization factor U,
accounts for interaction effects of shear force, bending moment,
and torsional moment.

The accuracy of the characteristic load effects depends on
mesh density of each brace. Mesh sensitive studies have been
done to find out appropriate mesh number for each brace. In
addition, it should be noted that design checks have been
carried out for braces rather than the joints in between of the
braces and columns.

The joints are modeled as rigid. This is because, based on
the experience in the offshore oil and gas industry, the bulk
head and stiffeners inside the columns lead to high stiffness at
the joints. As a result, the effective length factor for calculating



the column slenderness parameter is set to be 0.5 for each of the
braces. The effective length factor and the distribution of the
bending moments induced by lateral loads depend on the
boundary condition at the ends of each brace. The rigid joint
assumption will increase the buckling resistance and the
bending moments at the ends of each beam.

Selected results are discussed in the following:

Regarding to the static analysis results, the static responses
of the forces and moments at the end nodes of each brace in
calm water without aerodynamic loads have been checked by
hand calculations. The hand calculation results are consistence
with the results given by Simo/Riflex+TDHMILL even though,
in hand calculation, the braces are simplified as beam with
fixed boundary conditions at the ends and unit distributed loads
due to the weight and buoyance.

Regarding to the dynamic analysis results, short term 1
hour time-domain simulations corresponding to the design
conditions specified in Table 6 have been carried out.
According to NORSOK NO004, all cross sections along the
brace should be checked. In present model, each brace has been
discretized as several beam elements. The utilization factors of
each brace have been calculated at each time step based on the
force and moment responses at the end nodes of each beam
element. Then, the maximum utilization factor corresponding to
each structure and each design condition can be identified. The
value of the maximum utilization factor is a stochastic variable
rather than a deterministic value. As a result, the expected value
is of interest since it has less variance. For each design
condition, 10 1-hour simulations with different random seeds
for wind and wave generation have been carried out. For each
brace, the average value of the maximum utilization factor of
each 10 1-hour simulation is considered as the expected
maximum value. Furthermore, for each brace, the largest value
of the expected 1-hour maximum utilization factor
corresponding to each design condition has been identified and
tabulated in Table 7.

The results show that the braces of the OC4 DeepCWind
semi-submersible wind turbine have sufficient strength to
survive in the specified conditions. It should be emphasized
that, as what has been discussed in above, due to the inherent
short term stochastic variability, the maximum response in 1-
hour simulation corresponding to 50 years return period
environmental condition does not necessary mean that the
response corresponds to 50 years period probability [24]. A
more reliable result is based on the full long term approach.

The results also show that both U; and U, are important
to design of brace system. DL braces are identified as the most
critical braces. The maximum U. of DL1 in LC3-E30 is 0.91,
which is close to 1, while the corresponding U; is 0.82.
Although the utilization factors are not exceeded to the limit,
the high values indicate that either the strength of the DL braces
may need to be increased or the extreme responses of the braces
should be reduced to increase the margin of the floater’s safety.

The directions of wind and wave may also be important to
brace system design. Figure 5 clearly shows that, for brace
DLI1, the utilization factors in the cases with 30 degree
misaligned angle are much larger, than the one with 0 degree
and 60 degree misaligned angles. This is because the wave
incident direction is in line with the axial direction of DL1
when the misaligned angle is 30 degree.

The power spectrum of the force and moment responses on
DL and DU braces show that the responses of the braces are
dominated by wave frequency. In the response spectrum of CB
braces, YU and YL braces, low frequency components
corresponding to floating wind turbine pitch natural period and
slow varying wind speed, wave frequency components and high
frequency components corresponding to first eigenperiod can
be clearly observed. The results indicate that both the wave
induced loads and the loads transferred through the base of the
tower are important to the design of YU, YL and CB braces,
while DL and DU braces may be more sensitive to wave
induced loads.

The torsional moment about the local axial direction along
each of the braces is quite limited. As a result, U, mainly
accounts for the combination of shear forces and bending
moments.

Table 7 Largest expected utilization factor of each brace.
The cases are referred to the design conditions specified in
Table 6. LC7-C60, for example, means load condition 7,
wind condition “C”, wave incident direction is 60 degree.

Ut Uc Ur
Value | Case Value | Case Value | Case
CBI1 | 0.24 | LC3-D60 | 0.33 | LC5-E60 | 0.20 | LC7-C60
CB2 | 0.17 | LC4-E60 | 0.54 | LC5-D00 | 0.29 | LC3-E00
CB3 | 0.22 | LC6-C30 | 0.34 | LC3-E60 | 0.19 | LC6-D30
DLI | 0.82 | LC3-E30 | 0.91 | LC3-E30 | 0.52 | LC7-D30
DL2 | 0.60 | LC5-D30 | 0.71 | LC6-E30 | 0.50 | LC7-D30
DL3 | 0.59 | LC6-D30 | 0.77 | LC6-D30 | 0.52 | LC6-D30
DUI | 049 | LC6-D30 | 0.47 | LC6-D30 | 0.39 | LC6-D30
DU2 | 0.48 | LC6-D30 | 0.55 | LC6-D30 | 0.38 | LC6-D30
DU3 | 049 | LC6-D30 | 0.57 | LC6-D30 | 0.38 | LC6-D30
YLI | 045 | LC5-D30 | 0.54 | LC3-E60 | 0.46 | LC6-D30
YL2 | 045 | LC6-D30 | 0.52 | LC3-E00 | 0.45 | LC6-D30
YL3 | 043 | LC7-C30 | 0.40 | LC6-D30 | 0.40 | LC7-D30
YUl | 0.56 | LC6-D30 | 0.71 | LC6-D30 | 0.59 | LC6-D30
YU2 | 0.61 | LC6-D30 | 0.53 | LC6-E30 | 0.59 | LC6-D30
YU3 | 049 | LC6-D30 | 0.59 | LC6-D30 | 0.54 | LC6-D30
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The application of the proposed novel modeling method
makes it possible to get dynamic responses of the braces in
short term time-domain analysis. More case simulations have
been planned to further release the behaviours of the brace
system under the combined wind and wave loads and to
improve the current design. Besides the ultimate responses of
the brace system, the fatigue problem at the joints may be more
critical according to the experience of offshore oil semi-
submersible platforms at the North Sea. The brace responses
given by proposed method can also be used to do FLS design
check. The stress concentrate effect due to the joints can be
considered by stress concentration factors based on relevant
standards or FEM analysis [29].

0
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CONCLUSIONS

A novel modeling method that can be used to simulate the
force and moment responses in the brace system of a semi-
submersible wind turbine due to environmental loads and
motions in the time-domain while considering the floating wind

— End nads bending moment DL2 [(KN*m)**s])

turbine as an aero-hydro-servo-elastic system has been
illustrated.

An example of the ULS design check of the brace system
of the OC4 semi-submersible wind turbine with the application
of  the novel modeling method based on
Simo/RiflextTDHMILL has been shown. The results indicate
that the braces have sufficient strength to survive in the design
conditions. The utilization factors of the braces are sensitive to
misaligned angles of wind and wave. Both U; and U, are
important to the design of brace system. The DL braces, in
specified design conditions, are more critical than other braces.

ACKNOWLEDGMENTS

The authors acknowledge the financial support from the
Research Council of Norway granted through the Centre for
Ships and Ocean Structures and the Norwegian Research
Centre for Offshore Wind Technology (NOWITECH), NTNU.
The partial financial support from the EU FP-7 project
MARINA Platform project is also acknowledged.

The authors acknowledge the National Renewable Energy
Laboratory (NREL) for the close and helpful cooperation. We
especially thank Amy Robertson for providing the design data
of the OC4 DeepCWind semi-submersible wind turbine.

REFERENCES

[1] Twidell, J. and Gaudiosi, G., (2009), “Offshore Wind
Power”, Multi-Science Publishing Co.Ltd.

[2] Jonkman J., (2010), “Definition of the Floating System for
Phase IV of OC3”, NREL/TP-500-47535, National Renewable
Energy Laboratory, Golden, CO, USA.

[3] Matha, D., Jonkman J., Fischer, T., (2009), “Model
Development and Loads Analysis of an Offshore Wind Turbine
on a Tension Leg Platform, with a Comparison to Other
Floating Turbine Concepts”, NREL/SR-500-45891, National
Renewable Energy Laboratory, Golden, CO, USA.

[4] Roddier D, Peiffer A, Aubault A, Weinstein J. A Generic,
(2011), “SMW WindFloat for Numerical Tool Validation and
Comparison Against a Generic Spar”, OMAE-2011,
Netherlands.

[5] Robertson, A., Jonkman J., Masciola, M., Song, H., A.
Goupee, A. Coulling and Luan C., (2012), “Definition of the
Semisubmersible Floating System for Phase II of OC4”,
Offshore Code Comparison Collaboration Continuation (OC4)
for IEA Task 30

[6] Jonkman J., Butterfield, S., Musial, W. and Scott, G.,
(2009), “Definition of a 5-MW Reference Wind Turbine for
Offshore  System Development”, NREL/TP-500-38060,
National Renewable Energy Laboratory, Golden, CO, U.S.A.
[7] Andrew G., Bonjun K., Kostas L., Richard K., (2012),
Model Tests for Three Floating Wind Turbine Concepts”,
Offshore Technology Conference, Houston, Texas, USA, 30
April-3 May 2012

[8] Standards Norway, (2004), “Design of steel structures”,
NORSOK STANDARD N-004, Standards Norway



[9] Jonkman, J. M. and Matha, D., (2011), “Dynamics of
offshore floating wind turbines—analysis of three concepts.
Wind Energy”, 14: 557-569. doi: 10.1002/we.442

[10] SIMO project team, (2009), “SIMO - Theory Manual
Version 3.7”, REPORT NO.516412.00.04, Norwegian Marine
Technology Research Institute, Trondheim, Norway.

[11] MARINTEK, (2011), “RIFLEX User’s Manual”

[12] Yttervik R., (2009), “TDHMILL3D-User documentation”,
Statoil, Norway.

[13] Gao, Z., Luan, C., Moan, T., Skaare, B., Solberg, T., and
Lygren, J.E., (2011), “Comparative study of wind- and wave-
induced dynamic responses of three floating wind turbines
supported by spar, semi-submersible and tension-leg floaters”,
Proceedings of the 2011 International Conference on Offshore
Wind Energy and Ocean Energy, October 31-November 2,
Beijing, China.

[14] Ormberg, H. and Bachynski, E.E., (2012), “Global
analysis of floating wind turbines: Code development, model
sensitivity and benchmark study”, in The 22nd International
Ocean and Polar Engineering Conference2012: Rhodes, Greece
[15] Bachynski, E.E. and Moan, T., (2012), “Linear and
Nonlinear Analysis of Tension Leg Platform Wind Turbines”,
The 22nd International Ocean and Polar Engineering
Conference2012, Rhodes, Greece.

[16] Bachynski, E.E. and Moan, T., (2012), “Design
Considerations for Tension Leg Platform Wind Turbines”,
Marine Structures, 2012. 29: pp. 89-114.

[17] Kvittem, M.I., Bachynski, E.E. and Moan, T., (2012),
“Effects of Hydrodynamic Modelling in Fully Coupled
Simulations of a Semi-Submersible Wind Turbine”, Energy
Procedia. 2012; 24: 351-362. doi:10.1016/j.egypro.2012.06.118

[18] SIMO project team, (2009), “SIMO - Theory Manual
Version 3.7”, REPORT NO.516412.00.03, Norwegian Marine
Technology Research Institute, Trondheim, Norway.

[19] WAMIT Inc., (2012), “WAMIT User Manual, Version
7.0”, http://www.wamit.com/manual.htm, WAMIT Inc.

[20] Naess, A. and Moan, T., (2013), “Stochastic dynamics of
marine structures”, Cambridge University Press, UK

[21] Faltinsen, O.M., (1990), “Sea loads on ships and offshore
structures”, Cambridge University Press, UK

[22] Standards Norway, (2007), “Actions and action effects”,
NORSOK STANDARD N-003, Standards Norway.

[23] DNV, (2007), “Recommended Practice - Enivronmental
Conditions and Environmental Loads”, DNV-RP-C205, Det
Norske Veritas.

[24] Haver, S. and Kleiven G., (2004), “Environmental Contour
Lines for Design Purposes- Why and When?”, OMAE-2004,
Vancouver, Canada.

[25] Li, L., Gao, Z., Moan, T., (2013), “Joint Environmental
Data at Five European Offshore Sites for Design of Combined
Wind and Wave Energy Devices”, OMAE2013-10156, Nantes,
France.

[26] IEC, (2005), “Wind turbines — Part 1: Design
requirements”, IEC-61400-1, International Electrotechnical
Commission.

[27] IEC, (2009), “Wind turbines: Part 3: Design requirements
for offshore wind turbines”, IEC-61400-3, International
Electrotechnical Commission.

[28] Winterstein, S.R., Ude, T.C., Cornell, C.A., Bjerager, P.
and Haver, S., 1993. Environmental parameters for the Extreme
Response: Inverse FORM with Omission Factors. Proc.
ICOSSAR-1993, Balkema, Innsbruck, pp. 551-557.

[29] DNV, (2010), “Recommended Practice - Fatigue Design of
Offshore Steel Structures”, DNV-RP-C203, Det Norske Verita

10



A.5 Paper AS

Paper AS:
Design and analysis of a braceless steel 5-mw semi-submersible wind
turbine
Chenyu Luan, Zhen Gao and Torgeir Moan
Published in 35th International Conference on Ocean, Offshore and
Arctic Engineering, OMAE2016-54848, Busan, Korea, June 19-24.

211






DESIGN AND ANALYSIS OF ABRACELESS STEEL 5-MW SEMI-SUBMERSIBLE
WIND TURBINE

Chenyu Luan
Norwegian Research Centre for Offshore Wind
Technology, (NOWITECH)

Centre for Ships and Ocean Structures (CeSOS)
Centre for Autonomous Marine Operations and
Systems (AMOS), NTNU
NO-7491 Trondheim, Norway
Chenyu.luan@ntnu.no

Zhen Gao
CeSOS and AMOS, NTNU
NO-7491 Trondheim, Norway
Zhen.gao@ntnu.no

Torgeir Moan
CeSOS and AMOS, NTNU
NOWITECH
NO-7491 Trondheim, Norway
Torgeir.moan@ntnu.no

ABSTRACT

This paper introduces the design and numerical analysis of
a braceless steel semi-submersible wind turbine. The hull of the
semi-submersible wind turbine is designed to support a
reference 5-MW horizontal axis wind turbine at a site in the
northern North Sea. The hull is composed of a central column,
three side columns and three pontoons. The side columns and
pontoons are arranged radially outward from the central column
which is used to support the wind turbine. The side columns
form the corners of a triangle on the horizontal plane and are
connected by the pontoons to the central column at the bottom
to form an integrated structure. Numerical analysis has been
carried out to analyze the intact stability, natural periods and
modes and structural strength of the design. Results of the
numerical analysis show that the design has very good intact
stability, well designed natural periods and modes, moderate
rigid-body motions in extreme environmental conditions and a
reasonable structural design. This paper emphasizes the
structural responses of the hull in global and local load effects.
The global forces and moments in the hull are calculated by
carrying out time-domain global analysis and used as inputs for
simplified ultimate limit state design checks for structural
strength of the hull. The design can be used as a reference semi-
submersible wind turbine. A 1:30 model of the semi-
submersible wind turbine has been tested in a hybrid model test
by Marintek in October 2015. The model test data will be
presented, utilized and discussed in other papers in future.

1 INTRODUCTION

Offshore wind energy has become a significant area of
development. Offshore wind power has several advantages over
onshore wind power [1]. First, offshore wind sites generally

produce stronger winds with less turbulence on average
because the sea surface is considerably smoother than the land
surface. Second, the effects of noise and visual pollution from
these sites on humans are negligible because of their distance
from populated areas. Third, in most countries, the sea is owned
by the government rather than private landlords, which allows
for the development of large offshore wind farms. Finally, good
sea transport capabilities allow for the construction of large
wind turbines with high rated power (e.g., 5-10 MW).

The potential of offshore wind energy is substantial,
particularly in relatively deep water (deeper than 80 m). In deep
water, floating platforms might be more economically
competitive than bottom fixed structures. As compared to spar-
type and TLP wind turbines, the advantages of semi-
submersible wind turbines include, but are not limited to, 1)
greater flexibility in terms of varying sea bed conditions and
drafts and 2) significantly reduced installation costs due to their
simpler installation, with full assembly at dock[2].

A design challenge is that semi-submersible wind turbines
must have sufficient stability and structural strength while the
costs of the produced power must be reduced to a competitive
level. Natural periods and modes should be well designed to
avoid resonant rigid-body motions and structural vibrations
excited by loads such as the 1P and 3P effects and first order
wave loads.

Semi-submersible wind turbines mainly use side columns
to get sufficient intact stability. To reduce the costs of
construction and maintenance, most of the proposed semi-
submersible wind turbine concepts feature three side columns.
The side columns are arranged radially outward from the
geometrical center of the water plane area and form the corners
of a triangle on the water plane. A wind turbine could be



mounted on one side column. Alternatively, the wind turbine
could be mounted on a central column that is located at the
geometrical center of the water plane area.

The 5-MW WindFloat is a well-known three-column semi-
submersible wind turbine [2,3], while the OC4-Semi is a four-
column semi-submersible wind turbine that includes three side
columns and a central column [4]. For each design, the columns
are connected by braces to form an integrated structure. At a
given joint, a column could be connected by several braces. It
can be very complex and expensive to weld the joint.
Meanwhile, fatigue life of the joint can be a very critical issue
due to stress concentration effect at the joint. In addition, to
avoid heave resonant motions excited by first order wave loads,
additional heave plates and/or pontoons may be needed.
Construction of the additional heave plates can be complex and
expensive as well.

Braceless semi-submersible wind turbines, for which the
columns are connected by pontoons rather than braces, may be
a better solution for reducing design complexity and cost of
offshore wind power. Several braceless semi-submersible wind
turbine concepts, e.g. the 5-MW GustoMSC Tri-Floater [5],
VolturnUS [6] and Dr.techn.Olav Olsen’s concept[7], have been
proposed. However, discussions on structural behaviors of the
pontoons in wind- and wave- induced global and local load
effects are very limited.

In present paper, we intend to introduce a design of a
braceless steel 5-MW semi-submersible wind turbine. The
design is named 5-MW-CSC. The hull of the 5-MW-CSC is
designed to support a 5-MW NREL offshore base line wind
turbine [8] at a site in the northern North Sea [9]. The hull of
the 5-MW-CSC is composed of a central column, three side
columns and three pontoons. The side columns are connected
by the pontoons to the central column at the bottom to form an
integrated structure. The added mass in the heave, roll and pitch
is mainly provided by the pontoons. There are no heave plates
or braces. The box-shaped cross-section of the pontoons could
provide considerable viscous damping at the heave, roll and
pitch resonant frequencies.

Numerical analysis has been carried out to analyze the
intact stability, natural periods and modes and structural
strength of the design. Results of the numerical analysis show
that the design has very good intact stability, well designed
natural periods and modes, moderate rigid-body motions in
extreme environmental conditions and a reasonable structural
design. The global forces and moments in the hull are
calculated by carrying out time-domain global analysis and
used as inputs for simplified ultimate limit state design checks
for structural strength of the hull.

The 5-MW-CSC can be used as a reference semi-
submersible wind turbine. A 1:30 model of the 5-MW-CSC has
been tested in a hybrid model test by Marintek in October 2015.
Rigid-body motions, mooring line tensions and global forces
and moments in the tower base and the base of a side column,
in winds, waves and currents, are measured. The model test
data will be presented, utilized and discussed in other papers in
future.

2 DESCRIPTION OF THE DEFINITION OF THE 5-MW-
CsC

When the 5-MW-CSC is located at its mean positon, the
body-fixed coordinate system (x?-y?-z?) of the 5-MW-CSC is
coincident to the global coordinate system (x9-y9-z9) shown
in Figure 1. The origins of the global and body-fixed coordinate
systems (09 and OP) are located at the geometrical center of
the water plane area. The 0-degree direction of the incident
winds and waves is the positive direction of x9, whereas the
90-degree direction of the incident waves is the positive
direction of y9.

The 5-MW-CSC is composed of a rotor nacelle assembly
(RNA), tower, hull and mooring system. The properties of the
RNA are described in [8], and the control system and tower are
described in [10]. The overall dimensions of the hull are given
in Table 1. The diameter of the central column is set to 6.5 m,
which is equal to the diameter of the tower base of the wind
turbine. The freeboard of the side columns is 20 m. The
distance between the top of the central column and SWL is 10
m. The hull is designed to be constructed by steel with the
following  properties:  density=7,850 [kg/m’];  Young’s
modulus=2.1 * 10! [Pa]; yield stress=235 [MPa]; Poisson’s
ratio=0.3; and structural damping ratio=1%.

The ratio of the total steel weight to the displacement is
approximately 0.17, yielding the equivalent thickness of the
hull to be 0.03 m. The global and local load effects at the lower
part of the columns, pontoons and joints are more critical than
the load effects at the upper part of the columns. The thickness
of each component can be adjusted based on a more detailed
analysis to improve fatigue life and ultimate strength.
Adjustments to the thickness have a negligible effect on the
stability, rigid-body motions and global forces and moments in
the hull because the displacement is considerably larger than
the steel weight.

A ballast distribution for the operating draft is shown in
Figure 3. The ballast mass are symmetrically distributed about
the central line of the central column. Ballast water is used to
achieve the operating draft, and the pontoons are completely
filled with ballast water. The pressure head of the ballast water
in each side column is 7.7 m as measured from the top of the
pontoon. Meanwhile, no ballast water is used in the central
column. Mass and moment of inertia of the hull are given in
Table 2. The mass properties are calculated by assuming that
the ballast water inside the columns and pontoons does not
contribute any free surface.

The mooring system is composed of three catenary chain
mooring lines. The chain mooring lines are simplified as a
uniformly distributed mass with a solid circle cross-section.
The design parameters are given in Table 3. The axial stiffness
is 3.08x10° kN/m. The bending stiffness and torsional
stiffness are set to zero.
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Table 1. Dimensions of the hull of the 5-MW-CSC

d. [m] 6.5

ds [m] 6.5
dpp [m] 6

dpy [m] 9

des [m] 41
dese [m] 45.5
Operating draft [m] 30
Displacement [tonne] 10,555
Steel weight [tonne] (hull) | 1,804
Equivalent thickness [m] | 0.03

Table 2 Mass properties of the hull of the 5-MW-CSC (including steel and ballast water). The center of gravity and moments of
inertia are described in the body-fixed coordinate system with respect to 0”

Mass [tonnes] Center of gravity [m]

Moments of inertia [tonnes*m’]

x ¥’ z Lix

I

Iyy 1,, Ixy Ly, yz

9,738 0 0 -24.36

1.05 * 107

1.05 = 107 8.24x10° |0 0 0

Table 3. Design parameters of a single mooring line

Mass per unit length (in the air) [tonne/m] 0.115
Pretension at the fairlead [kN] 1,683
Un-stretched mooring line length [m] 1,073
Diameter of the mooring line cross-section [m] 0.137
Density of the material [tonne/m’] 7.85
Clump weight in water[tonne] 15
Distance from the attachment point of the clump | 240
weight to the fairlead (along the mooring line) [m]

Table 4. Arrangement of the mooring line anchors and
fairleads described in the global coordinate system

Fairlead x9 y9 z9
1 443 0 -18
2 -22.1 383 | -18
3 -22.1 -383 | -18

Anchor x9 y9 z9
1 1,084.4 0 -200
2 -542.2 | 939.1 | -200
3 -542.2 | -939.1 | -200

3 DESIGN CONDITIONS

Joint probability density function of mean wind speed,
significant wave height (H,) and peak period of wave spectrum
(T,) and a 3-D contour surface of the mean wind speed, H;
and T, corresponding to the 50-year return period are
described in [9]. Two-parameter JONSWAP spectrum is
employed to describe the waves, while the winds are described
by Kaimal wind spectrum with normal turbulence. Wind class

is assumed as class C (low turbulent wind). The turbulent
intensity factors are given in [11].

To address motions of the 5-MW-CSC in extreme
combined wind and wave conditions, five mean wind speeds
(from EC1 to ECS), including a wind speed below the rated
speed, a wind speed at the rated speed, two wind speed above
the rated speed and an extreme wind speed, are selected and
tabulated in Table 5. The mean wind speeds in the table are
referred to the position of the nacelle.

The points, which are located on the 3-D contour surface
and correspond to a given mean wind speed, can form a closed
circle in a 2-D plane with respect to H; and Tj,.

For each mean wind speed, the largest Hy on the
corresponding closed circle and the T,, which corresponds to
the largest Hg, are selected. In EC 5, the selected H; is 0.1 m
smaller than the largest Hg of all the points on the 3-D contour
surface.

In addition, a simplified ULS design check for the hull is
carried out based on 21 design conditions (from U010l to
U0902) selected from the 3-D contour surface. The design
conditions are tabulated in Table 5




Table 5. Environmental conditions

Environmental Mean | Turbulence | H T, Note
condition wind intensity [m] | [s]
speed [%]
at
nacelle
height
[m/s]
EC1 9.8 16 7.5 | 147 In
EC2 11.4 15 7.9 | 14.4 | operation
EC3 16 13 9.14 | 15.0
EC4 20 12 103 | 14.7
EC5 404 11 153 | 143 | Parked
U0101 4.9 23 4.6 8
uo0102 49 23 6.1 18
U0103 49 23 47 | 24
U0201 8.0 17 5.2 8 In
U0202 8.0 17 6.7 | 18 | operation
U0203 8.0 17 53 1 23
U0301 11.0 15 5.7 8
U0302 11.0 15 7.3 18
U0303 11.0 15 55|23
U0401 16.5 13 6.5 8
U0402 16.5 13 84 | 18
U0501 21.3 12 7.1 8
U0502 21.3 12 104 | 16
U601 25.4 11.7 7.5 8
U0602 25.4 11.7 119 | 15
U0701 30.0 11.2 8.7 9
u0702 30.0 11.2 133 15
U0801 34.6 11.1 87 | 9 | Parked
U0802 34.6 11.1 14.6 | 15
U0901 39.8 11.1 105 | 11
U0902 39.8 11.1 153 ] 14

4 CASE STUDY FOR THE 5-MW-CSC

4.1 INTACT STABILITY ANALYSIS

The intact stability is checked based on the righting and
overturning moment curves. The overturning moments come
from aerodynamic loads on the RNA, tower and hull and make
the semi-submersible wind turbine rotates with respect to an
axis in the water plane area. The geometrical center of the water
plane area is always on the axis. For example, the overturning
moments induced by constant winds along x9 result in heeling
angles with respect to a rotation axis that is in parallel to y9.
Righting moment is generated by hydrostatic pressure forces on
the wet surface of the hull and gravity of the semi-submersible
wind turbine. To find the most critical situation, righting
moment curves corresponding to several different rotational
axes need to be calculated and checked. In this paper, we make
the rotational axis constantly be in parallel to y9 while the
semi-submersible wind turbine is rotated by ¢ degrees with

respect to z9. Since the semi-submersible wind turbine is
symmetrical with respect to the x9 — z9 plane, ¢ varies from
0 degrees to 180 degrees with 15-degree intervals. For each
righting moment curve, heeling angle varies from 0 degrees to
90 degrees.

Aerodynamic loads on the hull and tower are calculated by
Riflex [12]. To simplify the calculation and to be conservative,
we neglect the shielding, solidification and finite length effects
described in [13] and assume that incident winds are constantly
and uniformly distributed from the sea level up to the tower
top. The aerodynamic loads on a given cross-section of the
tower or a given cross-section of a given column can be
expressed by the drag term of the Morison formula [13]. The
non-dimensional drag coefficient for the cross-section of the
tower or the column is specified as 0.65. Wind loads on the
pontoons are not considered even through, under a very large
heeling angle, part of the pontoons may be raised from water to
air. The aerodynamic loads on the rotor are calculated in
Aerodyn [14].

Wind induced forces are in line to the direction of the
incident winds. Consequently, for a given ¢, the maximum
overturning moment with respect to the rotational axis is given
by the 0-degree-winds, which is project to the rotational axis.
Therefore, for each ¢, overturning moments induced by the 0-
degree-winds are calculated. We assume that the rotor plane is
always project to the 0-degree-winds and the restoring forces
are always acting on (0,0,-18) in the body-fixed coordinate
system.

The overturning moments induced by wind loads on the
tower and central column are independent to ¢ and
proportional to square of cosine of the heeling angle. Due to
distribution of the side columns, when the heeling angle is in
the range of 0 degrees to 30 degrees, overturning moments
induced by wind loads on the side columns are insensitive to
. An example is shown in Figure 4.

Overturning moments induced by wind loads on the rotor
in operational and parked conditions and by wind loads on the
tower and hull at 0-degree-heeling angle are shown in Figure 5.
Aerodynamic loads on the rotor contribute most of the
overturning moments in the operational condition. In the parked
condition, the overturning moments are proportional to square
of mean wind speed and can be critical in extreme winds, e.g.
50 m/s extreme wind at nacelle.

The criterion specified in the DNV-OS-J103 [15] is utilized
to check the intact stability of the 5-MW-CSC. We assume that
the ballast mass will not introduce a free surface inside the hull.
To simplify the calculation and to be conservative, design
overturning moment (DOM) is specified as a constant value
with respect to the heeling angle. The DOM is independent to
@ and the heeling angle. The constant value is specified as
90,000 kN*m which is obtained by applying a 1.2 safety factor
on the most critical overturning moment. The most critical
overturning moment is 75,000 kKN*m given by the operational
condition with 11 m/s mean wind speed. We assume that the
hull is an integrated watertight structure without openings on
the hull and water will entry to the tower if the central column



is submerged in water. Figure 6 shows that the most critical
situation for the intact stability analysis is given by ¢ = 0. In
general, a given righting moment curve and a design
overturning moment curve will have two intersections. The
ratio of the area under the righting moment curve (¢ = 0) from
0 degrees to the second intersection to the corresponding area
under the DOM is 1.63, which is larger than 1.3 and satisfies
the intact stability criterion. In addition, the DOM inherently
includes a large safety margin as well.
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Figure 4. Overturning moment curves induced by 50 m/s
constant wind loads on the tower and central column (the
solid lines) and on the side columns (the dash lines). ¢
varies from 0 degrees to 180 degrees with 10-degree
intervals. Heeling angle varies from 0 degrees to 50 degrees
with 10-degree intervals.
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4.2 NATURAL PERIODS AND MODES

The natural periods of the 6 degrees of freedom rigid-body
motions of the S-MW-CSC are calculated by numerical decay
tests and tabulated in Table 6. The numerical model used in the
decay tests is denoted as TMD?2 and described in the paper [16].
The hull is assumed as a single rigid-body with 6 d.o.fs.
Slender structures, such as blades, shaft of drive train, tower
and catenary mooring lines, are modelled by beam elements.

A pure beam model of the 5-MW-CSC (the mooring lines,
hull, tower and RNA are modelled by corresponding equivalent
beam elements) is developed in Riflex [12] to calculate the
other natural periods and modes (structural vibrations). The
ballast water inside the pontoons does not contribute to global
stiffness. The mass of the beam elements accurately accounts
for the mass distribution of the hull (including steel mass and
ballast mass). Stiffness of the beam elements for the central
column and side columns are calculated based on a circle cross-
section with 6.5 m diameter and 0.03 m thickness, while
stiffness of the beam elements for the pontoons are calculated
based on a box-shape cross-section with 6 m height, 9 m width
and 0.03 m thickness. Mooring lines’ flexibility is accounted
for by using beam elements that do not include bending and
torsional stiffness.

The natural periods and modes are calculated based on
Lanczos' method. Effects of added mass, gravity, hydrostatic
pressure forces on the natural modes are accounted for by the
Riflex. The results indicate that the natural periods of the
natural modes, which are related to the pontoons and columns,
are in the range of 1.6 to 3 seconds, which is beyond the range
of the main wave energy. For the 5-MW NREL reference wind
turbine, 1P is in the range of 5 to 8.7 seconds, while the 3P is in
the range of 1.7 to 2.9 seconds. Due to the shape of the natural
modes of the pontoons and columns, the 3P effect excited
vibrations of the pontoons and columns are negligible.

Table 6. Natural periods ([s]) of the 6 degrees of freedom
rigid-body motions of the 5S-MW-CSC

Surge Sway Heave Roll Pitch Yaw

79.5 79.5 25.8 31.28 31.32 58.12

4.3 RIGID-BODY MOTIONS

The wave induced transfer functions for rigid-body
motions are calculated by WADAM [17]. The transfer functions
are related to the wave direction and shape of the hull. Some
representative transfer functions are presented in Appendix A.
We focus on the transfer functions in the range of 0.314 rad/s to
2 rad/s. The peaks and troughs in the frequency range indicate
that the radiation effect and wave diffraction effect are
important. Viscous loads on the hull and restoring stiffness of
the catenary mooring lines have very limited effects on the
transfer functions in the wave frequency range and are not
accounted for.

The 5-MW-CSC exhibits relatively small motions under
different combined wind and wave conditions, even in extreme
wind and wave conditions. This is because that 1) the pontoons
of the 5-MW-CSC provide relatively large viscous damping and
potential damping, 2) water plane area is relatively small, 3) the



draft of the 5S-MW-CSC is relatively deep, and 4) the natural
periods are well designed to be away from the wave frequency
range.

Time-domain simulations based on the five environmental
conditions (from EC1 to EC5) described in the Table 5 are
carried out to check the rigid-body motions of the 5-MW-CSC
in extreme combined wind and wave conditions. The numerical
model employed by these time-domain simulations is identical
to the TDM2 [16] except that mean drift forces and slow
varying drift forces on the hull are included through the
Newman’s approximation. In the time-domain simulations, the
direction of the incident winds is constantly specified as 0
degrees, while, 19 different wave directions are specified (from
0 to 180 degrees with 10 degrees interval).

Statistical properties of the rigid-body motions, i.e. mean,
standard deviation, maximum and minimum, are calculated
based on time series in stationary process. To account for
statistical uncertainty, in this section, we only discuss the
averaged statistical properties. For a given environmental
condition with a given wave direction, the averaged statistical
properties are calculated based on ten 1-h time-domain
simulations with different random seeds. The averaged
statistical results are given in Appendix B. The main
observations are illustrated as follows.

The 5-MW-CSC has very limited heave motions in most of
the operational conditions, where Hg could be less than 4 m.
For example, in the EC1, where Hg is 7.5 m and T, is 14.7
seconds, maximum 1-h heave motion is less than 2.4 m and the
standard deviation is 0.7 m. The most critical heave motion is
given by the ECS5, in which the 1-h heave motion is in range of
-5 m to 5.5 m and standard deviation is 1.5 m. The heave
motion is independent to directions of winds and waves.

The 1-h pitch motion is in range of -3 degrees to 10
degrees. When the rotor is in operation, the pitch motion is
dominated by wind loads. When the rotor is parked, wave loads
dominate the pitch motion. The 1-h pitch motion standard
deviation is in range of 0.3 degrees to 1.8 degrees. Compared to
the statistical properties of the WindFloat given by [18], the 5-
MW-CSC has more moderate pitch motions in combined winds
and waves. The 1-h roll motion is in range of -4 degrees to 3.2
degrees. The roll motion is dominated by wave loads except
that, when the rotor is in operation, the aerodynamic torque on
the rotor results in a mean roll motion.

Regarding horizontal motions, 1-h surge, sway and yaw
motions are in range of -7 m to 11 m, -5 m to 9 m and -2.25
degrees to 2.5 degrees respectively. Surge and sway motions
are referred to the center of the water plane area rather than the
center of gravity of the 5-MW-CSC. The moderate horizontal
motions could be good for power cable design.

No instable motions, which are induced by the
misalignment of the winds and waves, are observed.

4.4 SIMPLIFIED ULS DESIGN CHECK BASED ON A
LIMITED NUMBER OF DESIGN CONDITIONS

The pontoons of the 5S-MW-CSC are composed of stiffened
plates, girders and bulkheads. We focus on buckling strength
design check for the stiffened plates of the pontoons.

A stiffened plate is shown in Figure 7. We assume that the
stiffened plate is located at bottom of the Pontoon 1 and is
nearby a specified cross-section of the Pontoon 1. The specified
cross-section is shown by the red dashed line in Figure 2. In
addition, the stiffened plate is assumed to be located in between
of two transverse girders and the side surfaces of the pontoon.
Therefore, the width of the stiffened plate () is equal to the
width of the Pontoon 1 which is 9 m. We assume that the
distance between the girders is 3m. Consequently, the length of
the plate (1) is 3 m.

We assume that the thickness of the plate is 0.016 m, the
span (s) for the T stiffeners on the plate is 0.5 m, the web height
and flange length of the T stiffeners is 0.5 m and 0.2 m. The
web thickness and flange thickness is 0.008 m and 0.016 m.
Consequently, the steel weight of the stiffened plate is equal to
the steel weight of a plate with the same length and width and
0.0315 m thickness, which is very close to the equivalent
thickness of the hull. However, the steel weight of the girders is
not included yet. To estimate the steel weight of the girders, at
least, a preliminary design for structural details of the pontoons
need to be developed in future. The estimated steel weight of
the hull can be maintained since the global and local load
effects on the upper part of the columns are less critical than the
global and local load effects on the lower part of the columns,
pontoons and joints. Adjustments to the thickness have a
negligible effect on the stability, rigid-body motions and global
forces and moments in the hull because the displacement is
considerably larger than the steel weight.

The stiffened plate is subjected to oy, 01, 05 and 7y,.
Opnp Tepresents hydro-pressure on the plate. The hydro-pressure
includes hydrostatic pressure and hydrodynamic pressure on the
outer surface of the plate and the ballast water induced pressure
on the inner surface of the plate. o; represents nominal
uniform stress in stiffener direction. o, represents nominal
uniform stress in perpendicular to stiffener direction. 7,
represents shear stress. o, and 7,1, can be derived from the
global forces and moments in the specified cross-section of the
Pontoon 1.

Global time-domain analysis is carried out to calculate the
global forces and moments in the combined wind and wave
conditions described in Table 5. In the global analysis, the
TDM3, which is described in [16], is utilized to calculate the
global forces and moments in the specified cross-section.

The cross-section discretizes the hull into two parts. In the
TDM3, the hull is modelled as two rigid-bodies connected by
three artificial beam elements, while the RNA, tower and
mooring lines are modelled as beam elements. A novel method
[16] is implemented to accurately account for the inertial and
external loads on the hull. Luan et al [16] show that the TDM3
can accurately calculate the global forces and moments in the



hull on the conditions that 1) the hull is a determinate structure,
2) the hull is very stiff, and 3) second and higher order
hydrodynamic loads on the hull are not considered.

We assume that global behavior of the pontoons of the hull
can be accounted for by Euler-Bernoulli beam theory. The
cross-section can be simplified as a thin-wall box-shape cross-
section shown in Figure 8. Eight points are specified on the
cross-section. Fy, F,, F,, My, M,, and M, denote the global
forces and moments in the cross-section in the Xin,-Yinp-
Zippcoordinate system. The Xinp-Vinp-Zinpcoordinate system is
a body-fixed coordinate system. The Xinp-Yinp-Zinp coordinate
system is coincident to the body-fixed coordinate system of the
5-MW-CSC (x?-y?-zP) except that the origin of the Xinp~Yinp~
Zinp coordinate system is located at (31.5, 0, -27) in the xP-
yP-z% coordinate system.

For a given point on the cross-section, normal stress (g,)
and shear stress (7) are calculated by Eqgs.(1,2).

T =
240t I,
A is area of the cross-section. w,,_ and w, _ are the
inp inp

inp te 1. Yinp te

section moduli corresponding to the ¥, and z;,, axes and
the position of the point on the cross-section. A4, is the
circumscribed area of the cross-section. S, and S, are
inp inp
static moments corresponding to the Y, and  z,;, axes and
the position of the point on the cross-section. I, and I,
inp inp

are the second moments of area of the cross-section.
To calculate A, Wy and Wainp > the thickness of the

thin-wall of the box-shape cross-section is specified as 0.03 m,
which is slightly smaller than the equivalent thickness
estimated based on the steel weight of the stiffened plate
(0.0315 m) and on the safe side.

In the global analysis, torsional stiffness and shear stiffness
of the cross-section are mainly provided by the plates of the
pontoon. Contribution of the T stiffeners on the plates to the
torsional stiffness and shear stiffness is negligible. Therefore, to
calculate the Szinp, Symp, Ay, Izinp and 13’inp in Eq.(8), the
thickness of the thin-wall of the box-shape cross-section is

specified as 0.016 m which is equal to the thickness of the
plates of the pontoon. Consequently, t., in Eq.(8), is 0.016 m.

For each design condition, 10 1-h time-domain simulations
are conducted to account for statistical uncertainty. For each 1-h
time-domain simulation, simulation length is 4,600 seconds.
The first 1,000 seconds is considered as transient process and is
excluded in post-analysis. We find that averaged ranges of the
normal stress (o,) and shear stress (7) of the eight points on the
cross-section in the 21 design conditions are -83 MPa to 38
MPa and -21 MPa to 28 MPa respectively.

Buckling utilization factors for the stiffened plate in all the
combinations of the design loads, i.e. 0pp,, 01, 0, and Ty,
are calculated by using the S3 element code of PULS [19].
PULS is a computerized buckling code for thin-walled plate
construction and accepted by DNV-RP-C201 [20] for checking
buckling strength of plated structures. The code implements the
Marguerre’s non-linear plate theory in combination with stress
control criteria. The boundary conditions for the edges of the
stiffened plate are described in [19].To be conservative, we
specify the hydro-pressure on the stiffened plate (ap,,) as 0.5
MPa although the operating draft is 30 m. The ranges of the
nominal uniform stress in stiffener direction (o;) and shear
stress (T1,) are obtained by applying a 1.3 load factor on the
averaged ranges of the normal stress (o) and shear stress (7)
respectively. Consequently, we specify that the oy varies in the
range of -110 MPa to 50 MPa with 10-MPa intervals, while 7;,
varies in the range of -30 MPa to 40 MPa with 10-MPa
intervals. The combinations of the o; and 7;, are on the safe
side since the critical value of o; and critical value of 7,
may not necessary appear at the same time and/or at the same
position on the cross-section. We assume that the nominal
uniform stress in perpendicular to stiffener direction (o3) is
induced by hydrostatic pressure forces on the side surfaces of
the pontoon. We specify o, as-60 MPa.

The maximum buckling utilization factor is 0.62 and
indicates that the stiffened plate has sufficient buckling
strength. The buckling utilization factors are very sensitive to
the length of the stiffened plate (I;). The maximum buckling
utilization factor will be increased from 0.62 to 1.14 if the [, is
increased from 3 m to 4 m.
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5 CONCLUSIONS

Design of a braceless steel semi-submersible wind turbine
has been introduced in present paper. The hull of the design is
composed of a central column, three side columns and three
pontoons and designed to support a 5-MW NREL reference
wind turbine in offshore sites with harsh environmental
conditions, e.g. the northern North Sea. Dimensions of the
columns and pontoons, distributions of ballast water and steel
and design parameters of the mooring system have been
tabulated.

The design has very good intact stability. The intact
stability of the design has been checked based on the righting
and overturning moment curves. In the most critical situation,
the ratio of the area under the corresponding righting moment
curve from 0 degrees to the second intersection to the
corresponding area under the design overturning moment curve
is 1.63, which satisfies the intact stability criterion.

Natural periods and modes of the design have been well
designed to avoid resonant rigid-body motions and structural
vibrations excited by the 1P effect and first order wave loads.

Due to the shape of the natural modes of the pontoons and
columns, the 3P effect excited vibrations of the pontoons and
columns are negligible.

The design exhibits relatively small motions under
different combined wind and wave conditions. In extreme wind
and wave conditions, 1-h surge, heave, pitch and yaw motions
are in range of -7 m to 11 m, -5 m to 5.5 m, -3 degrees to 10
degrees and -2.25 degrees to 2.5 degrees respectively. No
instable motions, which are induced by the misalignment of the
winds and waves, are observed.

PULS has been used to check ultimate strength of a
stiffened plate at the bottom of the Pontoon 1. We assume that
the stiffened plate is nearby a specified cross-section of the
Pontoon 1. Specifications for the sizes and thickness of the
plate and spans and dimensions of the T stiffeners have been
given. The steel weight of the stiffened plate is close to the
corresponding estimated steel weight.

PULS accounts for local and global load effects on the
ultimate strength of the stiffened plate. Buckling utilization
factors for the stiffened plate in all the combinations of the
design loads, i.. opp, 01, 0, and Ty, have been calculated
by using the S3 element code of PULS.

The nominal uniform stress in stiffener direction (o) and
shear stress (t,,) have been derived from the global forces and
moments in the specified cross-section of the Pontoon 1. Global
time-domain analysis has been carried out to calculate the
global forces and moments in 21 selected combined wind and
wave design conditions.

The maximum buckling utilization factor is 0.62 and
indicates that the stiffened plate has sufficient buckling
strength. The buckling utilization factors are very sensitive to
the distance of the girders of the pontoon.
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Abstract:

This paper deals with the design criteria, procedure and simplifications for developing conceptual design of
semi-submersible wind turbine hulls based on the authors’ experience with respect to design and analysis of semi-submersible
wind turbines in the past six years. The wind turbine systems must be designed for serviceability and safety. This paper focuses
on limit state design with respect to the safety. The safety factors used in the partial safety factor format should be calibrated by
reliability methods. While, there is a trade-off between the minimum required safety level and construction, installation and
maintenance costs. Cost efficient design with acceptable reliability is preferred. It is suggested that floating wind turbines be
considered strongly coupled systems. The importance of the interactions of the subsystems of floating wind turbines, i.e., the
rotor-nacelle-assembly, control system, tower, hull and mooring system, is discussed. Criteria with respect to stability, natural
periods and modes and structural strength are highlighted. The design space for the overall dimensions of the semi-submersible
hull can be developed based on simplified stability criterion, natural period requirements and simplified steel mass estimation

methods. Simplifications for ULS and FLS design checks are discussed based on a review of relevant publications.



1 Introduction

Offshore wind energy has become a significant area of development. Offshore wind power has several advantages over
onshore wind power [1]. First, offshore wind sites generally produce stronger winds with less turbulence on average because the
sea surface is considerably smoother than the land surface. Second, the effects of noise and visual pollution from these sites on
humans are negligible because of their distance from populated areas. Third, in most countries, the sea is owned by the
government rather than private landlords, which allows for the development of large offshore wind farms. Finally, good sea
transport capabilities allow for the construction of large wind turbines with high rated power (e.g., 5-10 MW).

In relatively deep water, e.g. deeper than 80 meters, floating platforms might be more economically competitive than
bottom fixed structures. Compared with spar-type and TLP wind turbines, the advantages of semi-submersible wind turbines
include, but are not limited to, 1) greater flexibility in terms of varying sea bed conditions and drafts and 2) significantly
reduced installation costs due to their simpler installation, with full assembly at dock[2]. Most of the proposed semi-submersible
wind turbine concepts feature either three columns with a wind turbine on one side column or four columns with a wind turbine
on the central column. The columns are connected by braces (as in WindFloat [2,3] and OC4-Semi[4]) or pontoons (as in the
5-MW GustoMSC Tri-Floater [5], VolturnUS [6], Dr.techn.Olav Olsen’s concept[7] and 5S-MW-CSC concept [42]).

SWL 10 T

Figure 1 Configuration of S-MW-CSC (left), OC4-Semi (middle) and WindFloat (right)

Successful experience accumulated by the offshore oil and gas industry and wind power industry over the past decades are
combined and used for design of floating wind turbines. However, to develop a cost efficient design with an acceptable
reliability to ensure attractive profit for developing offshore energy in deep water, in depth understanding with respect to special
features of floating wind turbines needs to be accumulated by systematically carrying out numerical and experimental analyses
with respect to load effect on reference floating wind turbines. Consequently, developments of designs of reference floating
wind turbines, and numerical and experimental approaches for modelling and simulation are needed before pilot and/or
commercial floating wind turbines are constructed and operated in real.

Innovative floating wind turbine concepts are promoted as breakthrough comes from innovation. However, to be practical,
the concepts must be designed for serviceability and safety, while, reasonable and practical simplifications and assumptions are
needed to control work load for design. Design is an iterative process.

This paper deals with the design criteria, procedure and simplifications for developing conceptual design of
semi-submersible wind turbine hulls based on the authors’ experience with respect to design and analysis of semi-submersible

wind turbines in the past six years and focuses on limit state design with respect to the safety.



2 Conceptual design criteria for the hull of semi-submersible wind turbines
2.1 General

Floating wind turbine systems consist of a rotor-nacelle-assembly (RNA), control system, tower, hull and mooring system.
The basis of the design of such systems is the experience accumulated by the O&G and offshore wind industries. The IEC
61400-1 design standard [9] specifies the design requirement for land-based wind turbines. The IEC 61400-3 design standard
[10] supplements the IEC 61400-1 design standard with design requirements for bottom-fixed offshore wind turbines. The
guidelines and standards from GL and DNV are also extensively used [11,12]. For the design of floating wind turbine structures,
DNV-0S-J103 [13] is one of the very few references to date. Wind turbine systems are generally designed for serviceability and
safety. The main serviceability criterion relates to stable power production, while the safety criteria relate to a leveled failed
probability for all hazards throughout the planned lifetime. Due to a lack of commercial offshore wind farms using floating
wind turbines, reliability methods based on results of numerical simulations and analysis could be employed to estimate the
safety levels for floating wind turbines. Alternatively, to achieve a specified safety level that is quantitatively represented by the
probability of failure (Pr), characteristic load effect (S;) and characteristic resistance (R;) in limited states are required to be
calculated and satisfy partial safety factor format as shown in general by Eq. (1). yg and ys are partial safety factors for the
characteristic resistance and load effect, respectively, corresponding to the limited states. Py is related to yg,ys and the

methods used to calculate R, and S,.

RC/)/R >S5 XYs (€Y

The safety criteria require that floating wind turbines should have sufficient stability, well designed natural periods and
modes (for rigid-body motions and structural vibrations) and reasonable structural design, while, floating wind turbines should
be considered strongly coupled systems. In addition, trade-off between the safety levels and cost of developing floating wind
turbines should be considered and addressed.

In general, the cost of floating wind turbines increases significantly when higher safety levels are incorporated. Reducing
the costs of the produced power to a competitive level is an important challenge for the offshore wind energy development.
Unlike offshore O&G platforms, floating wind turbines are unmanned during operation, limiting the consequences of failures to
economic losses rather than loss of human life and/or environmental damage. The safety criteria should therefore be based on
balanced total costs. For example, a redundant mooring system, which limits failure, is used in offshore O&G platforms but not
necessarily in wind turbines. Another example is related to the damaged stability design criterion, which is applied for manned
units. The damage stability criterion implies that the hull should be compartmented to prevent capsizing induced by such
damage as ship collisions. Consequently, the cost of the hull will be increased significantly. To date, there is no consensus
regarding the trade-off between safety and costs for floating wind turbines.

To reduce complexity and cost, some requirements and considerations with respect to fabrication and offshore
transportation, installation, maintenance and decommission are discussed in [2] and are considered to be applicable to a generic
semi-submersible wind turbine. The safety level could be significantly increased if leak, cracks and other critical hazards could
be detected and fixed by humans or robots in their early phase. Therefore, appropriate inspection and monitoring methods and
access should be thoroughly considered. In general, joints, e.g. in between of a column and a pontoon or a brace, are critical
components. Variable ballast and draft may be essential for inspecting and maintaining the joint in a dry environment.
Alternatively, semi-submersible wind turbines could be towed back to dry dock. However, the dry dock solution may neither be
economic nor efficient for large commercial offshore wind farms, where hundreds of semi-submersible wind turbines may need
to be maintained and inspected annually.

2.2 Discussions on coupled system behaviours of floating wind turbines

Hull design for floating wind turbines should not be performed in isolation; rather, the interactions of the subsystems, i.e.,

the RNA, control system, tower, hull and mooring system, should be appropriately considered. The consistency of standards for

the different subsystems needs to be harmonized, e.g., the treatment of fault conditions is currently not well-defined and the



drivetrain standards are also problematic.

Bachynski et al [14] conducted a dynamic analysis of floating wind turbines during pitch actuator fault, grid loss and
shutdown. The impulse load induced by shutdown could be critical to the design of the rotor and nacelle but has a very limited
or negligible effect on the tower and hull. The pitch decay induced by the shutdown could result in an extreme load effect and
considerable fatigue damage for floating wind turbines with relatively low roll/pitch restoring stiffness. In addition, the
shutdown results in rotor torque variations, while the pitch actuator fault results in imbalanced aerodynamic loads on the RNA.
As a result, large yaw motion could be excited for floating wind turbines with relatively small yaw moments of inertia, e.g.,
spar-type wind turbines. Pitch actuator fault, grid loss and shutdown effects on a spar-type wind turbine are discussed further in
[15-18].

Butterfield et al [19] note that coupling of the turbine and platform is an engineering challenge for floating wind turbines.
Xing et al [20,21] investigated the effect of the nacelle motions of a spar-type floating wind turbine on drivetrain dynamics by
comparing the main shaft loading and internal drivetrain responses between the floating wind turbine and its equivalent
land-based wind turbine. For spar-type floating wind turbines, the main shaft loading and internal drivetrain responses increased.
Nejad et al [22] studied the performance of a 5 MW drivetrain mounted on a spar-type platform, a TLP, two semi-submersible
platforms and a land-based wind turbine. Due to the large wave-induced axial force on the main shaft of the drivetrain, the
fatigue damage of the main bearing of spar-type wind turbines could exceed that of land-based wind turbines under high wind
speeds. Meanwhile, the gearbox damage is nearly equal for TLP and land-based wind turbines. Whether criteria related to
nacelle accelerations should be applied in the design of floating wind turbines is still under discussion.

For horizontal-axis wind turbines with pitch actuators, appropriately designed controllers [23-28] could be used to diminish
the negative aerodynamic damping effect [23]. Sandner et al [29] recently presented a design procedure that integrates the
optimization of the PI-controller parameters into the design space of the overall hull dimensions for a spar-type floating wind
turbine. Linearized numerical models that can appropriately account for the strong non-linear effect induced by the
aero-hydro-servo-elastic feature of floating wind turbines are required by the proposed procedure. The work of Gao et al [30]
indicates that semi-submersible wind turbines could be less sensitive to the negative aerodynamic damping effect.

2.3 Criteria for intact stability

The intact and damaged stability could be checked based on the curves of the righting and design overturning moments.

Overturning moments come from aerodynamic loads on the RNA, tower and hull and make the semi-submersible wind
turbine rotate with respect to a heeling axis in the water plane area. Righting moment is generated by hydrostatic pressure forces
on wetted body surface of the hull and gravity of the semi-submersible wind turbine. To find the most critical situation,
overturning moments and righting moments corresponding to several different heeling axes need to be calculated and checked.
The righting moment curves corresponding to different rotational axes (represented by ¢) and design overturning moment
curve of the 5-MW-CSC are given in Figure 2 as an example [42]. Standards, such as the DNV-OS-J103, require that the ratio
of the area under the righting moment curve from 0 degrees heeling angle to the second intersection to the corresponding area

under the design overturning moment curve should be more than a specified value, e.g. 1.3.
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2.4 Criteria for natural periods and modes

Resonant responses excited by dynamic excitation can result in large sectional forces and moments, and expensive
structures (in order to have sufficient structural strength). Therefore, natural periods and modes should be well designed to, at
least, avoid resonant responses induced by excitations with considerable energy, e.g., first-order wave load (3-25 seconds) and
1P and 3P effects [1].

In general, a given 1-hour turbulent wind may include a wide range of frequency component. Resonance excited by wind
loads cannot be avoid by tuning the natural periods, however, the resonance can be limited by aerodynamic and hydrodynamic
damping which may be quite considerable [50, 51]. In addition, vibration modes and frequencies should also be considered.
Vibration (flexible) modes may be excited due to: 1) the motivation of cost reduction may result in a flexible hull; 2)
high-frequency rotor loads, e.g., the 3P effect; and 3) the modes and frequencies are affected by the strong coupling effect
between the hull and other components of floating wind turbines. If structural vibrations are excited by first-order wave loads,
the effect of hydroelasticity on the hull must be considered.

2.5 Structural design checks

Limit state design should be employed to check the structural strength subjected to global and local load effects. It is
suggested that characteristic load effect (S.) be calculated by time-domain models to appropriately address the
aero-hydro-servo-elastic feature [49]. The partial safety factors (i.e., Yz and ys) and characteristic resistance (R.) could be
selected based on the methods and formulas described in relevant standards, e.g., IEC61400-3 and DNV-OS-J103. For
conceptual design, simplified methods for the estimation of S, and R, could be employed to reduce the workload. yz and s
must be calibrated by appropriate methods, such as reliability analysis, to ensure that the required safety level can be achieved
when using the simplified methods.

3 Conceptual design procedure for the hull of semi-submersible wind turbines

Simplified methods that could be used for the conceptual design of semi-submersible wind turbine hulls are discussed in
this section. We assume that the design configuration of the RNA, tower and controller has been selected. The overall
dimensions and mass distribution of the semi-submersible hull should be specified. Note that design is an iterative process.

Semi-submersible wind turbine hulls may include several columns, pontoons and braces. The wind turbine could be located
at center of water plane area of the hull supporting by a central column as shown in, e.g., OC4 semi, or supporting by braces as
shown in, e.g., HIPRwind [31]. Alternatively, the wind turbine could be located on a side column as shown in, e.g., WindFloat.
The columns could be connected by braces and/or pontoons as shown in, e.g. OC4 semi and 5-MW-CSC. Heave plates could be

mounted at bottom of the columns to introduce added mass and viscous damping, as shown in, e.g. WindFloat.



3.1 Simplified design approaches for developing initial designs of semi-submersible hulls
In the initial design stage, the dimensions of the columns, pontoons and braces could be selected based on the simplified

stability criterion and a criterion with respect to natural periods of rigid-body motions, see Eq. (2, 3).
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Eq. (2) works as a simplified indicator for intact stability, and is developed on the base of the area-ratio-based intact
stability design check criterion with the most critical righting moment curve and design overturning moment curve. As water
plane area of semi-submersible wind turbines are formed by columns, for which diameter of each column along axial direction
of the column is a constant value, the most critical righting moment curve can be approximately represented by a line until 6,
e.g. see Figures 2 and 3. At 6,, at least one column is fully merged in water. K denotes value of the slope of the line in
between the origin and 8, and is known as the linearized heeling restoring stiffness about the most critical rotational axis with
respect to zero degrees heeling angle. K is calculated by using Eq. (4).

K = pgl + pgVZp — MpuugZ punt — Mrna+tower9Zc,rNA+tower %)
where p is density of sea water; g is gravity acceleration; [ is second moment of water plane area; V' is displaced volume of
the hull; Zp is vertical position of the center of buoyancy; mp,; is mass of the hull (including steel mass and ballast mass);
Zg pun 1s vertical position of the center of gravity of the hull (including steel mass and ballast mass); Mgyattower iS mass of
the RNA and tower; Zg gya+tower 1S vertical position of the center of gravity of the RNA and tower. Note that Zp, Zgpyy and
Zg rna+tower are described in an earth-fixed coordinate system for which the origin of the coordinate system is located at
geometrical center of the water plane area of the hull when the semi-submersible wind turbine is in calm water.

Overturning moments on the semi-submersible wind turbines decrease with the increase of heeling angle. Therefore, a
simplification which make the values on the overturning moment curve be constantly equal to the value of the most critical
overturning moment multiplying by a corresponding safety factor will lead to a conservative design. We denote the design
overturning moment as M. Consequently, the static heeling angle (6,) under the design overturning moment (M) can be
calculated by using Eq. (5) as long as 6, < 0,

6=% ®)

When the heeling angle exceeds 6;, we assume that the righting moment will linear decrease with the increase of the
heeling angle until 8,. The assumption is supported by the shape of the most critical righting moment curve shown in Figure 2.

In practice, we suggest that 6, which represents the upper limit of 6, can be specified as a criterion to control the intact
stability, see Eq. (2). It could be very expensive to achieve a design of semi-submersible wind turbine with a very small value of
6, while a large value of 6, means large variations in configuration, and forces and moments in structural components of the
design. Meanwhile, attention should also be paid on dynamic responses of the design. For the 5-MW-CSC, as an example, 6,
is specified as 8 degrees.

Note that effect of mooring system on intact stability is excluded as required by DNV-OS-J103. However, at least, the
designs of the 5-MW-CSC and 5-MW GustoMSC Tri-Floater have shown that effect of catenary mooring system on roll/pitch
restoring stiffness is considerable [42, 52].

6, increases with increase of freeboard of the columns. Freeboard of a selected design, which satisfies the criterion with

respect to the 8,, can be adjusted to make the design to satisfy the intact stability criteria specified in section 2.3.
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In Eq. 3), T; (i =1,2,3,4,5,6) represent the natural periods of the rigid-body motions, i.e. surge, sway, heave, roll, pitch
and yaw. As discussed in section 2.4, designers are suggested to develop designs with natural periods that are away from the
frequency ranges, which include considerable energy, e.g., first-order wave load (3-25 seconds) and 1P and 3P effects.

For a semi-submersible concept with a catenary mooring system, the horizontal restoring stiffness is expected to be soft.
Therefore, the surge, sway and yaw natural periods are far from the wave frequency range. In general, based on linear theory,
the uncoupled and undamped heave natural period (T3) is a good approximation for the actual heave natural period, as the heave
motion is uncoupled from the other rigid-body motions, see Eq. (6).
M33C‘3|‘3A33)% ®)

where, M35 is mass of displaced water; A3 is added mass in heave induced by heave motion of the hull at resonant frequency

T; = 2m(

in calm water; Cs3 is linearized restoring stiffness corresponding to heave motion induced restoring force in heave direction.
See Eq. (7).

Csz=prg*Ay, ™
where, A,, is mean water plane area when the hull is in calm water.

In the initial design, the natural periods of roll (T,) and pitch (T5) could be estimated by the uncoupled and undamped
expressions, which are similar to Eq. (6) but with updated mass, added mass and linear restoring stiffness terms. Due to the
coupling effect between the rigid-body motions, T, and Ts must be further checked by solving the eigenvalue problem of the
equations of rigid-body motions in the frequency-domain. In addition, slenderness of the columns, pontoons and braces are
related to vibration (flexible) modes and frequencies. The vibration modes and frequencies should be checked by applying
analysis approaches such as Lanczos' method. More details are discussed in later part of this paper.

Estimations of the mass and its distribution are essential for estimating the intact stability, natural periods and modes and
structural strength. For a steel semi-submersible wind turbine, the mass of the hull includes the steel mass and ballast mass.
Based on experience accumulated by the O&G industry, the steel mass of a semi-submersible platform can be estimated
empirically by Eq. (8).

Mgteer i = Csteeri ¥ P * Vi 3
where, M. ; and V. ; represent estimated steel mass and volume of the structural component i respectively. Cspee [ is an

empirical coefficient.



Experiences of offshore oil semi-submersible platforms show that Cg.e;_i should be approximately equal to or greater
than 0.2-0.25 which is dominated by design for resistance against fatigue damage and hydro pressure induced local load effects
and compartmentalization against accidental flooding events. Possible benefit for implementing compartmentalization needs to
be analyzed in future in view of risk assessment of the whole floating wind farm. More analyses with respect to design for
resistance against global load effects are needed [40]. In addition, it should also be noted that, for some structural components of
some semi-submersible wind turbines, there is a possibility that the local load effect can be moderated. For instance, the design
of the 5-MW-CSC uses three pontoons to connect four columns as an integrated structure. The pontoons are designed to be full
filled by water as ballast. The pressure of the water inside the pontoons could be increased to against the pressure of the sea
water outside the pontoons to moderate the local load effect on stiffened plates of the pontoons.

Alternatively, equivalent plate thickness could be specified directly based on experience. The experience accumulated by
the O&G industry show that the unit weights for semi-submersible components range from approximately 150 kg/m? (20 mm
equivalent plate thickness) for the upper columns to 250 kg/m? or more for the pontoons and lower columns (depending on
draft). Note that the suggested unit weights are functions of the geometry and local loading only. An increase, e.g., by 15-20%,
could be essential to account for the global load effect as suggested by [53].

The distribution of the steel mass could initially be represented by an equivalent thickness of the hull, which equals the total
estimated steel mass divided by the surface of the semi-submersible hull. In reality, the steel mass may vary in vertical levels
due to the variation of hydrostatic pressure. Especially, thickness of plates and steel mass for girders of the pontoons and
columns that are located in relatively deep water can be dominated by local hydrostatic pressure. For pontoons that are
subjected to large global loads, more steel mass for longitudinal stiffeners are needed. At the joints between the columns and
pontoons, more steel mass may be needed to introduce sufficient stiffness, transfer the internal loads smoothly and reduce
hotspot stresses.

Ballast mass is used to achieve the design draft. The lower locations of the ballast mass are helpful for increasing the intact
stability. Access for inspection, especially at the joints of the pontoons and columns, should be considered. Water and/or
concrete could be used as the ballast mass.

Experience with semi-submersible wind turbines remains limited. An overly conservative design would introduce
unnecessary cost. However, a reasonable structural design is needed to withstand global and local load effects. Consequently,
structural assessment must be appropriately carried out. Structural vibration modes and frequencies may need to be checked.
Global finite element models may need to be developed to analyze global responses, e.g. motions and sectional forces and
moments, of the initial designs in design conditions. Local finite element models, which include structural details, may need to
be developed to analyze the global and local load effects induced structural responses. To limit the computational costs and to
save the computational time, necessary simplifications for 1) the design conditions used in, for example, ULS and FLS design
checks, 2) the approaches for developing the relevant finite element models and 3) the methods for assessing structural
resistance are needed.

3.2 Analysis and discussions on design space of semi-submersible wind turbine hulls
Discussions with respect to determination of the dimensions of the columns, pontoons and braces of the semi-submersible

hulls based on the simplified design criteria as shown in Eq. (2, 3) are given in this section.

To satisfy Eq. (2), K must be a positive value and larger than gﬂ. We assume that the design configuration of the RNA,
a

tower and controller has been selected. Consequently, the design overturning moment (M), Mgyattower aNd Zg gyattower are
known while —mMgyattower9Ze rua+tower 1S @ large negative value. Note that the vertical position of center of gravity
discussed in this paper is described in an earth fixed coordinate system with origin located at geometrical center of water plane
area.

We denote pgl as K; and pgVzg — mpyugzZerun as K,. K; will always be a positive value, while K, could be a

positive value or a negative value. As the origin of the earth-fixed coordinate system is on still water plane, zp will always be a



negative value, while zg p,,;; could be a positive or a negative value. When zg j,,;; is a positive value, K, will be a negative
value. This means that the second moment of water plane area must be large enough to ensure K; will be a sufficiently large
positive value against K, and —Mgpyaytower9Zc rna+tower- When zg p,y is a negative value, K, could be a positive value.
Note that pVg, my, ;g and resultant of vertical components of pretensions at fairleads of the attached mooring lines are in
equilibrium. This means that mp,,;; is less than pV. Consequently, in order to achieve a positive value of K,, zgp,y; must be
lower than zp. Regarding to the design for which zg p,,;; is lower than zp, we have that zp is equal to zg pyy plus d,. dg,
which takes a positive value, represents the distance from z; p,;; to zp. Consequently, K, increases with increase of d,.

For semi-submersible concepts, d, is expected to be small, e.g., d, is 0.31 m for the OC4 semi-submersible wind turbine
and is 1.93 m for the 5S-MW-CSC. The reasons are: 1) seawater is used as the ballast mass (d, could be increased by using blast
mass with a higher value of density, e.g. concrete), and 2) the relatively small draft (e.g. no more than 30 meters) limits the
value of d,.

When d, is relatively small, the roll/pitch restoring stiffness mainly originates from K;. However, the appropriate design
of zg, d, and V can further improve the stability and reduce the cost. We use My n00ringg to represent the value of the
resultant of vertical components of pretensions at fairleads of the attached mooring lines. Consequently, K, can be write as
Ky = Mpyugd, + (Meyastower + Mymooring)9Zp - We can see that K, linearly increases with zg with a slope of
Mena+tower + Mymooring- 10 €xclude effect of the mooring lines on intact stability analysis of semi-submersible wind turbines,
as required by [13], the slope could be reduce to Mmgzpya4¢ower- This fact means that moving zp toward the still water line is a
potential mean of increasing the roll/pitch restoring stiffness for designs with relatively small d,, while moving zp toward the
still water line may increase the hydrodynamic loads on the hull. If d, is relatively large, it is more attractive to increase K,
by increasing V, as. The OC3-Hywind spar [32] is an example of using large draft, d, and V to achieve the roll/pitch
restoring stiffness required by the stability criterion.

In general, for semi-submersible wind turbines, the restoring stiffness mainly comes from K; which is determined by
diameter and arrangement of the side columns. Rotational axis of the overturning moment varies with variations of incident
wind, wave and currents. Therefore, symmetrical arrangement with respect to the vertical axis through the geometrical center of
water plane area, as shown in Figure 4 for example, is preferred to make the righting moment curves be approximately
homogeneous with respect to the rotational axes unit the critical heel angle 6, see Figures 2 and 3.

A central column may be used to support the tower and RNA at the geometrical center. The side columns and central
column are connected by pontoons and or braces as an integrated structure.

As shown in EE2, We denote diameter of the central column and side column as d. and dg, respectively, while the
distance between the vertical axis through the geometrical center and central line of a side column is denoted as d.s. We could
expect that contribution of the central column on second moment of water plane area is negligible when compared to the
contribution by the side columns while the second moment of water plane area increases with increase of number of the side
columns. The 4-side-column semi-submersible wind turbine has larger second moment of water plane area than the
3-side-column semi-submersible wind turbine. However, the area of water plane area increases with increase of the number of
the side columns. If the area of water plane area is increased, to satisfy the design criterion given in Eq. (3), the corresponding
mass and added mass terms must be increased correspondingly. This means displaced volume of the columns, pontoons and
braces need to be increased and/or heave plates are needed to result in increase of added mass terms of the hull. Consequently,
cost of construction of the hull increases. We could approximately calculate second moment of water plane area of a

semi-submersible which includes n (n = 3) side columns with respect to a given rotational axis in the water plane (denoted as

I,) by using Eq. (9). We denote the area of water plane area of the hull as A,,. Numerical results show that /I‘—", for n in range
n

from 3 to 100, constantly equal 0.5d2;. Note that with increase of number of side columns, more steel is needed to integrate the
side columns as an integrated structure. These facts suggests that a semi-submersible wind turbine which includes 3 side

columns could be more cost efficient when compared to its counterpart for which more than 3 side columns are included.



Consequently, in this paper, we focus on the 3-side-column semi-submersible wind turbines, with and without a central column.

n
=Y
i=1

2T
dﬁ(dcsmn(?z))z,n >3 9

N

, ) N ’ I AY
’ ’ % , ! AN
’ ’ N / : \
1 / !
ds 7 ‘| \ 1
’ \ |
------- X i AP et
dCS A ! dCS [}
AY ! s 1 d
\ 1 S
\ 1 '
\ \ I
\ \ / \ | 4
\ Y 4 N \ 4 . \ /
. \ e N \ s AN \ e
N S . Central column
~ N -, S
RS ~- @ Pie S d
. - S - s
ds S~ Side column
d .

s 3-side-column-1-
3-side-column semi- 4-side-column semi- central-column
submersible wind submersible wind semi-submersible
turbine turbine wind turbine

Figure 4 Water plane area of 3-side-clolumn semi-submersible wind turbines with and without a central column and
a 4-side-column semi-submersible wind turbine

K, is approximately proportional to the square of dg and the square of d. The upper limits for dg and d.; should be
noted. Increasing d.s increases the displaced water and global load effect on the semi-submersible hull. As a result, the
dimensions and thickness of the braces and pontoons used to connect the columns must be increased, which may increase the
cost significantly. Increasing dg increases the hydrodynamic load on the side columns and water plane area, and requires more
mass and added mass in heave to maintain the same value of T;. A3; is related to configuration of wetted body surface of the
hull. For large-volume semi-submersible wind turbines without heave plates, we could initially assume that A3 is equal to
Ms5. Therefore, a significant increase in M35 is needed for semi-submersible wind turbines with relatively large dg to increase
its heave natural period. High values of M3; correspond to large hydrodynamic loads, large steel mass and high cost.
Compared to dg, d. has a negligible contribution on roll/pitch restoring stiffness, but it could introduce a considerable area of
the water plane area. Consequently, removing the central column is helpful for achieving a small value of the ratio of the
displaced water to the rated power (Rgp), as in, e.g., WinFloat and HiPRWind. Large heave plates can introduce a large added
mass and reduce the required M35;. However, the application of heave plates will significantly increase the system complexity
and construction and maintenance costs. The experience of design of the 5-MW-CSC and OC4 semi indicate that, for
semi-submersible wind turbines without heave plates, a relatively high roll/pitch restoring stiffness and the restriction of the
heave natural period to beyond the wave range result in a large displaced volume and steel mass of the semi-submersible hull.
3.3 Discussions on natural periods and modes (rigid-body motions and structural vibrations)

The dimensions and mass of the semi-submersible hull for several initial designs could be selected based on the design
space and criterion as mentioned in sections 3.1 and 3.2. Simplified expressions for the natural periods of 6 degrees of freedom
rigid-body motions are used in sections 3.1 and 3.2. However, in principle, the natural periods and modes should be calculated
by solving the eigenvalue problem. Lanczos' method [33] is widely used in commercial codes to solve the eigenvalue problem,
which is related to the generalized mass and stiffness. The stiffness of the pontoons, columns, and braces could be represented

by beam elements with simplified cross-sections. For example, Figure 5 shows a realistic cross-section of a pontoon with



structural details. The realistic cross-section is represented by a simplified box-shape cross-section. The mass could be
represented by mass points attached to the beam elements. Similarly, the mass and stiffness of the RNA and tower could be
represented by mass points and beam elements. Note that the natural frequencies for the natural modes of the generator and
drivetrain are expected to be very high. Therefore, the nacelle could be simply modeled by a mass point attached to a beam

element, which represents the global structural stiffness of the nacelle.
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Figure 5 A realistic cross-section (left), stiffened plates (right top), and simplified box shape cross-section with
equivalent thickness (right bottom)
In analysis for natural periods and modes, it is important to appropriately account for effect of flexibility of the hull, tower,
RNA, mooring system, added mass and fluctuations of hydrostatic pressure and gravity on the natural modes and frequencies.
For instance, as shown in Figure 6, numerical analysis shows that natural frequency of the side-to-side tower central column
bending mode is increased from 0.325 Hz to 0.463 Hz if real flexibility of the hull is replaced by an assumption that the hull is
considered as a rigid body. Rigid-body assumption for the hull is used in some conventional time-domain computer codes for
analyzing global responses, e.g. bending moment in tower base, rigid-body motions of the hull and mooring line tensions [40].

The rigid-body assumption may result in artificial resonant structural vibrations exited by, for example, the 1P and 3P effects.
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3.4 Simplifications for the design conditions used in ULS and FLS design checks

Simplifications are proposed with respect to the variables of the time-domain simulations for each short-term analysis and
the number of short-term environmental conditions.

In each short-term analysis, the combined wind and wave environmental condition is considered as a stationary process
represented by such parameters as 1) the duration of the stationary process, e.g., 10 min, 1 h, 3 h; 2) the mean wind speed at a
specified reference height in the space (U, .,); 3) the turbulence intensity factor; 4) the significant wave height (H;); 5) the peak
period of wave spectrum (T},); 6) the type of wind spectrum, e.g., Kaimal; 7) the type of wave spectrum; and 8) the wind
direction (d,;nq) and wave direction (d,,gpe)-

It is a common practice to assume 10 min stationary wind for numerical simulations for on-shore and offshore fixed wind
turbines, whereas 1-6 h simulations are required for wave loads on floating wind turbines [13] to account for the slow varying
second-order wave load effect. Van der Hoven [34] showed that the power spectrum for wind measured over longer periods has
small variations. Therefore, the assumption of a 1-3 h stationary wind field could be reasonable. The work of Burton et al [35]
proved that the 1 h stationary wind field assumption can give satisfactory models in the wind industry. Therefore, each of the
combined wind and wave environmental conditions could be considered stationary over 1 hour.

For each short-term analysis, the uncertainty of the fatigue damage is related to the simulation length and could be reduced
by using the expected value. Kvittem & Moan [36] studied the effect of simulation length on fatigue for tower base a
semi-submersible wind turbine. The expected fatigue damage induced by 155 environmental conditions in 20 years is estimated
by 3 h time-domain simulation for each short-term analysis (D), 1 h time-domain simulation for each short-term analysis (D)
and 10 min time-domain simulation for each short-term analysis (D;gmins)- The difference between Ds, and Dyj is no more
than 4%, while that between Dz, and Djgmins is less than 10%. Therefore, 1 h fatigue damage based on 3 samples could be
used to reasonably account for stochastic uncertainties in short-term fatigue damage estimation with respect to tower base.
Similar researches with respect to fatigue damage of structural components of the hull are needed in future as structural
responses of the structural components could be dominated by different load components when compared to structural
responses of tower base [51].

The number of the environmental conditions for fatigue assessment is related to the bin sizes for U, m, Hs, Ty, dying and
dwave- A bin size of 2 m/s for U, p, 0.5 m for Hy and 0.5 s for T,, is recommended by IEC6140-3. Kvittem & Moan [36]

show that fatigue damage could be considerably underestimated if the bin sizes for U,,,,, Hs; and T, failed to include critical



environmental conditions that result in large fatigue damage. However, small bin sizes correspond to a large number of
environmental conditions and require expensive computations.

The computational effort could be significantly reduced by conducting the FLS and ULS design checks based on a few
representative design conditions selected from all of the environmental conditions possible in the design life. The challenge is
how to select such representative environmental conditions. For the ULS design check, a possible solution is to employ the
contour line/surface method. The contour line/surface method is a mature method for predicting extreme load effects for
offshore structures under wave loads. For offshore wind turbines, the contour line/surface method must be calibrated by the full
long-term analysis because 1) the critical extreme load effect induced by aerodynamic loads is likely to occur at operational
wind conditions, rather than extreme wind conditions under which the wind turbine rotor is parked to reduce the wind load; 2)
the load effect on the hull could be more sensitive to the value of T,, than the value of Hy; and 3) floating wind turbines should
be considered strongly coupled system. Modified environmental contour method to determine the long-term extreme responses
of offshore fixed and floating wind turbines are discussed in [54-57].

3.5 Simplification of the methods for estimating the load effect on the hull

Load effects on the hull need to be calculated by using finite element method with emphasis on the aero-hydro-servo-elastic
feature and reasonable computational expenses. For example, Luan et al proposed a novel time-domain finite element method
[40] for calculating sectional loads in the pontoons in a straight-forward manner by modeling the semi-submersible hull as a
multi-body system.

As pointed in [40], finite element analysis in frequency-domain is very cost-effective. However, the major limitations are
that 1) it is a big challenge to appropriately account for the strong non-linear dynamic characteristics, which is known as the
aero-hydro-servo-elastic feature, of floating wind turbines; and 2) transient loading events, such as wind turbine faults, cannot
be modeled in frequency domain. However, the work of Luan el al [51] shows that sectional forces and moments of some
structural components, e.g. the side columns of the 5-MW-CSC, in wind and waves could be dominated by first order wave
excitation loads, and inertial and radiation loads which are related to wave induced motions. Consequently, these structural
components could be designed based on wave induced responses calculated by using the conventional frequency-domain
approach described as follows:

e The semi-submersible wind turbine, which composes these structural components, could be assumed as a rigid-body
oscillating around its mean position in wind and waves with 6 d.o.f.s, while the rigid-body motions are obtained by
generating and solving corresponding motion equations in frequency-domain, and are used to derive the inertial loads
on the hull of the semi-submersible wind turbine [46].

e Wave to hydrodynamic pressure force transfer function, for a given point on mean wetted body surface of the hull,
could be calculated by generating and solving the corresponding boundary value problem as described in potential flow
theory [46].

e Incident wave spectrum, and corresponding motion responses and wave to hydrodynamic pressure force transfer
function could be used to derive the wave excitation and radiation loads on the hull.

e The derived inertial, wave excitation and radiation loads can be mapped in a beam element finite element model for the
hull to analyze wave induced sectional forces and moments and/or a shell element finite element model (including
structural details) for the hull to analyze wave induced stresses.

e If the hull is a static determinate structure, e.g. the 5S-MW-CSC, a specified cross-section on a structural component,
such as a column or a pontoon, of the hull could divide the hull into two parts, see [40]. Forces and moments in the
specified cross-section could be obtained by integrating the derived inertial, wave excitation and radiation loads on
mean wetted body surface of one of the two parts.

e Mean position of the semi-submersible wind turbine depends on environmental condition subjected to the model. As
analyzed in [51] the mean wetted body-surface used in the boundary value problem and for integrating the derived

loads should correspond to the mean position of the semi-submersible wind turbine. Otherwise, the simulated



responses may have a considerable deviation when compared to responses in real.

Regarding the load effect on the global level, we suggest the simplification of pontoons, columns and braces as beam
elements with simplified cross-sections. Stresses induced by the global load effect could be derived based on the sectional
forces and moments in the beam elements. Figure 5 shows a simplified cross-section of a box-shape pontoon. The sectional
forces and moments are represented by F, F,
of the x_inp-y_inp-z_inp coordinate system). For an arbitrary point (Vinp, Zinp) on the cross-section, the nominal normal stress

F,, My, M,, and M, at the geometrical center of the cross-section (the origin

(0,) and nominal shear stress (t) induced by the sectional forces and moments could be calculated by Eq. (10, 11) based on the
Euler-Bernoulli beam theory and assumption that stress distribution induced by each load can be linearly combined.
M M
— = (10)
A Wy_inp Wz_inp
M, E,S; inp + E,S

y_inp
an
2A0tc Iz_inp tc Iy_inp tc

B

Jx(}’inpvzinp) =

T(yinprzinp) =

where, A is area of the cross-section. wy, j,, and w, ;;,, are the corresponding section moduli. A, is the circumscribed area
of the cross-section. ¢, is the equivalent thickness of the cross-section. S, jn, and S, ;, are static moments corresponding
to the y_inp and z_inp axes and the position of the point on the cross-section. I, ;,, and I, j;, are the second moments of
area of the cross-section.

Compared with a realistic cross-section, which includes structural details, such as stiffeners, the thin wall box-shape
approximation with ¢, will underestimate the maximum shear stresses because the stiffeners carry the shear force inefficiently.
Therefore, a reduction factor could be applied to t. to compensate the underestimations for the shear stresses.

Wave to sectional forces transfer functions and wave to stresses transfer functions could be sensitive to the wave directions,
wave frequencies and position of the hull.

3.6 Methods for estimating structural resistance

The buckling strength of the pontoons and columns could be considered as stiffened plate subjected to local and global load
effects. Relevant standards and practices such as DNV-RP-C201[38] could be applied. A preliminary detailed structural design
is required. An application example is available in [42].

Fatigue analysis for the components of the hull is normally conducted by the S-N Palmgren-Miner rule approach. The stress
ranges used in the S-N fatigue approach could be calculated by applying the rainflow counting method to the time series of the
hot-spot stress. Appropriate SN curves should be selected based on relevant standards, e.g., DNV-RP-C203 [39].

The hot-spot stresses are induced by stress concentration effect in particular at the structural intersections or joints. The
fatigue life is very sensitive to the hot-spot stresses (in the order of 3-5 due to the slope of the S-N curves), which may appear at
the joints between the columns, pontoons or braces. Therefore, the structural details need to be well designed to reduce the
hot-spot stresses. For a complex joint, it is recommended that the hot-spot stress be calculated by finite element analysis [39].

For the compartments of the pontoons and columns that are in between of the joints, in general, the stress concentration
effect is not critical. Therefore, we propose that the fatigue life for such compartments could be estimated by the normal stresses
of several representative points in the corresponding cross-section of the compartment multiplied by a specified stress

concentration factor (SCF). A sensitivity study for the fatigue damage with respect to SCF is needed.

4 Conclusions

This paper deals with the design criteria, procedure and simplifications for developing conceptual design of MW level
horizontal axis semi-submersible wind turbine hulls. Analysis and discussions presented in this paper are based on the authors’
experience with respect to design and analysis of semi-submersible wind turbines in the past six years.

The wind turbine systems must be designed for serviceability and safety. The safety of the design could be checked by the
limit state design, whereas the safety factors used in the partial safety factor format should be calibrated by reliability methods.

While, there is a trade-off between the minimum required safety level and construction, installation and maintenance costs. Cost



efficient design with acceptable reliability is preferred.

Hull design for floating wind turbines should not be performed in isolation; rather, the interactions of the subsystems, i.e.,
the RNA, control system, tower, hull and mooring system, should be appropriately considered as floating wind turbines are
considered strongly coupled systems requiring sufficient stability, appropriately designed natural periods and modes and
reasonable structural design.

Design is an iterative process. We assume that the design configuration of the RNA, tower and controller has been selected.
Consequently, the allowable heeling angle, which is the upper limit of the critical heeling angle induced by the design
overturning moment about the critical axis, could be used as a simplified stability criterion, in together with a criterion with
respect to natural periods of rigid-body motions of semi-submersible wind turbines and two practical approaches for estimating
value and distribution of steel and ballast mass of the hull, for developing initial designs of semi-submersible hulls.

Design space of semi-submersible wind turbine hulls which is developed by using these criteria and simplified approaches
are thoroughly analyzed and discussed. The restoring stiffness mainly comes from second moment of water plane area which is
determined by diameter and arrangement of the side columns. Symmetrical arrangement with respect to the vertical axis through
the geometrical center of the water plane area, in together with three side columns with or without a central column, is preferred.
To satisfy the criterion with respect to natural periods of rigid-body motions, sufficient added mass and mass of displaced water
are required. Heave plates could be used to efficiently increase added mass of the hull but will significantly increase the system
complexity and construction and maintenance costs. For semi-submersible wind turbines without heave plates, a relatively high
roll/pitch restoring stiffness and the restriction of the heave natural period to beyond the wave range result in a large displaced
volume and steel mass of the semi-submersible hull.

Natural periods and modes should eventually be checked by solving the eigenvalue problem which is related to the
generalized mass and stiffness. It is important to appropriately account for effect of flexibility of the hull, tower, RNA, mooring
system, added mass and fluctuations of hydrostatic pressure and gravity on the natural modes and frequencies.

Simplifications for the design conditions used in ULS and FLS design checks are discussed based on a review of relevant
publications. Each of the combined wind and wave environmental conditions could be considered stationary over 1 hour, while
1 h fatigue damage based on 3 samples could be used to reasonably account for stochastic uncertainties in short-term fatigue
damage estimation with respect to tower base. Similar researches with respect to fatigue damage of structural components of the
hull are needed in future. The modified environmental contour method could be used to determine the long-term extreme
responses of offshore fixed and floating wind turbines. More efforts are needed to shed lights on approaches for identifying
critical environmental conditions for fatigue damage.

Simplification of the methods for estimating the load effect on the hull is discussed. To appropriately account for the
aero-hydro-servo-elastic feature of semi-submersible wind turbines, time-domain finite element analysis should be used.
However, for some design, structural responses of some structural components in wind and waves could be dominated by first
order wave excitation loads, and inertial and radiation loads which are related to wave induced motions. Consequently, these
structural components could be designed based on wave induced responses calculated by using the frequency-domain approach
described in this paper.

Methods for estimating structural resistance are referred to relevant standards and practices.

A detailed analysis with respect to design of the semi-submersible hull against accidental events, such as ship collision, loss

of a mooring line and flooding in a column, is scheduled in future.
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