Dynamic behaviour of cable-
supported bridges subjected
to strong natural wind

Thesis for the degree of Philosophiae Doctor
Trondheim, November 2011
Norwegian University of Science and Technology

Faculty of Engineering Science and Technology
Department of Structural Engineering

NTNU - Trondheim
Norwegian University of

Science and Technology



NTNU
Norwegian University of Science and Technology

Thesis for the degree of Philosophiae Doctor

Faculty of Engineering Science and Technology
Department of Structural Engineering

© Ole Andre @iseth

ISBN 978-82-471-3209-8 (printed ver.)
ISBN 978-82-471-3210-4 (electronic ver.)
ISSN 1503-8181

Doctoral theses at NTNU, 2011:315

Printed by NTNU-trykk



Preface

This thesis is submitted in partial fulfilment of the requirements for the degree
philosophiae doctor at the Norwegian University of Science and Technology (NTNU),
Trondheim, Norway. The work has been carried out at the Faculty of Engineering
Science and Technology, Department of Structural Engineering, under the supervision
of Professor Ragnar Sigbjérnsson and Associate Professor Anders Ronnquist






Abstract

This thesis discusses wind-induced dynamic response of slender cable-supported
bridges. The focus has been on prediction of the flutter stability limit and the buffeting
response in strong winds. The thesis consists of journal papers that are either submitted
or published.

Multimode flutter has recently been shown to be the governing phenomenon for the
aeroelastic stability limit of long-span cable-supported bridges. In this thesis the
multimode flutter phenomenon is thoroughly studied. It is concluded that the most
important indicator of possible multimode effects is the shape-wise similarity of the
vertical and torsional vibration modes since flutter will not occur if the still-air vibration
modes are shape-wise dissimilar. When the stability limit of a long-span bridge is
assessed, the shape-wise similarity of all possible mode combinations should be
evaluated first. Then the system should be grouped into uncoupled subsystems. The
subsystem involving the still-air torsional vibration mode with the lowest natural
frequency will most likely provide the lowest stability limit. If this subsystem consists
of more than two vibration modes, multimode effects will occur. The reduction of the
stability limit will be small if the shape-wise similarities of the vibration modes are not
of the same order of magnitude, or if the system consists of two torsional and one
vertical mode, and the torsional modes are well separated. If these conditions are not
fulfilled, the flutter stability limit should be assessed using a multimode approach.

The self-excited forces are particularly important when the wind-induced dynamic
response or the flutter stability limit is assessed for slender bridges. The self-excited
forces can be modelled simply using quasi-steady theory. Since the quasi-steady theory
is frequency independent, the model may be used in both the time and frequency
domains. However, it is well known that the traditional quasi-steady theory may
severely underestimate the flutter stability limit since no aerodynamic torsional damping
is introduced into the model. In this thesis a novel modified quasi-steady theory is
suggested. The method takes advantage of that the self-excited forces are most
important at the natural frequencies of the combined structure and flow system. This
implies that curves providing a frequency-independent description of the self-excited
forces can be fitted to the experimental data in the important reduced-frequency range
corresponding to the natural frequencies of the system. The suggested model has been
applied for the Hardanger Bridge in a comprehensive case study, and it is concluded
that the model provides wind-induced response and flutter stability limits of good
accuracy.
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Simplified methods for assessment of the flutter stability limit are still considered
important in preliminary designs and when designing medium-span bridges where
multimode effects will not reduce the flutter stability limit significantly. The most
popular approach is still Selberg’s formula, published almost 50 years ago. Selberg’s
formula provides the flutter stability limit with reasonable accuracy if the aecrodynamic
properties of the cross section are similar to those of a flat plate, and the vertical and
torsional modes have an identical shape. In this thesis an alternative analytical approach
to Selberg’s formula is suggested. The formulae presented are based on the fundamental
flutter equations, and the simplified solution is developed by introducing two
assumptions. (i) The quasi-steady model for the self-excited forces outlined above is
introduced in the equations of motion. (i7) The critical frequency is assumed to be on the
torsional branch of the solution system and can be approximated by the uncoupled
system of equations. It is demonstrated that by introducing these two approximations,
the complexity of the flutter equations is significantly reduced, and if the still-air
damping is neglected, a closed-form solution of the flutter stability limit may be
obtained. The formula presented is very similar to Selberg’s formula, but contains
coefficients taking into account the actual aerodynamic properties of the cross section
and the possible imperfect shape-wise similarity of the vibration modes. The formulae
presented are tested for a range of hypothetical structural configurations, in addition to
the properties of a few well-known bridges, considering the aerodynamic properties of
two cross sections. It is concluded that the proposed formulae provide results of
adequate accuracy, and that they can be regarded as engineering approximations of the
critical flutter velocity.

This thesis also discusses unsteady modelling of the self-excited forces in the time
domain. A comprehensive case study, where the wind-induced dynamic response of a
slender suspension bridge is assessed in the time domain, is presented. Here, the self-
excited forces have been modelled, using rational functions, indicial functions, a novel
modified rational function approach explained and introduced in this thesis, and a
further developed modified quasi-steady theory. The quasi-steady model is a further
development of the model outlined above. As explained above, in the modified quasi-
steady theory suggested in this thesis, the experimental results of the aerodynamic
derivatives are approximated with curves providing a frequency-independent
description of the self-excited forces in the important reduced-frequency range. This
implies that the self-excited forces may be accurately modelled at frequencies
corresponding to one horizontal, one vertical, and one torsional vibration mode. The
further development presented here is to uncouple the aeroelastic system utilizing the
right- and left-hand eigenvectors. This implies that the experimental results for the
aerodynamic derivatives may be accurately approximated for all the natural frequencies
of the aeroelastic system. It is concluded that all the unsteady models evaluated provide
an adequate description of the self-excited forces, but that the unsteady models may be
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challenging to fit to the experimental data since the same coefficients are used in the
expressions for the imaginary and real part of the transfer functions, which implies that
two sets of data have to be approximated using the same coefficients. It is also seen that
the quasi-steady model presented provides satisfying results. The results are in fact of
higher accuracy than when some of the unsteady models are applied.

As modern bridges become longer, slenderer and lighter, the use of nonlinear methods
to evaluate the dynamic response may become necessary. This implies that time domain
assessment of the wind-induced dynamic response will become more important in the
future. When nonlinearities are introduced into the model, it is an advantage to use the
degrees of freedom of the element model directly and not use still-air vibration modes
as generalized degrees of freedom. This can be done modelling the self-excited forces at
distinct points along the girder, but this will imply that a huge amount of convolution
integrals have to be evaluated at each time step. Another approach is suggested in this
thesis. The starting point is a traditional beam element with twelve degrees of freedom,
where the convolution integrals are added as aerodynamic degrees of freedom in each
node. This implies that the convolution integrals do not need to be evaluated explicitly,
since their value is calculated just like the response of the structure. Four different
aeroelastic beam elements have been developed and tested. It is concluded that the
elements provide wind-induced dynamic response and flutter stability limits that
correspond very well to results predicted by the traditional multimode approach in the
frequency domain.

Accurate modelling of the wind field is a crucial issue when predicting the dynamic
response of long-span bridges. The wind field is most commonly modelled as a
multivariate Gaussian stationary and homogeneous stochastic process, where the
turbulence components are assumed independent. Since the wind field is affected by the
roughness at the site, the turbulence components will become correlated, since three-
dimensional eddies are generated by the roughness elements, but this effect is normally
neglected. In this thesis the measurements of the fluctuating wind carried out at the
Sotra Bride in 1975 are reinvestigated. The cross-spectral densities of all the turbulence
components have been determined using auto regressive (AR) models. It is concluded
that the cross-spectral density of the # and w components may have a significant
influence on the dynamic response, in particular for structures with low natural
frequencies. However for the bridge considered, reasonable estimates of the wind-
induced dynamic response will still be obtained if the cross-spectral density of the # and
w components is neglected, but the accuracy of the modelling will be improved if it is
included.
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Introduction

Since the infamous Tacoma Narrows Bridge collapse in 1940 [1, 2], wind-induced
dynamic response has been a crucial issue when designing slender bridges. This
incident made bridge engineers all over the world realize that cable-supported bridges
may collapse during moderate winds, due to fluid-structure interaction. As a
consequence, wind tunnel tests became a natural part of bridge design [3, 4]. As modern
bridge design gets slenderer, lighter, and longer, the demand for more accurate and
reliable methods to predict wind-induced dynamic response is increasing. This is the
reason that wind-induced dynamic response of bridges is still an interesting research
subject today, over 70 years after the collapse of the Tacoma Narrows Bridge.

Prediction of wind-induced dynamic response is summarized in Figure 1.

Structural
—» Windloading |— response transfer » Response
function

Aerodynamic

Wind velocity transfer function

A

Figure 1: Prediction of wind-induced dynamic response, [5]

Since wind fluctuations are random in nature, prediction of wind-induced dynamic
response implies that the statistical properties of the response have to be obtained from
the known statistical properties of the wind field. The statistical properties of the wind
field are represented by spectral densities in the frequency domain. When assessing the
wind-induced response for civil engineering structures, one often relies on existing
spectral densities that may be calibrated such that they become suitable for the site in
question; for instance, see [6, 7]. There are several expressions for spectral densities,
and perhaps the most well known is the Von Karman spectral density that was
developed for laboratory turbulence by Von Kéarman [8] and suggested by Harris in
1968 for wind engineering applications, see [9]. Another well-known expression for the
spectral density of longitudinal turbulence has been suggested by Davenport [10]. The
expression is empirical, and it is well known that this spectral density does not give
satisfying results when the frequency tends to zero. Kaimal [11] has also suggested an
expression for spectral density that has very frequently been used. Solari and Piccardo
[12] have done a comprehensive review of existing expressions for spectral densities.
They have gathered 14 expressions for the power spectral density of the # component
(along the mean wind direction), 9 expressions for the w component (across wind
vertically) and 6 expressions for the v component (across wind horizontally). When it
comes to the cross-spectral density of the # and w components, only four cross-spectral



densities have been found. The main reason for this is that the spectral density of the u
component is most frequently used in response analysis, and there is therefore more
information in the literature on this spectral density than, for instance, for the cross-
spectral density of the # and w components. Only the # and w components are usually
considered for bridges, assuming the cross-spectral density of the components is
negligible, e.g., [13-17], but there are some analysis where the cross-spectral density has
been included [18-20]. It is stated by Simiu and Scanlan [16] that limited data presently
suggest that this is a conservative assumption, but that knowledge of these quantities in
applications can improve accuracy. Minh et.al [20] conclude that for the particular case
evaluated, the vertical response is overestimated; the torsional response is
underestimated, while the horizontal response remains unchanged if the cross-spectral
density of the # and w components is neglected.

In addition to the spectral and cross-spectral densities of the # and w components at one
point, the spatial properties of the wind field must be considered. On an empirical basis
Davenport [21] suggested an exponential expression for the normalized co-spectral
density and a zero-phase spectrum

v, (o) = exp(_cm #j (1)

Here, ne{u, v, w}, me{x, y, z}. This expression is very simple, but it contains two well-
known inconsistencies [22-24]. (1) The normalized co-spectral density is positive for all
separations, which conflicts with the definition of the turbulence components with a
zero mean value. (2) When the frequency tends to zero, the co-spectral density tends to
unity. This implies that the turbulence components at two distinct points become fully
coherent, which in reality is impossible. Krenk [23] has suggested a modified
exponential format assuming locally isotropic turbulence, where the inconsistencies
mentioned above are avoided. There are also other alternatives; see [12], where several
papers on this matter have been cited. In the time domain, the spectral densities are used
to generate time series of the fluctuating wind. The time series can for instance be
obtained using Monte Carlo methods, e.g., [25-33] or ARMA methods e.g., [34, 35].

When the properties of the wind field are established, either in terms of cross-spectral
densities in the frequency domain or in the time domain in terms of simulated time
series of the fluctuating wind at distinct points in space, the aerodynamic load must be
obtained. This is usually done through wind tunnel testing with a scaled model. The
most popular approach is to use a section model [4], which is a rigid scaled model of the
girder supported by a system of springs at each end. The section model may move
horizontally, vertically, and rotate. Another alternative is to use a taut strip model [36-
38]. This is basically two tensioned strings that cross the wind tunnel. A flexible scaled



model of the bridge deck is attached to these strings, which implies that the strings
introduce stiffness, while the mass comes mainly from the flexible model of the girder.
The third option is to use a scale model of the whole bridge [36, 39, 40]. The wind
loading normally considered for a horizontal girder is shown in Figure 2

4,

U / _\qe q
— < ) y

Figure 2: Wind loading acting on a cross section of the bridge deck

As can be seen from the figure, there are three load components acting on the girder.
Since the girder is horizontal, only the # and w components of the wind field are
relevant to the wind loading. The transfer function outlined in Figure 1 can be defined in
both the frequency domain and the time domain. In the frequency domain the cross-
spectral density matrix of the wind loading may be expressed as

S, (0,4x) =B, (®)S, (@, 4x)B, (@) 2)

Here, the matrix S, contains the auto and cross-spectral densities of the »# and w
components. The matrix Bg contains the aerodynamic transfer functions that are
functions of frequency and dependent on the mean wind velocity and the dimensions
and aerodynamic properties of the girder. The contents in matrix Bq can be obtained
from wind tunnel tests using one of the approaches outlined above. If the acrodynamic
model has been linearized, the time domain counterpart of Eq. (2) can, be written as.

t

a(r)= [ b,(t=7)u(r)dr 3)

-0

Here, q is the distributed action; by contains the aerodynamic impulse response
functions, and u contains the velocity components. The matrices bq and B, constitute a
pair of Fourier transforms.

After establishing the aerodynamic loading, either in terms of a cross-spectral density
matrix in the frequency domain or in the time domain as time series of the aerodynamic
loading at distinct points along the structure, the dynamic response may be determined
using the finite element method [41-43]. The response can be obtained using the degrees
of freedom of the element model directly, but presently, the most popular approach
seems to be using selected still-air vibration modes as generalized degrees of freedom in
the assessment of the wind-induced dynamic response.



As can be seen in Figure 1, the aerodynamic loading may be dependent on the response
of the structure. This effect is due to self-excited forces that are generated by the
structure's motion. The most popular unsteady model for the self-excited forces,
suggested by Scanlan and Tomko [44] reads:

o 1 v . B, . W T . 7
¢ _2,01/23[1@)1 $+1<P2 7€+K2}’3 r,+K’P, E+KP§ ;’+K2Pﬁ BJ

e 1 a . Br, . e s P
q° :2,31/23(1@11 ;+KH2 7"+K2H3 r,+K*H, §+KH5 ?+K H, B] 4)

7 . Br, . . W7 .1
qif—;szBz[KA, %+KA2 %+K2A3 KA S K, KA, BJ

Here, V' is the mean wind velocity; r, ne{y, z, O} symbolizes the horizontal, vertical
and torsional response; p is the air density; B is the width of the girder, and K=Bw/V is
the reduced frequency of motion. P,,*, Hn*, An* ne{l,2,...6} are dimensionless
aerodynamic derivatives, which are treated as cross-sectional properties that are
functions of the reduced frequency of motion. The response is positive in the same
directions as the forces displayed in Figure 2. The expression presented in (4) has not
been developed from a theoretical point of view, since it is not possible to develop
expressions for the self-excited forces for a general cross section. There are expressions
for the self-excited forces for an airfoil developed by Theodorsen [45]. The expressions
displayed in (4) can be viewed as an extension of the airfoil theory, and numerous
studies have demonstrated the adequacy of the concept. Since the flow around the airfoil
is fully attached and not separated, the accuracy of the definition shown in Eg. (4) will
be questionable for very bluff cross sections. The aerodynamic derivatives are in most
cases determined from wind tunnel tests, e.g., [44, 46, 47], but attempts have also been
made to determine them from fluid structure interaction analysis, using computational
fluid dynamics software, e.g., [48-50].

The expression presented in Eq.(4) is, strictly speaking, only valid for a single harmonic
motion, but the expression can be used to predict the self-excited loading for a more
general motion, applying the principle of superposition. When this assumption is
introduced, it is possible to develop expressions for the self-excited forces in both the
time and frequency domains. The results for the aerodynamic derivatives are known in
the frequency domain. To obtain a time domain description of the self-excited forces,
curves providing expressions for the transfer functions possible to Fourier transform are
therefore used to approximate the experimental data. There are two branches of methods,
the rational functions approach, e.g., [14, 51-53], or the indicial functions approach [54-
57]. In reality the two methods are almost identical. The rational function formulation
has its starting point in the frequency domain, while the indicial function formulation



considers the downwash on the cross section in the time domain. Nevertheless, an
expression suitable for Fourier transforming must be selected in both cases, which
implies that the expressions used to model the self-excited forces are very similar.

The aeroelastic stability limit is also extremely important when designing slender
bridges. The self-excited forces may change the properties of the combined structure
and flow system, either such that the system has no total stiffness (the aeroelastic
stiffness is negative and equal to the structural stiffness), or such that the system is not
able to dissipate energy. A brief historical review of research on flutter instability is
given by Matsumoto et al. [58]. The flutter phenomenon was originally investigated in
the aeronautical field [59, 60], but the collapse of the Tacoma Narrows Bridge brought
the attention of bridge engineers to the phenomenon. Arne Selberg [3] developed an
empirical formula for the flutter stability limit, based on work published by Bleich in
1949 and 1950. This empirical formula is well known and is still being widely used
today [19]. However, since the formula does not take into account the actual
aerodynamic properties of the cross section and the shape-wise similarity of the
vibration modes, it may produce seriously inaccurate results. A more accurate approach
is to study the properties of the equations of motions for a two-degree-of-freedom
system including self-excited forces, where one vertical and torsional still-air vibration
modes are used as generalized degrees of freedom. The critical velocity may then be
obtained by solving the flutter equations [16, 22]. However, recent bridge projects, e.g.,
[18, 61], have shown that flutter where several modes interact may provide a lower
stability limit than the two-mode case, which implies that the flutter stability limit must
be assessed using a multimode approach [18, 62, 63].






Objectives and limitations
The research objectives of this thesis may be summarized as follows:

To improve current understanding of multimode flutter

Since the collapse of the Tacoma Narrows Bridge, bridge designers have learned how to
predict the flutter stability limit by using wind tunnel tests with a section model. This
approach can only represent a case where two still-air vibration modes couple into the
flutter motion. In recent bridge projects multimode effects have reduced the stability
limit significantly. One of the research objectives in this work is therefore to improve
the current understanding of when a multimode approach should be used to predict the
flutter stability limit, and when a bimodal approach is sufficient.

To develop a simple frequency-independent self-excited load model

The quasi-steady theory is frequently used for simplified modelling of self-excited
forces. Since the load coefficients are frequency independent, the quasi-steady theory
can be used in both the frequency and time domains. The quasi-steady theory is perhaps
most convenient in the time domain since no convolution integrals have to be evaluated.
However, it is well known that the quasi-steady theory may severely underestimate the
flutter stability limit since no aerodynamic torsional damping is introduced. One of the
research objectives is therefore to develop a more accurate modified quasi-steady theory
to provide adequate estimates of both the stability limit and the wind-induced response.

To develop an alternative analytical expression for the flutter stability limit,
including aerodynamic properties and mode shape similarity

Selberg’s formula is frequently used to estimate the bimodal flutter stability limit of
cable-supported bridges. However, Selberg’s formula may provide results that are
seriously inaccurate since it does not take the actual aerodynamic properties of the cross
section and the shape-wise similarity of the vibration modes into account. One of the
research objectives is therefore to develop an alternative analytical solution for the
flutter stability limit taking into account the aerodynamic properties and the shape-wise
similarity without compromising the accuracy and simplicity that Selberg’s formula is
well known for.

To compare and improve the current methods for time domain modelling of self-
excited forces

There are several methods for modelling self-excited forces in the time domain. One of
the objectives of this work is therefore to compare the existing methods and suggest
improvements to the modelling to make the calculations more accurate and efficient.



To investigate the importance of the cross-spectral density of the turbulence
components for prediction of wind-induced dynamic response of bridges

The wind-induced dynamic response of bridges is most commonly predicted taking into
account the along-wind and vertical turbulence components, assuming that the two
components are uncorrelated. Some studies have taken the cross-spectral density of u
and w components into account. The studies indicate that this effect may influence the
dynamic response. One of the objectives of this work is to investigate the possible
influence of the cross-spectral density of the turbulence components on the wind-
induced dynamic response of cable-supported bridges.

This work's limitations

Vortex-shedding induced vibrations that are typically important at low mean wind
velocities will not be dealt with in this thesis. The cross-sectional admittance of the
wind loading is not discussed. The response predicted in this thesis has not been
compared with experimental data from wind tunnel tests or full-scale measurements.



Present Investigations

The work undertaken during this PhD study is presented as independent journal papers,
which are either published or submitted. The three accepted journal papers have been
published in Journal of Wind Engineering and Industrial Aerodynamics, Journal of
Sound and Vibration and Computers and Structures. The journal paper titles are
summarized in Table 1.

Table 1: Citations of the papers included in the thesis

Part Journal papers

1 Qiseth O, Ronnquist A, Sigbjornsson R. Simplified prediction of wind-induced response and
stability limit of slender long-span suspension bridges, based on modified quasi-steady theory: A
case study. Journal of Wind Engineering and Industrial Aerodynamics. (2010)

2 Qiseth O, Sigbjoérnsson R. An alternative analytical approach to prediction of flutter stability
limits of cable supported bridges. Journal of Sound and Vibration. (2011)

3 Qiseth O, Ronnquist A, Sigbjérnsson R. Time domain modelling of self-excited aerodynamic
forces for cable-supported bridges: A comparative study. Computers & Structures. (2011)

4 Qiseth O, Ronnquist A, Sigbjornsson R. Finite element formulation of the self-excited forces for
time-domain assessment of wind-induced dynamic response and flutter stability limit of cable-
supported bridges. Submitted for journal publication (2011)

5 Qiseth O, Ronnquist A, Sigbjornsson R. Effects of cross-spectral densities of atmospheric
turbulence on the dynamic response of cable-supported bridges: A case study. Submitted for
journal publication (2011)

Declaration of authorship for papers 1-5

In papers 1, 2, 3 and 4, Ole Qiseth implemented the theory and performed all the
numerical simulations presented. He also wrote the manuscripts. The co-authors
contributed constructive criticism that increased the scientific quality of the papers. In
Paper 5 Ole Qiseth performed most of the numerical analysis and wrote the main part of
the manuscript. Ragnar Sigbjérnsson drafted the initial outline of the manuscript and
performed some initial numerical analysis, which Ole Qiseth further developed. Anders
Ronnquist contributed constructive criticism that increased the scientific quality of the

paper.



Paper 1
Simplified prediction of wind-induced response and stability limit of slender long-span
suspension bridges, based on modified quasi-steady theory: A case study

Qiseth O, Ronnquist A, Sigbjornsson R

Background

Wind-induced vibration is one of the most important concerns when designing long-
span suspension bridges. Most bridge engineers consider prediction of the flutter
stability limit particularly important. Bimodal flutter, where two still-air vibration
modes interact, has become well known. However, in recent long-span bridge projects,
e.g., [18, 61], a reduction of the bimodal stability limit due to interactions between
several vibration modes has been observed. A full understanding of multimode flutter
has not been achieved, and this paper aims at providing further insight into this
phenomenon. When modern bridges become slenderer and lighter, time domain
assessment of the dynamic response may become necessary. A model describing self-
excited forces in the time domain will therefore become necessary. This can be achieved
using indicial or rational functions or quasi-steady theory. The quasi-steady theory is
attractive because of its simplicity, but it is well known that the traditional quasi-steady
theory may severely underestimate the flutter stability limit since no aerodynamic
torsional damping is introduced into the system. This paper therefore aims at developing
a modified quasi-steady model with improved accuracy.

Main findings

The bimodal and multimodal stability limits of the Hardanger Bridge are carefully
studied in this paper. It is concluded that multimode flutter, where three still-air
vibration modes participate, provides the lowest stability limit for the structure. It is also
concluded that this is because two still-air vertical modes are shape-wise similar to the
same torsion mode, implying that these three still-air vibration modes are coupled when
the mean wind velocity is different from zero. The paper illustrates the importance of
the shape-wise similarity of the vertical and torsional still-air vibration modes when the
still-air vibration modes for flutter assessment are selected. The stability limit is
evaluated using quasi-steady theory and aerodynamic derivatives obtained from wind
tunnel measurements of a scaled section model. It is concluded that quasi-steady theory
severely underestimates the stability limit since no aerodynamic torsional damping is
introduced. A novel approximate frequency-independent model is suggested, where
curves providing a frequency-independent approximation of the self-excited forces are
fitted to the experimental data in the important frequency range. It is concluded that this
aerodynamic model provides adequate estimates of both the stability limit and the wind-
induced dynamic response for the case considered.
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Paper 2
An alternative analytical approach to prediction of flutter stability limits of cable-
supported bridges

Wiseth O, Sigbjornsson R

Background

Selberg’s formula [3] is well known to bridge engineers that are designing long-span
bridges. It predicts the bimodal flutter stability limit with reasonably accuracy if the
vibration modes have a perfect shape-wise similarity and the aerodynamic properties of
the cross section are similar to those of a flat plate. This paper aims at developing an
alternative to Selberg’s formula taking into account the actual shape-wise similarity of
the vibration modes and the aerodynamic properties of the cross section. If a simplified
bimodal approach is supposed to be useful, multimode effects have to be negligible.
Multimode effects are therefore studied carefully in this paper

Main findings

In this paper it has been shown that the flutter equations may be greatly simplified by
introducing two approximations. (i) It is assumed that the critical frequency is on the
torsional branch of the solution system and that the critical frequency may be
approximated by the uncoupled system of equations. (i7) The aerodynamic derivatives
may be approximated by expressions providing a frequency-independent description of
the self-excited forces in the important frequency range. It is shown that when these
approximations are introduced, the critical velocity may be determined by solving a
simple cubic equation, and it is further shown that by neglecting the contribution from
still-sir damping, a closed-form solution is achieved. The presented equation is equal to
Selberg’s formula for a certain combination of coefficients, but provides for including
the effects of the cross section's aerodynamic properties and the shape-wise similarity of
the vibration modes. The formulae presented have been tested for two different cross
sections for a wide range of structural configurations. It is concluded that the formulae
provide results of sufficient accuracy for all the cases evaluated and may be used to
obtain an engineering approximation of the critical flutter velocity.

Multimode effects have been carefully studied. It is concluded that that the flutter
velocity for a pair of modes is not affected by the presence of another pair of shape-wise
similar vibration modes if the two pairs are shape-wise dissimilar. This implies that the
most important factor for possible multimode effects is the shape-wise similarity of the
vibration modes. It is also seen that for a combination of one vertical and two torsional
modes, the reduction due to multimode effects is decreasing when the frequency ratio of
the torsional modes is increasing. For a combination of two vertical and one torsional
vibration modes, a reduction due to multimode effects cannot be neglected even if the
two vertical vibration modes are well separated.
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Paper 3
Time domain modelling of self-excited aerodynamic forces for cable-supported bridges:
A comparative study.

Wiseth O, Ronnquist A, Sigbjornsson R.

Background

As modern bridges become slenderer and lighter, a nonlinear assessment of the dynamic
response may become necessary. Since nonlinearities may be taken into account more
easily in the time domain than in the frequency domain, this implies that time domain
modelling of the self-excited forces will become more important in the future. There are
studies of modelling self-excited forces in time domain, e.g., [13, 14, 51, 54, 55, 57, 64-
66], but these studies focus mainly on the fitting of expressions to the experimental data
or/and prediction of the flutter stability limit. There are also several different
expressions for self-excited forces in the time domain, but there are very few studies
comparing the performance of the different approaches.

Main findings

In this paper the wind-induced dynamic response and flutter stability limit of the
Hardanger Bridge have been assessed in the time domain. The self-excited forces have
been modelled by rational functions, indicial functions, a suggested modified rational
function approach and a suggested modified quasi-steady approach. The modified
quasi-steady approach has been further developed from the version presented in Papers
1 and 2. An integration scheme, where larger time steps may be used and still avoid
amplitude and phase distortion of the self-excited forces, has been suggested and
applied successfully in a comprehensive case study. It is concluded that the self-excited
load models used provide wind-induced response and stability limit of sufficient
accuracy. The unsteady load models provided a poorer least squares fit to the
experimental results than the curves used to represent the aerodynamic derivatives in the
frequency domain. This is because the unsteady approach requires that two sets of data,
representing the real and the imaginary part of the complex transfer functions, are
approximated using the same coefficients. The suggested modified rational function
approach makes it easier to introduce quasi-steady asymptotes for the self-excited forces
outside the reduced velocity range covered by the experimental data. Since the self-
excited forces are most important at the natural frequencies of the system, the modified
quasi-steady approach suggested in this article provides an accurate representation of
the self-excited forces since the self-excited forces corresponding to each natural
frequency can be approximated separately. The modified quasi-steady approach
presented in this paper actually performs better than some of the unsteady models tested.
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Paper 4
Finite element formulation of the self-excited forces for time-domain assessment of
wind-induced dynamic response and flutter stability limit of cable-supported bridges.

Wiseth O, Ronnquist A, Sigbjornsson R.

Background

In most papers discussing modelling self-excited forces by means of indicial or rational
functions, the still-air vibration modes are used as generalized coordinates when the
wind-induced dynamic response and the stability limit of the aeroelastic system are
assessed. This may be a disadvantage when material or geometric nonlinearities are
introduced in the model. The dynamic response may be obtained by direct numerical
integration if the self-excited forces are modelled at distinct points along the girder. The
convolution integrals providing the self-excited forces must then be evaluated
numerically for each time step. This requires a huge amount of computational effort.
The aim of this paper is therefore to develop an aeroelastic beam element where the
self-excited forces are added as unknowns in terms of aerodynamic degrees of freedom
such that the convolution integrals do not need to be evaluated explicitly.

Main findings

Four different aeroelastic beam elements have been developed and tested in this paper.
The starting point is a two-node beam element with 12 degrees of freedom (three
translations and three rotations in each node). The self-excited forces are modelled with
rational functions, and the convolution integrals are added as additional variables in the
system of equations by means of acrodynamic degrees of freedom. The difference of the
four elements is that different shape functions have been used to derive the coefficients
in the element matrices related to the acrodynamic degrees of freedom. All the elements
developed and tested have provided a converged stability limit that corresponds very
well to results provided by a traditional multimode approach. The wind-induced
dynamic response has also been obtained using one of the presented elements. The
response corresponds very well to results obtained in the frequency domain using still-
air vibration modes as generalized coordinates. It may be concluded that, for the current
case study, the elements presented provide accurate results for both the stability limit
and the wind-induced response. The computational effort required is far less than
evaluating the convolution integrals numerically for each time step. The required
computational effort is, in fact, much less than was required during the calculations
presented in Paper 3, where still-air vibration modes are used as generalized degrees of
freedom. This illustrates the effectiveness of the method since the number of degrees of
freedom for the finite element model is several times higher than the number of selected
still-air vibration modes used in Paper 3.

13



Paper 5
Effects of cross-spectral densities of wind velocities on the wind-induced dynamic
response of cable-supported bridges: A case study

Wiseth O, Ronnquist A, Sigbjornsson R.

Background

Accurate modelling of the wind field is a crucial issue when predicting the wind-
induced dynamic response of long-span cable-supported bridges. The wind field is most
commonly modelled as a multivariate Gaussian stationary stochastic process, where the
along-wind, across-wind, and vertical velocity components are assumed independent.
Since the roughness at the site will influence the wind field, there may be significant
correlation of the velocity components. Little information exists on the possible
influence of the correlation of the wind velocity components on the dynamic response
of bridges.

Main findings

The measurements of the wind velocity components along the Sotra Bridge carried out
in 1975 are reinvestigated in this paper. Different from previously published results
where the data have been used, this paper focuses mainly on the spectral density of all
three velocity components, including the cross-spectral densities of the components.
The spatial properties of the wind field considering large separations are also studied.
The Sotra Bridge is located in a narrow sound, which is roughly 600 m wide. From the
measurements it is clearly seen that the wind field is influenced by the sound. The mean
wind velocity is largest at the mid-span of the bridge, while the mean wind velocity is
significantly lower closer to the shore. It is also seen that the turbulence intensities are
higher at the shore than at the mid-span. The spectral and cross-spectral densities of the
wind field have been successfully estimated using auto regressive (AR) models. From
the estimated spectral and cross-spectral densities, it is seen that the covariance of the u
and w and the » and v components is significant and cannot be disregarded even for
large separations along the girder. The wind-induced dynamic response of a simplified
model of a suspension bridge has been assessed to investigate the sensitivity of the
dynamic response with respect to the modelling of the wind field. It is seen from the
results that for the particular case considered the horizontal response is underestimated
by 6%; the vertical response is overestimated by 4%, while the torsional response
remains unchanged if the cross-spectral density of the # and w components is neglected.
The expressions for the spectral densities of the along-wind and vertical turbulence
component suggested by von Karman are fitted to the experimental data from each of
the anemometers. It is concluded that reasonable estimates of the dynamic response can
be obtained using the average value of the parameters involved for the whole bridge, but
that improved accuracy will be achieved if the inhomogeneity of the wind field and the
cross-spectral density of the # and w components are taken into account.
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Concluding remarks

Several aspects of wind-induced dynamic response of long-span bridges have been dealt
with in this thesis. The focus has been on prediction of the flutter stability limit and the
buffeting response in strong winds. Neither response due to vortex shedding, nor the
effect of acrodynamic admittance functions has been dealt with.

Multimode flutter

It has become well known that flutter where several still-air vibration modes participate
may occur, and that the multimode effects may reduce the flutter stability limit of the
structure. Multimode effects have been discussed in Papers 1 and 2 of this thesis. It may
be concluded that the most fundamental indicator of possible multimode effects is the
shape-wise similarity of the torsional and vertical vibration modes since flutter will not
occur if the vibration modes are shape-wise dissimilar. If a torsional mode is shape-wise
similar to two vertical modes, multimode effects will occur. The reduction will be small
if the shape-wise similarities are not of the same order of magnitude. If two torsional
modes are shape-wise similar to one vertical mode, multimode effects will occur. The
reduction of the stability limit will be small if the two torsional modes are well
separated, or the shape-wise similarities of the mode combinations are not of the same
order of magnitude.

Frequency-independent modelling of self-excited forces

A frequency-independent model for self-excited forces is convenient since it can be
used in both the time and frequency domains. As explained in Paper 1 of this thesis, the
traditional quasi-steady theory may be used for this purpose, but since the model does
not introduce any aerodynamic torsional damping, the flutter threshold will in most
cases be underestimated. In Paper 1 of this thesis, a novel frequency-independent
description of the self-excited forces has been suggested. It is demonstrated that the self-
excited forces are most important in the frequency range close to the natural frequencies.
This implies that curves providing a frequency-independent description of the self-
excited forces may be fitted to the experimental results of the aerodynamic derivatives
in the important frequency range. It is demonstrated in the case study presented in
Paper 1 that this simplified aerodynamic model provides stability limits and wind-
induced dynamic response of adequate accuracy for the Hardanger Bridge. Similar
results may be expected for other bridges where a reasonably streamlined girder is used.

Simplified prediction of the flutter stability limit

Simplified prediction of the flutter stability limit is still considered important in bridge
design. In Paper 2 of this thesis, the frequency-independent aerodynamic model
presented in Paper 1 is introduced into the fundamental flutter equations. It is further
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shown that by assuming that the critical frequency is on the torsional solution branch of
the system of equations, and assuming that it may be approximated by the uncoupled
system of equations, an analytical expression for the stability limit may be developed. It
is also shown that by neglecting still-air damping, a closed-form solution of the flutter
stability limit very similar to Selberg’s formula may be developed. The formula
includes parameters taking into account the actual aerodynamic properties of the cross
section and the shape-wise similarity of the vibration modes. The formulae presented in
Paper 2 have been tested for two different cross sections, for a range of hypothetical
structural configurations in additional to the structural configurations of a few well-
known bridges. It can be concluded that the formulae provide results of good accuracy
for all the cases considered, and that they may be used to obtain an engineering
approximation of the flutter stability limit of cable-supported bridges if multimode
effects does not occur.

Unsteady modelling of self-excited forces in the time domain

Unsteady modelling of self-excited forces in the time domain by means of rational or
indicial functions has been studied in Papers 3 and 4 of this thesis. The expressions for
the unsteady models may be challenging to fit to experimental data of the aecrodynamic
derivatives since the same coefficients have to be used to fit the data representing the
imaginary and the real part of the complex transfer functions. The indicial or impulse
response functions used to model self-excited forces in the time domain correspond to
the Fourier transform of the expressions curve fitted to the experimental data of the
aerodynamic derivatives. Since experimental results are commonly known only in a
very limited frequency range, there will be several combinations of coefficients that
provide an acceptable fit to the experimental data, at least for an approximation with
several exponential filters. Since the behaviour of the transfer function outside the range
covered by experimental data will be different, the indicial or impulse response
functions will also have strongly different characteristics. To improve the overall
behaviour of the transfer function, it is possible to use quasi-steady theory as an
asymptotic value when the frequency goes to zero. A transfer function facilitating
introduction of these asymptotes has been suggested in Paper 3. Since the rise time of
the indicial or aerodynamic impulse response functions may be much shorter than the
shortest period of interest, time steps much smaller than what is usually necessary when
calculating the dynamic response of slender structures need to be used to avoid
amplitude and phase distortion of the self-excited forces. An integration method, where
the time steps can be kept as usual, is therefore suggested and applied successfully in a
comprehensive case study.

Even when the integration scheme presented in Paper 3 is introduced, the computational

effort required to calculate the dynamic response for a relatively small number of still-
air vibration modes is large. In Paper 4 of this thesis a different approach is considered.
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Here, the convolution integrals providing the self-excited forces in the time domain are
added as additional unknowns in the system of equations in terms of aerodynamic
degrees of freedom in each node of traditional beam elements. This approach has
provided accurate stability limits and wind-induced dynamic response and requires far
less computational effort than evaluating the convolution integrals numerically at each
time step. Since the displacement degrees of freedom of the element model are used
directly in the calculations, geometric and material nonlinearities can be much more
easily introduced into the calculations than when still-air vibration modes are used as
generalized coordinates.

Effects of cross-spectral densities of turbulence components on wind-
induced response

The influence of the cross-spectral densities of turbulence components on the wind-
induced dynamic response is studied in paper 5 of this thesis. The measurements of the
fluctuating wind along the Sotra Bridge carried out in 1975 are reinvestigated. It is seen
from the results that there is a significant correlation of the turbulence components. The
identified spectral and cross-spectral densities of the turbulence components are used to
predict the spectral densities of the cross-sectional actions acting on a wedge-shaped
box girder. It is seen that for the considered cross section, the cross-spectral density of
the vertical and along-wind component may have a significant influence on the
horizontal and vertical actions, in particular at low frequencies, while the influence on
the torsional action seems to be negligible. The identified cross-spectral densities of the
atmospheric turbulence are used to predict the wind-induced dynamic response of a
simplified model of a suspension bridge. From the result it is seen that the horizontal
response is underestimated by 6%; the vertical response is underestimated by 4%, while
the torsional response remains unchanged if the cross-spectral density of the # and w
components is neglected. It is concluded that the cross-spectral density of the » and w
components has little effect on the wind-induced dynamic response of the bridge
considered, but that improved accuracy will be achieved if this is included. The
aerodynamic admittance functions may have an effect on the result, and it is therefore
recommended that this is investigated further.
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Suggestions for further work

Multimode flutter has been thoroughly discussed in this thesis. Since aerodynamic
derivatives related to the horizontal motion for the cross sections considered have not
been available, possible interaction of horizontal modes with the flutter motion has only
been briefly discussed. This can therefore be further investigated. It is also possible to
carry out a study where a more direct connection between the flutter performance and
the design of the suspension bridge is considered. For instance, the shape-wise
similarity of the vertical and torsional vibration modes may depend on the position of
the towers along the bridge, the sag of the main cables, and if there are one or two main
cables. As pointed out in this thesis, significant multimode effects are present for the
Hardanger Bridge [67], while it is reported that for the Messina Strait Bridge no
significant multimode effects are present [68]. Although some of the parameters
mentioned above will be given by the landscape at the site, an insight into how the basic
geometry of the suspension bridge can affect the flutter performance may be useful in
the initial design.

The modified quasi-steady theory suggested in this thesis has only been tested for
relatively streamlined girders. How the load model will perform for more bluff cross
sections and twin- deck cross sections should be investigated.

The aeroelastic beam elements developed in this thesis have been used successfully to
predict the wind-induced dynamic response and the stability limit of a simplified model
of a suspension bridge. It is recommended to test the elements on a more realistic
structure where material and geometrical nonlinearities are included. It is also
recommended that the robustness and the accuracy of the elements are tested,
considering several structural and aerodynamic configurations.

It is shown in this thesis that the cross-spectral density of the horizontal along-wind and
vertical across-wind turbulence components may have influence on the cross-sectional
actions in the low-frequency range. Taking measurements of the fluctuating wind is
therefore recommended to evaluate how this cross-spectral density is affected by the
separation of the two points considered. The possible influence of the aerodynamic
admittance functions has not been taken into account in this thesis. A Study of the effect
of the cross-spectral densities of the turbulence components on the cross-sectional
actions when the aerodynamic admittance is taken into account is therefore
recommended.
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Probabilistic modelling of wind-induced dynamic response and the flutter stability limit
may become an important topic in the future. The parameters used in the modelling of
the wind field, buffeting actions, self-excited actions and the structural properties are in
reality uncertain, both in terms of scatter in the experimental results and possible model
errors when the bridge is scaled for wind tunnel testing. Study is therefore
recommended of how uncertainty in the parameters used will affect the uncertainty in
the final results. Furthermore, a comparison is recommended of the predicted response
with measurements of the dynamic response of a long-span bridge to evaluate overall
model uncertainty.
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The Hardanger Bridge is currently under construction in Norway. It will have a main span of 1310 m
and a girder that is only 18.3 m wide, which implies that wind-induced vibration is a major concern in
the design. Buffeting response and flutter analysis of the Hardanger Bridge are treated in this paper. The
self-excited forces are modelled using aerodynamic derivatives obtained from free vibration tests,
quasi-steady theory, and a suggested modified quasi-steady theory. The stability limit predicted using
aerodynamic derivatives corresponded well with the wind tunnel results, while the quasi-steady theory
severely underestimated the critical mean wind velocity for the section model used in the wind tunnel
tests. A new set of modified quasi-steady coefficients are suggested, where the experimental results of
the aerodynamic derivatives are used to obtain frequency-independent model coefficients. The critical
velocities predicted by the modified quasi-steady coefficients differ only by 4-5% from estimates based
on the aerodynamic derivatives. The response predicted by the suggested simplified aerodynamic

Aerodynamic derivatives

model is also presented, and the results indicate that adequate estimates are achieved.

© 2010 Elsevier Ltd. All rights reserved.

1. Introduction

One of the essential tasks in modern bridge design is to avoid
excessive levels of wind-induced vibration. Self-excited vibration,
such as galloping and flutter, are of particular interest, since these
phenomena may cause devastating effects, leading to structural
collapse like the infamous Tacoma Narrows bridge failure. Since
cable-supported bridges can be vulnerable to flutter, this
instability phenomenon has been the subject of intensive research
efforts in bridge engineering. The present state of the art is the
multimode approach, in which coupling effects from several still-
air vibration modes are considered (Agar, 1989; Chen et al., 2000;
Jain et al., 1996b). It is widely recognized that coupled flutter,
where several vibration modes interact may occur, and that the
multimode effects may be stabilizing or destabilizing, as shown,
among others, by Chen and Kareem (2008) and Katsuchi et al.
(1999). Crucial questions are: Which of the still-air vibration
modes are involved? Which of the aerodynamic derivatives are
most influential? How can an effective flutter control be
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achieved? These issues have been addressed in several papers
(Bartoli and Mannini, 2008; Chen and Kareem, 2008; Chen, 2007;
Larsen et al, 1995; Matsumoto et al., 2007; Matsumoto et al.,
2008).

The question regarding the effective flutter control is of
growing interest as the span length of suspension bridges
increases. This has resulted in a variety of techniques to reduce
or suppress the aeroelastic response, which is a key issue, with
respect to traffic safety, structural fatigue, and related main-
tenance, as well as prevention of collapse under extreme
conditions. The most common control methods applied can
roughly be divided into: (a) flow pattern control and (b) vibration
mode control. Flow pattern control is dealing with aerodynamic
optimisation of the shape of the cross section, application of guide
vanes, a central slot or central stabilizer (see, for instance, Yang
and Ge, 2009, for further details). Moreover the application of
moving control surfaces, which may be either active or passive,
has also been discussed in the literature (Omenzetter et al., 2000;
Wilde and Fujino, 1998; Wilde et al., 1999). Vibration mode
control, on the other hand, is primarily based on the application of
mechanical devices (e.g., tuned mass dampers) that may be either
passive or active (Gu et al., 2002; Kwon and Park, 2004; Korlin and
Starossek, 2007; Larsen et al., 1995).

In some applications, e.g., in order to study how structural
nonlinearities affect the response, time domain analyses may
be the most effective approach. Since the description of the
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Nomenclature

Am aerodynamic admittance function
A, H,, P, aerodynamic derivatives

An coefficient, rational functions

an, hy, pr, modified quasi-steady coefficients
B, buffeting load coefficient matrix
B, D width and height of the girder

d coefficient, rational functions

M, C, K mass, damping, and stiffness matrices

Cp, Ci, Cy force coefficients

E, impedance matrix

Gn, G, the Fourier transform of variable n, a vector
containing Fourier transforms

i the imaginary unit

K reduced frequency

K roughness coefficient

L span length

m modal equivalent and evenly distributed mass and

mass moment of inertia

q cross sectional load vector

Q,Q; modal load vector or modal load

r,r,r  displacement, velocity, and acceleration vector

SorS auto or cross-spectral density, cross-spectral density
matrix

t time

Vv mean wind velocity

X, Ax, x, span-wise coordinate, span-wise separation, position
z height above ground or water

nmn generalized coordinate or vector containing all
generalized coordinates
én still-air damping ratio

p air density

@n, ¢  vibration mode or matrix containing all selected
vibration modes

¢y, ¢z ¢ components in the vibration mode vector

m, w, circular frequency and natural circular frequency

Subscripts/superscripts

ae aerodynamic
buff buffeting

D,L, M drag, lift, moment

r response, position

Se self-excited

tot total

T transpose

u,w along-wind, across-wind vertically
y,z, 0 horizontal, vertical, rotation

Vv wind property

0 still-air

- mean value

~ modal property

! derivative

. time derivative

* complex conjugate

-1 matrix inverse

Abbreviations

AD aerodynamic derivatives

MQSC modified quasi-steady coefficients

QST quasi-steady theory

self-excited forces suggested by Scanlan and Tomko (1971)
contains frequency-dependent coefficients, frequency depen-
dency has to be transformed into time dependency before the
experimental results can be used in the time domain. This can be
achieved by using indicial functions (Borri et al., 2002; Scanlan
et al., 1974) or rational functions (Chen et al., 2000; Chen and
Kareem, 2001). Another and perhaps simpler approach is to use
quasi-steady theory, since it is valid in both time and frequency
domain. To explore the possibility of using quasi-steady theory for
multimodal response and stability prediction of narrow long-span
suspension bridges, we have selected the Hardanger Bridge
(Fig. 1), which is currently entering the construction phase in
Norway.

The Hardanger Bridge will be the longest suspension bridge in
Norway and among the top 10 longest suspension bridges in the

Fig. 1. Artist’s view of the Hardanger Bridge across the Hardanger Fjord in the
western part of Norway (www.vegvesen.no, 2009).

world, with a total length of 1380 m, including a main span of
1310 m. The bridge towers are 186 m high, and the headroom
under the girder is 55 m. Since the bridge will have only two
traffic lanes and one lane for bicycles and pedestrians, it is
unusually narrow; the width of the girder is 18.3 m and the
distance between the two cables is only 14.5 m. This implies that
the bridge will be one of the slenderest long-span suspension
bridges in the world (see Table 1). The geometry of the girder is
shown in Fig. 2. To improve its aerodynamic performance, guide
vanes are applied. The 10-min design mean wind velocity is
38 m/s, corresponding to a mean return period of 50 years.
Extensive analysis of the buffeting response and stability limits
is presented as follows. However, vortex shedding that typically
dominates the response at low mean wind velocities will not be
dealt with herein. The quasi-steady approach is simpler than

Table 1

Main span and width of some well-known bridges (www.wikipedia.org, 2009).
Bridge name Main span (m) Width (m) Country
Akashi-Kaikyo Bridge 1991 35.5 Japan
Xihoumen Bridge 1650 36 China
Great Belt Bridge 1624 31 Denmark
Runyang Bridge 1490 39.2 China
Humber Bridge 1410 28.5 United Kingdom
Jiangyin Suspension Bridge 1385 = China
Tsing Ma Bridge 1377 41 China
The Hardanger bridge 1310 183 Norway
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Fig. 2. Aerodynamic forces acting on a cross section of the bridge deck. The section
shown is that one of the Hardanger Bridge.

unsteady models, but the traditional quasi-steady theory under-
estimates the stability limit of the Hardanger Bridge severely,
compared with the results when aerodynamic derivatives are used.
In the case at hand, the traditional quasi-steady theory is therefore
judged inadequate to model the self-excited forces in coupled
flutter or buffeting response analysis. In the following, a modified
set of quasi-steady coefficients is introduced, where the frequency
dependency is accounted for in an average sense. This is achieved
by assuming the damping terms and the stiffness terms of the
aerodynamic derivatives to be proportional to the reduced wind
velocity and to the squared reduced mean wind velocity, respec-
tively. A general polynomial expression will obviously give a more
accurate fit to the experimental data than the constraints
introduced. However, the approximation suggested is found to give
fairly good fits to the important aerodynamic derivatives for the
Hardanger Bridge. Similar results may be expected for other
bridges, which have a girder with similar aerodynamic properties.
The new modified quasi-steady coefficients are not intended to
replace frequency-dependent force coefficients, but may serve as an
approximation giving adequate accuracy for engineering purposes.

2. General relations

The equations used in the present case study, comprising the
classical multimode theory, are summarised in this section. A
comprehensive detailed overview can be found in the literature
(e.g., Chen et al., 2000; Jain et al., 1996a; Katsuchi et al., 1998)
along with notable textbooks (Dyrbye and Hansen, 1997; Simiu
and Miyata, 2006; Simiu and Scanlan, 1996; Strgmmen, 2006). It
is assumed that the bridge may be treated as a line-like structure.
It is taken for granted that the wind field can be approximated as
locally stationary and homogenous; furthermore that the wind
action and displacements, all referred to the shear centre of the
cross section, can be divided into a time invariant mean and a
randomly fluctuating part. The displacement components and the
distributed forces are defined as (see Fig. 2).

_ _ = - _ 1T T
Tot(X0) =FX) + 1D = [Ty T2 To| rxn=[rv 12 1]

— — — 1T T
Qo) =qR+aX.0.a0 = (& & D] qxn =4 & 4]
M

where 7, and rp,, ne{y, z, 0} symbolises the mean and fluctuating
part of the displacement components, respectively, and g, and q,,
nef{y, z, 0} represents the mean and fluctuating part of the
distributed action. The displacements are positive in the same
directions as the wind action is displayed in Fig. 2.

In the following, we focus on the variance of the randomly
fluctuating displacement components. The solution is based on a
straightforward modal superposition approach introducing the
mode shapes as generalized coordinates. Thus, an adequate
number of natural modes and corresponding undamped natural
frequencies are required. Axial displacements in the span-wise
direction of the girder are disregarded. Hence, the structural

displacements in a Cartesian coordinate system are represented
by the sum of the products of selected natural mode shapes, @;,
and the corresponding generalized coordinates,;

r(x,t) = DCoN(L), D) = [(pl ey

M| 0= [0y b 0]

q)de]
n(t)=['71 e N
2

where ¢,, ne{y, z, 0} symbolises the horizontal, vertical, and
torsional deformation along the girder. The modal wind action
vector is expressed as

Qm:[Q1 e Q QNmod:I;[ where Qi:/L((PiT(QBu/f+QSe))dX

3

Here L is the span length. The cross sectional action,
qtot=qpus+Qse, is divided into a buffeting part, qg,q and a self-
excited part, qs, containing the total drag, lift, and moment action
per unit length of the structure. The aeroelastic self-excited forces
may be represented by aeroelastic derivatives introduced by
Scanlan and Tomko (1971). Using matrix notation, this can be
expressed as follows in the frequency domain

Gq,, (X, V,0) = Cae(V,0)G; (X,0) + Kae(V,0)Gr (X, )

P, P, BP, P, P; BP,

pB? - . . pB> S| - . .
Ce="—5-o|Hs Hy BH, |, Ke==-0*H; H, BH,
BA; BA; B?A, BA; BA, B%A;

“

where G;(x,w) and G (x,w) are the Fourier transforms of the
velocity and displacement response, respectively, p is air density,
 is the circular frequency of motion, B is the width of the girder,
and P, H,, A,, ne{1,2, ..., 6} are the dimensionless aerodynamic
derivatives that are functions of the reduced frequency defined as
K=(Bw)/V, where V is the mean wind velocity. Thus, the dynamic
equilibrium conditions expressed in the modal coordinates can be
expressed in the frequency domain as follows:

MoGij () +(Co—Cae(V,0))Gyy () + Ko —Kae(V,0)Gn() = Gy, ()
5)

Here, G,, is the Fourier transform of the displacement response
in modal coordinates; My is the modal mass matrix; C, represents
the modal damping matrix; Ko symbolises the stiffness matrix;
Cae(V,w) is the modal aerodynamic damping matrix, and Kge(V,w)
represents the modal aerodynamic stiffness matrix. A matrix with
a zero index indicates that the properties are referred to still air
conditions. The elements of the modal aerodynamic stiffness and
damping matrices may then be calculated by

REOWV,w) = /L (OKao(V,0)@,,)dx

~(ae)

ComV.) = [ @l CulV.oppix ®
where L is the span length. Gq pyf (@) is the complex buffeting
wind action defined by

Go s (@) =[G pug, 1, G pug (@) = [ @7 (0Bq(@)Gy(x,w)dx

Gxw) =[G Gv]
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where G, ne{u, w} are the Fourier transforms of the turbulence
components in the vertical and horizontal direction, respectively;
Amn, me{y, z, 0} ne{u, w} symbolizes the cross sectional
admittance functions; D denotes the height of the girder and
Cpn,C'n, ne{D (drag), L (Lift), M, (Moment)} are the mean value and
the derivative of the static force coefficients, respectively. The
elements in the modal wind action spectral matrix may then be
defined as follows:

S8 s (@)= [ [ @100Bo(@)S7 (Ax. Bl @)y xa)ds
u LJL
Sh(Axm)  Sk(Ax,w)

57 (axew) = [5;W<Ax,w> (A 0) @®

Here, S; (4x,w) contains the cross-spectral densities of the
velocity components of the wind field at two points with
separation Ax; S represents the cross-spectral density of the
horizontal along-wind component; S, symbolizes the cross-
spectral density of the vertical component, and S, is the cross-
spectral density of the horizontal and vertical components. The
spectral response matrix, containing the auto- and cross-spectra
of the response components, is given by

Si (@) = x0) [E; (@7 5, (@), (@) T (x0)

By (V,0) = [-Mo? + (€0~ Cae(V. )i+ (Ko —Rae(V.0)| ©

where E,(V,w) is the impedance matrix. Applying this equation,
the variances and covariance of the response components at the
point x, may be obtained by frequency domain integration.

The stability limit of an aeroelastic system may be defined by
the combination of frequency and mean wind velocity that gives a
singular impedance matrix (sometimes referred to as complex
dynamic stiffness matrix). The flutter equations have been
developed on this basis (Dyrbye and Hansen, 1997), and the
criterion has been used for multimode calculations in Jain et al.
(1996a) and Katsuchi et al. (1999). Since the impedance matrix is
complex, it is convenient to use the modulus of its determinant as
the stability indicator. Thus, the stability limit may be obtained by
the following complex polynomial

det(E,(®,V))| =0 (10
n

80 100

40 60

o (rads) oo 20

Fig. 3. The modulus of the determinant of the complex frequency response matrix,
expressed as a function of frequency and mean wind speed.

Hence, the instability condition may be identified by an
iterative search for the singular values. The determinant value is
calculated for a sequence of velocities and frequencies rendering
results similar to those shown in Fig. 3, where it is the
determinant of the frequency response matrix that has been
plotted producing a more illustrative representation. The search
procedure is to identify the position of the peak in Fig. 3 and
recalculate a small area around it with a denser grid on both axes,
which will provide a lower determinant value. The procedure may
be repeated until the determinant reaches a specified low value
providing the required accuracy of the critical wind speed.

3. Modified quasi-steady modelling

Wind force coefficients, represented by their averages and
derivatives, obtained from static wind tunnel tests may be used to
quantify the self-excited forces. This is done by expressing the
force coefficients as functions of the effective angle of attack,
taking the motion of the cross section into account. The self-
excited forces can then be approximated as follows (Davenport,
1962), see also for instance (Stremmen, 2006)

1 o L

50 = 5 V7B ~20D/BICo 7 ~(D/BICo~Co)  +D/BICory
: - .

Gzse(D) =5 pV?B <_2CL rvy —(C+ (D/B)CD)rV + C'Lro)

1 = i
oy se(t) = 5 PVB? (—2CMVY ~Cuy +C'Mr0) an

Since the force coefficients are frequency-independent, the
quasi-steady theory may be used to estimate the self-excited
forces, both in time and frequency domain. However, since the
measurements are carried out on a fixed section model, the theory
is only valid when the oscillation period of the structure is high,
relative to the time it takes, for a parcel of air, to travel past the
cross section (which implies high reduced velocities). As pointed
out by Hjorth-Hansen (1993), the quasi-steady theory does not
provide any damping contribution related to the torsional motion,
which is a weakness of this approach for cross sections, where
experiments indicate the opposite. The torsional damping can,
however, be included in the model by selecting a velocity
reference point different from the shear centre. In the airfoil
theory, the 3/, point is traditionally used (see for instance Fung
(1955)), but as pointed out by Scanlan et al. (1974), this is a
consequence of the simplicity of the airfoil, and cannot be used
directly for a bluff body. Borri and Costa (2004) have introduced
torsional damping by using the leading edge of the profile as a
reference point, assuming that the action is driven by phenomena
occurring at the edge. However, according to Borri and Costa
(2004), this assumption is considered valid only when the shape
of the profile is fairly “aerodynamic”, and the flow separation does
not affect the section aerodynamics significantly.

An alternative approach is suggested below, where the
experimental results obtained for the aerodynamic derivatives
are used to estimate frequency-independent aerodynamic coeffi-
cients. The self-excited forces, expressed in the frequency domain,
using the aerodynamic derivatives, can generally be written as
follows (Scanlan and Tomko, 1971)

Fy o Biyg

qy= %pVZB<KP1 TALEES +K2P5ry+K2P, % +KP, 2

Tz  2p Tz
5V+KPGB)

1 T + Bry . o T .« T 1
q.= ipVZB(KH] VZ +KH, - +K?Hyrg+K?H, Ez +KHj Vy +K?Hg Ey)
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Here, K=(wB)/V is the reduced frequency. During the present
case study, the authors observed that the frequency dependency
of some of the load coefficients (e.g., K?H;) is weak for the
bridge deck section considered. Hence, the self-excited forces can
be modelled as frequency-independent, if the aerodynamic
derivatives are approximated by the following expressions:

X;(K) =x;(1/K) when i = 1,2,5 and X; (K) = x;(1/K)* when i = 3,4,6
(13)

where Xe{P,HA} and xe{p,h,a}. This approximation is in fact
similar to a rational function approach, but without the unsteady
terms; see for instance Eq. (12a) in (Borri et al., 2002) or Eq. (9) in
(Chen et al., 2000). A general polynomial expression obviously
gives a more accurate fit to the experimental data than the
constraints introduced in Eq. (13), but as will be shown in the
numerical case study, these simplified expressions give fairly
accurate results for a partially streamlined bridge deck cross
section in wide reduced frequency ranges. The accuracy depends
on the characteristics of the aerodynamic derivatives. If the
important aerodynamic derivatives related to the velocities (H;,
H,, A}, Ay) and displacements (H;, Hj, A;, A,) do not have an
approximately linear or quadratic trend in an important reduced
velocity range, the approximation becomes less accurate. How-
ever, most streamlined or partially streamlined cross sections fulfil
these requirements. The validity of the approximation depends on
how well the suggested expressions fit the experimental data. This
is an advantage, since it enables the accuracy of the approximation
to be assessed computationally. Based on these approximations,

Vertical mode shapes
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the self-excited forces can be estimated as follows:
1 T Br T, T T,
Ty se= ipVZB(pl ¥ TPy TPsTotPag +Dsy; + D Ez)

1 T, Br, T, T T
Gzse= ijZB<h1 Vz+h27”+h3ro+h4§z+hsvy+he§y>

T i . 1
Z+asZ+ag y)

Fe , o B0 Y
B "V B

1
qo se = iPVZBz (al 1 ta2

v Vv (14)

+asrg+ag

Here, the parameters p;, h; and a; are defined by Eq. (13) and
derived applying experimentally defined aerodynamic derivatives
and an appropriate measure of goodness-of-fit for the velocity
range under consideration. It is seen that this model has more
terms than the expressions of the buffeting theory given by
Eq. (11). In particular, the additional coupling terms and the
torsional damping term will give a more accurate description of
the coupled flutter instability phenomenon.

4. Case study: the Hardanger Bridge

An eigenvalue analysis is carried out for the Hardanger Bridge
subjected to dead loads, applying the computer program ALVSAT
(Sintef, 1996). A total of 24 (the first 8 horizontal, 8 vertical and 8
torsional) vibration modes and corresponding undamped natural
frequencies in still-air conditions were extracted. The vertical and
torsional vibration modes are plotted in Fig. 4, and the basic
properties of the 24 modes are summarised in Table 2. Since the
main cables and the sides of the girder are coupled in the vertical
direction, and the contribution from the mass of the two towers is
negligible, the evenly distributed modal equivalent mass and
mass moment of inertia are equal for all the vertical and torsional
vibration modes, respectively. The mode shapes, however, are

Torsional mode shapes
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Fig. 4. The 16 first vertical and torsional still-air vibration modes for the Hardanger Bridge.
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Table 2
Natural frequencies, damping ratios and modal equivalent evenly distributed mass
or mass moment of inertia for the first 24 vibration modes of the Hardanger
Bridge.

Table 3

Critical mean wind velocities, frequencies and reduced velocities for a selection of
mode combinations for the Hardanger Bridge when the aerodynamic derivatives
are used to describe the self-excited forces.

Mode no. Natural Damping Modal equivalent evenly Mode combination Critical Critical Reduced
frequency ratio ¢ distributed mass/mass velocity Vg frequency wcg critical velocity
w; (rad/s) moment of inertia i, (m/s) (rad/s) Ver/(Badcr)

1 032 0.005 10,470 (kg/m) 4and 13 98 1.18 45

2 0.62 0.006 9400 (kg/m) 6and 13 84 1.54 3.0

3 0.69 0.005 12,820 (kg/m) 3 and 18 138 1.95 3.9

4 0.89 0.006 12,820 (kg/m) 4and 19 229 231 5.4

5 1.06 0.007 9510 (kg/m) 7 and 20 281 3.82 4.0

6 1.27 0.007 12,820 (kg/m) 4,6,13 78 1.63 26

7 1.34 0.007 12,820 (kg/m) 3,4,6,13,18 78 1.63 2.6

8 1.49 0.009 34,550 (kg/m) 8 vert.+8 torsional 79 1.63 2.7

9 1.57 0.010 34,190 (kg/m) 24 modes. 79 1.63 2.7
10 1.74 0.010 12,820 (kg/m)
1 1.86 0.015 9710 (kg/m)
12 2.10 0.015 12,820 (kg/m)
13 223 0.005 426,000 (kg/m m2)
14 253 0.020 12,820 (kg/m) of shape-wise similar mode combinations are given in Table 3,
15 249 0.020 12,480 (kg/m) together with the critical flutter frequencies and the
}S ig; gg;g };ggg Etgﬁ; corresponding critical reduced velocities. Usually, it is the first
18 337 0.006 426,000 (ﬁg/m m2) vertical and torsional vibration modes that provide the lowest
19 5.10 0.009 426,000 (kg/m m2) critical velocity, but as can be seen from the results, this is not the
20 6.76 0.012 426,000 (kg/m m2) case for the Hardanger Bridge. The mode shape integrals,
21 845 0.015 426,000 (kg/m m2) where perfect shape-wise similarity will obviously give 1, are
2 e 0020 BT (ffmme estimated for combinations of modes 4 and 13 and modes 6 and
23 11.83 0.025 426,000 (kg/m m2)
24 13.515 0.030 426,000 (kg/m m2) 13 below.

different (see Fig. 4). The span length is L=1310 m, the width and
height of the partially streamlined girder displayed in Fig. 2 are
B=18.3 m and D=3.33 m, respectively. The density of the air is
assumed to be p=1.25 kg/m?, and the cross-spectral densities of
the wind field are assumed to be given by

40.58VzK Axw
Stw)=—" __exp(—-14——
w(©2) (149.74wz/Vy’? p( v >

0.82Vzk Axw
Spp(@)= ——F—" - —)
wow(€2) (140.79wz/ V) < 14

2.23Vzk Axw

Sh()=—-—""" _ - —) 15
uw(©) 1+1.67wz/V)3 ( 4 >

Here, k is the roughness coefficient at the site that is assumed
to be 0.0031. The spectral densities have been adjusted to predict
the turbulence intensities, given by Statens-vegvesen (2006). The
aerodynamic derivatives for the Hardanger Bridge are obtained by
the procedure described by Jakobsen and Hjorth-Hansen (1995)
and are given by Hansen et al. (2006) by a second-order
polynomial expression. Since experimental data related to the
horizontal motion are not available, the quasi-steady aerody-
namic derivatives are used for the following terms:

8 _ D/1 Ny D\ /1 . D (1\?
Pi=20 (i) = (@cog) (i) B=cop (i)

H, = —2¢, G{) A= 726,\,,(%) Py =P, =Py=Hy=A;=0
(16)

where the static force coefficients from Hansen et al. (2006) are
Cp=0.70,Cp =0, C, =—-0.25,C =24, Cy =0.01 and C'y; =0.74.

Two factors are found to greatly influence which of the modes
are most likely to couple into a flutter motion: (1) the degree of
shape-wise similarity and (2) the separation of the natural
frequencies of the shape-wise similar vertical and torsional
vibration modes. The critical mean wind velocity for a selection

J1PaP13dx [ d13dadx —041

{¢2 o fd)Z A= = JiP6P13dx [ P13Pedx —057
J1Pa Ji913

fL‘f’é dx .f1¢513 dx
17

As can be seen, modes 6 and 13 are significantly more shape-
wise similar than modes 4 and 13. In addition, the natural
frequencies of modes 6 and 13 are less separated than the natural
frequencies of modes 4 and 13, and will therefore give a lower
critical mean wind velocity. Since the stability limit converges
when modes 4, 6 and 13 are used in the calculations, the results
given in Table 3 indicate that the instability phenomenon is
multimode-coupled flutter, where three still-air vibration modes
give significant contributions. When all the modes presented in
Fig. 4 are considered, the critical mean wind velocity increases by
1 m/s, which is probably because mode 13 is weakly shape-wise
similar to mode 10. When the horizontal still-air vibration modes
are included in the analysis, the critical mean wind velocity
remains unchanged. The critical reduced velocity ranges 2.5-4.7,
implying that the experimental data available for the aerody-
namic derivatives must be extrapolated for some of the mode
combinations.

The stability limits obtained for a selection of mode combina-
tions, when the traditional quasi-steady theory is used to model
the self-excited forces are shown in Table 4. Compared with the
results presented in Table 3, the quasi-steady theory
underestimates the critical velocity by over 40%, providing a
stability limit that is very close to the design velocity, which is
considered unacceptable. The main reason for this is as pointed
out in Section 3, that the quasi-steady theory does not provide any
torsional damping to the system. In our case study, the
aerodynamic torsional damping is positive, for the considered
cross section of the Hardanger Bridge, and will therefore increase
the stability limit. This might not be the case for other types of
cross sections.

To be able to determine frequency-independent force coeffi-
cients from the experimental results of the aerodynamic deriva-
tives, it is important to know which of the aerodynamic
derivatives are most important for an accurate prediction of the
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self-excited forces. A study is carried out of how the stability limit
for modes 4, 6 and 13 changes when the aerodynamic derivatives
for the Hardanger Bridge are scaled separately by a factor /. The
results concerning H,, and Ay, ne{1,2, ..., 4} are given in Table 5,
and, as can be seen, it is A}, A;, A3, H; and, to some extent, H; that
significantly influence the stability limit, while the other
aerodynamic derivatives have a very little or minor influence.
The importance of A}, A, A; and H; in flutter stabilisation has
also been pointed out by Matsumoto et al. (2007), Chen and
Kareem (2008), and Chen (2007).

Least square fits of the expressions suggested in Eq. (13) are
performed on the experimental results of the aerodynamic
derivatives for the Hardanger Bridge given in (Hansen et al.,
2006). The results plotted in Fig. 5 show that the approximate
expressions represent the experimental results for the important
aerodynamic derivatives with apparently fair accuracy. The
largest discrepancy is for A,, for which a second-order
expression would give a better fit to the data. This implies that
the approximation overestimates the torsional damping at low
reduced velocities, while it underestimates the damping at higher
reduced velocities. It is important to notice that low values of the
aerodynamic derivatives H; and A, give conservative results,
while high values of the other aerodynamic derivatives give a
lower stability limit. The resulting force coefficients are given
below

hy=-2734 h,=0206 h3=2.271 hy=-0.208
a;=-0.823 a,=-0.258 a3=0.726 a4=-0.037 (18)

To investigate how well the modified quasi-steady coefficients
describe the self-excited forces, the critical mean wind velocity is
recalculated. The results given in Table 6 confirm that the
approximate expressions give an accurate description of the
self-excited forces, since the calculated critical mean wind
velocities differ only by about 3% from the results presented in
Table 3, where the frequency-dependent model with the
aerodynamic derivatives have been used. The accuracy of the

Table 4

Critical mean wind velocities, frequencies and reduced velocities for a selection of
mode combinations for the Hardanger Bridge when the traditional quasi-steady
theory is used to describe the self-excited forces.

critical frequency is within 5% for the combinations of modes 4
and 13 and the combination of modes 6 and 13, while the
prediction of the critical frequency for the combination of modes
4 and 13 is less accurate. This is because the critical flutter
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Fig. 5. The aerodynamic derivatives for the cross section of the Hardanger Bridge.
Open circles refer to data obtained in wind tunnel tests, and dashed lines
represents constraint curves (see Eq. (14)) fitted to the data.

Table 6

Critical mean wind velocities, frequencies and reduced velocities for a selection of
mode combinations for the Hardanger Bridge when the modified quasi-steady
coefficients are used to describe the self-excited forces.

Mode Critical Critical Reduced critical Mode Critical Critical Reduced critical
combination velocity Vg frequency wcg velocity, Vcg/ combination velocity Vg frequency wcg velocity Vg/
(m/s) (rad/s) (Borer) (m/s) (rad/s) (Bwcr)
4 and 13 59 1.93 1.7 4 and 13 93 1.40 3.6
6 and 13 50 2.02 14 6 and 13 80 1.66 2.6
4,6 and 13 44 2.07 1.2 4,6 and 13 74 1.75 2.3
Table 5

Percentage change of the stability limit for the Hardanger Bridge for a combination of modes 4, 6 and 13 when each flutter derivative has been scaled separately by the

factor A.

Scaling factor 4 Aerodynamic derivatives

H, H, H, H, A A, A, A,
0.0 —4% 2% - 1% - —37% 114% 0%
0.2 —4% - - - - —26% 62% -
0.4 —3% - - - - —16% 36% 0%
0.6 —2% - 9% - 14% —9% 20% 0%
0.8 —1% - 4% - 4% —4% 8% 0%
1.0 0% 0% 0% 0% 0% 0% 0% 0%
1.2 2% - —3% 0% —3% 4% 7% 0%
14 4% - —6% - —6% 8% —12% 0%
1.6 8% —-1% —9% —1% —9% 13% —17% 0%
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velocity for this combination is close to the divergence velocity,
which implies that the frequency is reduced rapidly at increasing
velocities. The critical reduced velocities range 2.3-3.6, which
indicate that the approximation is not sensitive to changes of the
critical reduced velocity.

To ensure computationally stable behaviour of the bridge, all
complex eigenvalues of the system equation must, as outlined in
Section 2, have a negative real part (representing positive
damping). If the modified quasi-steady coefficients are used to
model the self-excited forces, the response may be estimated by
direct numerical integration. Since only the stability limit is of
interest, the modal buffeting forces are set to zero. The numerical
integration is performed with the well-known Newmark method,
applying f=1/6 and y=0.5 (see, for instance, Zienkiewicz and
Taylor, 2000). The responses for the critical mean wind velocity at
V=74 m/s, and higher than the critical mean wind velocity at
V=77 m/s, for a combination of modes 4, 6 and 13 given in
Table 6, are plotted in Fig. 6. The free vibration response at the
critical mean wind velocity clearly appears as an un-damped
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Fig. 6. Free vibration response of modes 4, 6 and 13 at the critical velocity
V=74 m/s (solid lines) and higher than the critical V=77 m/s (dashed lines).
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response. The Fourier amplitude spectra of the time series at
mean wind velocities of 60 and 74.5 m/s are plotted in Fig. 7. For
the case at 60 m/s, only small coupling effects are present, while a
common frequency of 1.75 rad/s dominates both the vertical and
torsional response at the onset of coupled flutter. The time
domain simulations correspond well with the results presented
in Table 6.

Since it is only the flutter vibration mode that has zero
damping when the aeroelastic system becomes unstable, all the
complex vibration modes other than the flutter vibration mode
will be damped out during free vibration, as displayed in Fig. 6.
This makes it possible to visualise the flutter vibration mode by
calculating the free vibration response for the whole system. The
flutter vibration modes (FVM) are shown for a selection of mode
combinations in Fig. 8. The FVM are complex and will thus be
time-dependent, but the time dependency seems low for the
flutter modes in our case. As shown in Fig. 8 and Table 3, mode 13
can couple with both modes 4 and 6, which means that it can
participate in two different bimodal flutter phenomena. The
flutter vibration modes for the two cases are noticeably different
as the combination of modes 4 and 13 gives the largest

Fig. 8. The flutter vibration mode for combinations of still-air vibration modes (a)
4 and 13; (b) 6 and 13; and (c) 4, 6 and 13.
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displacements at the mid-span of the girder, while the
combination of 6 and 13 gives the largest displacements at the
quarter points of the span. The flutter vibration mode for modes 4,
6 and 13 is quite different from the bimodal combinations as a
larger part of the span moves up and down, providing a smaller
curvature of the girder with respect to the horizontal axis. When
more modes are included, the critical mean wind velocity does
not change significantly, and neither does the flutter vibration
mode. The time domain simulation of the flutter motion
illustrates the possibilities of using the modified quasi-steady
theory for response prediction in the time domain.

The effect of modal coupling on the response is illustrated in
Fig. 9, where the buffeting response is assessed using a multimode
and a mode-by-mode approach. The results indicate that the
difference between a multimode and a mode-by-mode calculation
is negligible when the mean wind velocity is lower than roughly
half the stability limit, and that the difference increases with
increasing mean wind velocity. The cross-spectral density of the
horizontal and vertical component has negligible influence on the
torsional response, while the response in the vertical direction is
underestimated by 10% at the design mean wind velocity, if this
cross-spectral density is not included.

The buffeting response when the aerodynamic derivatives, the
quasi-steady theory, and the suggested modified quasi-steady
coefficients are used to model the self-excited forces is shown in
Fig. 10. As can be seen, the vertical response when the aero-
dynamic derivatives and the modified quasi-steady coefficients
are used is nearly identical, while the response when the quasi-
steady theory is used is larger than the two other alternatives
until the system becomes unstable at a velocity that is much
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lower than the critical velocity provided by the other models
considered. The torsional response when the modified quasi-
steady coefficients are used to describe the self-excited forces is
slightly lower than when the aerodynamic derivatives have been
used. The inaccuracy is 13% at a velocity of 40 m/s, while the
quasi-steady theory overestimates the response by 200% at the
same velocity. Fig. 11 shows the modal damping and frequencies
for a combination of still-air modes 6 and 13. The modified quasi-
steady coefficients provide frequencies of good accuracy
compared with the aerodynamic derivatives. The damping ratio
for the vertical branch is also well captured, but the damping ratio
for the torsional branch is not. The figure illustrates that the
reason for the inaccuracy of the torsional response provided by
the modified quasi-steady coefficients is poor modelling of the
torsional damping provided by A;.

The response spectral densities for the torsional and vertical
response at a mean wind velocity of 40 m/s are shown in Fig. 12.
As expected, the vertical response spectral density is captured
with good accuracy, while the torsional response spectral density
has a lower peak value, since the modified quasi-steady
coefficients provide larger damping to the system than the
aerodynamic derivative model. The figure also illustrates that
the self-excited forces are most important near the peak in the
power spectral density, since the differences are negligible
elsewhere. The response provided by the modified quasi-steady
coefficients underestimated the torsional response. The reason is
that the values of A, in the linear approximation are larger than
the experimental data for low reduced velocities, which are
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Fig. 12. Power spectral densities for the vertical and torsional response at a mean
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All the vibration modes presented in Fig. 4 have been included.
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important when the velocity ranges 30-60 m/s. As pointed out
above, it is conservative to assume lower values for A;. and a more
reasonable fit to the experimental data would be obtained by
assuming a smaller a,. A better approach is to first estimate the
torsional in-wind frequency and further calculate the
corresponding reduced velocity. The a, coefficient may then be
adjusted so that better accuracy at this reduced velocity is
achieved. As explained above, the approximation of A, must be
linear to achieve a frequency-independent description of the self-
excited forces. This implies that this aerodynamic derivative may
be approximated by a straight line starting in the origin and
intersecting the experimental data curve, corresponding to the
dominating reduced velocity, at hand (a secant approximation). In
Fig. 13, the torsional response and the power spectral density of
the torsional response are shown when the secant approximation
outlined above has been used for a,. As can be seen from the
figure, the torsional response predicted by this alternative is
nearly, exactly the same as the response provided by the
aerodynamic derivatives, and the peak in the power spectral
density is well captured. The damping predicted by the secant
model is shown in Fig. 11, and, as can be seen, the damping of the
torsional branch is well captured for all interesting velocities

It is interesting to compare the above-described results
obtained using aerodynamic derivatives, quasi-steady theory,
and modified quasi-steady theory with results derived by a time
domain technique applying the Fourier transformation of the
frequency-dependent aerodynamic derivatives, described by
smooth curves, fitted to the experimental data. The applied time
domain technique is based on a rational function approximation
(see, for instance, Bucher and Lin, 1988, for details). This gives the
following approximations for the aerodynamic derivatives related
to velocities (H;, H, , A}, A;) and displacements (Hj, H,, A3, Ay),
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herein represented by H, and H;.

(22) L A}ZZ)EI (7 (z2) L AlZZ) d(ZZ)
Hy=V (A3 13 |\ g _yfa»y
,Zl [@@n?+1] )’ T Z [d‘”"V) +1]
(19)

Here A, ne{1, ..., 1 +3}, and d, are coefficients determined by
least squares fit to the experimental data. The index (zz) indicates
that the coefficients are related to the vertical force caused by the
vertical motion. The response obtained using rational functions
with 1 and 4 exponential filters for the aerodynamic derivatives
related to vertical and torsional motion, respectively, is shown in
Fig. 10. The outcome is almost identical to the response obtained
using frequency domain technique with aerodynamic derivatives
(identified by AD in Fig. 10).

The various vibration modes may contribute differently to the
response at different points along the girder. This implies that it is
possible that the spectral density has more than one peak or has a
peak with a different frequency than, for instance, the situation at
the mid-span. However, it is common that the response is
dominated by one mode in each direction for the entire structure.
To illustrate this, the standard deviation of the torsional and
vertical response along the girder at a mean wind velocity of
40 m/s is shown in Fig. 14. As can be seen, the modified quasi-
steady coefficients capture the response well, especially when a
secant approximation is used for A;. It may be concluded that the
modified quasi-steady coefficients can produce results with
greatly improved accuracy, compared with the traditional quasi-
steady approach, and it can provide results with good accuracy,
compared with the aerodynamic derivatives, depending on how
well the approximation fits the experimental results.
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Table 7

Comparison of the critical mean wind velocities, frequencies and reduced mean wind velocities provided by the aerodynamic derivatives, the quasi-steady theory, the
modified quasi-steady coefficients theory and the critical velocity measured in turbulent flow.

Method of analysis Critical velocity Critical Reduced critical
Vg (mfs) frequency wcg (rad/s) velocity Veg/(Bocr)

Aerodynamic derivatives Eq. (12) 6.83 7.79 2.40

Quasi-steady theory Eq. (11) 3.70 9.50 1.06

Modified quasi-steady theory Eq. (14) 6.52 8.20 217

Measured in turbulent flow (wind tunnel experiment) 6.47 - -
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It is also interesting to compare the results provided by the
aerodynamic models discussed in this article with the observa-
tions in wind tunnel experiments. Numerical stability analyses
are therefore carried out on the section model used in wind
tunnel experiments (Hansen et al., 2006). The mass of the section
model is m,=8793g, and the mass moment of inertia is
iy = 1.23gmm?. The natural frequency and damping ratio of the
vertical vibration mode are w,=5.8 rad/s and ¢,=0.004 and for
the torsional vibration mode wy=10.1 rad/s and £,=0.003

The stability limits are calculated using the aerodynamic
derivatives, the quasi-steady theory and the modified quasi-steady
coefficients. The results are given in Table 7. Two of the three
approaches provide results with acceptable accuracy. The quasi-
steady theory underestimates the stability limit by more than 40%,
which is unacceptable for practical purposes. The stability limit
obtained by the modified quasi-steady coefficients differs from the
results predicted by the aerodynamic derivatives by only 4-5%.
Both the aerodynamic derivatives and the modified quasi-steady
coefficients overestimate the stability limit, compared with the
wind tunnel measurements. The main reason for this is perhaps
that the stability limit in the wind tunnel tests is defined as the
mean wind velocity, where the vibrations become large, which
implies that the experiment will be stopped before the actual
theoretical stability limit is reached. Furthermore, the response is
large near the stability limit, which implies that the assumption of
linearity in Eq. (12) is questionable.

5. Concluding remarks

The critical mean wind velocities have been calculated for
several mode combinations for the Hardanger Bridge and the
section model used in the wind tunnel tests. The self-excited
forces have been modelled using aerodynamic derivatives and the
quasi-steady theory, and furthermore by applying a modified
quasi-steady approach introduced and explained above. The
results presented show that the governing instability phenomen-
on for the Hardanger Bridge is multimodal coupled flutter, where
three still-air vibration modes participate. The multimode effects
are accurately captured by the aerodynamic derivatives and the
suggested modified quasi-steady theory. The classical quasi-
steady theory on the other hand severely underestimated the
critical velocity for both the section model and the full-scale
bridge, and should not be used to model the self-excited forces
unless the design mean wind velocity is well below half the
critical mean wind velocity. The modified quasi-steady approach,
where the experimental results of the aerodynamic derivatives
are used to obtain frequency-independent force coefficients,
provided stability limits for both the full-scale bridge and the
section model that differ by only 4-5% from the results obtained
when the frequency-dependent model with the aerodynamic
derivatives are used. The analyses showed that the approximation
of torsional damping was more important for the response
estimates than the stability limit. However, it has been shown
that this uncertainty can be eliminated by adjusting the modified
quasi-steady coefficients, so that the important range of reduced
velocities is accurately represented. It may be concluded that the
modified quasi-steady approach suggested in this study provides
adequate estimates for engineering purposes of both the response
and the stability limit for the case dealt with here.

The flutter vibration modes have been visualized, and the
results clearly illustrate the flutter vibration mode, where the
three modes interact, result in a smaller curvature of the girder
with respect to the horizontal axis. This provides a motion that is
more shape-wise similar in the twisting and vertical directions,
relative to the bimodal flutter behaviour. The time domain

simulations of the flutter motion illustrate the possibilities of
using the modified quasi-steady theory for time domain simula-
tions of the wind-induced response.
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1. Introduction

Despite great progress in recent years in predicting the flutter stability limit of cable supported bridges, simplified
methods are still considered important in the preliminary design of long-span bridges and in the design of medium-span
bridges, in particular when approximate methods, e.g. [1-3], are used to evaluate the structural properties. Simplified
methods are also convenient when assessing the reliability of cable-supported bridges against flutter failure [4]. Selberg’s
formula [1,5,34] has been widely used for this purpose since its publication almost 50 years ago. It predicts the stability
limit of a bimodal system with reasonable accuracy if the still-air torsional and vertical vibration modes have a perfect
shapewise similarity, and the aerodynamic properties of the cross section are similar to those of an ideal flat plate.
Selberg’s formula may also be combined with an aerodynamic performance index obtained from wind tunnel tests with a
scaled section model to enhance its predictability. Independently Rocard developed a formula published in 1963 that is
similar to Selberg’s formula. The flutter velocity predicted by the two formulae have been compared in [6], and the results
deviate from each other by only a few percent. Another formula has been suggested by Nakamura [7], which is identical to
Selberg’s formula if specific load coefficients are introduced. The simplified solution has been developed by studying the
harmonic solution of the bimodal system of equations. Simplified expressions have been developed for the frequency ratio,
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the ratio of the complex amplitudes of the vertical and torsional motion, the modal damping ratio and the phase angle
between the vertical and torsional motion by neglecting terms of less importance. Gimsing [8] has also suggested a
formula, which has been developed using the expression for the aerostatic pressure on the cross section. The formula
agrees reasonably well with Selberg’s formula. More recently Bartoli and Mannini [9] have developed a simplified
approach based on the flutter equations. The importance of each term in the equations has been studied for a range of
configurations, and the least significant terms have been neglected to provide the simplified solution. Chen [10] has also
contributed an approximate closed-form solution of the flutter stability limit that is similar to Selberg’s formula, but with
an analytical basis for the aerodynamic performance index. The index depends on the flutter derivatives H3, AT, A3, A3, the
torsional damping ratio and the shapewise similarity of the still-air vibration modes. The index is a function of reduced
frequency, but the frequency dependency is low for some cross sections, which implies that it may be approximated as a
constant. All the simplified solutions mentioned above are more or less related to each other since they have been
developed from the same fundamental aeroelastic equilibrium conditions, but with different approximations to provide
the simplified solution.

In this paper an alternative analytical approach to simplified flutter prediction is presented. The formulae presented
have been developed from the fundamental flutter equations [11,12]. Further, it has been assumed that the critical
frequency is on the torsion branch of the solution system, to produce a simplified expression. Nakamura [7] has developed
a formula for the critical frequency, assuming that the modal frequencies may be approximated by the uncoupled system
of equations. This assumption has been confirmed by Chen and Kareem [13], and is adopted in this paper, but with a
different expression for the critical frequency. The authors have discovered that the flutter derivatives for some common
cross sections may be locally approximated by expressions providing a frequency-independent description of self-excited
forces [14]. This implies that the stiffness and damping terms are assumed to be proportional to the squared reduced
velocity and the reduced velocity, respectively. This paper shows how this assumption may further simplify the governing
equations, making it possible to develop closed-form solutions of the flutter stability limit of cable-supported bridges. The
formulae presented are more detailed than the formulae developed by Selberg and Rocard since the effect of imperfect
shapewise similarity and the actual aerodynamic properties of the cross section have been included, but simpler than the
expressions provided by Chen [10] and Bartoli and Mannini [9], since the simplified aerodynamic model presented above
has been introduced in the fundamental aeroelastic equations. The mean wind direction is assumed perpendicular to the
bridge, but the theory can be extended for cases with skew wind. In [15,16] it has been shown how the system matrices
may be developed for skew winds, and, as can be seen, the flutter derivatives must then be measured at the relevant yaw
angle. Further, the influence of the self-excited forces associated with the horizontal degree of freedom has been neglected.
In [17] it is shown that for one particular case, the flutter derivatives related to the horizontal motion have a stabilizing
effect, but that it is not necessarily conservative to obtain the flutter derivatives with a section model with only two
degrees of freedom. On the other hand, it has also been observed, for instance by Katsuchi et al. [18], that the flutter
derivatives related to the horizontal motion have a destabilising effect. However, in most cases flutter is generated by a
main pair of vertical and torsional modes, with secondary contributions from other modes. This implies that a bimodal
consideration with the relevant torsional and vertical vibration modes may serve as an approximation of the critical flutter
velocity.

In the formulae presented in this study, the flutter derivatives for the cross section are needed to derive the frequency-
independent load coefficients. Experimental results for the flutter derivatives for numerous cross sections have been
reported in the literature, and it is common to use girders that are similar to the ones that have been used before when
designing cable-supported bridges. This implies that a good estimate of the load coefficients can be found in the published
literature; thus, formulae may be used in preliminary designs and when designing medium-span bridges without
experimental results of the flutter derivatives. The accuracy of the simplified aerodynamic model presented above is
obviously a crucial issue, but most commonly used streamlined or partially streamlined cross sections have flutter
derivatives that have a shape where the simplified aerodynamic model presented above gives a satisfying fit to the
experimental data in the important reduced-frequency range, see, for instance, the flutter derivatives presented in
[19-21]. Su et al. [22] proposed a modified time domain approach, where the traditional quasi-steady theory using static
load coefficients, is modified introducing correction coefficients. It is further pointed out by Su et al. [22] that these
coefficients do not change significantly with variation in frequency, which supports the suggestion presented above.

The flutter equations provide the stability limit for two still-air vibration modes, but as has been seen in some bridge
projects, e.g. [18], flutter where several modes participate may occur, making a multimodal approach necessary. A full
understanding of the multimodal flutter phenomenon has not been achieved. Therefore, multimodal effects have been
carefully studied in this paper, more specifically, how the shapewise similarity and separation on the frequency axis affects
possible reduction of the stability limit. The results presented may be used to evaluate whether a simple bimodal
consideration is sufficient or not.

2. Modelling of aeroelastic systems
The dynamic equilibrium condition is defined in still-air modal generalised coordinates. The vibration modes and

natural frequencies are obtained using expected (mean) load conditions, such that the geometric stiffness of the structure
is properly represented. The self-excited forces are assumed to be given by flutter derivatives obtained from wind tunnel
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Fig. 1. Aerodynamic forces acting on a cross section of the bridge deck.

tests with a section model [5,23]. It is assumed that the flutter derivatives are valid for the (static) deformation of the
structure. The definition of the axis system is shown in Fig. 1, and the displacement components ry, 1, 1y are positive in the
same directions as the forces qy, q., qo.

The forces acting on a girder can be divided into four parts: (1) a mean value of wind forces, (2) buffeting forces induced
by turbulence in the wind field, (3) forces generated by vortex shedding, and (4) self-excited forces generated by the
motion of the structure. The focus of the present study is on the self-excited forces defined by the following equations:

= %sz (KP{‘ y+KP2 +1<2P3 ro+K2P; y+KP5 +1<2 A B)
_1 szB(KH +KH2— +K2Hgry+ K2H; 2 5 TKHS 3 y +K2H} ry)
pV232 (KA +1<A2 +K2A3r9 +1<2A +I<A5* y +1<2A6 ) (1)

where V is the mean wind velocity, p is the air density, B is the width of the girder, K=Bw/V is the reduced frequency of
motion, and P:, I-f,: A:. ne{l1,2,...,6} are the dimensionless flutter derivatives, which are treated as cross sectional
properties that are functions of the reduced frequency of motion. In the following it is assumed that the self-excited forces
can be treated separately from the other wind-related forces mentioned above.

The flutter equations, [11,12,24] (see also Appendix A), may be used to estimate the critical mean wind velocity. The
starting point is a bimodal system, where each mode is restricted to vertical or torsional motion. The modal equilibrium
conditions, considering only the self-excited forces, are given as

[~ WM, +2&,0, M, + M021G () = [C i+ K ]Go() +[C zpicr + K 291Gy ()
[—w?M+2&y;Mgicr +Myw3]Go(w) = [C priew+K ,1G2(w) +[C gicn + K gg1Go() (2)

where w is the circular frequency of motion, &,, ne{z,0} represents the critical damping ratios of the structure in still air,
wn, nef{z, 0} symbolises the still-air natural frequencies (rad/s) of the structure, G,(w), ne{z, 0}, denotes the complex
Fourier spectrum of the response, i = \/(—1) represents the imaginary unit, and M,, ne{z,0}, is the modal mass and the
mass moment of inertia of the vertical and torsional still-air vibration modes, respectively. The remaining coefficients are
given by
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The stability of the aeroelastic system outlined above is conventionally studied by applying the characteristic equation
obtained by expanding the determinant of Eq. (2). This results in a complex polynomial expression of the 4th degree. The
roots are in general complex and may hence imply the following three conditions: (1) stable solution resulting in decaying
response (positive damping), (2) stable solution describing a steady-state response, setting the limits for stable behaviour
(zero damping), and (3) unstable solution characterising a divergent response (negative damping). The following
dimensionless coefficients y,, ne{z,0} Y, 7 and V are introduced to make the expressions simpler:
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Here, the coefficient 1/,, is @ measure of the shapewise similarity of the vertical and torsional mode shapes, where the value
zero, on the one hand, indicates that the modes are shapewise dissimilar, and the value one, on the other hand, implies that they
match perfectly. If the modes are dissimilar shapewise, the off-diagonal contributions Ky, Kg,, C,9, and Cgy, will become zero,
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which implies that coupled flutter will not occur. The normalised unstable frequency is denoted as d&cg, and since the critical
frequency is real, the characteristic equation can be separated into two parts, real and purely imaginary, that each must be equal
to zero. This results in the following two expressions:

Rycg +R3oig + Roogg +1=10 6)

Lok +Lag +hdg+Ey+E =0 (7)
where the coefficients can be expressed as
Ra = 1/49*(4+ 2, Hj 4+ 20A% + 110 (b 20AT Hs — 0 A3H —ASHT + ASH3))
Rs = 7(Co2z7H; +E00A3)R2 = 1/22+27* +87E:Eo + 1.7 Hi + 10A3) (8)

I3 = 1/87% (L 19 (Hi A3 = o H5 A3 = 1o H3AT + HGA3) + 201 Hi + 70A3))
Iy = =1/2(&7(1A5 +2)+E0y? (L Ha + 2D = —1/4(1.0° Hi + 2pA3) 9)
Since the flutter derivatives are functions of reduced frequency, Eqs. (6) and (7) in fact represent a system of equations with two
unknowns. It is common to solve these equations graphically. Further details may be found in [11].
The flutter equations are then further developed by assuming that the important flutter derivatives may be
approximated by polynomial expressions that provide a frequency-independent description of self-excited forces. This
is achieved by assuming flutter derivatives of the following form:

X (K)=x;(1/K) wheni=1,2,5and X;(K)=x;(1 /K> wheni=3,4,6 (10)

where Xe{P,HA} and xe{p,h,a}. If this assumption is introduced in Eq. (3), the flutter equations can be expressed as
follows:

RyGogg+Ray@2g +Ro =0 (11)
L+l =0 (12)

where the coefficients are
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Egs. (11) and (12) are simpler than Eqgs. (6) and (7), in particular, since Eq. (11) can be solved as a second degree equation
by simple substitution. The reduced critical frequency may be calculated directly from Eq. (12), and in principle this result
may be inserted into Eq. (11) to estimate the reduced velocity, but this renders an expression too complicated for our aim.
However, the natural frequencies of the coupled system are, with few exceptions, very close to the natural frequencies of
the uncoupled system, where the off-diagonal terms, K, Kg,, C,, and Cy,, have been neglected. This is because the
frequencies of a light to moderately damped system are mainly given by the mass and stiffness properties. In addition, the
overturning moment related to vertical displacements given by K,r; is, from a physical point of view, close to zero. This
implies that the product of the off-diagonal elements in the stiffness matrix is far less than the product of the elements on
the diagonal, which contains both aerodynamic and still-air stiffness. This implies that the modal frequencies can be
approximated by the uncoupled system of equations as suggested by Nakamura [7]. The frequency of the torsional and
vertical branch of the solution may then be calculated by

1 o) % 1 w 2
wTB:J (1751{,(%;) A§>w(; and wVB=\} (1’§XZ(£) H;;)wz (18)

These expressions have to be solved in an iterative manner since the flutter derivatives are functions of the frequency of
motion (wrg for the torsional branch and wyg for the vertical branch). The expression vertical branch is here used for the
velocity-dependent in-wind frequency corresponding to pure vertical motion in still air; similarly, the term torsional
branch corresponds to the torsional vibration mode. The approximation presented in Eq. (18) have been used by Dyrbye
and Hansen [11] to approximate the frequencies of uncoupled systems and the expression for the frequency of the




2788 O. Qiseth, R. Sigbjérnsson / Journal of Sound and Vibration 330 (2011) 2784-2800

| ————— Eigenvalue soluton — — — Eq.(18) |

(a) (b)

3.4 34
D W1 w 073
3 0 7 g 3 s
& 5
gi; 2.6 E 2.6 ~
g 5 - -
5 g /!
> 22 g 22 Oyg
@ =
T T
2 18 / 2 18
% Wyg z

1.4 1.4

0 20 40 60 80 100 0 20 40 60 80 100
Wind velocity, V (m/s) Wind velocity, V (m/s)

Fig. 2. Comparison of the presented simplified method with an eigenvalue solution: (a) frequency ratio y=1.5 and shapewise similarity 1,,=1.0 and
(b) y=1.2 and shapewise similarity 1,9=0.5.

torsional branch is slightly different from the expression used by Nakamura [7]. The eigenvalue solution presented in
Appendix A, together with the results from Eq. (18), is shown in Fig. 2a for a frequency ratio y=1.5 and shapewise
similarity ¥,»=1.0, and in Fig. 2b with a frequency ratio y=1.2 and a shapewise similarity 1/,9=0.5. For the case presented
in Fig. 2a, the approximation gives accurate results, while the results are less accurate in Fig. 2b. This is because the
frequencies are not well separated; in addition, the off-diagonal terms have been reduced by low shapewise similarity. In
the eigenvalue solution the frequencies clearly change path when they are approaching each other, while the frequencies
actually cross in the approximate solution, which is not physically correct in this case.

For coupled flutter, the torsion motion is very important since it generates large coupling forces, compared with the
vertical motion. This implies that the torsion branch will become unstable at the flutter onset, and when the definition of
A3 from Eq. (10) is introduced in Eq. (18), the reduced critical frequency may be approximated by

. w? Myw2—K 1 —
ber= |~ R= | 020 2\ J4-2y,03Vx (19)
w§ 2

(U%M()
When this expression is inserted into Eq. (12), the following 3rd degree algebraic equation for the critical velocity emerges:
M2 ) A3 1. ~2 1 ~
Y lfgz)f() <h402_l//10h204_¢10h3a1 _ %(12(13) Ver+ 5 Q)'})Z(chb _th‘l)VCR + 4 Xgaz('yz_])VCR +&o(1 _'}'2) =0 (20)
z

Two approximations were introduced to develop this Equation (a) It has been assumed that the critical frequency may
be approximated by equation (19). (b) The second assumption was that the flutter derivatives may be approximated by
expressions that give a frequency-independent description of the self-excited forces. The accuracy of this assumption may
easily be inspected by investigating the quality of the least squares fit to the experimental data. Since it is only the values
of the flutter derivatives at the critical reduced velocity that are used in flutter calculations, the result may be improved if
the least squares fit is adjusted to provide better accuracy at the critical reduced velocity. This implies that Eq. (20) must be
solved in an iterative manner. However, this has not been necessary for any of the cases in this study, but this approach
may be used when dealing with cross sections, where the transfer functions defining the self-excited forces have a more
pronounced frequency-dependent characteristic, as is the case for more bluff sections and for twin-deck cross sections.
Simplified flutter assessment is not recommended if several of the flutter derivatives have a shape differing strongly from
the approximations suggested in Eq. (10).

The formula presented has been developed to describe coupled flutter, and it cannot be expected to give reliable results
when the shapewise similarity is close to zero. When the shapewise similarity is zero, there are three aeroelastic instability
phenomena that may occur, namely (1) static divergence, (2) torsional flutter, and (3) galloping. Static divergence has a
critical frequency equal to zero, which implies that the approximation introduced in Eq. (19) is not valid. The frequency of
galloping does not equal the frequency of the torsional branch of the solution system. Theoretically the formula can
represent torsional flutter correctly, but this has not been tested in this study since the cross sections dealt with are not
suspected to create this instability phenomenon. However, one degree of freedom instability phenomenon may be more
easily studied by considering only the relevant equation, and the formula is therefore only relevant for coupled flutter.
It is well known that when the frequency ratio y is approaching unity, the flutter velocity increases dramatically.
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This phenomenon will not be taken into account in the flutter formula since, as shown in Fig. 2b, the approximation
introduced in Eq. (19) becomes inaccurate.

The formula given in Eq. (20) may be simplified further if the terms h4 and a4 are assumed close to zero and negligible.
These terms were not included in the original definition of self-excited forces [23], but have been added later for
completeness e.g. [12]. Applying the trigonometric solution of the cubic equation, it is possible to develop a closed-form
solution based on the reduced equation x3 4 c;x% 4+ cx+c3 (see [25] for details). When h,4 and a4 have been neglected, the
positive real root for Eq. (20) may then be expressed as

Q= (xW2ph301 + 190203)
_1 [ 7V2E0(=1680% a5y 1y + 972 = (199205523 140203)) + 31,2 h3° a12))

o = cos ;
X()\/(Sfo asy2+3a;(2- 1))
Ve . | 16&5%a292 + 6a(y2-1HQ (1 4¢pa3
B, _ZJ 9,202 cos 3%)+379 (21)

The parameter o will become complex when the expression in parentheses exceeds unity. This is not supported by
some computer programs, but when this occurs, the problem may be circumvented utilising the trigonometric identity
cos(ncos*l(x))=cosh(ncosh’1(x)). All cubic equations cannot be solved applying the trigonometric solution, but if the
expression in the denominator in the parentheses is not equal zero, the trigonometric solution may be used. The torsion
damping is also often very low, and when this assumption is introduced in Eq. (20) or (21), the following closed-form

solution of the reduced critical velocity emerges
Ver  [2a2(y?—1)
Boy =\ 720 (22)

This formula will in general give a slightly lower critical velocity than Egs. (20) and (21) since torsion damping has a
positive effect on the critical velocity. The similarity and relation of this formula to Selberg’s flutter formula is discussed in
Appendix B since Selberg’s formula is perhaps the most well known simplified solution. The main reason for the popularity
of Selberg’s formula is its simplicity. Only few structural parameters are needed to provide an estimate of the critical
velocity. However, since Selberg’s formula does not account for the aerodynamic properties of bridge sections it may
produce a critical velocity that is seriously inaccurate. Therefore it has been recommended to combine Selberg’s formula
with an aerodynamic performance index accounting for the discrepancy of the aerodynamics of an ideal flat plate and the
actual cross section [26]. This aerodynamic performance index is commonly obtained from wind tunnel measurements
with a section model and is rarely reported in the literature. It is suggested that Egs. (20)-(22) may be a realistic
alternative to Selberg’s formula. In the case of Eq. (22) only four aerodynamic parameters ay, d, az and hs, and optionally
the shapewise similarity factor 1/, are needed in addition to the parameters used in Selberg’s formula. These aerodynamic
parameters can be obtained from published experimental data of flutter derivatives for a cross section similar to the one in
question, while the shapewise similarity may be conservatively assumed perfect. However, the shape wise similarity of the
vibration modes is rarely perfect, which implies that evaluation of the shapewise similarity will provide a more accurate
and higher critical velocity. Closed form equations for the critical velocity increase the understanding of the influences of
the structural and aerodynamic parameters on the critical velocity. This implies that Eq. (21) or (22) may be useful in
assessing how an effective flutter control may be achieved.

3. Comparative numerical results

The approximate solutions presented in this study will be tested in this section for a wide range of configurations. There
are many factors influencing the stability limit, and it is of course not possible to test the formulae for all possible
situations. Therefore, only a few representative cases are tested. In the first two sections, the formula presented in Eq. (21)
is evaluated for a range of structural configurations, and two different cross sections have been considered. In the third
section, both formulae (Eqs. (21) and (22)) and Selberg’s formula are applied to the structural configurations of some well-
known cable supported bridges, but with the aerodynamic properties of one of the two cross sections presented below.

3.1. A wedge-shaped box section

A wedge-shaped box section has frequently been used for suspension bridges in recent years, for example, the Severn
Bridge (England/Wales), the Humber Bridge (England), and the Askey Bridge (Norway). Experimental results of the flutter
derivatives for the section shown in Fig. 3, which will be referred to as cross section 1 below, are given in [27].

The load coefficients defined in Eq. (10) are calculated by least squares fits to the experimental data, rendering
the following results: h;=—2.734, h,=0.206, h3=2.271, hy=—0.208, a;=—-0.823, a,=—0.258, a3=0.726, a4=—0.037. The
approximation and the experimental results of the flutter derivatives are shown in Fig. 4. As pointed out in [28,29], it is
A;, A;, A3, Hj and, to some extent, H} that are the most important flutter derivatives. As can be seen, the approximate
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Fig. 4. Flutter derivatives for cross section 1: open circles refer to data obtained in wind tunnel tests, and solid lines represent curves fitted to the data.

expressions provide least squares fits of good accuracy for the important flutter derivatives. The largest discrepancy is for
As for which a second-order expression would give a more optimal fit to the data than the linear one. However, in flutter
calculations the functional value of the approximation for the reduced velocity corresponding to the critical velocity is of
primary importance but not the overall functional shape. Low values of A5 will give conservative results since this will
provide less aerodynamic torsional damping. The line representing A3 in Fig. 4 provides a reasonable fit to the
experimental data in the reduced velocity range V e [1,...,3], and improved results may be obtained if the stability limit
is calculated iteratively. The still-air dynamic properties of the structure are assumed to be B=18.3 m, wy=2.23 rad/s,
we=yw, radfs, £,=0.005, £,=0.005, m,=12,820 kg/m and m,=426,000 kg?/m. (The structural properties are deemed to be
similar to those of the Hardanger Bridge.) The still-air vibration modes are defined by ¢,(x) and ¢,(x) and are related by the
shapewise similarity .4, defined in Eq. (5). The critical velocities provided by the flutter formula are presented at the top
of each row in Table 1, and the results from an eigenvalue solution when the flutter derivatives are used to describe the
self-excited forces are presented in parentheses. The accuracy of the approximation is given at the bottom of each row.
Similarly, the critical frequencies are shown in Table 2, but with the critical frequency given by Eq. (18) when the critical
velocity provided by the eigenvalue solution is used. As can be seen, the flutter formula provides results of good accuracy.
The results are less accurate at low frequency ratios and shapewise similarities, but the inaccuracy is still within 10 per
cent. The critical frequencies are less accurate, but the critical velocities do not seem to be sensitive to this. The main
reason for the inaccuracy is that the torsional frequency is reduced rapidly at high velocities. The small discrepancy in the
results provided by the eigenvalue solution and those predicted by the uncoupled system of equations given at the bottom
of each cell confirms that the frequencies of the uncoupled system are generally very close to the frequencies of the
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Table 1

Critical velocities in m/s for cross section no. 1, expressed as a function of shapewise similarity, ¥4, and frequency ratio, y. The result obtained applying
the presented flutter formula, Eq. (21), is presented at the top of each cell, the stability limit calculated by the eigenvalue solution is presented in
parentheses, and the percentage difference between the two methods is given at the bottom of each cell.

Shapewise Frequency ratio, y

similarity /9
1.5 1.6 1.7 1.8 1.9 2.0 2.1 22 2.3 2.4 2.5 3.0 4.0

1.0 65 67 70 72 73 75 76 77 78 78 79 81 83
(67) (70) (73) (76) (77) (79) (80) (82) (83) (84) (84) (87) (90)
—4% —4% —5% —5% —5% —6% —6% —6% —6% —6% -7% —7% —8%

0.8 68 71 73 75 77 78 79 80 81 82 83 85 87
(71) (74) (77) (79) (81) (83) (84) (85) (86) (87) (88) (91) (94)
—4% —5% —5% —5% —5% —5% —6% —6% —6% —6% —6% —6% —-7%

0.6 71 75 77 79 81 83 84 85 86 87 87 90 92
(75) (79) (81) (84) (86) (87) (89) (90) (91) (92) (92) (95) (98)
—5% —5% —5% —5% —5% —5% —5% —5% —5% —5% —5% —6% —6%

0.4 76 79 82 84 86 88 89 90 91 92 93 95 98
(84) (86) (89) (91) (92) (94) (95) (96) (97) (97) (98) (100) (103)
—-10% -8% -7% —7% —6% —6% —6% —6% —6% —5% —5% —5% —5%

Table 2

Critical frequencies in rad/s for cross section no. 1, expressed as a function of shapewise similarity, .y, and frequency ratio, y. The result obtained
applying the presented formula, Eq. (19), is presented at the top of each cell; the stability limit calculated by the eigenvalue solution is presented in
parentheses, and the percentage difference between the two methods is given in the third row in each cell, while the result predicted by Eq. (18) at the
critical velocity given by the eigenvalue solution is given at the bottom of each cell.

Shapewise Frequency ratio, y

similarity ¢
1.5 1.6 1.7 1.8 1.9 2.0 2.1 2.2 23 2.4 25 3.0 4.0

1.0 1.87 1.83 1.80 1.77 1.75 1.73 1.71 1.70 1.68 1.67 1.66 1.62 1.58
(1.83) (1.78) (1.73)  (1.68) (1.65) (1.61) (1.58) (1.55)  (1.53) (1.51) (1.49) (1.41) (1.33)
2% 3% 4% 5% 6% 7% 8% 9% 10% 11% 11% 15% 19%
1.83 1.78 1.73 1.69 1.65 1.61 1.58 1.56 1.53 1.51 1.49 1.42 1.34

0.8 1.83 1.79 1.75 1.72 1.69 1.67 1.65 1.63 1.62 1.60 1.59 1.55 1.50
(1.78) (1.72) (1.66)  (1.62) (1.58) (1.54) (1.50) (147)  (1.45) (1.42) (1.40) (1.32) (1.23)
3% 4% 5% 6% 7% 9% 10% 11% 12% 13% 13% 17% 22%
1.77 1.71 1.66 1.61 1.57 1.53 1.50 1.47 1.44 1.41 1.39 1.31 1.21

0.6 1.78 1.73 1.69 1.65 1.62 1.59 1.57 1.55 1.53 1.51 1.50 1.45 1.39
(1.72) (1.65) (1.59)  (1.54) (1.49) (1.45) (1.41) (1.38) (1.35) (1.32) (1.30) (1.21) (1.10)
4% 5% 6% 7% 9% 10% 11% 12% 13% 14% 16% 20% 26%
1.69 1.62 1.56 1.51 1.46 1.42 1.38 1.34 1.31 1.29 1.26 1.16 1.05

0.4 1.71 1.65 1.60 1.56 1.52 1.49 1.46 1.44 1.42 1.40 1.38 1.31 1.24
(1.61) (1.55) (1.49) (1.43) (1.38) (1.34) (1.30) (1.26)  (1.23) (1.20) (1.17) (1.07) (0.95)
6% 7% 8% 9% 10% 12% 13% 14% 15% 16% 18% 23% 30%

1.50 1.44 1.38 1.32 1.27 1.22 1.18 1.14 111 1.07 1.04 0.93 0.79

coupled system. To investigate the influence of the fit to the experimental data for A}, the case y,y=1.0and y=2.0 is
recalculated with a,=-0.367, which represents the experimental data at the critical velocity more accurately. This
provides a critical velocity of 80 m/s, which is very close to the eigenvalue solution. Nevertheless, the results are not very
sensitive to the approximation of A%, but an improvement of the results can be achieved if the approximation suggested
in Eq. (18) is adjusted such that the experimental data at the critical reduced velocity are more accurately represented. If
Eq. (22) is used to predict the critical velocity, it is possible to derive a simple expression for the derivative of Vg with
respect to a,:

21 )

The derivative with respect to a, at the point defined by the coefficients provided above assuming a,=—0.258 is
0Vcr/0a; = —69.9. This implies that a +0.05 change of a, will introduce a + 3.5 m/s change of the critical velocity.
Furthermore, this indicates that it is possible to cover a wide reduced velocity range and still get results with fair
engineering accuracy.
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3.2. A rectangular cross section

The formula developed in this study is also tested on a rectangular cross section with a height to width ratio of 18.
A drawing of the cross section, which will be referred to as cross section 2 in the following, is shown in Fig. 5. The
experimental data of the flutter derivatives are taken from [30], and a least squares fit of the expressions defined in Eq. (10)
renders the following load coefficients h;=—4.468, h,=0.332, h3=5.168, hy=-0.203, a;=-0.486 a,=-0.176, a3=0.753,
and as=—0.061. The approximation and the experimental results of the flutter derivatives are shown in Fig. 6. As can be
seen, the approximate expressions provide least squares fits of good accuracy for the important flutter derivatives.

The still-air dynamic properties of the system are assumed to be w,=1.00 rad/s, wy=yw, rad/s, £,=0.005, &,=0.005,
m,=12820 kg/m and m,y=426,000 kg?/m. The still-air vibration modes are defined by ¢,(x) and ¢,(x) and are related by the
shapewise similarity i,9. The width of the girder is taken as B=20 m. The approximation provided by the flutter formula is
given at the top of each row in Table 3 while the exact solution is given in parentheses, and the accuracy of the
approximation is given at the bottom of each row. The critical frequencies are presented in the same manner in Table 4,
but with the critical frequency given by Eq. (18) when the critical velocity provided by the eigenvalue solution is used. The
results show that the formula provides critical velocities of good accuracy, and the results become more accurate when
the frequency ratio is increasing. The critical frequencies shown in Table 4 are more accurate than those shown in Table 2.
The discrepancies of the results predicted by Eq. (18) and the eigenvalue solution are also very small, confirming that the
frequencies of the coupled system are very close to the frequencies of the uncoupled system.

To test whether the formula gives accurate results for different mass ratios, a new structural configuration is defined.
The damping ratios of the structure in still air &, ne{z, 0} are set to 0.005 of critical damping, and the natural frequencies

B

Fig. 5. Rectangular cross section (cross section 2).
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Table 3

Critical velocities in m/s for cross section no. 2, expressed as a function of shapewise similarity, ¥4, and frequency ratio, y. The result obtained applying
the presented flutter formula, Eq. (21), is presented at the top of each cell; the stability limit calculated by the eigenvalue solution is presented in
parentheses, and the percentage difference between the two methods is given at the bottom of each cell.

Shapewise Frequency ratio, y

similarity /9
1.5 1.6 1.7 1.8 1.9 2.0 2.1 2.2 2.3 24 2.5 3.0 4.0

1.0 35 39 43 47 50 54 57 61 64 68 71 88 120
(38) (41) (45) (49) (52) (56) (59) (63) (66) (70) (73) (90) (122)
-7% —6% —5% —4% —4% -3% —3% —3% —3% —3% —3% —2% —2%

0.8 37 41 45 49 53 57 61 65 68 72 75 93 127
(40) (44) (48) (51) (55) (59) (63) (66) (70) (73) (77) (94) (129)
—6% —5% —4% —4% —3% -3% —3% —2% —2% —2% —2% —-1% —-1%

0.6 40 44 49 53 57 61 65 69 73 77 81 100 136
(42) (47) (51) (55) (59) (63) (66) (70) (74) (78) (82) (100) (137)
—6% —5% —4% -3% —3% -2% —2% —2% -1% -1% —-1% —-1% 0%

0.4 43 48 53 57 62 66 71 75 79 83 87 108 148
(46) (50) (55) (59) (63) (67) (71) (75) (80) (84) (88) (107) (146)
—7% —5% —4% —3% —2% —2% —-1% —1% —-1% 0% 0% 0% 1%

Table 4

Critical frequencies in rad/s for cross section no. 2 expressed as a function of shapewise similarity, ¥y, and frequency ratio, y. The result obtained
applying the presented formula, Eq. (19), is presented at the top of each cell; the stability limit calculated by the eigenvalue solution is presented in
parentheses, and the percentage difference between the two methods is given in the third row in each cell, while the result predicted by Eq. (18) at the
critical velocity given by the eigenvalue solution is given at the bottom of each cell.

Shapewise Frequency ratio, y

similarity ¢
1.5 1.6 1.7 1.8 1.9 2.0 2.1 2.2 23 2.4 25 3.0 4.0

1.0 1.31 1.37 1.44 1.51 1.58 1.65 1.72 1.79 1.86 1.93 2.00 2.37 3.10
(1.29) (1.36) (1.42) (1.49) (1.56) (1.62) (1.69) (1.76)  (1.83) (1.90) (1.97) (2.32) (3.05)
1% 1% 1% 1% 1% 1% 1% 2% 2% 2% 2% 2% 2%
130 1.37 1.44 1.50 1.57 1.64 1.71 1.78 1.86 1.93 2.00 2.36 3.09

0.8 1.28 1.34 1.41 1.47 1.53 1.60 1.66 1.73 1.80 1.86 1.93 227 297
(1.26) (1.32) (1.38)  (1.45) (1.51) (1.57) (1.64) (1.70) (1.77) (1.83) (1.90) (2.23) (2.91)
1% 1% 2% 2% 2% 2% 2% 2% 2% 2% 2% 2% 2%
1.27 133 1.40 1.46 1.53 1.59 1.66 1.72 1.79 1.86 1.92 2.26 2.96

0.6 1.25 1.30 1.36 1.42 1.47 1.53 1.59 1.65 1.71 1.77 1.84 2.15 2.79
(1.22) (1.28) (1.33)  (1.39) (1.45) (1.50) (1.56) (1.62)  (1.68) (1.74) (1.80) (2.10) (2.73)
2% 2% 2% 2% 2% 2% 2% 2% 2% 2% 2% 2% 2%
1.23 1.28 1.34 1.40 1.46 1.52 1.58 1.64 1.70 1.76 1.82 2.13 2.77

0.4 1.20 1.24 1.29 1.34 1.39 1.44 1.49 1.54 1.59 1.64 1.69 1.96 2.52
(1.17) (1.21) (1.26)  (1.31) (1.36) (1.41) (1.46) (1.51)  (1.56) (1.61) (1.66) (1.92) (2.47)
3% 3% 2% 2% 2% 2% 2% 2% 2% 2% 2% 2% 2%

1.15 1.21 1.26 131 1.36 141 1.46 1.51 1.56 1.62 1.67 1.94 2.49

in still air are assumed to be w,=1.0rad/s and wy=yw,, where 7 is the frequency ratio. The mass of the bridge deck,
hangers and cables are set to m,=1000 kg/m, and the mass moment of inertia is defined as my=m,R; kg, where R, is the
radius of gyration. The radius of gyration is assumed to be between 0.3B and 0.5B, where 0.3, on the one hand, implies that
the mass is evenly distributed, and 0.5, on the other hand, implies that the mass is concentrated at the left- and right-hand
sides of the girder. The width of the girder is set to B=20 m, and the shapewise similarity of the still-air torsional and
vertical vibration modes is assumed perfect, which implies that i/,,=1.0. The critical velocities are calculated for a range of
frequency ratios by increasing the still-air torsional natural frequency. The results are shown in Table 5, and the critical
frequencies are given in Table 6. As can be seen, the formula provides critical velocities of good accuracy for all the cases
evaluated. The critical frequencies shown in Table 6 are also very satisfying.

3.3. Examples of some well-known long-span bridges

It is well known that structural properties, such as frequencies, mass properties, and mode shapes, are just as important
to the critical velocity as the aerodynamic properties of the cross section. In [9], structural properties of a few well-known
bridges are given. The critical velocity for imaginary bridges having the same structural properties as these bridges, but
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Table 5

Critical velocities in m/s for cross section no. 2, expressed as function of radius of gyration, R, compared to the width of the girder, B, (Rg/B). The result
obtained applying the presented flutter formula, Eq. (21), is presented at the top of each cell; the stability limit calculated by the eigenvalue solution is
presented in parentheses, and the percentage difference between the two methods is given at the bottom of each cell.

Radius of Frequency ratio, y

gyration/width Rg/B
1.5 1.6 1.7 1.8 1.9 2.0 2.1 2.2 2.3 24 2.5 3.0 4.0

0.30 31 35 38 42 45 48 51 55 58 61 64 79 108
(34) (38) (41) (44) (48) (51) (54) (57) (60) (63) (66) (81) (111)
—9% —8% —7% —6% —5% —5% —5% —5% —4% —4% —4% —3% —3%

0.35 34 38 41 45 48 52 55 59 62 65 68 84 115
37) (41) (44) (48) (51) (55) (58) (61) (65) (68) (71) (87) (119)
—9% 7% —6% —6% —5% —5% —5% —4% —4% —4% —4% —3% —3%

0.40 36 40 44 47 51 55 58 62 65 69 72 89 122
(39) (43) (47) (50) (54) (58) (61) (65) (68) (72) (75) (92) (125)
—8% 7% —6% —6% —5% —5% —5% —4% —4% —4% —4% —3% —3%

0.5 39 44 48 52 56 60 64 68 71 75 79 97 133
(42) (47) (51) (55) (59) (63) (67) (71) (74) (78) (82) (100) (137)
—8% —7% —6% —5% —5% —5% —4% —4% —4% —4% —4% —3% —3%

Table 6

Critical frequencies in rad/s for cross section no. 2, expressed as function of radius of gyration, R, compared to the width of the girder, B, (Rg/B). The result
obtained applying the presented formula, Eq. (19) is presented at the top of each cell; the critical frequency calculated by the eigenvalue solution is
presented in parentheses, and the percentage difference between the two methods is given in the third row in each cell, while the result predicted by
Eq. (18) at the critical velocity given by the eigenvalue solution is given at the bottom of each cell.

Radius of Frequency ratio, y

gyration/width Ry/B
1.5 1.6 1.7 1.8 1.9 2.0 2.1 2.2 23 24 25 3.0 4.0

0.30 1,32 1,39 1,45 1,53 1,60 1,67 1,74 1,81 1,88 1,96 2,03 2,40 3,15
(1,30) (1,37) (1,43) (1,500 (1,57) (1,64) (1,71) (1,78) (1,85) (1,93) (2,00) (236) (3,10)
1% 1% 1% 1% 1% 2% 2% 2% 2% 2% 2% 2% 2%
1,31 1,38 1,45 1,52 1,59 1,66 1,73 1,81 1,88 1,95 2,02 2,40 3,15

035 1,35 1,42 1,50 1,57 1,65 1,72 1,80 1,88 1,96 2,03 2,11 2,51 3,30
(1,33) (1,40) (1,48) (1,55) (1,63) (1,70) (1,78) (1,85) (1,93) (2,01) (2,08) (2,47) (3,25)
1% 1% 1% 1% 1% 1% 1% 1% 1% 1% 1% 1% 2%
1,34 1,41 1,49 1,56 1,64 1,72 1,79 1,87 1,95 2,03 2,10 2,50 3,29

0.40 1,37 1,45 1,53 1,61 1,69 1,77 1,85 1,93 2,01 2,09 2,17 2,58 3,41
(1,36) (143) (1,51) (1,59) (1,67) (1,75) (1,83) (1,91) (1,99) (2,07) (215) (255) (3,37)
1% 1% 1% 1% 1% 1% 1% 1% 1% 1% 1% 1% 1%
1,36 1,44 1,52 1,60 1,68 1,76 1,84 1,92 2,00 2,08 2,16 2,57 3,40

0.50 1,40 1,48 1,57 1,65 1,74 1,82 1,91 1,99 2,08 2,17 2,25 2,69 3,56
(1,39) (147) (1,56) (1,64) (1,73) (1,81) (1,89) (1,98) (2,06) (2,150 (224) (267) (3,53)
1% 1% 1% 1% 1% 1% 1% 1% 1% 1% 1% 1% 1%

1,39 1,48 1,56 1,65 1,73 1,82 1,90 1,99 2,07 2,16 2,25 2,68 3,55

Table 7

Structural properties of well-known bridges together with the critical wind velocity calculated by an eigenvalue solution (EVS), the presented flutter
formula (FF) defined in Eq. (21), the undamped version of the flutter formula (UFF) defined in Eq. (22) and Selberg’s formula. It has been assumed that the
bridges have girders with the same aerodynamic properties as the cross section of the Hardanger Bridge.

Length L Width B Vertical frequency Torsional Shapewise Mass m,  Moment of inertia, Critical wind velocity Vcg
(m) (m) w, (rad/s) frequency wy  similarity v, (kg/m) my (kg?/m) (m/s)
(rad/s)
EVS FF UFF SF

Tacoma 854 12 0.817 1.257 1 4250 177,730 29.6 27.7 252 245
Bosporus 1074 28 1.018 2.331 1 13,550 1,351,645 91.0 88.1 858 782
Akashi 1991 355 0.402 0.942 1 43,790 9,826,000 778 706 67 621
Normandy 856 238 1.382 3.142 1 13,700 633,488 109.7 105.9 104 94.7
Hardanger 1310 18.3 1.270 2.23 0.57 12,820 426,000 84 79 78 62.5
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with a cross section with the same aerodynamic properties as the girder of the Hardanger Bridge, is shown in Table 7, in
addition to one mode combination for the Hardanger Bridge. The torsional still-air damping ratio &, has been assumed to
be 0.005 of critical damping.

The flutter formulae give accurate results within 3-9% of the complex eigenvalue results for all the cases considered.
The undamped version of the flutter formula (Eq. (22)) also provides satisfactory results that are, as expected, lower than
the eigenvalue solution. Selberg’s formula provides less accurate results than the formulae presented in this paper, and the
difference is, as expected, largest where the shapewise similarity is below 1, since it does not take into account imperfect
shapewise similarity.

4. Multimodal effects

If a flutter formula, based on a bimodal consideration, is to be useful, a criterion for when a bimodal consideration is
sufficient must be developed. The torsional and vertical vibration modes of cable supported bridges often come in
shapewise similar pairs, and which of the shapewise similar pairs will give the lowest critical velocity depends on the
degree of shapewise similarity, the torsional frequency and the frequency ratio. Three questions regarding the coupling
effects will be addressed in this study: (1) Will multimodal effects occur if two bimodal pairs provide nearly the same
critical velocities, but are shapewise dissimilar? (2) Will multimodal effects occur if one vertical mode is shapewise similar
to two torsional modes? (3) How well separated must two vertical modes that are shapewise similar to the same torsional
mode be to avoid multimodal effects?

The damping ratios have been assumed as &,=0.005 of critical damping for all vibration modes; the width of the girder
has been assumed B=20 m, and the aerodynamic properties of cross section 2 are used in the calculations.

4.1. Two vertical and two torsional modes

To answer question one, two pairs of shapewise similar modes, where the pairs are shapewise dissimilar, are defined by
h1(%), Pp1(X), P (%) and ¢y, (x). This implies that the still-air vibration modes are related by the following shapewise
similarities: ¥,191=1.0, ¥,102=0, W¥;201=0, and ,29>=1.0. The still-air natural frequencies of pair one are set to w,;=2.5 rad/s,
wg1=3.5 rad/s, and the natural frequency of pair two is in the range wg,=[2,...,5] rad/s and w,,=wy, — 1 rad/s. This implies that
the distance between the modes on the frequency axis in each pair is equal, and when wy,=3.5, the frequencies coincide.
The mass of the system is set to m,=15,000 kg/m, and the mass moment of inertia is set to m,=500,000 kg?/m. The stability
limits are calculated separately for each pair, and both pairs are combined to evaluate possible multimodal effects. The results
are shown in Fig. 7.

Since the still-air natural frequencies of pair one are not changed, the bimodal stability limit (dashed line) is constant
90 m/s, while the bimodal stability limit of pair two is increasing from 60 to 117 m/s. The same pattern can be seen on the
plot of the critical frequencies. The multimodal calculations perfectly follow the result provided by the bimodal
calculations. The stability limit is not affected by the presence of another shapewise similar pair, even when the torsional
and vertical frequencies for both pairs are identical w,;=w,;=2.5 rad/s and wy;=wy=3.5 rad/s, which implies that both
pairs provide the same stability limit. This could also be proved if the system of equations is studied. If none of the
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Fig. 7. (a) Critical velocities provided by multimodal calculations (solid line) and bimodal calculations (dashed lines) for a system of shapewise dissimilar
pairs and (b) critical frequencies.
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vibration modes in pair one is shapewise similar to any of the vibration modes in pair two, the two subsystems will be
uncoupled, which implies that they may be solved separately.

4.2. One vertical and two torsional modes

To answer question two, an aeroelastic system, consisting of one vertical and two torsional vibration modes
b,(X),091(x), and ¢y, (x) is defined. The still-air natural frequencies are assumed to be w,;=2.0rad/s, ®wy{3.0 5.0
8.0} rad/s, and wya=wy1 - 4 rad[s, where A4 is in the range [1,...,10]. The mass of the system is set to m,=15,000 kg/m, while
the mass moment of inertia is taken as m,=500,000 kg?/m. The stability limit of the vertical, ¢,(x), and the first torsional
mode, ¢y;(x), is calculated first, then the second torsional vibration mode, ¢,,(x), is added to the system, and the
percentage change of the stability limit is calculated. The results are shown in Fig. 8. All cases evaluated give similar
results: the reduction of the stability limits decreases when the frequency ratio 4 increases. Three separations between the
vertical and torsional vibration modes were studied, and all of them followed the same pattern, but the closest separation,
when wy, is 3 rad/s, seems to decrease faster than the two other cases, which follow each other’s pattern nearly perfectly.
The case shown in Fig. 8a, where the shapewise similarities are y/,9;=1.0 and ¥,9>=1.0, is in reality impossible since this
situation implies that the structure has two still-air torsional vibration modes that are identical, but it theoretically
represents the upper bound for the reduction of the stability limit. However, the shapewise similarity of the vertical and
torsional vibration modes is often not perfect, and when the vertical mode matches the first torsional mode perfectly, and
where the same vertical mode is in some degree shapewise similar to the second torsional mode, more specifically
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V201=1.0, Y¥,92=0.5, is shown in Fig. 8b. The reduction of the stability limit is much lower for this case, compared with the
case shown in Fig. 8a and this indicates that the shapewise similarity ratio yr,91/\/,> of the two bimodal combinations has
great influence on the reduction of the stability limit. Fig. 8c shows results where the shapewise similarities have been
assumed to be /,91=0.8, },9>=0.8. The results clearly follow the same pattern as those shown in Fig. 8a, but some small
differences can be observed since the reduction of the stability limit when the two torsional still-air natural frequencies
are identical is a fraction smaller in this case. A situation where the shapewise similarities are 1/,9;=0.8 and r,9>=0.4
is shown in Fig. 8d. The reduction of the stability limit cannot be directly calculated from the shapewise similarity ratio
W201/\ 202 since the results in Fig. 8b and d are not identical, but an estimate can be made.

To investigate how different mass properties affect the results, the same aeroelastic system as outlined above is used,
but with a total mass of m,=25,000 kg/m and a mass moment of inertia of my=1,500,000 kg?/m. The reduction of the
stability limit when the shapewise similarities are 1/,9;=1.0, and y,9,=1.0 is shown in Fig. 8e, and when this is compared
with the results shown in Fig. 8a the results seem to have low sensitivity to changes in the mass properties of the
structure. A situation where the shapewise similarities are 1,9, =1.0 and y,4,=0.5 is shown in Fig. 8f, and when this figure
is compared to the results shown in Fig. 8b, some small differences can be observed.

It may be concluded that reduction of the stability limit caused by multimodal effects is possible if one vertical mode is
shapewise similar to two torsional modes. The reduction greatly depends on the separation of the torsional vibration
modes on the frequency axis and the shapewise similarity ratio y,91/1/,9,. Several different structural configurations have
been tested, and the results indicate that a reduction below 5% may be expected, for the particular cases tested, if the
frequency ratio of the torsional modes is greater than two.
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4.3. One torsional and two vertical modes

To answer question three stated above, another aeroelastic system is defined. It consists of three still-air vibration
modes, two vertical and one torsional, defined by ¢, (x),¢),,(x) and ¢(x). The still-air natural frequencies are assumed to be
wz=2.0rad/s, wpe{3.0 5.0 8.0 12.0} rad/s, and w,,=w,; - 4 rad/s, where 4 is in the range [1,...,10]. The mass of the system
is set to m,=15,000 kg/m, while the mass moment of inertia is taken as m,=500,000 kg?/m. The stability limit of the
second vertical, ¢,,(x) and the torsional mode, ¢,(x) is calculated first; the first vertical mode is then added to the system,
and the percentage change of the stability limit is calculated. The results when the shapewise similarities have been
assumed as Y,59=1.0, ¥,19=1.0 are shown in Fig. 9a. As can be seen, the reduction of the stability limit due to multimodal
effects among one torsional and two vertical modes is somewhat more complicated than where one vertical and two
torsional vibration modes are shapewise similar. The frequency ratio 4 is of minor importance when the torsional natural
frequency is high, while some dependency of the frequency ratio can be observed when the torsional frequency is low.
The reduction of the stability limit converges to a constant value for all situations evaluated, and this implies that a
reduction of the stability limit must be expected even when the frequency ratio 4 of the two vertical vibration modes is
high. The magnitude of the reduction depends strongly on the torsional natural frequency. The reduction increases with
increasing torsional frequency, but as can be seen in the figure, it converges to a constant value. The reduction of the
stability limit when the shapewise similarities are ¥/,59=1.0 and y,19=0.5 is shown in Fig. 9b. The same pattern as shown in
Fig. 9a can be recognised, but the reduction of the stability limit, as expected, strongly depends on the shapewise similarity
ratio Y0/ ,19 of the still-air vibration modes.

The results when shapewise similarities have been assumed as /,,9=0.8, ¥/,19=0.8 are shown in Fig. 9c, and, as can be
seen, the results follow the same pattern as those shown in Fig. 9a, but the shapewise similarities evaluated here result in
less reduction of the stability limit. However, the differences are only one to three percent, which is rather low. A situation
where the shapewise similarities are /,590=0.8, }/,19=0.4 is presented in Fig. 9d, and when this is compared with the curves
in Fig. 9b, the results indicate that the reduction of the stability limit cannot be calculated directly from the shapewise
similarity ratio Y6/t 216.

To study how a change in the vertical frequency w,; affects the result, the same aeroelastic system as defined above is
used, but with still-air vertical frequencies w,;=5rad/s, w,y=w, -4 rad/s, and w,e{8, 12}. The results when the
shapewise similarities have been assumed to be ,»=1.0, ,19=1.0 are shown in Fig. 9e, and, as can be seen, the
reduction of the stability limit also depends on the still-air natural frequency w,, since the curves shown in Fig. 9a are
fairly different. A situation where the shapewise similarities have been assumed to be /,59=1.0, ¥/,19=0.5 is shown in
Fig. 9f. When these results are compared with the curves presented in Fig. 9b, the dependency of the frequency w,; is also
observed here.

It can be concluded that the reduction of the stability limit caused by multimodal effects when one torsional and two
vertical still-air vibration modes participate in the flutter motion is more complicated than when one vertical and two
torsional modes participate. The reduction depends on the frequency ratio w,»/®,, the torsional frequency wy, the vertical
frequency, w,;, and the shapewise similarities. Different from the case with one vertical and two torsional still-air
vibration modes, multimodal effects cannot be excluded at high w,/w,; ratios.

5. Concluding remarks

Simplified prediction of flutter stability limits is discussed in this paper emphasising closed form solutions. It has been
shown that the established bimodal approach, commonly referred to as the flutter equations, can be greatly simplified if
the load coefficients presented in this paper are introduced. The expressions can be further simplified if the critical
frequency is assumed to be on the torsional solution branch of the system and can be calculated by the uncoupled system
of equations. This results in a simple expression which may be regarded as an engineering approximation of the critical
flutter velocity. The expression has been tested for two typical cross sections for a wide range of hypothetical structural
configurations, in addition to the structural configurations of a few well-known bridges. The results have been compared
with results obtained by a complex eigenvalue analysis. The accuracy of the results has been satisfactory for all the cases
evaluated. The presented formulae can be regarded as alternatives to Selberg’s formula in preliminary designs of long-span
bridges and in the design of medium-span bridges since Selberg’s formula does not take into account possible imperfect
shapewise similarity and the actual aerodynamic properties of the cross section. Further it has been shown that the
expression presented may be simplified further if the contribution from damping is neglected. This results in a formula
equal to Selberg’s formula if the coefficients are given specific values. The estimate of the stability limit of the bridge may
then be improved by using flutter derivatives available in the literature for a cross section similar to the girder of the
bridge. It is also possible to use the formulae to study which of the parameters can be adjusted to achieve better
aerodynamic performance.

Flutter where several vibration modes participate has been reported in the literature. It is therefore important to make
sure that multimodal effects will not reduce the stability limit significantly before a simplified solution based on a bimodal
consideration is used. The shapewise similarity is, as shown in this paper, the most important indicator of possible
multimodal effects. To evaluate which of the still-air vibration modes participate in the flutter motion, the shapewise
similarity of all possible combinations should be evaluated first. Then the vibration modes should be grouped in uncoupled
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subsystems. The subsystem containing the still-air torsional vibration mode with the lowest natural frequency will most
likely provide the lowest critical velocity. If this subsystem consists of more than two vibration modes, multimodal effects
will occur. The reduction will be small if (1) the shapewise similarities are not of the same order of magnitude, which
implies that the flutter motion is generated by a main pair of modes, and that the contribution from the secondary modes
is small and (2) the subsystem consists of one vertical and two torsional vibration modes, and the two torsional vibration
modes are well separated. If there are more than three shapewise similar vibration modes, multimodal calculations should
be carried out.

An example where multimodal effects can be neglected, based on the shapewise similarity criterion, is the Messina
Strait Bridge. Multimodal calculations of the stability limit of the bridge are presented in [31]. The results presented show
that the stability limit remains unchanged when more than one vertical and one torsional still-air vibration mode is
included. This is because the vibration modes come in shapewise similar pairs, resulting in uncoupled subsystems
consisting of one vertical and one torsional vibration mode. However, the vibration modes are not well separated on the
frequency axis, which implies that simplified methods are not recommended.

Participation of horizontal modes in the flutter motion has not been discussed in this study since experimental results
of the flutter derivatives associated with horizontal motion are not available for the two cross sections dealt with.
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Appendix A. The general flutter equation

The stability of an aeroelastic second-order system, where N still-air vibration modes are used as generalised degrees-
of-freedom (see Fig. 1), can be predicted considering the following quadratic eigenvalue problem:

(52Mg +S(€Co—Cae(V, )+ Ko—Kae(V,0))Zy =0, n=1,2,....2N (A1)

Here, Mg represents the generalised structural mass matrix, €, denotes the generalised damping matrix, and Kg
represents the generalised structural stiffness matrix, where the subscript 0 indicates that the matrices contain properties
obtained in still air. The function C..(V,w,) stands for aerodynamic forces proportional to the velocity of the system,
commonly referred to as the aerodynamic damping matrix, while K,e(V,®;) symbolises aerodynamics forces proportional
to the displacement of the system, sometimes referred to as the aerodynamic stiffness matrix. These two matrices are a
function of the oscillation frequency, w, and the wind velocity, V. Furthermore, they also depend on the flutter derivatives
(see Eq. (1)). The oscillation frequency, @, and the wind velocity, V, are treated as continuous and independent variables in
the following analysis.

The solution of Eq. (A.1) gives 2N eigenvalues, S,,, and corresponding eigenvectors Z,, where N is the number of degrees-
of-freedom. Real roots imply that the system behaviour is non-periodic. When the root S,, is real and positive, the solution
reveals exponential divergence; if it is real and negative, the solution exhibits exponential convergence. On the other hand,
complex roots result in system behaviour of periodic or oscillatory nature. These roots appear in complex conjugated pairs
of the form S, =p,+iw, and S, +1 =S:=,un—ia)n. The quantity w, is the damped natural frequency of the aeroelastic system,
while p, is a measure of the damping or diverging behaviour of free oscillations. If yu, is negative, the solution shows
exponential convergence corresponding to positive damping of the aeroelastic system. On the other hand, if u, is positive,
the solution exhibits exponential divergence, which is sometimes interpreted as negative damping of the aeroelastic
system. Hence, the stability limit of the aeroelastic system can be defined in terms of the natural frequency, w,, and the
wind velocity, V, that result in positive real parts of two of the eigenvalues (S, and S, +1). The lowest wind velocity leading
to indifferent behaviour (which corresponds to p,=0) is termed the critical velocity.

The eigenvalue problem, Eq. (A.1), has to be solved by an iterative procedure since the flutter derivatives are functions
of the frequency of motion as well as the wind velocity. Further details of the problem formulation and the solution
procedure applied herein can be found in [32,33].

Appendix B. Selberg’s flutter formula

The widely applied flutter formula, proposed by Selberg, is still used and is referred to in the guidelines of the
Norwegian Public Roads Administration [26]. The formula can be expressed as follows, using the notation applied herein:

Ver =06 {1-(%)2} % (B.1)
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By comparing this equation to the proposed closed-form flutter formula, Eq. (22), it is seen that the formulae become
identical if the aerodynamic coefficients are selected such that the following equation is fulfilled:

50a,,B—9Rs (), h3a; + xpazas) =0 (B.2)

where R; is the radius of gyration. Similar relations to the other formulae outlined in the introduction can be developed if
the approximations suggested in Eq. (10) are introduced:
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Prediction of the wind-induced dynamic response of suspension bridges, emphasizing self-excited forces,
is discussed in this paper. The self-excited forces have been modeled by two commonly applied unsteady
models and an unsteady model introduced and explained in this article. A novel frequency-independent
approximation of the self-excited forces, which for the suspension bridge considered provides results as
accurate as those from the unsteady models, is also presented. An integration method that may reduce
the number of time steps necessary to avoid amplitude and phase distortion of the self-excited forces
has been introduced and applied successfully in a comprehensive case study.
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1. Introduction

When designing long-span cable-supported bridges, time do-
main assessment of the dynamic response is convenient, since
structural nonlinearities may be taken more easily into account
in the time domain than in the frequency domain. One of the main
concerns for long-span bridges is wind-induced dynamic response,
which is most commonly predicted using frequency domain meth-
ods, where the aeroelastic effects are introduced in terms of exper-
imentally determined aerodynamic derivatives [1-12]. This
approach is an extension of classical airfoil theory [13], where The-
odorsen’s function provides the self-excited forces that are actions
generated by the motion of the cross section in the fluid flow. An-
other well-known aerodynamic function has been developed by
Wagner [14]. While Theodorsen’s function describes the lift due
to circulation about an airfoil oscillating and moving horizontally
with constant velocity, the Wagner function describes the growth
of circulation or lift on the airfoil at a small, fixed angle of attack,
starting impulsively from rest to a uniform velocity. Garrick [15]
showed that Theodorsen’s function and Wagner’s function consti-
tute a pair of Fourier transforms. Likewise, Scanlan et al. [2] sug-
gested that there may be a similar relation between indicial
functions in the time domain and aerodynamic derivatives in the
frequency domain. The aerodynamic derivatives can be deter-
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mined by wind tunnel measurements using a scaled section model
of the bridge deck, see e.g., [9,16]. Some attempts have also been
made to determine the aerodynamic derivatives from fluid-struc-
ture interaction models [17-19], where the main challenge is to
model the flow around non-structural details like hand rails and
guide vanes accurately, since these effects may have a significant
influence on the results.

Several methods exist for unsteady modeling of self-excited
forces in the time domain. Many of the methods have their origin
in the Laplace domain, or equivalent, in the frequency domain
when the effect of exponential decay or divergence is assumed to
be negligible. A complex transfer function suitable for Fourier
transforming is curve-fitted to the experimental data, such that
the time domain formulation may be obtained using the Fourier
transform applying the convolution theorem. Several transfer func-
tions have been suggested that may be suitable. Yagi [20] applied
Roger’s approximation and the matrix padé approximation to
model the self-excited forces for a bridge deck, but Roger’s approx-
imation was more successful. Roger’s approximation has also been
applied in [21,22]. Roger’s approximation is a sum of rational func-
tions, where the denominator is the same for all the transfer func-
tions. Bucher and Lin [23] have used a slightly different approach,
where the coefficients in the denominators are determined sepa-
rately for each transfer function. It is also possible to develop
expressions for the self-excited forces considering the downwash
on the cross section [14,24]. This results in a formulation that
has a more physical basis than the rational function approxima-
tions discussed above. However, the indicial functions must also
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Nomenclature
AP coefficient number x in the rational function formula-
tion

Ay, Hy, P, aerodynamic derivatives
ay, hy, pp, modified quasi-steady coefficients

ap distance from the center of the airfoil to the shear center

Qinm, binm coefficients in the indicial function formulation

AB state space system matrices

By constants that define the properties of Newmark’'s
method

B, D width and height of the girder

dom coefficient number x in the rational function formula-
tion

5 Dirac delta function

M number of subdivision of the time step

M, C, K mass, damping and stiffness matrix

Cp, Ci, Gy force coefficients

F aerodynamic transfer function

| a vector that contains the time dependent part of the
self-excited forces

Gn, G,  the Fourier transform of variable n, a vector containing
Fourier transforms

Gij mode shape integrals

i the imaginary unit

I aerodynamic impulse response function

K reduced frequency

K roughness coefficient

L L,, lower triangular matrix obtained by Cholesky decompo-
sition of the cross spectral density matrix

L span length

N number of exponential filters

P, P cross sectional action, vector containing cross sectional
actions

W indicial function

q, 9 cross sectional load

Q, Q; modal load vector, modal load

r, ¥, ¥  displacement, velocity and response acceleration

SorS auto or cross-spectral density, cross-spectral density
matrix

Sk eigenvalue number k

t time

T integration variable

u fluctuating horizontal wind velocity

Vv mean wind velocity

w downwash, fluctuating vertical wind velocity
X, Ax span-wise coordinate, span-wise separation
Xm time series of the fluctuating wind velocities
Xk right hand eigenvector number k

Y left hand eigenvector number k

z height above ground or sea level

z state variable

7 n generalized coordinate or vector containing all general-

ized coordinates
&n still-air damping ratio for mode no. n
P air density
(] Wagner function, or indicial function
¢y, ¢z, ¢y components in the vibration mode vector
o, ®, circular frequency and natural circular frequency
00 infinity

Subscripts/superscripts
ae aerodynamic
buff buffeting

D,L,M drag, lift, moment

Se self-excited

T transpose

u, w along-wind velocity, across-wind velocity in vertical
direction

y,z 0  horizontal displacement, vertical displacement, rotation

0 still-air

~ modal property

! derivative with respect to angle of attack or ©
time derivative

* complex conjugate
Abbreviations

AD aerodynamic derivatives
FD frequency domain

QST quasi-steady theory
QSA quasi-steady asymptotes
TD time domain

be approximated by functions suitable for Fourier transforming;
thus, the main difference of the two methods is the different start-
ing points.

An alternative to unsteady self-excited force models is to use
quasi-steady theory [5,6,25,26] to quantify the self-excited forces.
In the quasi-steady theory, force coefficients from static wind tun-
nel measurements are used to quantify the self-excited forces. This
implies that the quasi-steady theory may be used in both the time
and frequency domains. However, it is well known that the quasi-
steady theory may provide inaccurate results for some cross
sections, in particular, since no aerodynamic torsional damping is
provided. @iseth et al. [6] propose a modified quasi-steady
approach, where curves providing a frequency-independent
description of the self-excited forces are fitted to the experimen-
tally determined aerodynamic derivatives in the important
frequency range. This approach has also been used to develop
simplified expressions for the critical flutter velocity of cable sup-
ported bridges [27]. Other approaches have also been suggested in
the literature. Borri and Costa [28] have introduced torsional
aerodynamic damping by using the leading edge of the profile as
reference point, assuming that the action is driven by the phenom-
ena occurring at this edge. Diana et al. [29] have developed a

corrected quasi-steady theory that takes aerodynamic nonlineari-
ties into account. The approach has been developed further in two
recent papers [30,31]. In this paper the method suggested by @iseth
et al. [6], focusing on the frequency dependency, has been further
developed making it possible to model the self-excited forces accu-
rately at all the natural frequencies of the aeroelastic system.

The unsteady load models discussed above need to be curve-
fitted to the experimental data using a nonlinear approach. Since
the transfer functions are complex, two sets of data must be
curve-fitted to the same coefficients. This implies that the unstea-
dy time domain methods will most likely provide a least squares fit
of lower accuracy than the curves used to represent the aerody-
namic derivatives in the frequency domain. In this article unsteady
and quasi-steady self-excited force models are used to predict the
buffeting response of a long-span suspension bridge. Two of the
unsteady models discussed above, in addition to an unsteady mod-
el suggested in this paper, where quasi-steady asymptotes may be
more easily introduced, have been compared. We also present a
novel approximate approach, which, when applied to the suspen-
sion bridge, provides results as accurate as those produced by
the unsteady models. The unsteady self-excited force models give
the self-excited forces in terms of convolution integrals in the time
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domain. It has been shown in several papers that a time step much
smaller than what is usually applied in the dynamic time domain
analysis may become necessary to evaluate the convolution inte-
grals with sufficient accuracy to avoid phase and amplitude distor-
tion of the self-excited forces, e.g., [32-34]. In this article an
integration scheme that solves this problem has been suggested.
When using this integration method, time steps as small as nor-
mally recommended in dynamic response calculations are
sufficient.

2. Modeling self-excited forces

Self-excited forces are generated by the motion of the structure.
Two approaches are currently being used for bridges, namely (1)
unsteady models, which take into account how the motion of the
structure will affect the flow around it and (2) steady models,
where force coefficients measured on a fixed model are used to
quantify the self-excited forces. The most common representation
of unsteady self-excited aerodynamic forces is given by Scanlan
and Tomko [9] as follows (see Fig. 1):

1 B i,
52,72 y « DIy 2 p* 2 Ty w1z 2 p*
0 =5pV’B <KP ¥+ kP, + KPP3ry + K*Py 5+ KPy V+KP B)
1 Bi
Se _ 1 2 * Ty 21+ 2 * y 2 Ty
=5PV’B <KH v+ KH; 7+ K2 Hsro + KH, B+I<H VK HSB>
Bf . LT
== pVZBZ (KA V+KA 7“+1(2A3m+1<2A 7 KAS V+K2A5§y>
(1)

Here, V is the mean wind velocity; p is the air density; B is the width
of the cross section; K =Bw/V is the reduced circular frequency of
motion, and r,, n € {y,z, 0} represents the horizontal, vertical and
torsional responses that are positive in the same direction as the
forces displayed in Fig. 1. P,, H,, A,, ne{1,2,...,6} are the
dimensionless aerodynamic derivatives, which are characteristic
cross-sectional properties given as functions of the reduced-
frequency of motion. The aerodynamic derivatives are in practice
obtained at discrete harmonic frequencies (commonly presented
as reduced frequencies) from wind tunnel experiments applying a
scaled section model. Hence, the above equations are strictly only
valid for single harmonic motion. However, within the framework
of harmonic analysis applying the principle of superposition, Eq.
(1) can be extended to any harmonic motion or aperiodic motion
applying Fourier integral representation. Consequently, taking the
Fourier transform of Eq. (1), the following frequency domain
description of the self-excited aerodynamic forces emerges,

1 . . o "
G (©) = 5 PBRO2 (P + )Gy () + (P + Pg)Go(c0)

+B(Pyi + P3)Gy()]
Gy () = %szwz [(Hsi + Hg)Gy (w) +
+B(iH; + H374)Go())]
() = % PB*@? [B(A5i + A3)Gy (@) + B(A}i + A}) G, (w)

(Hyi + Hy)G,(w)

G

@
+B (Ayi +43)Go()]

which can be further simplified to

Gege(9) = Fuy(@)Gy () + Fua ()G, () + Faa(0)Go() (3)
Here, n€ {y, z, 0}; iis the imaginary unit, and Gx(w) is the Fourier
transform of X(t), where X(t) € {ry, 1, 1y, 4y, Gz Go}, and Fpp() symb-
olises the transfer functions defined in terms of the aerodynamic
derivatives, which in this representation are treated as continuous
functions of frequency. As shown by Bucher and Lin [23], the time
domain description of the self-excited forces can be obtained apply-

U I\
—> <_ ) .
Fig. 1. Aerodynamic forces acting on a cross section of the bridge deck. The
structural displacements are positive in the same direction as the forces.

ing the inverse Fourier transform and the convolution theorem. This
results in the following equations:

qs(V,t) / Ly(t — )1y (T dr+/ L (t — T)r,(T)dT
/ It — Ty ()dT @
Here, n € {y, z, 0}. The aerodynamic impulse response functions are

defined by the inverse Fourier transform of the transfer functions as
follows:

nmt 27_[/ an

Here it is assumed that the system is causal, i.e. [;;;(t) = 0 for t <0.
Hence, the upper bounds in the integrals in Eq. (4) can be changed
from t to infinity, oo

1(:)[ dw (5)

2.1. Unsteady force model 1

The transfer functions are in general only known from experi-
ments at discrete reduced-frequencies. A rational function approx-
imation is frequently used to interpolate the experimental data
[20,21,23]; the self-excited lift force related to the vertical motion
can then be defined by the following rational function approxima-
tion, which will be referred to as force model 1

: 2 m (22)
2 (zz) 2z) IQ)B (z2) imB AI+3 le/V
F(V,w) = 2pV <A + A +A3 (—V + él 7sz/V+ d’(m

(6)

Ap, ne{l,..., N} are coefficients determined from a nonlinear least
squares fit to experimental data. The corresponding impulse re-
sponse function is given by the inverse Fourier transform of Eq. (6).

2
La(t) = vaz( 300+ 450 + 457500 ()

d‘ v
d(ZZ)V <7—t)
+ZA(” a(t) fTe (7)

1+3

Here, §(t) is the Dirac delta function. Comparing Egs. (2) and (6), and
neglecting added mass effects (AJ™ = 0), it is seen that the real
and imaginary parts of the transfer function, here represented by
Hj and Hj, can be written as:

72| e, AG
* +
Hy= V2 A7 43 T T
7 [ (av) 1]
R L A(ZZ)CI( )
H; -V (ZZ Z 143 (8)

oo
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The lift force related to vertical motion may then be expressed
as:

1 B.
0(t) =5pV? (A%”‘r:(t) +A5Y ()

mo d@y ot (J (Pr))
+3 A7) rz(t>7‘T1 e\’ ry(t)dt (9)

0

The self-excited forces should tend to quasi-steady values when the
reduced-frequency approaches zero [3]. This is a reduced-frequency
range where experimental data for the aerodynamic derivatives
may not be available, especially if the aerodynamic derivatives have
been obtained by the commonly applied free vibration test. The
quasi-steady asymptotes of the transfer function derived from Eq.
(8) are

L Azz

AP Z (10)

and, as can be seen, both the imaginary and real part of the transfer
function goes to quasi-steady values when the reduced-frequency
goes to zero. The imaginary part is dependent on both the constant
A{™ and the constants in the exponential filters. This implies that
A<’”"> cannot be directly related to the asymptotic quasi-steady con-
trlbutlon related to the structural velocity, which is a disadvantage
since a direct comparison with, for instance, the traditional quasi-
steady theory becomes more complicated.

1Kirr&(1<2H;>:A§ZZ), lim(KH; ) =

2.2. Unsteady force model 2

To derive a force model with simpler quasi-steady asymptotes,
the following transfer function is suggested in this article, which
will be referred to as force model 2:

12 gen | qeni0B < A (i0B/V)”
FL(V,0)==pV +A + —_ 11
Vo) =3P < v ;in/vw}”J (1)
Here, added mass effects have been assumed negligible (A{"™ = 0).
This transfer function model provides the following expression for

the real and the imaginary part, here represented by H; and Hj,
respectively:

L
Hy=V|AP +> —— (12)

and the quasi-steady asymptotes become:

lim(KCHy) = A, lim(KH;) = A (13)

Taking the inverse Fourier transform of the transfer function, the

impulse response function is given by:

B .
790

+ZA£573(( 7Y e + G +dPon) 9

Izz<t) :A(fz ( ) A(zz

The self-excited forces may then be written as:

1
0z(t) = 5 pV? (( 2+ ZA,H;)

N

+ (ZAfiédi”’ +A§Z”) ()
n=1

174 t N _

+E/ YA () e 0 | r(v)dt (15)

—o \n=1

which may be further simplified through integrating twice by parts:

1
a(0) = 5V | Ar(e) + A,

T
/ Zn 1A"+3ed"5t i V( )dT

Unsteady contribution

Quasi-steady
(16)

This implies that A" and A{"™ are the quasi-steady force coeffi-
cients, while the exponential filters take the discrepancy of the qua-
si-steady theory and the experimental results into account.

2.3. Unsteady force model 3

An alternative approach to the rational function formulation,
where a function suitable for Fourier transformation is chosen to
interpolate the experimental results, is to consider the downwash
on the cross section. For the case of an airfoil, the downwash at the
3/4 point may be used to characterize the self-excited forces from
circulatory origin [14]:

W) =V ) (@) + 0 (50 ) 3

ch\i/iT) dt, qyu(t) = g(l + an)q, (1)

17

where @ is the well-known Wagner function, and a;, is the distance
from the center of the airfoil to the shear center. Several authors,
e.g. [2,24], have pointed out that the simple expression outlined
above, where only one indicial function is necessary to describe
the self-excited forces, is not directly applicable to a bluff section.
Bisplinghoff and Ashley [24] suggested a model with two indicial
functions, one for the effective angle of attack and one for the angu-
lar velocity, and since the aerodynamic center is not as clearly de-
fined as for an airfoil, separate indicial functions are necessary for
the lift and overturning moment. Bucher and Lin [23] have pointed
out that there may be some redundancy in Eq. (17) since the tor-
sional motion history also contains information on the angular
velocity. Costa and Borri [33] and Caracoglia and Jones [35] have
used the first two terms in Eq. (17), rendering self-excited aerody-
namic forces defined by the following equations, which will be re-
ferred to as force model 3,

1 ;[
0(t) =3 pVBC, [ a(t-7)

ot

q.(t) :%pVZBC'L U y(t — T)TY(T dr—f/ Dy(t—1 )ﬂ’(r)dr]

q:\;(t) = %PVZBZC;W [/ “Duo(f —D)r(0)dT — / Dz (t — )y (1)d }
(18)

where only the vertical and horizontal components are considered
for brevity. The indicial functions are approximated as:

v
d)"m (f) _ Aonm — g Ainm eXP[ bmm B t]v t = 0 (19)

0, t<0
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The transfer functions may then be obtained by the Fourier
transform:

o0 0 N
—ia —_ic Ay a;
Fl)= [ ome = [ omeirae =S - S
J—o0 Jo j—1 “inmp

(20)

which renders the following equivalence scheme, here represented
by Hj, H;, H; and H}:

H = —C,V | dozs — ZN: S
i [(b,-zzv) +1]
Hy=—CV i ﬂizn{Jm;VZ
i1 {(bizuv) +1]

(21)
O N Qizg
H; = C,LVZ Aoz — E =

* 1772 N aizzbizz
Hi= -GV ) =5
= [(b,-zzv) +1]

An identical equivalence scheme may be obtained for the aerody-
namic derivatives related to the self-excited overturning moment,
replacing C; with C), and the first sub index z with 0. The quasi-stea-
dy asymptotes of this model are

N .
lim(KH,) = —Clap,; lim(KH) = —C, Y 20
K—0 K—0 o bin (22)
lim(K*H3) = Cdozs  lim(K*H}) = 0

The steady-state values associated with the vertical response (H}
and A}) become zero. This is reasonable since the vertical position
(displacement) should not affect the load in a steady-state situation.
The steady-state values for A; and H; have somewhat more compli-
cated behavior since constraints must be added in the optimization
process, while the steady-state values for H}, H;, A] and A; can be
easily assigned to one parameter, which is the value that the indi-
cial function tends to.

2.4. Numerical evaluation of the convolution integrals

One of the main problems of using the models presented above
to represent the self-excited aerodynamic forces in the time do-
main is that the time steps must be kept small to be able to eval-
uate the integral expressions with sufficient accuracy. This is
because the indicial or impulse-response functions often have a
considerably shorter rise time than the period corresponding to

Table 1
Percentage difference of the exact solution and numerical results obtained by the
trapezoidal rule and Eq. (23).

Time step, At Example 1
Trapezoidal (%) Eq.(23) (%) Trapezoidal (%) Eq.(23) (%)

Example 2

0.5 400.3565 0.2486 405.0248 3.6431
0.2 107.5532 0.0671 108.9107 1.0614
0.1 31.3262 0.0195 31.6664 0.3122
0.05 8.2030 0.0051 8.2835 0.0819
0.02 1.3306 0.0007 1.3432 0.0133
0.001 0.0033 0.00003 0.3364 0.0033

the highest natural frequency of interest. Furthermore, the self-
excited forces depend on the motion history, but as has been
demonstrated by Borri et al. [32], only the recent part of the motion
history is important. Another approach that has been demon-
strated in [21,23,36] is to express the dynamic equilibrium in
state-space and introduce the integrals as state variables, which
implies that the integrals do not have to be evaluated explicitly,
but are solved by the numerical integration of the equilibrium
equations. In this section an alternative integration approach will
be presented. The approach utilizes the fact that additional time
steps will only be necessary when the indicial functions have a
shorter rise time than the shortest natural period of interest. This
implies that the response may be linearly interpolated into an axis
with a denser separation before the integrals are evaluated. The re-
sponse r is known in N points in the interval 0 < 7 < t; each inter-
val, Art, is subdivided into (M — 1) intervals, rendering the
following summation formula:

t N-1 M-1

(b(t — ‘E)r(‘[)dl’ = Z(MAiz]) Z Z[rmdjm + rm>1¢m41]

N=Ngtqrr m=1

m-—1 m-—1
T'm :Ar<M71> + Ty Oy = d)(t— <1n+mm>>

AT =Tyt — Tn, AT =Tni1 —Tn,  Nstare = (Estart /AT + 1)

tstart

(23)

The efficiency of this approach clearly depends on the ratio of the
rise time of the indicial function and the period of the response.
When the rise time is shorter than the shortest natural period of
interest, the procedure is found to be very effective, while the pro-
cedure will be less effective when the rise time is longer than the
period of the response. Two examples are shown below, where
the same indicial function is used in both examples. A harmonic re-
sponse with a frequency of 0.5 rad/s is used in example one, while a
frequency of 2 rad/s is used in example two. The percentage differ-
ence of the exact solution and the numerical results obtained by the
trapezoidal rule and Eq. (23) is shown in Table 1

&(1) = exp(—107) 11(T) = cos(0.57T)
I = * dﬁ(r)rn('c)dr (24)

0

12(T) = cos(27)

The results indicate that the approach suggested in Eq. (23) gives a
significant reduction of the necessary number of time steps and is
hence more computationally efficient than the trapezoidal rule. If
an error less than one percent is required, the number of time steps
may be reduced by a factor of 80 in example 1 and by a factor of 11
in example 2. In numerical calculations of the dynamic response of
structures it is frequently assumed that the necessary time step is
the period of the highest significant vibration mode divided by a
factor of 10. In [32-34] time steps of At =0.001 s have been used.
This is a much smaller time step than is usually necessary in dy-
namic analyses of slender bridges with low natural frequencies.
The formulae presented above will result in that the time step does
not have to be reduced to evaluate the convolution integrals with
accuracy sufficient to avoid amplitude and phase distortion of the
self-excited forces.

2.5. A novel approximate method

An alternative to the unsteady models presented above is to use
quasi-steady theory to model the self-excited aerodynamic forces.
The traditional quasi-steady theory does not provide any aerody-
namic torsional damping, which, for some cross sections, will re-
sult in a significant underestimation of the flutter threshold [6].
However, it is shown in [6] that modified quasi-steady theory,
where curve fits providing a frequency-independent description
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of the self-excited forces may approximate the experimental data
in the important reduced-frequency range with sufficient accuracy.
This is achieved if the experimental data for the aerodynamic
derivatives are locally approximated by the following expressions:
X;{(K) =x;(1/K) wheni=1,2,5 and

X{(K) = x;(1/K)* when i =3,4,6 (25)
where X € {P, H, A} and x € {p h a}. Inserting these expressions into
Eq. (1) provides the following frequency-independent definition of

the self-excited forces that may be used in both the time and fre-
quency domain.

1 i Br, I i, T,
%('SE) = jpsz(pl Vy+P270+P3rn +P4§y+P5VZ+PG§Z>

; o A
g5 — ipVZB<h1 L L N L S h6%> 26)

S 1 I Biy T F T
q(()e) = EPVZBZ (al VZ + azv‘ﬁ- asty + a4§z+ asvy + a5§y>
Here, py, hy, a, n€{1, ..., 6} are coefficients determined by fitting

the expressions defined in Eq. (26) to the experimental results in
the important frequency range. The disadvantage with the modified
quasi-steady approach presented in [6] and summarized above is
that it is only possible to approximate the aerodynamic derivatives
in one reduced-frequency range, which implies that some of the
natural frequencies of the aeroelastic system will not be properly
covered. Here, as a novel approach utilizing the left and right eigen-
vectors, it is suggested to uncouple the system of equations. This
implies that curves representing the experimental data can be fitted
at the reduced velocities corresponding to the natural frequencies
of the one degree of freedom system one by one. To uncouple the
system it is necessary to reduce the order of the differential equa-

*
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tion. Introducing a state variable [37], Z(t) = [ #]", the dynamic

equilibrium may be rewritten as

AZ =BZ
_ 0 —1\710 _ —M, 0
A= LMO —(€ = Coe(V, ) | B= [ 0 (Ko — Kee(V, %))

27

Here, M, C, and K, represent the still-air modal mass, damping
and stiffness matrices, while Kg and Cqe represent the aerodynamic
stiffness and damping matrices, respectively. The eigenvalue prob-
lem can then be expressed as follows:

BX, = SiAXx, YiB = S.Y.A (28)

Here, X, is the right-hand eigenvector; Y, is the left-hand eigenvec-
tor, and Sy = ay + iwy is the eigenvalue. As can be seen from Eq. (27),
the aerodynamic damping and stiffness matrices are in general fre-
quency-dependent, which implies that the eigenvalue problem
must be solved by an iterative approach. If it is assumed that the
self-excited forces are most important for the resonant part of the
response, the system of equations may be uncoupled. This implies
that the aerodynamic stiffness and damping coefficients are as-
sumed constant at varying frequency and equal to the value at
the natural frequency of the corresponding one-degree-of-freedom
system. The approximation used for the aerodynamic derivatives A}
and A; for the natural frequencies wy € {2,3,4} at a mean wind
velocity of 50m/s corresponding to the reduced velocities
V € {1.4,0.9,0.7} are shown in Fig. 2. As can be seen from the fig-
ure, the aerodynamic derivatives provide a model that is strictly
speaking frequency-dependent, which implies that apparently large
discrepancies between the frequency-independent approximation
and the aerodynamic derivatives may arise. However, the forces

0 0.5 1 1.5 2
K

AD ® NF

MQsC O Exp.

Fig. 2. Illustration of the approximations of the aerodynamic coefficients for three vibration modes. Each solid marker represents a reduced velocity or frequency
corresponding to the natural frequency of one of the vibration modes. The blue lines are curves representing the aerodynamic derivatives in the frequency domain, and the
black lines represent the approximations used for each complex vibration mode. (For interpretation of the references to color in this figure legend, the reader is referred to the

web version of this article.)
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proportional to the velocity are commonly most important in a fre-
quency range around the natural frequency for a single-degree-of-
freedom system, which indicates that the aerodynamic derivatives
associated to the structural velocities will not affect the background
turbulence part of the response significantly. The aerodynamic
derivatives linked to the displacements of the structure may, on
the other hand, affect the background turbulence part of the re-
sponse; but as will be demonstrated in the present case study, aero-
dynamic stiffness is for certain structural categories lower than the
structural stiffness, in particular for the high natural frequencies,
and may in that case result in insignificant inaccuracies. The sug-
gested method will therefore provide fairly accurate numerical re-
sults if the difference between the aerodynamic stiffness provided
by the frequency-independent approximation and the full fre-
quency-dependent model is smaller than the structural stiffness.
The equation of motion may hence be approximated as

Ann = YnAxm Bnn = Yann;

Annyrl(t) = Bnnyn(t) - ﬁn(t)

N
Z(t)= Z XoYn
n=1

P, = Y,P(t)

29)

This implies that a time domain solution is possible without the use
of convolution integrals to define the self-excited forces. The evalu-
ation of the convolution integrals is computationally demanding. A
case with 10 vibration modes implies that 100 combinations of
mode shapes have to be evaluated. Each combination involves nine
integral expressions, similar to the expression given in Eq. (9), for
each exponential filter. Compared to this the approach suggested
in this section requires much less computational effort.

3. Case study: The Hardanger Bridge

To evaluate the self-excited force models presented above, we
have selected the Hardanger Bridge displayed in Fig. 3, which is
currently under construction in Norway. The Hardanger Bridge will
become the longest suspension bridge in Norway and among the
top 10 longest suspension bridges in the world, with its total
length of 1380 m, including a main span of 1310 m. Since the
bridge will only have two traffic lanes and one lane for bicycles
and pedestrians, it is unusually narrow; the width of the girder is
18.3 m and the distance between the two cables only 14.5 m. An
eigenvalue analysis is carried out for the bridge subjected to dead
loads, applying the computer program ALVSAT [38]. A total of 24
(the first 8 horizontal, 8 vertical and 8 torsional) vibration modes
and corresponding undamped natural frequencies were extracted
(see [6] for further details).

3.1. Simulation of the wind field

The density of the air is assumed to be p = 1.25 kg/m?, and the
co-spectral densities of the wind field are assumed to be given by:

40.58Vzic AXw
Sq (W) =———" - ex (—1.4—)
w(®) (1+9740z/V) *F v
St (@) = 0.82Vzic exp (7 Axw> 30
YT (1407902 V) 4 (9
Sh () = — 2.23Vzic - (_ Axw)
(1+1.67wz/V)" 4

Here, x is the roughness coefficient at the site, assumed to be
0.0031; z is the height above the ground, and Ax is the distance be-
tween the two points considered. The fluctuating wind velocities
have been simulated at 101 points along the girder by the use of
Monte Carlo simulations [39-41], with a cut-off frequency of
wy, =5rad[s and Aw = 0.0002 rad/s. The time series at point m can
then be obtained by

N

k=1

Xm(t) = V2AwRe (i Lini( ) exp(i(o + dm))) E0)
=1

Here, L (wy) is the elements in the factorised cross spectral density
matrix fulfilling the relation

S(x) = L(a )L’ () (32)

where the elements in S(wy) represent the cross spectral densities
of the fluctuating velocity components at the M points along the gir-
der. The time series of the fluctuating wind velocities at two points
with a separation of 117.9 m are shown in Fig. 4, and the average
co-spectral densities of 20 time domain simulations and the target
co-spectral densities defined in Eq. (30) are shown in Fig. 5. As can
be seen from the figure, the time domain simulations correspond
very well with the initial co-spectral densities.

3.2. The dynamic equilibrium

The vibration modes from still air are used as generalized coor-
dinates, which implies that the modal dynamic equilibrium condi-
tions may be defined by:

Ml)il + CO'I + l_(O'I = éﬂeil + Rne'l + l_:ﬂe + QBuff (33)

Here, My, Co and K, represent the modal mass damping and stiff-
ness matrices, and the vector n contains the generalized degrees
of freedom, #;. A matrix with a zero index indicates that the matrix
contains properties from still air, while the index ae implies that the
matrix contains aerodynamic properties. The vector F, symbolizes

Fig. 3. Artist’s view of the Hardanger Bridge across the Hardanger Fjord (www.vegvesen.no, 2010).
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Fig. 4. Time series of the fluctuating velocities at two points along the girder with a separation of 117.9 m; u is the along wind component, while w is the vertical component.
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Fig. 5. Comparison of the average co-spectral densities of 20 simulated time series and the target co-spectral densities at two points with a separation 117.9 m. Left figure:
The co-spectral density of the u components. Middle figure: The co-spectral density of the w components. Right figure: The co-spectral density of the u and w components.

the history-dependent part of the self-excited forces, and the vector
Qs represents the modal buffeting load vector. The elements in

the modal aerodynamic damping and stiffness matrices are given
by:

(ae)

1 B
CU =5 pVZ v (Aéyy)c,%vy) + A(zyZ)G;’-yZ) n Agy())cgyﬁ) + A;zy)cg_zy) n A(ZZZ)GEjZZ)

4 BA(Zzn)G,gjzn) 4 BA(zoy G ) BAW G (02) BZA 2y) G (62) ) (34)

R = 2 pV? (APGI) + APIGY + BAYGY 4 AP'GEY 1 AZIGE

4 BA(IZ")GEJ?") 4 BASW G ) BA (62) G (62) BZA(zy G (62) ) (35)

respectively, while the elements in the vector F,, are defined by:

Fi- 2pv2§j/' Py = L) + Gyt = T (1)
+BdeAnf>(n+c” Ut = (D)
+GZZ ‘pzz t_ (‘C)
+chwma7r><n+ﬂcwwwafrmwn
+BG (= D) + BG (Tl (@)de (36)

Here, Y/,m, n, m € {y, z, 0}, represents the indicial functions; #? sym-
bolizes the nth derivative of the response for generalized coordinate
i, and the mode shape integral G{"™ is defined as

L
S R

where ¢ symbolises the vibration modes. Finally the elements in
the modal buffeting load vector can be expressed as:

Q= pvs(/ oY (x <ZBCDu(x £) + (gc —fl>w(x,t)>dx

+ /0 49 ) <2au<x,r)+ <C’L+gfp>w(x, t))dx

. /0 t () (ZBfMu(x, t) + BC,w(x, t))dx)

(37

38)

Here, u(x, t) and w(x, t) are the fluctuating velocity in the horizontal
and vertical direction, respectively.

3.3. Nonlinear curve fitting to the experimental data

Curve fits to the experimental data [42] when force models 1, 2
and 3 are used to model the self-excited forces are shown in Fig. 6
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Fig. 6. Curve fits to the experimental data for force model 1 defined in Eq. (6), force model 2 defined in Eq.(11), force model 3 defined in Eq.(18) and force model 2 with quasi-
steady asymptotes provided by traditional quasi-steady theory.

The coefficient of determination, R?, for each of the models, in addi- Eqgs. (8) and (12) provide fits to the data that are identical, and bet-
tion to the second-order polynomials representing the aerody- ter than those of force model 3 presented in Eq. (21). As can be seen
namic derivatives in the frequency domain, are given in Table 2. from the central figure, the force coefficients KH; and K*H;, are al-

The curves representing H; and H, represent the experimental data most frequency-independent for force models 1 and 2, providing
with apparently fair accuracy. Force models 1 and 2 presented in indicial functions with short rise time, while some frequency
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Table 2

Coefficient of determination, R?, for the force models fitted to the experimental data.
Formulation zz z0 0z 00

H; H; H; H3 A} A A; Ay

Aerodynamic derivatives 0.893 0.489 0.502 0.998 0.968 0.148 0.969 0.999
Force model 3, Eq. (21) 0.767 0.405 0.445 0.997 0.953 0.124 0.957 0.999
Force model 1, Eq. (8) 0.818 0.426 0.420 0.997 0.949 0.185 0.963 0.999
Force model 2, Eq. (12) 0.818 0.426 0.297 0.997 0.947 0.196 0.963 0.999
Force model 2 with quasi-steady asymptotes 0.789 —0.042 0.314 0.997 0.954 0.138 0.962 0.999

dependency can be seen for force model 3. Force model 3 provides
a less accurate fit to the data than models 1 and 2 since the optimal
fit is close to frequency-independent. This is difficult to model with
force model 3 since there is no “frequency-independent term” in
the expression for H;, which implies that low values of b;,, and
high values of a;,, provide the optimal least squares fit for a fre-
quency-independent case. This will result in an indicial function
with a long rise time, such that a very long time series has to be
considered before a steady-state solution of the self-excited forces
is achieved. All the models considered provide acceptable fits in
the range covered by the experimental data, but large discrepan-
cies can be seen in the low reduced-frequency range where exper-
imental data are not available. The traditional quasi-steady theory
[25], see also [5], is valid in the low reduced-frequency range. A
version of the force model suggested in this article (force model
2) is therefore added, where the coefficients A; and A, are provided
by traditional quasi-steady theory: A% =0 and Ay = —(C,+
CpD/B) = —2.53. This makes the curve fitting slightly more
complicated, in particular, since Af = 0, which implies that the
coefficients in the exponential filters must represent Hj. As can
be seen from Table 2, force model 2 with quasi-steady asymptotes
represents the experimental data for H; with apparently fair accu-
racy, while the fitting of H, is less accurate. All the curves repre-
senting H, and Hj are acceptable. The force models considered
provide an equally good fit to Hj, but as can be seen from the
curves representing KZH;, there are some differences at low re-
duced frequencies and in the range K€ {1.4, ..., 2}. The quality of
the fit to the experimental data of H; is also satisfying. Force model
3 provides the highest coefficient of determination of the time do-
main models. The curves representing KH; are very similar, but
force model 2 has a different quasi-steady asymptote than the
other models. A version of force model 2 with quasi-steady asymp-
totes predicted by traditional quasi-steady theory is also pre-
sented, assuming AY” =0 and A" = C, =2.4. As can be seen
from the coefficients of determination presented in Table 2, this
alternative provides a very good fit to the experimental data for
H3, while the coefficient of determination is lower than the other
alternatives for H;. The curves representing A] and A, are accept-
able. As can be seen from the figure, the curves are notably differ-
ent at low reduced velocities, and the quasi-steady asymptotes are,
in particular for KAj, clearly different. Also, for these load coeffi-
cients, a version of force model 2 with quasi-steady asymptotes
given by traditional quasi-steady theory has been investigated,
assuming AY? = 0, A{"”) = —C}, = —0.74. As can be seen from Table
2, this alternative provides a coefficient of determination for Aj
that is higher than the other alternatives, while the coefficient of
determination for A}, is lower than when the coefficients A"
and Ag”z’ are determined by the least squares fit. The self-excited
force models considered provide very good fits to the experimental
data for A5 and Aj. The coefficient of determination is almost as
high as the results achieved by the curves representing the aerody-
namic derivatives in the frequency domain. Force model 3 provides
results with slightly lower accuracy for A than the other alterna-
tives, and in the case of A; all models are apparently equally

accurate. As can be seen from the curves representing KA, and
K?Aj, the quasi-steady asymptotes are fairly different, in particular
for KA;. When traditional quasi-steady theory has been used with
quasi-steady asymptotes assuming AY” = 0 and A = C}, = 0.74 a
least squares fit as accurate as the other alternatives is achieved.

The least squares fit for the different self-excited force models
can be summarized as follows: Force model 3 does not have “qua-
si-steady” terms in all the expressions for the aerodynamic deriv-
atives, which, as has been seen for Hj, may be a disadvantage in
cases where the experimental data of the aerodynamic derivatives
provide a self-excited force model that is close to frequency-inde-
pendent. Force model 1 is robust and provides fits of good accuracy
for all the cases considered, but as has been shown in Eq. (10), the
quasi-steady asymptotes are dependent on the coefficients in the
exponential filters, which may be a disadvantage. The alternative
formulation suggested in Eq. (11) (force model 2) has provided
good fits for all the cases considered, and it has been shown that
the quasi-steady asymptotes may be easily assigned to values pre-
dicted by traditional quasi-steady theory. In most cases this will
give a least squares fit with slightly less accuracy since Ag’”” and
A({"") are fixed. The main problem with all the unsteady load mod-
els discussed in this section is that the curves representing the
experimental data are rather complicated, and since the same coef-
ficients are used for both the real and imaginary part of the transfer
functions, two sets of experimental data have to be curve-fitted
with the same coefficients. This implies that the least squares fit
of the time domain models will become less accurate than the fre-
quency domain approach with the aerodynamic derivatives, since
simple polynomial expressions may be used for each aerodynamic
derivative separately.

3.4. Dynamic response

The wind-induced dynamic response has been obtained using
the well-known Newmark’s integration method, applying = 1/4
and y = 1/2; see, for instance, [43] for further details. The time step
At has been taken as 0.1 s, and the length of the considered time
series is 6000 s. In Fig. 7 the first 600 s of the wind-induced dy-
namic response at the mid-span of the Hardanger Bridge at a mean
wind velocity of 50 m/s is shown. Force model 3 is used to repre-
sent the self-excited forces. In Fig. 8 the standard deviations of
the horizontal, vertical and torsional responses at several mean
wind velocities are shown. The open circles represent the average
standard deviation from 20 time domain simulations; the solid
lines represent results calculated in the frequency domain using
force model 3. The dashed lines represent results obtained in the
frequency domain with the aerodynamic derivatives. As can be
seen from the figure, the Monte Carlo simulations have converged
since the standard deviations predicted by the time domain simu-
lations are very close to the frequency domain results. The results
for horizontal and vertical motions are very close to those pre-
dicted by the aerodynamic derivatives, while the torsional re-
sponse is underestimated, compared with the aerodynamic
derivatives. The average standard deviations of 20 time domain
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Fig. 7. Wind-induced dynamic response at the mid-span of the Hardanger Bridge at 50 m/s. The self-excited forces have been represented by force model 3.
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simulations, considering all the self-excited force models pre-
sented in this article, are presented in Table 3. The response
predicted in the frequency domain using the aerodynamic deriva-
tives has been used as a benchmark since the aerodynamic deriv-
atives represent the experimental data with higher accuracy than
the other models. Force model 3 provides results with fair accuracy
with one exception, which is the torsional response at 20 m/s. The
formulation generally underestimates the response slightly. The
covariance coefficients of the response components estimated as
the mean value of 20 time domain simulations are presented in
Table 5, and the covariance coefficients obtained in the frequency
domain are provided in Table 6. Force model 3 provides covariance
coefficients with acceptable accuracy. When the time domain and
frequency domain results are compared, some discrepancies can be
observed, indicating that the Monte Carlo simulations have not en-
tirely converged. The co-spectral densities of the response compo-
nents at a mean wind velocity of 50 m/s are shown in Fig. 9 and as
can be seen from the figure; force model 3 captures the co-spectral
density of the horizontal and vertical components in good agree-
ment with the results predicted by the aerodynamic derivatives.
The estimate of the co-spectral density of the time domain simula-
tions has been obtained by the Welch algorithm and is in good
agreement with the frequency domain results. For the co-spectral

density of the vertical and torsional components, the estimate ob-
tained from the time domain simulations contains more scatter
than the other estimates, and as can be seen from the frequency
domain results, there are some discrepancies at low frequencies,
in particular. This is a frequency range that is not covered by the
experimental data, which implies that the covariance coefficient
of the horizontal and vertical response is uncertain. The estimated
co-spectral density of the vertical and torsional components corre-
sponds very well with the results obtained in the frequency do-
main using force model 3. There are some discrepancies in the
results from force model 3 and the aerodynamic derivatives at
the peak near 2 rad/s. This is the main source of the discrepancies
of the covariance estimates for the vertical and torsional response
at 50 m/s.

The standard deviation estimated using force model 1 agrees
well with the results predicted using the aerodynamic derivatives.
The time domain estimates presented in Table 3 are very close to
the corresponding frequency domain results given in Table 4,
which implies that the Monte Carlo simulation has converged.
The spectral densities of the response components at a mean wind
velocity of 50 m/s are shown in Fig. 10. The spectral densities of the
time domain simulations have been estimated by the Burg method.
As can be seen from the figure, force model 1 captures the spectral
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Table 3

Calculated standard deviation of the horizontal, vertical, and torsional response, using different self-excited force models. The standard deviation of the response predicted by the
aerodynamic derivatives in the frequency domain is given in the first cell. The mean values of the standard deviation of 20 time domain simulations are given in the next cells
together with the percentage difference in the results predicted by the aerodynamic derivatives in the frequency domain.

Mean wind velocity, V (m/s) 20 30 40 50 60 70
Aerodynamic derivatives Horizontal 0.17 0.39 0.73 1.19 1.76 244
Vertical 0.086 0.200 0.361 0.566 0.823 1.158
Torsional 0.0019 0.0046 0.0088 0.0152 0.0253 0.0454
Force model 3. Eq. (21) Horizontal 0.16 0.38 0.72 1.16 1.73 242
-3% —3% -1% —2% —2% -1%
Vertical 0.092 0.212 0.376 0.578 0.830 1.172
7% 6% 4% 2% 1% 1%
Torsional 0.0023 0.0046 0.0083 0.0137 0.0229 0.0460
25% 1% —7% —10% —10% 1%
Force model 1. Eq. (8) Horizontal 0.16 0.38 0.69 1.15 1.75 239
—1% —4% —6% —3% 0% —2%
Vertical 0.088 0.203 0.365 0.565 0.821 1.161
2% 1% 1% 0% 0% 0%
Torsional 0.0020 0.0044 0.0084 0.0143 0.0236 0.0426
6% —4% —5% —6% 7% —6%
Force model 2. Eq. (12) Horizontal 0.16 0.38 0.69 1.15 1.75 239
-1% —4% —6% —3% 0% —2%
Vertical 0.088 0.203 0.366 0.566 0.821 1.160
2% 1% 1% 0% 0% 0%
Torsional 0.0019 0.0044 0.0083 0.0140 0.0231 0.0418
5% —5% -7% —8% -9% —8%
Force model 2 with QSA Horizontal 0.16 0.38 0.69 1.15 1.75 2.39
-1% —4% —6% —3% 0% —2%
Vertical 0.097 0.215 0.380 0.586 0.840 1.199
13% 7% 5% 3% 2% 4%
Torsional 0.0019 0.0044 0.0083 0.0142 0.0239 0.0481
4% —4% —6% —7% —6% 6%
Decoupled system of equations. Eq. (28) Horizontal 0.16 0.38 0.74 1.16 1.71 243
—5% -3% 1% —3% -3% -1%
Vertical 0.085 0.198 0.357 0.560 0.813 1.143
-1% -1% -1% -1% -1% -1%
Torsional 0.0018 0.0044 0.0085 0.0146 0.0239 0.0429
—-1% —5% —4% —4% —6% —5%
Table 4

Calculated standard deviation of the horizontal, vertical, and torsional response in the frequency domain, using the aerodynamic derivatives, force models 1, 2 and 3 and force
model 3 with quasi-steady asymptotes given by traditional quasi-steady theory.

Mean wind velocity, V (m/s) 20 30 40 50 60 70
Aerodynamic derivatives Horizontal 0.17 0.39 0.73 1.19 1.76 2,44
Vertical 0.09 0.20 0.36 0.57 0.82 1.16
Torsional 0.0019 0.0046 0.0088 0.0152 0.0253 0.0454
Force model 3. Eq. (21) Horizontal 0.17 0.40 0.74 1.20 1.77 2,46
1% 1% 1% 1% 1% 1%
Vertical 0.093 0.214 0.379 0.584 0.837 1.177
8% 7% 5% 3% 2% 2%
Torsional 0.0023 0.0047 0.0082 0.0137 0.0230 0.0457
23% 2% -7% —10% —9% 1%
Force model 1. Eq. (8) Horizontal 0.17 0.39 0.73 1.19 1.76 2,45
0% 0% 0% 0% 0% 0%
Vertical 0.089 0.206 0.367 0.573 0.830 1.170
3% 3% 2% 1% 1% 1%
Torsional 0.0020 0.0045 0.0085 0.0146 0.0243 0.0432
7% —2% —4% —4% —4% —5%
Force model 2. Eq. (12) Horizontal 0.17 0.39 0.73 1.19 1.76 2,44
0% 0% 0% 0% 0% 0%
Vertical 0.089 0.205 0.367 0.573 0.829 1.169
3% 2% 2% 1% 1% 1%
Torsional 0.0020 0.0045 0.0084 0.0143 0.0238 0.0430
7% —2% —5% —6% —6% —5%
Force model 2 with QSA Horizontal 0.17 0.39 0.73 1.19 1.76 2,44
0% 0% 0% 0% 0% 0%
Vertical 0.097 0.215 0.377 0.585 0.849 1.208
13% 7% 5% 3% 3% 4%
Torsional 0.0020 0.0045 0.0084 0.0144 0.0244 0.0483
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Table 5

Calculated covariance coefficients, using different self-excited force models. The covariance coefficients predicted using the aerodynamic derivatives in the frequency domain are
given in the first cell. The mean values of the covariance coefficients of 20 time domain simulations are given in the next cells together with the percentage difference in the
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results predicted by the aerodynamic derivatives in the frequency domain.

Mean wind velocity, V (m/s) 20 30 40 50 60 70
Aerodynamic derivatives yz -0.18 -0.17 -0.17 —-0.16 -0.16 -0.16
0 —0.051 —0.052 —0.053 —0.053 —0.052 —0.047
z0 0.2298 0.1998 0.1820 0.1643 0.1297 0.0728
Force model 3. Eq. (21) yz -0.17 -0.16 -0.16 -0.17 -0.18 —-0.18
-7% —8% —4% 5% 10% 11%
yo —0.043 —0.045 —0.049 —0.059 —0.055 —0.042
—16% —15% ~7% 11% 6% —10%
z0 0.1756 0.1831 0.1893 0.1843 0.1446 0.0415
—24% —8% 4% 12% 11% —43%
Force model 1. Eq. (8) yz -0.18 -0.16 -0.16 -0.17 -0.18 -0.18
—3% —5% —2% 5% 9% 11%
0 —0.052 —0.049 —0.053 —0.064 —0.065 —0.063
2% —5% 0% 22% 26% 34%
z0 0.2156 0.2028 0.1962 0.1891 0.1657 0.1362
—6% 2% 8% 15% 28% 87%
Force model 2. Eq. (12) yz -0.18 —0.16 -0.16 -0.17 —0.18 -0.18
-3% —5% —2% 5% 9% 11%
0 —-0.053 —0.050 —-0.053 —0.064 —0.064 —0.060
3% —5% 0% 21% 24% 28%
z0 0.2209 0.2061 0.1986 0.1918 0.1666 0.1297
—4% 3% 9% 17% 28% 78%
Force model 2 with QSA yz —-0.16 -0.16 -0.16 -0.17 -0.17 -0.17
—12% -9% —4% 3% 9% 8%
yo —0.052 —0.047 —0.049 —0.057 —0.052 —0.040
2% —9% -7% 8% 1% —14%
z0 0.1948 0.1884 0.1837 0.1703 0.1305 0.0442
—15% —6% 1% 4% 1% —39%
Decoupled system of equations. Eq. (28) yz -0.18 -0.17 -0.17 -0.17 -0.17 -0.17
-1% —3% -1% 5% 8% 7%
yo —0.051 —0.042 —0.041 —0.048 —0.044 —0.037
0% —20% —22% —10% -15% —21%
z0 0.2256 0.1866 0.1670 0.1453 0.1001 0.0348
—2% —7% —8% —-12% —23% —52%

Table 6

Calculated covariance coefficients in the frequency domain using the aerodynamic derivatives, force models 1. 2 and 3 and force model 3 with quasi-steady asymptotes given by

traditional quasi-steady theory.

Mean wind velocity, V (m/s) 20 30 40 50 60 70
Aerodynamic derivatives yz -0.18 -0.17 -0.17 -0.16 -0.16 -0.16
0 —-0.05 —-0.05 -0.05 —-0.05 —-0.05 -0.05
z0 0.23 0.20 0.18 0.16 0.13 0.07
Force model 3. Eq. (21) yz -0.17 -0.16 -0.16 -0.16 -0.16 -0.16
7% 6% 4% 2% —-1% -1%
0 —0.041 —0.049 —0.053 —0.052 —0.048 —0.037
—21% —6% -1% —2% —8% —22%
z0 0.1785 0.1862 0.1895 0.1819 0.1466 0.0464
—22% -7% 4% 11% 13% —36%
Force model 1. Eq. (8) yz -0.18 -0.17 -0.16 -0.16 -0.16 -0.16
—3% —3% —2% —1% 0% 1%
0 —0.048 —0.054 —0.056 —0.056 —0.056 —0.054
—6% 3% 5% 7% 9% 16%
z0 0.2113 0.2028 0.1916 0.1796 0.1584 0.1265
—8% 2% 5% 9% 22% 74%
Force model 2. Eq. (12) yz -0.18 -0.17 -0.17 -0.16 -0.16 -0.16
—3% —2% —2% -1% 0% 1%
0 —0.048 —0.054 —0.056 —0.056 —0.055 —0.051
—6% 2% 5% 6% 7% 9%
z0 0.2149 0.2049 0.1943 0.1841 0.1616 0.1173
—6% 3% 7% 12% 25% 61%
Force model 2 with QSA yz —0.16 —-0.16 -0.16 —0.16 —0.16 -0.15
-11% —6% -3% -1% -1% —2%
yo —0.048 —0.051 —0.052 —0.050 —0.045 —0.034
~7% —2% —2% —6% —13% —27%
z0 0.1928 0.1901 0.1826 0.1681 0.1276 0.0415
—16% —5% 0% 2% —2% —43%
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Fig. 9. Comparison of the co-spectral densities of the response components at a mean wind velocity of 50 m/s, using the aerodynamic derivatives and force model 3 in the
frequency domain and force model 3 in the time domain. The time domain estimate has been obtained using the Welch algorithm.
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Fig. 10. Comparison of the spectral densities of the response components at a mean wind velocity of 50 m/s, using the aerodynamic derivatives and force model 1 in the
frequency domain and force model 1 in the time domain. The time domain estimate has been obtained using the Burg algorithm.
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Fig. 11. Comparison of the co-spectral densities of the response components at a mean wind velocity of 50 m/s, using the aerodynamic derivatives and force model 1 in the
frequency domain and force model 1 in the time domain. The time domain estimate has been obtained using the Welch algorithm.

density of the horizontal and vertical response very well. The spec- and vertical response obtained in the frequency domain with force
tral densities estimated from the time domain simulations corre- model 1, while some discrepancies can be seen for the peak of the
sponds very well with the spectral densities for the horizontal spectral density of the torsional response. Force model 1 provides
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Fig. 12. Comparison of the spectral densities of the response components obtained in the frequency domain at mean wind velocity of 50 m/s using force models 1, 2 and 3
and force model 2 with quasi-steady asymptotes provided by traditional quasi-steady theory.
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Fig. 13. Comparison of the co-spectral densities of the response components obtained in the frequency domain at mean wind velocity of 50 m/s, using force model 1, 2 and 3
and force model 2 with quasi-steady asymptotes provided by traditional quasi-steady theory.

higher torsional damping than the aerodynamic derivatives, which
is the main reason for the discrepancies of the torsional response
presented in Table 3. The covariance coefficients obtained in the
time domain are presented in Table 5, and as can be seen, there
are some differences between the results predicted using the aero-
dynamic derivatives and force model 1. The co-spectral densities of
the response components at the mid-span at a mean wind velocity
of 60 m/s are shown in Fig. 11. The spectral densities estimated
from the time series correspond well with the spectral density ob-
tained in the frequency domain when force model 1 is used to
model the self-excited forces. The results in the tables indicate that
the estimates of the covariance coefficients are less accurate than
the estimates of the standard deviations. This is mainly because
the correlation of the response components is rather low, and as
can be seen from the co-spectral density of the vertical and the tor-
sional components, small differences of the co-spectral densities
will result in a large error in the estimate.

Force model 2 provides response estimates of satisfying accu-
racy. The standard deviation estimated from the time domain sim-
ulations in Table 3 corresponds well to the frequency domain
results provided in Table 4 and is also in good agreement with
the results predicted by the aerodynamic derivatives. The same
inaccuracies of the estimates of the covariance coefficients can also

be observed for this force model. When the quasi-steady asymp-
totes from traditional quasi-steady theory are introduced, it can
be seen from Table 3 and Table 4 that results of good accuracy
are also achieved for this force model.

To further compare the unsteady time domain models used in
this article, the spectral densities of the response components pre-
dicted by the unsteady models at a mean wind velocity of 50 m/s is
shown in Fig. 12. As can be seen from the figure, the spectral den-
sities do not seem to be sensitive to the discrepancies of the self-
excited force models observed in the low reduced frequency range
in Fig. 6. The differences are at the peaks of the spectral densities
where the curves representing the experimental results are actu-
ally more consistent than in the high and low reduced-frequency
range. The co-spectral densities of the response components are
shown in Fig. 13. The co-spectral density of the horizontal and ver-
tical components are identical for all of the self-excited force mod-
els, while some discrepancies can be observed at low frequencies
for the co-spectral densities of the horizontal and torsional compo-
nents. The co-spectral density of the vertical and torsional motion
is consistent for all of the self-excited force models considered, but
some discrepancies can be observed at the peak near 2 rad/s.

The standard deviation estimated as the average of twenty time
domain simulations when the frequency-independent description
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Fig. 14. Comparison of the spectral densities of the response components at mean wind velocity of 50 m/s obtained in the frequency domain, using the aerodynamic
derivatives, and in the time domain, using the uncoupled frequency-independent method presented in Eqgs. (27) and (29).

-3 -3
x 10 x 10
0.5 3
2 6
1
0
<) <) 4
g g 0
2 NG B
E -o05 £ g 2
3 3 7w »
§ 2 -3/ 0
() ) |
-1 -4 1V |
50/ } -2
-1.5 -6
0 0.2 0.4 0.6 0.8 1 0 0.2 0.6 0.8 1 0 1 2 3
o (rad/s) o (rad/s) o (rad/s)

— — — FD. Aerodynamic derivatives

TD. Uncoupled
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derivatives, and in the time domain using the uncoupled frequency-independent method presented in Eqgs. (27) and (29).

of the self-excited forces outlined in Eqgs. (27) and (29) is used to
model the self-excited forces is also shown in Table 3. As can be
seen from the results, this simplified method provides results as
accurate as the more complicated models outlined above. The
spectral densities of the response components at the mid-span at
a mean wind velocity of 50 m/s are shown in Fig. 14. The results
predicted by this method provide spectral densities that are very

Table 7
Calculated critical frequencies and mean wind velocities when the different load
formulations discussed in this article have been used to model the self-excited forces.

Formulation Critical velocity Critical frequency
Ver (m/s) g (rad/s)
Aerodynamic derivatives 79 1.63
Force model 3 Eq. (21) 77 1.68
-3% 3%
Force model 1, Eq. (8) 79 1.62
0% 0%
Force model 2. Eq. (12) 79 1.63
-1% 0%
Force model 2 with 76 1.68
quasi-steady asymptotes -3% 3%
Decoupled system of 79 1.63
equations. Eq. (28) 0% 0%

similar to the frequency domain results using the aerodynamic
derivatives. The peaks where the load coefficients have been ob-
tained are accurately captured. For the torsional response small
discrepancies in the results may be observed at low frequencies.
The co-spectral density of the response components are shown in
Fig. 15. The peaks in the co-spectral densities are accurately
captured except for the peak at about 3 rad/s for the co-spectral
density of the horizontal and torsional components. Some discrep-
ancies of the co-spectral densities at low frequencies can also be
seen.

It is also interesting to investigate the stability limit predicted
by the different self-excited force models discussed in this article.
The multimode stability limits for the Hardanger Bridge given by
the different self-excited force models are presented in Table 7.
As can be seen from the results, all the self-excited force models
provide stability limits consistent with the results predicted using
the aerodynamic derivatives.

4. Concluding remarks

The wind-induced dynamic response of the Hardanger Bridge,
emphasizing time domain modeling of self-excited forces, has been
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carefully evaluated in this paper. The self-excited forces have been
modeled by two commonly applied unsteady force models, an un-
steady model suggested in this article and a novel approximate
method introduced and explained herein. The unsteady models
may be considered as merely a Fourier transform of curves repre-
senting the aerodynamic derivatives in the frequency domain and
do not introduce any inaccuracies, compared with a frequency do-
main solution. However, since the nature of the unsteady models
implies that two sets of data, representing the imaginary and the
real part, have to be curve fitted using the same coefficients, the
unsteady time domain methods will normally provide fits to the
experimental data of lower accuracy than the curves used in the
frequency domain. Significant differences in the results predicted
by the considered unsteady models have been observed. The un-
steady force model suggested in this article provided results of
good accuracy, and it has been shown that the quasi-steady
asymptotes provided by traditional quasi-steady theory may easily
be introduced in this model. The results presented illustrate that
the response spectra are very sensitive to changes in the curves
representing the experimental data of the aerodynamic derivatives
in the reduced-frequency ranges corresponding to natural frequen-
cies, in particular for H; and A3, while the response spectra seem to
have very low sensitivity to changes in the curves in the low re-
duced-frequency range. For the co-spectral densities of the re-
sponse components, the same sensitivity at reduced velocities
corresponding to the natural frequencies is observed, in addition
to an apparently high sensitivity of the co-spectral density of the
horizontal and torsional response in the low reduced-frequency
range. The integration method suggested for the unsteady models
significantly reduced the number of time steps necessary to evalu-
ate the convolution integrals with sufficient accuracy to avoid
phase and amplitude distortion of the self-excited forces.

The approximate approach introduced and explained in this
article provided standard deviations of very high accuracy. The re-
sults are better than some of the unsteady models used in this arti-
cle. The main reason for this is that the coefficients used to
describe the self-excited forces are determined such that self-ex-
cited forces related to each natural frequency are accurately mod-
eled. Since the spectral densities of the response components have
low sensitivity to the quasi-steady asymptotes, the spectral densi-
ties of the response components are accurately captured for the en-
tire frequency range.
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Abstract

In this paper it is shown how unsteady self-excited aerodynamic forces modelled by
rational functions can be introduced into a finite element beam model, using the nodal
displacement degrees of freedom of the element to characterize the aeroelastic system.
The time-dependent part of the self-excited forces is obtained introducing additional
degrees of freedom in each node, so-called aerodynamic degrees of freedom. The
stability limit and buffeting response obtained in the time domain, using different shape
functions to discretise the self-excited forces, are compared with results predicted by a
traditional multimode approach. It is concluded that both the stability limit and the
buffeting response can be obtained using this aeroelastic element, which implies that
structural nonlinearities may be more easily introduced in time-domain analysis of the
wind-induced buffeting response.

Key words: Cable-supported bridges, wind loading, acrodynamic derivatives, flutter,
FEM

1 Introduction

Wind-induced dynamic response is one of the major concerns when designing long-
span bridges. The wind loading may cause unfavourable vibration of the girder, cables,
and towers and has to be taken into account in both the ultimate- and serviceability limit
states. The wind-induced vibration phenomena of bridges are commonly divided into (7)
vortex-shedding-induced vibration, (ii) buffeting vibration and (iif) flutter vibration.
Vortex shedding typically occurs at low mean wind velocities, while buffeting and
flutter vibration occurs in strong winds. The present state of the art assumes that vortex-
induced vibration may be treated separately from the buffeting and flutter vibration,
which is a reasonable assumption for common bridges since these phenomena occur at
quite different mean wind velocities. [1-7]

The self-excited forces in bridge engineering are commonly modelled by experimentally
determined aerodynamic derivatives, as suggested by Scanlan and Tomoko [8]. The
experimental data can be conveniently used directly in the frequency domain to obtain
the buffeting response and stability limit of the aeroelastic system. The present state of
the art is the multimode approach, where selected still-air vibration modes are used as
generalized coordinates to characterize the aeroelastic system. [6, 9-12]. Since long-
span cable-supported structures are highly nonlinear in nature, a nonlinear approach has
to be used in the analysis. In the frequency domain this can be circumvented by



performing the static analyses using a nonlinear approach, and performing a linear
dynamic analysis around the dead load equilibrium condition. However, as cable-
supported bridges become slenderer, a nonlinear dynamic approach may become
necessary. Structural nonlinearities may be taken more easily into account in the time
domain than in the frequency domain, which implies that time-domain modelling of
self-excited forces will become more important in the future. Several papers on
modelling self-excited forces using rational or indicial functions in time domain have
been published, e.g., [13-18]. However, it is still common to obtain the dynamic
response or the stability limit using still-air vibration modes as generalized coordinates.
When material and geometric nonlinearities are considered, it is a clear advantage to
perform the calculations using the degrees of freedom of the finite element model
directly. There are studies where the element degrees of freedom have been used when
assessing the wind-induced dynamic response, e.g., [19-24], but in these articles quasi-
steady models have been used to quantify the self-excited forces. There are also
examples where the element degrees of freedom have been used to obtain the flutter
stability limit, e.g., [25-27]. Here the traditional complex eigenvalue approach has been
used for the full system, and the self-excited forces have been modelled directly with
experimentally determined aerodynamic derivatives.

In this paper it is shown how self-excited forces may be modelled in time-domain
buffeting response analysis using the nodal displacement degrees of freedom instead of
using the still-air vibration modes as generalized coordinates. The self-excited forces
have been modelled using rational functions, and the time-dependent part of the self-
excited forces have been modelled by introducing additional degrees of freedom, termed
in the following aerodynamic degrees of freedom, at each end of traditional beam
elements. Several alternative element models have been considered, including a
consistent model where the same shape functions have been used to characterize the
structural and aerodynamic properties of the beam element and hybrid models, where
different shape functions have been used to characterize the structural and aerodynamic
properties. The stability limit of an idealized model of the Hardanger Bridge has been
calculated using the approach suggested in this paper, and the predicted values are
compared with the result provided by a traditional multimode approach. The damping at
varying mean wind velocities has also been carefully studied and compared with results
from the multimodal analysis. Furthermore, the buffeting response at several mean wind
velocities has been obtained in time domain, and the results have been compared with
the traditional frequency domain multimode approach.

The approach suggested in this paper implies that it is possible to model the time
dependency of self-excited forces using the nodal degrees of freedom of a finite element
model of a cable-supported bridge. This implies that structural nonlinearities may be
taken easily into account. However, the aecrodynamic model must be linear, since the
self-excited forces have been obtained using the principle of superposition. As long as
the mean value of the torsional deformation is taken into account when the aerodynamic
derivatives are obtained, and the response is within the limits of linearised aerodynamic
theory, structural nonlinearities can be accurately modelled using the approach
suggested in this paper. The linear aecrodynamic model will provide accurate results
during large horizontal and vertical motions, but should be used with care if torsional



deformations become larger than the values considered in wind tunnel experiments.
Models exist for large angles of attack, see for instance [28, 29], but only linear
aerodynamic models will be discussed in this paper since linear theory is most
commonly used.

2 Theory

2.1 Modelling of self-excited forces — a review

The self-excited forces acting on a bridge deck section are commonly represented by
aerodynamic derivatives introduced in bridge engineering by Scanlan and Tomoko [8].
For a two-dimensional bridge deck section (see Figure 1) this can be expressed as:
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Here, V is the mean wind velocity; p is the air density; B is the width of the cross
section; K=Bw/V is the reduced circular frequency of motion, and r, ne{y, z 6}
represents the horizontal, vertical and torsional displacements that are positive in the
same direction as the forces displayed in Figure 1. P,,*, H,,*, A,,* ne{l, 2,...6} are the
dimensionless aerodynamic derivatives, which are characteristic cross-sectional
properties given as functions of the reduced-frequency of motion. Eq. (1) is only valid
for a single-frequency harmonic motion. However, by introducing the principle of
superposition Eq. (1) can be extended to any periodic or aperiodic motion applying
Fourier integral representation:
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which may be further simplified to:
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Figure 1: Aerodynamic forces acting on the cross section of the study bridge deck.




Here, ne{y, z, 6}; i is the imaginary unit, and Gx(®) is the Fourier transform of X(¢),
where X(¢) € {r,, r-, v qy, g, qo}, and F,,,(®) symbolizes the transfer functions defined
in terms of the aerodynamic derivatives, which in this representation are treated as
continuous functions of frequency. As shown for instance by [30], the time-domain
description of self-excited forces can be obtained applying the inverse Fourier
transform. This results in the following equation:

q(n‘m W, = j. L,(t=7)r,(v)dr + j 1, (t=1)r,(v)dr + j. 1,,(t=1)r,(7)dr 4)

—0

Here, ne{y, z, 8}. The aerodynamic impulse-response functions can be obtained by the
inverse Fourier transform of the aerodynamic transfer functions defined in terms of the
aerodynamic derivatives in Eq. (2). The aerodynamic derivatives are commonly known
at discrete reduced frequencies and hence must be approximated with a curve fit. To be
able to develop a time-domain representation of self-excited forces, the selected
expression must be suitable for inverse Fourier transforming. The following expression
has frequently been used in the literature, e.g., [6, 18, 30, 31], here exemplified by the
vertical self-excited force due to the vertical motion:

1, . ioB . (iwBY
Fz:(V,a))_2pv-[A,<”)+A;~”’“; +A§‘-’[—"" j +
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% —
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This expression provides the following relation between the transfer function and the
experimental data of the acrodynamic derivatives, here exemplified by, H; and Hy

*_p2 z - A/(;z) . A ny & A g
Hy =V 47+ ——— H =V| A7 +y?y —2 -1 (6)
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= [(d}-’”ﬁ)z +1} = [(d}f”r?)z +1}

Taking the inverse Fourier transform of the transfer function defined in Eq.(5) and
inserting the resulting expression into Eq. (4) renders the following expression for the
vertical self-excited force induced by vertical motion:

(2z) t 4=

N [* = (’*T)]
qi;f“m:%pw Af”)rz(t)+Aé”’gr;(tHZAff? -2 BV [¢ 7 Tr@dr|| (T)
1=1

—0

2.2 Finite element representation of self-excited forces
The starting point is the beam element displayed in Figure 2. The element has two
nodes, each with six degrees of freedom. This implies that the displacements along the
element are defined by the following displacement field:

u(x,?) = N(x)v(t)

®)

T
uz[ux u, u, uﬁ]
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Figure 2: A three-dimensional structural beam element with 6 degrees of freedom at each end node

Here, ¢ is time; x is the (local) element coordinate (see, for instance, [32]), and the
vector u(x,f) contains the displacements along the beam element, where u, symbolizes
the longitudinal displacement, u,, the transverse horizontal displacement u., the
transverse vertical displacement and, ug, the rotation of the beam element. The matrix
N(x) contains the shape functions, and the vector v contains the nodal displacement
degrees of freedom. The derivation of the mass, damping and stiffness matrices and the
load vector is well established and will not be dealt with here, but may be found in
several textbooks, e.g., [32-34]. However, it is necessary to explain how the self-
excited forces may be introduced into the finite element formulation. The self-excited
nodal forces, F,., may be obtained by the principle of virtual work:

SV'F (1) = 8V [N" (x)q(x, 1) )

Here, svsymbolizes the virtual nodal displacements, and the vector q(x,7) contains the
self-excited forces along the element, i.e.:

a0 =[0 ¢¥@n ¢ ¢ @n] (10)

Since the self-excited load in, for instance, the vertical direction is dependent on the
horizontal vertical and torsional response, each element in the vector is given by
4 (x,0)=q¢ +¢ +4¢%, where ne{y, z, 6}. The self-excited forces may be

ny

approximated by the following expression (see Eq. (7)):
q(x,0) = %sz [Alu(t) +§A2|'1(t) + ZV:[A,u(t) - I D,(1— T)u(f)er (11)

The content of the matrices A;, A, A; and ®@; is given in Appendix A. The self-excited
force acting in each degree of freedom may then be expressed as follows:

L N '
F, :;pVZJ'(NTAINv+ijTAZNv+Z[NTA,Nv— | NT(IJ,(t—r)Nv(r)erdx (12)
0 1=3
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The expression can be rewritten as:
F, () =K, v()+C, V(1) +Z(1)

ae a

1 - 1 Bt .
K _ =—pV*[N'AN C =—pV*=[N'AN 13
2P ! 1 =P V{ ) (13)

1

N L
% pr? I[NTA,NV— j NT(D,(t—r)Nv(r)erdx
=370

7(n =

-0

The matrices K, and C_, are referred to as aerodynamic stiffness and aerodynamic
damping matrices, respectively. The vector Z contains the time-history-dependent
terms. It is time-consuming to evaluate the convolution integrals numerically. However,
this can be avoided by introducing the convolution integrals as unknown in the system
of equations. Considering the two-node beam element displayed in Figure 2, the
expression for Z may be rewritten as follows:

Q:[Wl W, - WN] X:[x] X, - XN]T (14)

Here, N is the number of exponential filters used in Eq. (5) to model the self-excited
forces. The contents of the matrices W, and the vector x, are given in Appendix A. The
vector x, contains convolution integrals, which can be generalized as:

Ay [_d/ﬁ ,,,,, )V(r—r)]
o) _ g(nm) !
Xomo = Ay | Vo (D)= B J‘ €

v (r)dr (15)

-0

Here, ne {y,z,0}, me {y,z2,0} and o {1,2...,12}. Additional equations are needed if the
elements in the vector X are introduced as unknowns in the system of equations. These
equations can be obtained by taking the derivative of Eq. (15):

(nm)
50 = gy, (-4 o (16)

nm,o 1+3 "o B nm,o

In Figure 3 the aerodynamic degrees of freedom needed to model the self-excited forces
for one exponential filter are shown. Self-excited forces related to axial displacements
of the element have been neglected. This implies that the equations of motion for the
aeroelastic beam element may be written as:

My+(C-C,)v+(K-K,)v+QX=P
AV+BX+DX =0
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or:
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Figure 3: The aerodynamic degrees of freedom needed for a consistent aeroelasic beam element when
using one exponential filter to model the self-excited forces in the vertical and horizontal direction and in

torsion. The self-excited forces due to axial motion have been neglected.

The total number of degrees of freedom for the element is the sum of the displacement
degrees of freedom displayed in Figure 2 and the aerodynamic degrees of freedom
related to the self-excited forces displayed in Figure 3, multiplied by the number of
exponential filters. This implies that if the self-excited forces related to horizontal,
vertical, and torsional motion are approximated using two exponential filters in Eq. (5),
the total number of degrees of freedom will become ~,, =12+30-2=72. This number of
degrees of freedom may seem high, but this approach requires far less computational
effort than solving the 60 convolution integrals numerically in each time step. The
element model displayed in Figure 3 is consistent, which implies that the same shape
functions are used to develop all the terms in the equation of motion for the element.
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Figure 4: Three types of shape functions used in this paper. The shape functions in the first column are
the ones used to obtain the mass and stiffness matrix. The two other columns contain shape functions that
have been used to obtain the coefficients related to the self-excited forces if the Hermittian shape
functions have not been used.



The shape functions often used to develop the equation of motion for beam elements
related to the degrees of freedom in the left node of the element are displayed in the left
column in Figure 4. The number of degrees of freedom necessary to model the time
history-dependent part of the self-excited forces can be effectively reduced by
simplifying the displacement field defined in Eq.(8). If the displacements along the
element are assumed to be given only by the displacement degrees of freedom in
addition to the torsional degree of freedom in each node, the number of degrees of
freedom for the example above will become N, =12+18-2 =48 . This assumption implies

that a linear variation along the element, as displayed in column 2 in Figure 4 or a
lumped variation as displayed in column 3 in Figure 4, can be modelled. The
aerodynamic degrees of freedom must be taken into account when the system of
equations for the global model is established. The displacements at a node that two
beam elements have in common are equal. When the aerodynamic degrees of freedom
displayed in Figure 3 and defined in Eq.(15) are considered, it is seen that if the two
neighbour elements have the same aerodynamic properties, the degrees of freedom will
have the same values for both elements. This implies that the commonly applied
assembly technique may be used for the aerodynamic degrees of freedom related to the
self-excited forces.

3  Numerical results and verification

The simply supported beam shown in Figure 5 is used as a benchmark in the following
case study. The properties of the beam are taken such that the beam represents an
idealized model of the Hardanger Bridge [6]. The length of the beam L is taken as 1310
m, and the width B is assumed to be 18.3 m. The distributed mass is taken as
m=12820kg/m, and the moment of inertia about the longitudinal axis is assumed

I, = 426000 kgm® /m. The elastic properties are taken as EA=10"N, EI =3.9-10" Nm®,
EI. =62-10°Nm’, GI, =3.6-10" Nm* , where E is the modulus of elasticity; G is the shear
modulus; 4 is the cross sectional area, and 7, is the second moment of area about the n

axis, where ne {y, z}. The undamped horizontal, vertical and torsional vibration modes
are given by:

8, () =sin("x) (19)

Figure 5: Idealized model of the Hardanger Bridge. The mass and stiffness properties have been taken
such that the natural frequencies of the first horizontal, vertical and torsional vibration modes correspond
to those of the Hardanger Bridge. The length of the beam is assumed to be 1310 m.



Table 1: Natural frequencies and damping ratios for the five first horizontal (H), vertical (V), and
torsional (T) vibration modes of the idealized model of the Hardanger Bridge.

Mode:  Type: Frequency Damping ratio

wrad/s &
1 H 0,40 0,005
2 \% 1,00 0,004
3 H 1,60 0,004
4 T 2,20 0,005
5 H 3,60 0,008
6 \% 4,00 0,008
7 T 4,40 0,009
8 H 6,41 0,013
9 T 6,60 0,013
10 T 8,80 0,018
11 v 9,01 0,018
12 H 10,01 0,020
13 T 11,01 0,022
14 \% 16,02 0,032
15 \4 25,03 0,050

Here, me {y,z,0} , ne{1,2,3...}. The natural frequencies and damping ratios of the first
five horizontal, vertical and torsional vibration modes are given in Table 1. The mass
and stiffness matrices of the elements are obtained using Euler-Bernoulli beam theory
[32, 33]. This implies that the shape functions for the structural element are third degree
Hermittian polynomials, which have been plotted in the left column in Figure 4. Four
different elements have been developed and tested (see Table 2). Element 1 uses the
Hermittian shape functions to obtain the aerodynamic elemental matricesK ,,C,, andQ.
For element 2, a linear approximation has been used to develop Q, and for element 3 a
linear approximation has been used to developK,, C, and Q, while a lumped
C_. and Q in the case of element 4. The

ae ae

ae

approach has been used to developK

approximation introduced to develop element 4 actually indicates that the self-excited
forces are lumped in the nodal points at each element end. As can be seen in Figure 4
the displacements along half the element length are then assumed to be equal to the
response at the corresponding node.

The aerodynamic properties of the cross section of the Hardanger Bridge displayed in
Figure 1 have been assumed in the current study. The experimental results of the

Table 2: The four elements tested in this paper. HP stands for Hermittian polynomials; LIN represents
linear shape functions, while LUMP implies that the self-excited forces have been “lumped” to each
element end. Rayleigh damping has been used to represent still-air damping.

Element 1 2 3 4
Mass and stiffness matrices HP HP HP HP

A_erodynamlc_ mass and Hp Hp LIN LUMP
stiffness matrices

Additional state variables HP LIN LIN LUMP
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Figure 6: Curve fits of the rational functions defined in Eq.(5) to the experimentally determined
aerodynamic derivatives. The wind tunnel data, marked by circles and dots, are from [35].

aerodynamic derivatives have been obtained by free vibration tests with a scaled section
model [35]. Curve fits of the rational functions to the experimental data of the
aerodynamic derivatives using four exponential filters are displayed in Figure 6. Since
aerodynamic derivatives related to horizontal motion are not available, quasi-steady
values have been assumed for the following acrodynamic derivatives:

. .= D(1 . (= .. D)1 . ,D(1Y
vty r-a-ag)z) g-ad(z)

(20)
. — (1 . — (1 . . . . .
H; :_ZCL(EJ A; :_ZCM(E] P =P =F =H;=4,=0
where the static force coefficients from [35] are C,=0.70, C,=0, C,=-025,
C, =24, C, =001 and C;, =0.74. For simplicity the still-air damping of the structure has

been modelled by Rayleigh damping, assuming a still-air damping matrix given by
C=10"(34-M+40-K).

3.1  Stability limit

The stability of the aeroelastic system can be studied by considering its eigenvalues,
(see for instance [6, 7, 36, 37]). The eigenvalue problem may be solved by linearization
of the aeroelastic system defined below

10
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\Y 0 -1 0 [v 0
V|+|M'(K-K,) M'(C-C,) M'Q||V|=M'P (22)
X 0 B'A B'D || X 0

The eigenvalues of the system will in general be of the form S, =u, +w,i. A zero
imaginary part, o, =0 , implies that the response is non-periodic in nature, while a
nonzero imaginary part indicates that the response has an oscillatory nature. A positive
real part implies that the system is unstable, while a negative real part implies that the
system is stable. This implies that the flutter stability limit can be defined as the velocity
providing a zero real part for one of the eigenvalues.

The stability limit is evaluated using varying element lengths. Each finer mesh is a
regular subdivision of the preceding mesh, implying that the nodes of the coarser mesh
are preserved while new nodes and elements are added. The calculated stability limits
provided by the element models presented in Table 2, considering different element
lengths, have been plotted in Figure 7. As can be seen from the results, all the elements,
except element 4, overestimate the stability limit when a coarse mesh is used. This is
because few elements result in an overestimated torsional frequency and thus a larger
stability limit. However, the results converge to the same solution when the number of
elements is increased, and the converged solution corresponds very well with the results
obtained using the still-air vibration modes as generalized coordinates to characterize
the aeroelastic system. A result that might seem surprising is that the lumped
formulation (element 4) seems to provide results that are more accurate than the more
comprehensive alternatives where more aerodynamic degrees of freedom are used to
model the self-excited forces. The stability limit obtained using element 4 does not
provide monotonic convergence. The stability limit is underestimated using a very
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Figure 7: Calculated critical velocities considering different element formulations and element lengths.
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coarse mesh (only two or four elements), while it is overestimated using denser element
nets (eight or sixteen elements). This is because the lumped formulation overestimates
the self-excited forces, and the torsional stiffness is overestimated using a coarse mesh,
which implies that the two inaccuracies partially cancel each other out. This implies that
it is possible that the lumped alternative will underestimate or overestimate the stability
limit for some combinations of aerodynamic and structural properties. However, the
result will converge to the “exact” solution when the number of elements is increased.
Element 3 provides the results with lowest accuracy. This is because the self-excited
forces are underestimated. Elements 1 and 2 provide almost the same results, implying
that the additional aerodynamic degrees of freedom applied in element 1, compared
with element 2, may seem unnecessary. However, this will not be the case if the time-
dependent part of the self-excited forces is larger relative to the quasi-steady part than
the case tested in this paper.

The critical frequencies obtained considering different element lengths have been
plotted in Figure 8. As can be seen from the results, the critical frequency is
overestimated for all the cases considered, except element 4, which underestimates the
critical frequency using only two elements. However, element 4 provides results of best
accuracy for the critical frequencies using a coarse mesh. The critical frequencies
provided by element 1 and 2 are almost equally accurate. Elements 3 and 4 also provide
results of almost equal accuracy. It can be concluded that all the alternatives tested in
this section provide critical velocities and frequencies of good accuracy using rather few
elements to model the structure. The converged critical velocities and frequencies
correspond very well to the results obtained using the first 15 still-air vibration modes
as generalized coordinates. The in-wind frequencies corresponding to the first
horizontal, vertical and torsional still-air vibration modes provided using element 2 are
shown in Figure 9. The structure has been modelled using 64 elements. The results
obtained using the first five horizontal, vertical and torsional vibration modes as
generalized coordinates are also given in the figure. Likewise, the total damping of the
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Figure 8: Calculated critical frequencies considering different element formulations and element lengths.
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Figure 9: The in-wind frequencies of the vibration modes corresponding to the first horizontal (H),
vertical (V) and torsional (T) still-air vibration modes. The circles represent results obtained by the finite
element solution (Element 2), while the solid lines represent results obtained using the 15 first still-air
vibration modes as generalized coordinates to characterize the aeroelastic system.
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Figure 10: Total damping for the vibration modes corresponding to the first horizontal (H), vertical (V)
and torsional (T) still-air vibration modes. The circles represent results obtained by the finite element
solution (Element 2) while the solid lines are the solution obtained using the first 15 still-air vibration
modes as generalized coordinates.

vibration modes are displayed in Figure 10. As can be seen from the figures, the results
obtained using the finite element approach correspond very well to the results obtained
by the multimode approach. Excellent results are obtained for the in-wind frequencies
corresponding to the horizontal, vertical and torsional vibration modes from still air.
The total damping ratios of the first horizontal, vertical and torsional vibration modes
provided by the element model correspond very well to the results obtained using still-
air vibration modes from still air as generalized coordinates. However, some
discrepancies can be seen for the vertical branch close to the stability limit.
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3.2 Wind-induced buffeting response
The cross-spectral densities of the wind field are assumed to be given by:

. 40.58Vzx Axw
S (@) = —————zexp(-1.4—),
(1+9.740z/V) 4
N 0.82Vzx Axw
Su(@) = ————————rexp(-——) (23)
(1+0.79wz/V) v
N 2.23Vzk Axo
Sp(@) = ————————exp(———)
(1+1.67wz/V) 4

Here, S} (w)is the cross-spectral density of the along-wind component «(7) at two points

uu

along the beam with separation Ax; likewise S/, (@) is the cross-spectral density of the
vertical across-wind component w(f), while S’ (w)is the cross-spectral density of u()
and w(t) at the two points. The height above ground is denoted z and is taken as 50 m,
while « is the roughness coefficient at the site, which is assumed to be 0.0031. Time
series of the fluctuating turbulence components at 101 points along the beam are
obtained by Monte Carlo simulations [22, 38, 39], with a cut-off frequency of w,=5
rad/s and Aw=0.0002 rad/s. The time series at point m can then be obtained by

0 TR 33 L @)oo, +4,)| 24)

1=l k=1

Here, L,(wy) denotes the elements of the lower triangular matrix obtained by
factorising the cross-spectral density matrix according to the relation

S(w,) = L(wk)L*(wk) (25)

where the elements in S(wy) represent the cross-spectral densities of the fluctuating
velocity components at the 101 points along the girder. An example of simulated time
series is shown in Figure 11. The average co-spectral densities of the turbulence
components at two points 131m apart, estimated from 20 time series of length 6000s,
are shown in Figure 12 together with the target spectral density. As can be seen from the
figure, the simulated time series corresponds very well to the assumed spectral densities
given in Eq.(23). A contour plot of the fluctuating velocities in the along direction V+u,
where V' is the mean value, and u is the fluctuating component, is shown in Figure 13.
The mean wind velocity is 40 m/s. Likewise, the fluctuating vertical turbulence
component, w, is displayed in Figure 14. As can be seen from the figures, the 101 points
represent the velocity fluctuations along the girder rather well. As expected, the along-
wind component is dominated by harmonic components with low frequencies, while the
harmonic components with a slightly higher frequency have a stronger influence on the
vertical fluctuations. Since the main focus in the current study is modelling of the self-
excited forces, the cross sectional admittance functions' influence on the response has
been assumed negligible. This implies that the buffeting action at point # is given by [4,
5, 40]:
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Figure 11: Simulated fluctuating wind velocities at two points 131 m apart;  is the along-wind turbulence
component, while w is the vertical turbulence component.
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Figure 12: Comparison of the average co-spectral density of 20 simulated times series and the target co-
spectral densities at two points with a separation of 1310m. The mean wind velocity is 40 m/s. Left
figure: The co-spectral density of the u component. Middle figure: The co-spectral density of the w
components. Right figure: The co-spectral density of the # and w components.

Wy =[a. 0 0. 4]

0 0
pVB| 2D/ B)C, (D/B)Cl~C, |[u(t) (26)
qguﬁ’(xnat) :T P c —
L L +(D/B)C, || w(t)
2BC,, BC,,

Here, g, ne{x, y, z, 0} is the buffeting action in the coordinate system of the element; D
is the height of the girder, and B symbolizes the width of the girder. C, , ne {D, L, M}
symbolizes the drag lift and overturning moment force coefficient, where a bar
represents the mean value, while a prime denotes a derivative with respect to the angle

15



Along-wind turbulence field

Time (s)

0 3275 655 982.5 1310
Length (m)

20 25 30 35 40 45 50 55 60
Wind velocity (m/s)

Figure 13: Contour plot of the along-wind component, V+u, at a mean wind velocity of 40 m/s. Here, V'is
the mean wind velocity, while « is the fluctuating component.

Vertical turbulence field

Time (s)

) 3275 655 982.5 1310
Length (m)

-5 0 5 10
Wind velocity (m/s)

Figure 14: Contour plot of the vertical turbulence component, w, at a mean wind velocity of 40 m/s.
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of attack. The nodal load vector for the element may then be obtained as:
P(f) = j NT (x)q(x, 1)dx 27)

Since the fluctuating velocities are only known at discrete points along the girder, the
distributed loading on half the distance between the points is assumed uniform and
equal to the value at the points where the time series have been obtained. The response
may be obtained by solving Eq. (22) or (21) by numerical integration. In this study the
response will be obtained using the well-known Newmark’s method, applying »=0.5
and B=1/4; see [33, 41] for further details. Since the matrix related to the double
derivative of the dependent variables, ¥ and X, 6, is singular, the initial double
derivatives cannot be calculated as usual. This problem may be circumvented by taking
the derivative of Eq.(15) twice instead of once. The dynamic equilibrium conditions for
the aeroelastic element may then be written as:

B: ﬂm{(c_ocae) HH{(K_OKM) ﬂ{;«Hﬂ (28)

The system of equations generally has a different structure than usual in structural
dynamics analysis, and it is therefore not certain that sufficiently accurate results are
obtained by the commonly used integration schemes. The free vibration response at the
mid-span of the bridge at a mean wind velocity equal to the stability limit and a mean
wind velocity slightly higher than the stability limit is displayed in Figure 15. As can be
seen from the figure, the structure behaves as expected. At the stability limit the
response seems to be undamped, while negative damping is clearly present when the

o (rad)

0 10 20 30 40 50 60 70 80 90 100
Time, t (s)

V=77.72 (m/s)

V=80 (m/s) |

Figure 15: Free vibration response at the mid-span of the bridge at the stability limit (V=77.72 m/s) and
slightly higher than the stability limit (/=80 m/s). 20 finite elements (Element 2) have been used in the
analysis.
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mean wind velocity is higher than the stability limit. It is also seen that the vertical and
torsional motion of the structure is close to 180 degrees out of phase in the flutter
motion. The horizontal, vertical and torsional buffeting response at the mid-span of the
beam at a mean wind velocity of 40 m/s is shown in Figure 16. Element 2 has been used
in the calculations, and the structure has been modelled using 20 elements. The mean
values of the standard deviations of 20 response time series at each considered mean
wind velocity are shown in Figure 17 together with results obtained in the frequency
domain, using the vibration modes presented in Table 1 as generalized coordinates. As
can be seen from the results, the finite element formulation developed in this paper
provides results that correspond very well with the frequency domain results. The
response is accurately captured for all the mean wind velocities considered. The spectral
densities estimated as the mean value of the spectral density of 20 time series of the
horizontal, vertical and torsional response at the mid-span at a mean wind velocity of 40
m/s are shown in Figure 18 together with the multimode frequency domain results. As
can be seen from the results, the spectral density corresponds very well to the spectral
density obtained in the frequency domain in the entire frequency range for all the
response components. This implies that the properties of the wind field have been
captured accurately for the relevant frequency range by the Monte Carlo simulations,
and that the finite element model suggested in this paper provides an accurate
representation of the self-excited forces. The co-spectral densities of the response
components are shown in Figure 19. The co-spectral density of the horizontal and
vertical response estimated from the time-domain simulations corresponds very well to
the results obtained by the multimode approach in the frequency domain. The co-
spectral density of the horizontal and torsional response obtained from the times series
corresponds well to the frequency domain results for most of the frequency range,
except for the peak at about 0.4 rad/s. The discrepancy observed here may result from
the covariance of the horizontal and torsional response being rather low, resulting in
uncertainty in the co-spectral estimate. The co-spectral density of the vertical and
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Figure 16: Wind-induced dynamic response at the mid-span of the beam displayed in Figure 5. Upper
figure: Horizontal response. Middle figure: Vertical response. Lower figure: Torsional response. The
mean wind velocity is =40 m/s. The length of the obtained time series is 6000 s, but only the first 600 s
are displayed in this figure.
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torsional response is accurately captured for the entire frequency range; both the peak
corresponding to the vertical motion at 1 rad/s and the peak corresponding to torsional
motion at 2.2 rad/s are accurately captured.

4 Concluding remarks

Four different aeroelastic beam elements for assessment of the buffeting response and
flutter stability limit of cable-supported bridges have been developed and tested in this
paper. All the alternatives tested have provided results of good accuracy, compared with
a traditional multimode approach, where selected still-air vibration modes are used to
characterize the aeroelastic system. The stability limit was overestimated for all the
element models, except the lumped alternative, when using a coarse mesh, and all the
element models tested provided the same stability limit when the number of elements
was increased. The converged solution corresponded very well to the stability limit
provided by the multimode approach. The consistent model provided results of very
good accuracy, but the lumped formulation, where the displacement along half the
element length is assumed equal to the displacement at the node for the self-excited
forces, seems to provide more accurate results when using a coarse mesh. However, the
results provided by the consistent formulation are more reliable than the results
provided by the lumped formulation since the lumped formulation overestimates the
self-excited forces, and this reduces the effect of a higher torsional frequency, which
will increase the predicted critical velocity when using a coarse mesh. The predicted
buffeting response corresponded very well to the results obtained in the frequency
domain using rather few beam elements. The spectral densities of the horizontal vertical
and torsional response corresponded very well with results obtained by the multimode
approach in the frequency domain for the entire frequency range. It can be concluded
that the elements developed in this paper perform satisfactorily for all the cases
considered, and that the modelling technique is convenient when modelling structural
nonlinearities in buffeting response analysis of cable-supported bridges.
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Appendix A
In this appendix the matrices used to obtain the equations of motions is presented. The
matrices introduced in Eq.(11) are defined by

0 0 0 0 0 0 0 0
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The matrix W introduced in Eq. (14) is given by
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The vector x,, introduced in Eq. (14) is defined by
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Here, each element is given by the expression
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The matrix D introduced in Eq. (17) is a diagonal matrix and defined by the following
expression.
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The sub-matrix d is defined as
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The matrix B introduced in Eq. (17) is diagonal

I, 0 0
I 0
B= ! : (41)
0 0 I,
L=diag[l 1111 1111111111111 11111111111]1] (42)

The matrix A introduced in Eq. (17) is defined as

A= {aoz 0} (43)

Here the submatrices a; are defined by
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