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Abstract

In this paper, the strain energy density (SED) criterion is proposed for predicting the ductile-
brittle fracture transition (DBFT) in ships and offshore structures. In finite element simulations,
these structures are discretized by relatively large shell elements which precludes the modelling of
the local stress and strain states in the vicinity of a crack. Critical values of the SED are determined
based on local simulations of fracture for a range of temperatures and plane stress states. The local
simulations of fracture are based on combined use of the Gurson model for ductile damage and
fracture and the Richie-Knott-Rice (RKR) criterion for brittle fracture. After calibrating the Gurson
model and the RKR criterion to existing experiments on offshore steel, critical values of the SED
are found by analysing a representative plate element with a generic through-thickness crack using
a refined solid element mesh. The proposed failure model is evaluated by simulating drop tests on
steel-plated structures found in the literature. The present study indicates that the SED criterion is
a useful concept for practical design of ships and offshore structures at sub-zero temperatures, but
further assessment against experimental data is necessary to fully establish its credibility.

Key words: Ductile-brittle failure transition for steel; Arctic temperatures and cryogenic spills;
Analysis with shell elements; Global approach to failure; Strain energy density criterion;

1 Introduction

Crashworthiness is an important issue in the design of ships and offshore structures to meet
safety level requirements. Despite of the worldwide effort to prevent accidents in the oceans, an
average number of 23.8 collisions per year is reported by the international maritime organization
in the last 10 years [1]. These collisions often lead to enormous damage in terms of environmental
pollution and economic loss, and sometimes even loss of life. To avoid severe casualties, ship
classifications societies and authorities recommend criteria to be considered and applied in the
design of ships and offshore structures. For accidental actions, the design must be carried out
following the principles of Accidental Limit State (ALS) design. In ALS design, substantial
damage to the target structure (or the struck structure) is tolerated after the action of the abnormal
event, but the damage should not result in progressive degradation of the structural integrity. Based
on the ALS scenarios, the design of ships and offshore structures needs experimental tests and
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numerical analyses to examine the crashworthiness. It is practically impossible to conduct large
scale experiments on real structures and small scale experiments often have limited validity for
direct application in the design because the test setup only approximately realizes the true nature
of the problem. Thus, it is necessary to resort to numerical simulations in the design of these
structures. There has been a rapid development of computer capacity and nonlinear finite element
analysis (NLFEA) methods in the past decades, and several commercial NLFEA codes are
available. These codes have improved greatly the ability of engineers and designers to perform
numerical analyses of the response of marine structures to accidental actions. The damage obtained
by simulation of an accidental action such as a ship collision is critically influenced by the
mechanical properties of the material, the finite element mesh size, the modelling of material
failure and even the expertise of the engineers performing the simulations, e.g. Paik [2], Ehlers [3],
Ehlers and @ stby [4], Hogstrom and Ringsverg [5], Choung et al. [6], and Storheim and Amdahl
[7]. The material characteristics include yield strength, Liders plateau, strain hardening, damage
softening, as well as the effects of strain rate and temperature.

In the past few decades, we have seen significant increase in Arctic activities partly due to
global warming, e.g. marine transport along the northern sea route (NSR) and extraction of natural
resources such as oil and gas. While the decrease of the ice cover in Arctic regions may provide
substantial economic benefit, structures operating in these regions are exposed to harsh
environmental conditions, particularly sub-zero temperatures (average -50°C) and the risk of
iceberg impact. The crashworthiness of structures for such events should be confirmed in the
design phase, but proper design guidelines for modelling of material behaviour at low temperatures
are lacking.

High-strength steel has been used by the shipbuilding industry in ships made for the Arctic
environment. Ehlers and @ stby [4] and Park et al. [8] conducted numerical analyses to investigate
the resistance of high-strength steel structures subjected to Arctic temperatures. Figure 1 shows
results from tensile tests on a high-strength steel. The engineering failure strain increases with
decreasing temperature as do the yield stress and the ultimate stress, and there is an apparent
increase in the energy absorption capability of the material at lower temperature. In Ehlers and
@ stby [4] and Park et al. [8], the simulations were based entirely on the result of quasi-static
uniaxial tensile tests (cf. Figure 1). Local failure was predicted by a ductile fracture criterion, while
the possibility of brittle fracture was not considered explicitly. These authors concluded that
structures built with high-strength steel have more strength in Arctic regions. This contradicts
general experience; with temperatures down to -50°C in Arctic regions the ductile-brittle transition
temperature (DBTT) could be reached and thus induce brittle fracture during abnormal events.
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Figure 1. Engineering stress-strain curves of the high-strength steel DH36 at several temperatures,
reproduced from Park et al. [9].

Examples of abnormal events that could induce brittle fracture in offshore structures are
collision with other structures or icebergs in extreme Arctic temperatures (in the range of —-50°C)
as well as cryogenic spills (liquid natural gas), where the steel temperature may become even lower.
Owing to the lack of relevant experimental data, numerical studies of large-scale structures should
be performed to investigate the consequences of such events. There is, therefore, a need for an
accurate, efficient and robust modelling framework to analyse numerically the ductile-brittle
fracture transition in large-scale structures. To this end, Nam et al. [10] performed numerical
simulations of Charpy V-notch tests of a high-strength steel presented by Min et al. [11]. The
Charpy V-notch tests were conducted at temperature from 20°C to -160°C, and fracture transition
was observed at -40°C to -50°C both in the experiments and the numerical simulations. In the
simulation of these tests, a shear failure criterion was used to model ductile fracture, while the
RKR criterion proposed by Ritchie, Knott and Rice [12] was used for brittle fracture. Isothermal
and rate-independent von Mises plasticity was used to describe the material behaviour while
accounting for the influence of temperature on the yield strength and strain hardening. It was found
that the combined use of the shear failure criterion for ductile fracture and the RKR criterion for
brittle fracture successfully described the ductile-to-brittle transition observed in the Charpy V-
notch tests, while the shear failure criterion alone would significantly overestimate the
crashworthiness of structures built by high-strength steel at low temperatures.

The change of the local fracture mode from ductile to brittle depends on several factors such
as the ambient temperature, the strain rate and the stress state. Ductile-to-brittle fracture transition
(DBFT) studies have been presented in several papers, e.g. Tvergaard and Needleman [13, 14],
Needleman and Tvergaard [15], Batra and Lear [16], Hutter et al. [17] and Turtiik and Deliktas
[18]. In [15], the ductile-brittle transition was simulated numerically using the Gurson model [19]
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to describe ductile damage and the RKR criterion [12] to model cleavage. The Gurson model [19]
describes porous plasticity by introducing the void volume fraction as the single damage variable
which evolves with plastic straining as a function of the stress state. Chu and Needleman [20]
introduced strain- or stress-driven void nucleation and later Tvergaard and Needleman [21] used
the nucleation laws to enhance the ductile failure process that is associated with nucleation, growth
and coalescence of voids. The result was the so-called GTN model. In the recent years, numerous
modifications of the GTN model have been proposed [22-24] to account for the shear effects on
damage evolution, i.e., shear localization and failure in the range of low stress triaxiality, 0 <n <
1/3. While Gurson-type porous plasticity models are typically used for ductile fracture, a number
of brittle fracture models have been proposed, e.g. Ritchie et al. [12], Beremin [25], Wallin [26],
and Minami et al. [27]. Based on the Weibull theory, Beremin [25], Wallin [26] and Minami et al.
[27] used a statistical approach to account for the unavoidable scatter of the fracture toughness.
The RKR criterion [12] is based on the assumption that brittle fracture occurs when the major
principal stress a; exceeds a critical value o, over a characteristic distance [., where o, could
be taken as a random variable to account for statistical scatter. These models are all based on a
local approach to fracture, which requires detailed information about the microstructure of the
material. The characteristic length [. of the process zone, in which the damage mechanisms occur,
calls for an element size corresponding to the size of a few grains [12], thus leading to excessive
calculation times in NLFEA of structural systems. Consequently, it is difficult to apply this
micromechanical approach to fracture in large-scale simulation of ships and offshore structures in
the ALS. As an alternative, more global approaches to fracture of structural steel have been
developed for use in coarsely meshed structures and verified by comparison with test results. Some
examples are the RTCL criterion [28], the T criterion [29], the modified Mohr-Coulomb (MMC)
criterion [30], the BWH instability criterion [31], and the extended BWH criterion [32]. However,
these global criteria are developed only to model ductile fracture of structures and a global criterion
also describing failure at low temperatures is required.

In the presence of a crack, fracture mechanics criteria such as the stress intensity factor K or
the J-integral could be used. However, these criteria are based on the local stress and strain states
around the crack tip, and the use of them must be restricted carefully according to the extent of the
local plastic deformations. Large shell elements cannot capture the detailed local states properly
and thus local failure initiation and subsequent propagation as well. Alternatively, we propose to
use the strain energy density (SED) criterion to model failure in steel structures at low temperatures,
thus accounting in a simplified manner for both ductile and more brittle failure modes. The
advantage of the SED criterion is that the material resistance to failure is expressed by the elastic
and plastic energy contributions for a given temperature and stress state in a simple and practical
way. In practice, the elastic energy density is important for failure only at temperatures below
DBFT, whereas the plastic energy density plays the major role at higher temperatures. The SED
criterion is calibrated from local simulations of fracture using the Gurson porous plasticity model
[21] for ductile fracture in combination with the RKR criterion [12] for brittle fracture. Available
experimental data for the high-strength steel DH36, according to the designation of steel grades
by DNV [33], is used in all simulations. First, we investigate the fracture toughness of the high-
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strength steel as a function of the temperature and the fracture probability level based on three-
point bending test data provided by Sumpter and Kent [34]. Numerical simulations of tensile and
three-point bending tests are performed to determine the parameters of the Gurson model and the
RKR criterion, respectively. Second, we conduct calibration of the SED criterion by means of
numerical simulations to bridge the gap between the fine solid element model required in the local
fracture analysis and the large shell element model required in the structural analysis with respect
to predicting failure at a range of temperatures from 20°C to -160°C. To this end, a high-strength
steel plate element with a generic through-thickness crack is subjected to proportional tensile
loading ranging from uniaxial tension to equi-biaxial tension. The plate element is modelled with
a fine solid element mesh and the Gurson model is used in combination with the RKR criterion to
model fracture. These local simulations are then used to calibrate the SED criterion for a range of
temperatures and stress states, adopting von Mises plasticity. The proposed failure model is finally
evaluated by NLFEA simulations and comparisons with impact tests of steel-plated structure at
low temperatures performed by Park et al. [9] and Kim et al. [35].

2 Material modelling

2.1 Local approach to failure

In the local approach to failure, we combine the modified Gurson model for ductile fracture
with the RKR model for brittle fracture as proposed in [13-15]. The modified Gurson yield function
is given by [21, 36]

2

o 3q,0
CD(G,f,GM)zi2q+2q1fcosh< 12%H
v 20y

)-+ar =0 &)
where o is the stress tensor, f is the void volume fraction, a,, is the flow stress of the matrix
material, 0., = /%s: s is the von Mises equivalent stress, s = o — oyl is the stress deviator,

Oy =§tr(a) is the hydrostatic stress, I is the second-order unit tensor, and q,, g, and g5 are

model constants introduced in [36]. The associated flow rule is adopted to describe the plastic flow
of the porous material, and the evolution of the void volume fraction f is determined by assuming
that the plastic flow of the matrix material is isochoric. The initial void volume fraction is f; and,
for simplicity, we neglect nucleation of new voids and void softening in shear, and assume that
failure occurs by void coalescence at a critical void volume fraction, f.. This is assumed to be a
reasonable assumption because the local failure occurs very abruptly after the void volume fraction
exceeds the critical value f, [37]. The constants q;, g, and g5 are given the values proposed
in [36]: q; = 1.5, g, = 1.0 and g5 = q%. The reader is referred to e.g. [21] and [36] for more
details on the modified Gurson model.

The RKR model [12] assumes that cleavage fracture initiates and propagates once the local
maximum principal stress o; exceeds a critical value o. over a characteristic length [.. The
characteristic length is commonly taken to be a few times the grain size of the material. The critical

5



172
173
174
175
176

177
178
179

180

181
182
183
184
185
186
187

188
189
190
191

192
193

194

195

196
197

198
199

stress o, is assumed independent of temperature and strain rate [38, 39]. As already mentioned,
statistical approaches based on the Weibull theory have been proposed to account for the scatter
observed for brittle fracture modes [21][22][25]. However, as the objective of the current study is
to evaluate the potential of the proposed modelling strategy, a deterministic approach has been
adopted while the statistical approach is left for future work.

Thus, in the local approach to fracture adopted here, the flow stress of the matrix material o,
is fitted to experimental data for each temperature while the other parameters, namely, f,, fz, 0.
and [, are assumed constant.

2.2 Global approach to failure

In the large shell simulations of structures, we combine von Mises plasticity (i.e., the von
Mises yield criterion, the associated flow rule and isotropic hardening) with the SED criterion. The
flow stress of the material is fitted to experimental data obtained at each temperature, while the
SED criterion is a function of both temperature and stress state. The SED criterion proposed by
Sih [40] has been employed successfully to predict brittle behaviour at the crack tip in a local
approach to fracture [40-43]. On the macroscopic scale, the plastic strain energy density failure
criterion has been used in analyses of beams and circular plates with dynamic loads [44, 45].

In this study, we assume that the large shell element fails when the distortional part of the
strain energy density w reaches a critical value, w.(8,T), which is taken to depend on the stress
state through the strain increment ratio £ as well as the temperature T. Assuming plane stress
states, B is defined by

p
_dg

=T
de;

B )

where de? and del are the major and minor in-plane plastic strain increments. Owing to the
associated flow rule, f characterizes the stress state of the material. In particular, § equals unity

for equi-biaxial tension, zero for plane-strain tension and -3 for uniaxial tension.

The distortional part of the strain energy density is calculated as

wzfs:ds ©)

where de is the incremental strain tensor. The failure criterion for the material is then expressed
as

w=w.(8,T) (4)
Using the additive decomposition of the incremental strain tensor into elastic and plastic parts,
de = de€ + d&P, the elastic and plastic parts of w = w® + wP are defined by
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we=fs:dse, wpzfs:dsp (5)
The elastic part is path independent, and for an isotropic material it can be expressed as
e _ 1+v
3E

where E is Young’s modulus and v is Poisson’s ratio. In contrast, the plastic part is path
dependent and expressed in integral form as

w 0éy (6)

wP = faeqdefq (7)

2 . . . . .
where dsg’q = /Edsp:dsl’ is the incremental equivalent von Mises strain.

In addition to the SED criterion, the BWH criterion proposed by Alsos et al. [31] is used to
estimate the onset of local necking (or plastic instability)

( 1
2k 1+7ﬁ 2 n > n
A (TP rPT1) for —1<p=0 .
o, = 4 5 \n
5"
e fi 0 <1
L V3J1-(B/C+P) o 0<F

where ¢, is major principal stress. The parameters k and n are the power-law parameters
defined in Table 1. It is noted that the failure of elements in subsequent numerical simulations is
governed only by the SED criterion. The SED criterion is checked in all through-thickness
integration points, while the BWH criterion is only evaluated in the middle through-thickness
integration point of the shell element, as it only applies to membrane stresses and strains.

3 Calibration of the Gurson model

In the Gurson model adopted here, we need to calibrate the initial and critical void volume
fractions f, and f_, respectively. To this end, numerical simulation of the tensile test in [9] is
performed using ABAQUS/implicit in which the Gurson yield function is applied without
considering the accelerated void growth after void coalescence, i.e., failure is assumed to occur
when f equals f.. The mid-section in which material failure is expected to occur is discretized
with fine solid elements (C3D8R) of 0.16 mm characteristic length. This element size is equal to
the assumed characteristic length [. of the RKR criterion for the investigated material, see
discussion in Section 4. Outside the gauge region the specimen is coarsely meshed to reduce the
computation time. The material properties of DH36 steel are given in by Park et al. [9]. The
engineering stress-strain curves are shown in Figure 1, whereas the true stress-strain curves
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representing the matrix flow stress in the simulations are plotted in Figure 2. The material
properties and hardening parameters of DH36 steel are summarized in Table 1, where oy is the
initial yield stress, s is the tensile stress, ¢, is the is the equivalent plastic strain at the exit of
the Luders plateau, and ey is the engineering strain at failure. The work hardening rule is defined
as

SMSEL
Ey > &L

)

_ { Oy for
O—M - k(gM - go)n for

where ¢, is the equivalent plastic strain of the matrix material (see [36] for the definition), k
and n are hardening parameters, and

1
Oy\n
w=a-(})
It should be noted that the given material parameters will be used in all subsequent numerical
analyses in the present paper, and, if necessary, the material behaviour at intermediate temperatures
is simulated by interpolation.

(10)
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Figure 2. True stress-strain curves of DH36 steel.

The initial void volume fraction f, is set equal to 0.002 [46]. The void growth was
investigated in an element placed at the centre of the mid-section of the specimen where the failure
is expected to occur. Subsequently, the critical void volume fraction f. was found in the element
when the engineering strain of the specimen reaches the failure strain. Based on the simulation of
the tension test at room temperature, the critical void volume fraction f. was determined to be
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0.01. Simulations of the tensile tests at the other temperatures were then conducted with f. = 0.01,
and the experimental and simulated engineering stress-strain curves are compared in Figure 3.
Even if there are small deviations (error within 2.8%) between the experimental and predicted
failure strains at the lower temperatures, the calibrated Gurson model is considered to have the
required accuracy to model ductile failure regardless of temperature and is employed in the
subsequent simulations of the ductile-brittle fracture transition.

Table 1. Material properties obtained from uniaxial quasi-static tensile test of DH36 steel.

T (°C) oy (MPa) s; (MPa) g (%) er (%) n k (MPa)
20 383 530 2.1 34.8 0.167 851
-20 406 569 1.9 35.3 0.181 933
-60 443 606 2.9 35.8 0.194 1002
-160 636 735 4.4 37.4 0.195 1238
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Figure 3. Experimental and simulated engineering stress-strain curves with ductile failure for
DH36 steel.

4 Calibration of the RKR criterion

Only a few fracture mechanics tests have been conducted to obtain the critical stress intensity
factor for marine structural steel [34]. The reason for this is twofold: first, accidents by brittle
fracture in ships and offshore structures have been rarely reported in recent decades [47], and
second, the Charpy-V test is preferably employed to examine toughness of the steel as function of
temperature due to its simplicity and intuitiveness. Sumpter and Kent [34] carried out three-point
bending tests of 15 mm thick high strength steel at various temperatures. They estimated the
fracture toughness and the fracture probability level as a function of the temperature. We
selectively use the fracture toughness data in [34] for D-grade and DH-grade steel. Both steels
correspond to the target material in this study. We have adopted the same procedure as in [34] to
find the fracture toughness curves for a given probability level. A best fit to the data is obtained by
the exponential curve fit (ECF) method. The reader is referred to [34] for all the test data, details
of the test procedures and a description of the ECF method. Figure 4 shows the fracture toughness
of D-grade and DH-grade steel in terms of the relative temperature T — T,;, as a function of the

probability level for fracture toughness, where T,;; is the Charpy 27 J transition temperature.
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Figure 4. Exponential curve fit of fracture toughness data with different probability level for
fracture toughness, based on the experimental results in [32]. The fracture toughness is defined as

K;c = \JE]., where E is Young’s modulus and ], is the critical value of the J-integral.

Numerical simulations of the three-point bending tests presented in [34] are conducted using
ABAQUS/implicit. The Gurson model and the RKR criterion are used in these simulations with
the aim to determine the critical stress o, in the RKR criterion for the D-grade steel. The J-
integral of an elastic-plastic material can be computed in the simulations and converted to the stress

intensity factor by K; = /EJ [48], where E is Young’s modulus. Accordingly, the critical stress

intensity factor is given by K;. = \/E]J., where J, is the critical value of the J-integral. In [12]
and [49], the grain size of mild steels is reported to be 60 pm and 70 pm, respectively. For brittle
fracture to occur, the critical stress must be attained over a region with extension defined by the
characteristic length [. of the process zone, which should be taken as the size of some few grains
[12]. In view of this, we set the characteristic length to [, = 0.16 mm and adopt a characteristic
element size equal to [.. The remaining parts of the specimen are discretized by a relatively coarse
mesh to reduce the computation time, see Figure 5. We use the two-dimensional continuum
element CPE4R, which is a four-node plane-strain element with reduced integration and hourglass
control. A static friction coefficient of 0.3 is assigned for contact between the rollers and the
specimen.
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Figure 5. Finite element mesh of the three-point bending specimen. The specimen has thickness
B = 15 mm, width W = 50 mm, crack length a = 15 mm, and ligament b = 35 mm, whereas
the span between the supports is S = 200 mm.

The fracture toughness is evaluated in elements located in the mid-span of the specimen. Crack
initiation is assumed when the maximum principal stress exceeds the critical stress value o, or
when the critical void volume fraction f; is reached. In other words, if an element reaches o,
prior to f., we consider brittle fracture to occur in the specimen, else the fracture is signified as
ductile. We use f, equal to 0.01 as determined in section 3, while three critical values of o,
namely 1340, 1400 and 1450 MPa, are applied in the simulations. The simulation results are shown
in Figure 6. It is seen that the adopted modelling approach is capable of predicting the fracture
toughness as a function of temperature with reasonable accuracy. The simulated toughness curves
are all rather close to 50 percent level of the fracture toughness. However, to be conservative, we
adopt o, equal to 1340 MPa, which is about 3.5 times the yield stress at room temperature.
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Figure 6. Numerical fracture toughness curves in terms of K;. compared with exponential curve
fits of fracture toughness data with different probability levels.

5 Calibration of the SED criterion
5.1 Simulations of fictitious plates

This section describes the calibration of the strain energy density (SED) criterion for large
shell elements. To this end, numerical simulations are performed with the two fictitious plate
models shown in Figure 7. We create a finite element model of a square plate with 70 mm width
and 10 mm thickness because analysis of energy dissipation in large-scale structures is normally
performed with shell elements having a length of 5 to 10 times the plate thickness [50]. The first
fictitious plate (P1) is modelled by only one large shell element, which is the quadrilateral finite-
membrane-strain shell element with reduced integration (S4R). The second plate (P2) consists of
a very fine mesh of solid elements in the expected failure region, namely the hexahedral solid
elements with eight nodes and reduced integration (C3D8R). The mesh size of the solid elements
is about 0.16 mm to comply with the characteristic length of the RKR model. Plate P2 includes an
initial sharp crack at the centre. The initial crack models an imperfection of the plate which may
come from a welding process and/or various operations of the structures. The initial crack length
through thickness introduced in plate P2 is 1.6 mm with the ratio between the crack length a and
the plate width w equal to a/w = 0.02. Very limited information of actual initial crack lengths
is available in the literature. Mai et al. [51], Moan [52], Ziegler et al. [53], Akpan [54], Bokalrud
and Karlsen [55], Kountouris and Baker [56] and Kirkemo [57] used an exponential distribution
for the initial defect size with the mean value in the range from 0.11 mm to 0.94 mm. Based on
this, the initial crack size of 1.6 mm adopted in this study seems to be fairly conservative. However,
in order to demonstrate the potential of the proposed modelling approach, the crack length is
selected so that brittle fracture is generated in the simulations at the lower temperatures.
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Figure 7. FE models of two fictitious plates: P1 (left) and P2 (middle and right).

We perform the simulations by assigning a quasi-static biaxial tensile loading to the plates.
The effects of strain rate are neglected in the modelling of the stress-strain behaviour and the local
approach to failure, and thus in the calibration of the SED criterion. In analysis of structures by
means of numerical simulations, we need to have accurate information of all essential parameters
for best possible verification of the method. For design purposes, the situation is somewhat
different. We may specify a characteristic crack length that leads to characteristic strain energy
density levels at fracture. The crack length may not be the “true” one, but realistic and reasonably
conservative dependent on model uncertainties, such as stress concentration factors, strain rate
effects and statistical aspects of fracture. The same situation is encountered in many other design
situations; e.g. many design codes present column-buckling curves that are based upon equivalent
imperfections, where both the magnitude and the shape are not the “true” ones. Thus, a design
crack could be specified for application of this method. The design crack length should not be
changed for one design check to the other, but remain constant. If the local model is improved or
more data become available, the design crack length could be adjusted (probably reduced) to
reflect the improvement of the basis for the method.

The simulations of plate P2 are regarded as numerical experiments and used to calibrate the
SED criterion for a range of stress states and temperatures. In plate P2, crack initiation and
propagation are predicted by the local approach to failure. The Gurson model is used for ductile
failure and the RKR criterion for brittle failure with the critical material parameters f. and o,
determined above. One simulation of plate P2 requires approximately 20 CPU hours on a super
computing system. The range of temperature studied in these simulations is from room temperature,
T = 20°C, to cryogenic temperature, T = —160°C. It is reported that the stress state in failed
elements in ship impact analyses is mostly within the range of moderate stress triaxiality, 1/3 <
n < 2/3 [58] such that we assign a series of proportional loading paths, i.e., with constant g,
from uniaxial tension (8 = —0.5, n = 1/3) to equi-biaxial tension (8 = 1, n = 2/3) for both
plates. We assume that complete failure of plate P2 occurs once the crack has propagated by
element erosion over the entire width to reach the two vertical edges, see Figure 8.
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Figure 8. lllustration of crack propagation to complete failure of plate P2: (1) Plate with initial
crack; (2) Crack propagation; (3) Final fracture of the plate.

The response of the two plates P1 and P2 in plane-strain tension is illustrated in Figure 9 in terms
of the engineering stress-strain curves in the direction normal to the crack propagation. The initial
through-thickness crack barely influences the stress level, but has an impact on the failure strain.
In addition, the strain energy density of plate P1 is reported at the time of local failure initiation,
tinit» and failure termination, t;.,-,, in plate P2, see Table 2. A relatively large increase of the
distortional strain energy is needed to propagate the crack through the plate at room temperature,
while the energy dissipation associated with crack propagation is negligible at lower temperatures.
Except at the two lowest temperatures, where the fracture is brittle, the elastic distortional strain
energy density w¢ is very small compared to the total distortional strain energy density, w = w,,
at full failure.
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Figure 9. Engineering stress-strain curves for plates P1 and P2 for plane-strain tension (8 = 0)
with indication of fracture. Plate P2 exhibits ductile failure at room temperature, brittle failure at
—100°C and —160°C, a mixed failure mode between —20°C and —60°C.
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Table 2. Elastic, plastic and total distortional strain energy densities (in MPa) in plate P1 at failure
initiation, t;,;;, and failure termination, t;.,,, in plate P2.

tinit tterm
Temperature

weé wP w weé wP w
20°C 0.8 93.3 94.1 0.9 124.8 125.7
-40°C 1.0 107.5 108.5 1.0 109.3 110.3
-60°C 1.1 105.6 106.7 1.1 106.1 107.2

-100°C 0.6 4.2 4.8 0.6 4.3 5.0

-160°C 0.9 1.3 2.2 0.9 1.4 2.3

The strain energy density w in plate P1 at complete failure of plate P2 is taken as the critical
value w. for a given temperature T and strain increment ratio . The results are presented in
Figure 10, which shows the strong dependence of w,. onboth T and p. The fracture mode seems
to change from ductile to brittle at some temperature between —60°C and —100°C, while for
higher temperatures, the void volume fraction f in some elements ahead of the initial crack tip
exceeds the critical value f. before the major principal stress o, reaches the critical stress a,.
In plate P2, we observe ductile failure at room temperature and brittle failure at temperatures lower
than —100°C regardless of the stress state, while mixed failure modes are found for temperatures
between —20°C and —60°C. It is evident from Figure 10 that there is a sufficient number of
calibration points to develop an analytical representation of the fracture curve w.(8) at each
temperature T. An exponential function is used to represent w.(f) over the entire range of -
values analyzed. The fracture loci for all temperatures obtained are gathered in Figure 11. As
expected, we find that w, is consistently reduced with decreasing temperature. It is further
observed that the plate has less ductility in plane-strain tension (f = 0) than for uniaxial tension
(B = —0.5) and equi-biaxial tension (B = 1).

Another way of illustrating the effect of temperature, stress state and failure mode is to use
the Keeler-Goodwin diagram [59, 60], which is a so-called strain-based forming limit diagram
(FLD). However, in our case the FLD should be read as a failure limit diagram, as we are not
considering formability in the ordinary sense. The failure limit curves obtained by the SED
criterion are shown in Figure 12. The abrupt reduction in ductility when the temperature is
decreased below —60°C is clearly evident in the figure. The strong influence of the stress state is
also seen with the lowest ductility occurring for plane-strain tension.
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403  based on numerical simulations with the Gurson model and the RKR criterion.
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5.2 Influence of fictitious plate size

The SED criterion was calibrated based on detailed simulations of a fictitious plate (P2) with
a through-thickness crack in the centre. The size of the 10 mm thick plate was 70 X 70 mm?2. A
shell element (P1) of the same size was used to calculate the critical value of the SED at failure of
the plate for a range of stress states and temperatures. Since the size of the plate is large compared
with the thickness, the local deformations in the central region due to local necking and damage
evolution should have only minor effects on the calibrated values of the SED criterion. However,
if the size of the plate is reduced, local deformations will start to play a role and increased values
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of the critical SED are expected, in particular for the ductile failure modes. To investigate the
influence of plate size on the calibrated values of the SED criterion, simulations with different size
of the two square plates P1 and P2 were run, everything else being the same. The simulations are
carried out for plane-strain conditions only, assuming the results to be representative for other
stress states also. The plate length is taken in the range from 1 to 5 times the plate thickness, namely
10 mm, 15 mm, 20 mm, 30 mm, and 50 mm. Figure 13 shows the resulting values of w, as a
function of the plate size for different temperatures. When the failure mode is still ductile, w,
decreases notably with the plate length but seems to saturate at a length in the range of 40-70 mm.
The decrease is largest at room temperature, while the plate size dependence disappears at
—100°C where the failure mode is brittle.

The numerical simulations show that the strains localize into a narrow neck in the middle of
plate P2 when the failure mode is ductile. The degree of local necking is continuously reduced
with decreasing temperature and at —100°C failure occurs without significant necking. It is well
known that the strains develop locally into a narrow neck after the onset of local instability and
that the width of the neck is set by the plate thickness [61]. Shell elements with size larger than the
thickness of the plate are not able to capture local necking, and it is reasonable to assume that
failure of the shell element occurs simultaneously with incipient local necking. This is the idea
behind the BWH criterion [31] and is obtained also with the SED criterion provided the plate size
used in the calibration is sufficiently large compared with the plate thickness and the size of the
crack. Based on Figure 13, the size of the fictitious plate used in the calibration should be at least
four times its thickness to ensure conservative estimates on the critical SED at room temperature.
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Figure 13. Critical strain energy density (SED) as a function of plate length for plane-strain tension
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6 Numerical study

For practical assessment of the proposed modelling approach, using the SED criterion to
model failure in large shell elements at low temperatures, a numerical study is performed and the
predictions are compared with experimental results from the literature. Park et al. [9] and Kim et
al. [35] conducted experiments to examine the impact response of steel-plated structures in Arctic
temperatures. The steel-plated structure was subjected to high-speed impact by a cone-shaped
striker. Both unstiffened and stiffened plates were tested. In the stiffened plates, two stiffeners were
welded across the rear side of the plate. The dimensions of the plate and the flat-type stiffener were
1200 x 1200 x 6 mm3 and 1200 x 100 x 6 mm?3, respectively. The edges of the plate were
welded to a rigid jig, which was fully clamped by means of bolts. The mass of the cone-shaped
striker was 1150 kg. The striker impacted the centre of the plate and its initial velocity at the
moment of impact was 7.06 m/s and 8.57 m/s for room temperature and sub-zero temperatures,
respectively. The target temperatures were 20°C, —40°C, —60°C and —100°C. Table 3 compiles
the experimental programme. A detailed description of the test setup can be found in References
[9] and [35].

Table 3. Experimental programme from References [9] and [35].

Case Plate tvpe Temperature Striker velocity
o ) (/s
1 Unstiffened
- 20 7.06
2 Stiffened
3 Unstiffened -40
4 Stiffened -60
8.57
5 Unstiffened -60
6 Stiffened -100

6.1 Finite element modelling

To simulate the impact tests, the commercial FEA program ABAQUS/explicit was used. The
test jig was discretized using solid elements (C3D8R). The cone-shaped striker was assumed to be
a rigid body and modelled using four-node 3D bilinear rigid quadrilateral elements (R3D4). The
test structure, including the plate and the stiffeners, was modelled using shell elements (S4R). The
number of integration point across the thickness was five. The element size was 20 x 20 mm?,
in accordance with a mesh convergence study conducted in references [9] and [35] to reduce the
computation time as much as possible while still getting accurate results. The welds could not be
directly modelled by means of shell finite elements. The welds increase the resistance of the
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stiffener and make the transition between stiffener and plate less abrupt. Adopting the approach in
[35, 62-64], the welds were accounted for by increasing the element thickness around the plate-
stiffener junction by 50%, as shown in Figure 14. The friction coefficient was set to 0.3 for all
contact surfaces. The FE modelling of the test setup is shown in Figure 15.

__ Plate elements
\,LQQ(‘\& - Weld elements -

><

Unstiffened plate Stiffened plate

100mm

Stiffener cross section

Weld elements

v

Plate cross section

Figure 14. lllustration of plate types and weld elements in the plate-stiffener junction.

Figure 15. Finite element modelling of the dropped-object tests in [9] and [35].

21



480

481
482
483
484
485

486
487
488
489
490
491
492
493
494
495
496
497
498

499
500
501
502
503
504
505
506
507
508
509

510

511
512

513

514
515
516
517

6.2 Material modelling

We use the stress-strain curves shown in Figure 2 for the behaviour of the steel material in the
numerical analyses. The material model combining von Mises plasticity with the SED failure
criterion was implemented in the ABAQUS/explicit code via a user-material subroutine VUMAT.
To integrate the constitutive equations, the cutting plane algorithm was adopted, which is an
accurate, robust and efficient for integrating rate-independent plasticity models [65].

The failure condition is checked after the stress update is fully completed in each time step. If
the SED in an element exceeds the pre-defined upper limit value at a certain temperature, i.e., if
w = w.(B,T), the element is deleted. The criterion for element deletion distinguishes between
predominantly ductile and brittle failure modes. For ductile failure modes, the element is not
deleted before the critical value, w,, is achieved in the middle integration point through the
thickness. Accordingly, for a bending dominated stress state, the failure of integration points
propagate from the surface to the mid integration point, and then the element is completely
removed. For brittle failure modes, it is assumed that fracture initiates and propagates
instantaneously once the first integration point reaches the critical value. Based on the fracture
behaviour of plate P2 in the calibration of the SED criterion, it was concluded that predominant
ductile failure modes occurred for temperatures between 20°C and —60°C, while brittle failure
modes were found for temperatures equal to and below —100°C. Thus, for T < —100°C, an
element will be eroded once the first through-thickness integration point fails.

It is important to note that in line with the calibration of the SED criterion and the local
modelling of fracture, the strain rate effects have been neglected in the numerical simulations of
the impact tests. Kim et al. [35] found from tension coupon tests at room temperature and at
—60°C that the temperature had a significantly larger impact on the tensile strength than the strain
rate in the range of 0.1 to 2 s™*. The strain rate had a more significant effect on the lower yield
strength. The tests showed also that the fracture strain decreased for higher strain rates. It will be
very challenging and require a substantial number of material tests to include the rate effect on the
complete stress-strain relationship including lower yield strength, tensile strength, initiation of
diffuse necking and fracture. Noticing that the tensile strength was little influenced by strain rate,
it was decided to disregard the rate effect. This might underestimate the risk of brittle fracture for
high strain rate at very small strains corresponding to lower yield strength.

6.3 Numerical results

In the following, numerical results obtained with the proposed failure model are compared
with the experimental data from References [9] and [35].

Casel &2

As shown in Figure 16, the predicted force-displacement curves are in good agreement with the
experimental curves both for the unstiffened and stiffened plates loaded at room temperature.
While the spring-back is underestimated for the unstiffened plate (case 1), it is quite accurately
captured for the stiffened plate (case 2). Material failure did not occur in the tests at room
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temperature and the same holds true for the simulations. The impact load yields a fairly constant

stress state in the range from S =~ 0.7 to equi-biaxial tension (8 ~ 1.0) near the elements in
contact with the striker. Selected deformed configurations of the plate are shown in Figure 17 and
Figure 18 for case 1 and 2, respectively. In case 1, plastic instability occurs at point 3 according to
the BWH criterion (see Figure 16 (left)), but the instability does not develop into failure. In case

2, the largest strain is observed in the stiffeners (see Figure 18), but the BWH criterion does not

predict any plastic instability. It is found that the stiffened plate has less global deformation, but
absorbs more energy than the unstiffened plate. The deformation modes obtained in tests and

simulations are compared in Figure 19, and the agreement is satisfactory.
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Figure 16. Experimental and numerical force-displacement curves for case 1 (left) and case 2
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Figure 17. Deformed configurations of plate in case 1 with fringe plots of the equivalent plastic
strain field. Force, indentation and maximum SED are given for each point which refers back to
the force-displacement curve in Figure 16 (left).
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Figure 18. Deformed configurations of plate in case 2 with fringe plots of the equivalent plastic
strain field. Force, indentation and maximum SED are given for each point which refers back to
the force-displacement curve in Figure 16 (right).

Case3 &4

The force-displacement curves from test case 3 and 4, in which the specimens were loaded at
a temperature of —40°C and —60°C, respectively, are shown in Figure 20. The simulation
accurately predicts the experimental force level in case 3, but the spring-back still has a minor
deviation. Plastic instability according to the BWH criterion occurs at point 1 (Figure 20 (left)).
However, the force continues to increase after this point until maximum indentation. Failure occurs
neither in the test nor in the simulation, and the plate remains ductile at —40°C. The SED criterion
is reliable for the unstiffened plate at this temperature. The deformed configurations of the plate at
point 1 (plastic instability) and at point 2 are shown in Figure 21.

In case 4, fracture initiates in the experiment and then propagates along the weld line [35],
while neither plastic instability nor failure is predicted in the simulation. At the end of the impact,
the maximum SED (175 MPa) is located in the elements in the stiffeners that experience the largest
strains, see Figure 22. The elements have a strain increment ratio =~ —0.4, where the critical
SED is 208 MPa, so initiation of fracture is fairly close at these points. In contrast, fracture took
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place in the HAZ in the experiment. At the same deformation level, the elements in the HAZ
experience a strain increment ratio 8 close to 0.8 and the maximum SED is 79 MPa, which is
far less than the critical SED of 219 MPa. As a result, the maximum indentation is significantly
underestimated, and the deformation modes obtained in the test and the simulation are different,
as illustrated in Figure 23. The critical SED at —60°C would have to be scaled by a factor of 0.2
in order to produce the observed brittle facture modes in the HAZ. Alternatively, a temperature of
—100°C would also give the correct critical SED. It is obvious that there exists a stress
concentration factor due to the presence of the stiffener that is difficult to include for coarse shell
element meshes. This is the same challenge we are faced with in the ductile failure domain. In
addition, the results may indicate a possible deterioration of the weld properties at low
temperatures and thus the behaviour of the weld must be predicted carefully. For the dropped-
object tests, detailed measurements of crack sizes in the parent material and the weld properties
are not available. If the SED criterion had been calibrated for different the crack sizes, the required
crack size to obtain the observed behaviour could have been determined. However, these
simulations illustrate the sensitivity of the model in the ductile-to-brittle fracture transition region.
The correct trend is obtained, but further verification is needed with more controlled test conditions.
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Figure 19. Comparison of experimental and predicted deformation modes for case 1 (top) and case
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570 2 (bottom). The fringe plots show the von Mises stress field (in MPa) at the end of the simulations.
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576  Figure 21. Deformed configurations of plate in case 3 with fringe plots of the equivalent plastic
577  strain field. Force, indentation and maximum SED are given for each point which refers back to
578  the force-displacement curve in Figure 20 (left).
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579  Figure 22. Deformed configurations of plate in case 4 with fringe plots of the equivalent plastic
580 strain field. Force, indentation and maximum SED are given for each point which refers back to
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Figure 23. Comparison of experimental and predicted deformation mode for case 4. The fringe
plots show the von Mises stress field (in MPa) at the end of the simulations.

Case 5

The force-displacement curves for case 5, where the unstiffened plate is impacted at a
temperature of —60°C, are shown in Figure 24. Failure did not occur in the test at this temperature.
In the simulation, the elements in the critical region are loaded with a strain increment ratio
close to 0.73, where the critical SED is 205 MPa. The simulation predicts accurately the
experimental force level, but in contrast to the test, material failure occurs at point 1 and the
maximum indentation is therefore overestimated. The deformed configurations of the plate at
maximum force (point 1) and at the end of the simulation (point 2) are shown in Figure 25.
Evidently, the simulation predicts failure of elements directly in contact with the striker. Figure 26
compares the deformation modes obtained in the test and the simulation of case 5.
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Figure 24. Experimental and numerical force-displacement curves for case 5.
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Figure 25. Deformed configurations of plate in case 5 with fringe plots of the equivalent plastic
strain field. Force, indentation and maximum SED are given for each point which refers back to
the force-displacement curve in Figure 24.
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Figure 26. Comparison of experimental and predicted deformation mode for case 5. The fringe
plots show the von Mises stress field (in MPa) at the end of the simulations.

Case 6

Figure 27 presents the force-displacement curves for case 6 in which the test of the stiffened
plate was performed at —100°C. Brittle failure is observed in the test. Failure takes place not only
in the area around the plate-stiffener junction, but also on the free plate field with approximately
circular shape. The SED criterion predicts failure at about the correct force level, but crack
propagation is delayed compared with the test and, accordingly, the post-fracture force level is
overestimated. As noticed in case 4, the weld may be prone to fail prematurely at low temperature
and could influence the response of the plate. Nevertheless, the fracture pattern of the plate is
reasonably well predicted, as illustrated in Figure 28, which presents the final configuration of the
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614  plate in test and simulation. The simulated crack initiation and propagation is depicted in Figure

615  29. It is evident that brittle fracture is predicted in the simulation, but the strong influence of the
616  discretization is noted.
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618  Figure 27. Experimental and simulated force-displacement curves for case 6.
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620  Figure 28. Comparison of experimental and predicted deformation mode for case 6. The fringe
621  plot shows the von Mises stress field (in MPa) at the end of the simulation.
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Figure 29. Simulated crack propagation in the stiffened plate at a temperature of —100°C. The
fringe plots show the von Mises stress field (in MPa).

The total energy absorption in tests and simulations is compiled in Table 4. In case 1, 2 and 3,
the simulations give satisfactory agreement with the tests, while large errors are found in case 6
involving pronounced brittle fracture. The discrepancy is caused by the delayed crack initiation
and propagation in the simulation. The comparison for case 4 and 5 is deliberately omitted because
the failure mode was not predicted correctly.

Table 4. The total energy absorption of the structure in each case.

Case Experiment (kJ) FEA (kJ) Error (%)
1 25.8 23.8 -7.6
2 24.5 24.4 -0.7
3 37.0 36.3 -1.9
6 11.4 23.6 106.8

7 Discussion and conclusions

Ships and offshore structures may be subjected to extreme actions where the steel material is
exposed to very low temperatures, e.g. due to ship or ice impacts in the Arctic or temperature
stresses induced by cryogenic spills. During these actions the structure may undergo ductile or
brittle fracture. The occurrence of the latter event may be particularly critical. Realistic analysis
for large structural subsystems by means of the nonlinear finite element method where ductile and
brittle fracture is taken into account, is therefore essential. Numerical simulations require large
shell elements, typically in the range of 3-5 times the plate thickness, where detailed modelling of
crack initiation and propagation is not feasible.

In the present paper, the strain energy density (SED) criterion was proposed to predict ductile-
brittle fracture transition in nonlinear finite element analyses using large shell elements. Critical
values of the SED were determined based on local simulations of fracture for a range of
temperatures and plane-stress states based on the combined use of the Gurson model for ductile
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damage and fracture and the Richie-Knott-Rice (RKR) criterion for brittle fracture. In order to
evaluate the proposed model, six drop tests on stiffened and unstiffened steel plates carried out at
room temperature and sub-zero temperatures were analysed with shell finite elements and the SED
criterion. In some of the drop tests, the steel plate exhibited a ductile behaviour, whereas in others
its behaviour was more brittle. The simulations of the drop tests illustrated the feasibility of the
SED, even if there were significant differences between tests and simulations in some of the cases.
The plate behaviour against impact was predicted quite well for the unstiffened plates, whereas the
weld failure occurring at sub-zero temperatures was not captured in the simulations. For the
stiffened plates, there are two effects that push the failure mode towards more brittle fracture than
it was possible to simulate at the present stage:

1) The stiffener and the welds caused a significant stress and strain concentration that was
not taken into account in the shell finite element modelling. It could be taken into
account by introducing a stress concentration factor in a similar manner as in the BWH
ductile failure model [29].

2) The residual stresses in the HAZ are generally considered to attain the yield stress level.
The HAZ material will be heavily stressed and may thus more easily attain the critical
SED by low temperature exposure. This may possibly be taken into account by
reducing the critical SED for HAZ elements.

The need to carry out dedicated low temperature tests of stiffened and unstiffened plates with
better controlled conditions is acknowledged. Preferably, the initial tests should be static, so as to
eliminate the uncertain strain rate effects. The verification study was also made difficult because
the number of temperature levels is small. The critical SED changes rapidly from —60°C to
—100°C (cf. Figure 11). Thus the occurrence of brittle failure or ductile failure is somewhat
“binary” and it is difficult to know how close in terms of temperature level the numerical
simulations are to the correct behaviour.
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