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A B S T R A C T

Multi-body time-domain finite element models, which implement a recently developed numerical approach for determining forces and moments in floaters, are
developed to simulate rigid-body motions and sectional forces and moments of a reference 5-MW braceless semi-submersible wind turbine in turbulent winds and
irregular waves corresponding to below rated, at rated and above rated conditions. The simulated responses are compared with measurements of a 1:30 scaled model
test using a real-time hybrid testing approach. In general, agreement between simulations and measurements are very good. Differences in spectral densities of the
measurements and simulations have been quantified while the reasons for the differences have been thoroughly analyzed and discussed based on comparisons of
measurements in different conditions and numerical parametrical study. Effects of non-linear wave excitation loads and drag forces on the rigid-body motions and
sectional forces and moments are analyzed while dominant load components in fore-aft bending moments in five cross-sections in the hull of the reference model are
identified. The interface between the pontoons and central column of the reference model is identified as the most critical part. Both low frequency and wave
frequency load effect should be accounted for. Mean forces and moments from wind and waves result in a change in configuration of mean wetted body surface of the
hull when compared to its configuration in calm water. This may result in a considerable change in resultant sectional forces and moments even though change in
resultant of the hydro pressure forces on whole of the wetted body surface could be very limited. For the analyzed model, simulated fore-aft bending moments of the
model in wind and waves could be obtained by superimposing the results for wind only condition, and wave only condition except that the corresponding averaged
wind induced forces and moments should be applied on the numerical model. This simplification can significantly reduce number of cases of short-term analysis
required in long-term analysis. However, applicability of the simplification should be analyzed case by case in particular for a blunt structure with relatively large
volume of displaced water in waves with relatively small wave length. Analysis and discussions given in this paper are based on available measurements of the model
test. Hydroelastisity and structural vibration of the columns and pontoons of the hull are not accounted for by the numerical and experimental models. Suggestions
for design of future model tests are given in this paper.

1. Introduction

Floating wind turbines are considered an attractive solution for
harvesting offshore wind energy in relatively deep water, e.g. deeper
than 80m. In general, a floating wind turbine is composed of a Rotor
Nacelle Assembly (RNA), a tower, a hull and a mooring system.

As required by relevant standards and guidelines for offshore wind
turbines, e.g. [1–5], global responses, in terms of motions and sectional
forces and moments, should be appropriately analyzed for limit state
design checks. As the development of floating wind turbines is at an
early stage, numerical simulations and model tests for analyzing the
global responses of floating wind turbines in wind and waves are hot
research topics.

Computer codes for analyzing floating wind turbines have been

developed by combining the knowledge and computer codes for mod-
elling hydro loads on offshore platforms and aerodynamic loads on
land-based wind turbines for decades [6]. A review of conventional
approaches for modelling aerodynamic loads on the RNA and tower,
hydro loads on the hull and mooring lines of floating wind turbines is
available in [7]. Features of some conventional time-domain computer
codes are tabulated in [8]. Global responses of the RNA, tower, and
mooring system, and rigid-body motions of a given floating wind tur-
bine can be simulated in these codes by generating and solving finite
element model for the floating wind turbine, while Morison formula
and/or the conventional hybrid frequency-time domain approach [9] is
used to model hydro loads on the hull of the floating wind turbine.
Morison formula is an empirical formula and, in general, applicable
when wave length is larger than five times the diameter of the slender
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structure’s cross-section [10]. The computer codes which implement
the conventional hybrid frequency-time domain approach cannot cap-
ture the sectional forces and moments in the hull since the hull is
modelled as a rigid-body with 6 d.o.f.s in the finite element model. Luan
et al. [9] recently developed an approach based on an extension of the
conventional hybrid frequency-time domain approach, for which the
hull is modelled as multi-bodies. The developed approach can be easily
implemented in various state-of-the-art time-domain computer codes
for floating wind turbines, e.g. Simo/Riflex/Aerodyn, OrcaFlex and
FAST+CHARM3D, to extend their capabilities to analyze sectional
forces and moments in structural components of a generic floater. A
moderate wave-only experimental validation for this approach is made
in [11].

Global responses of floating wind turbines in wind and waves can be
measured (and analyzed) by carrying out model tests. Conventional
model tests for measuring wave induced responses of a floating unit are
designed to satisfy geometrical and kinematic similarities and equality
according to Froude number ensure similarity between inertia and
gravity forces of the experimental and actual models. However, simi-
larity between inertia and viscous forces of the models cannot be
achieved since, in practice, equality in Reynolds number cannot be
satisfied at the same time. Different Reynolds number may indicate
different patterns of fluid flows around the experimental and actual
models. Necessary corrections are needed if the measurements are
sensitive to the viscous forces. Due to the same reason, similarity be-
tween inertia and aerodynamic loads on the RNA, which are important
to responses of floating wind turbines, cannot be achieved either, see
[12–14]. To solve this problem, various forms of “non-geometrical
scaling” of the wind turbine rotor have been developed to improve the
aerodynamic load modeling in wind-wave model tests. For example,
one form of non-geometrical scaling is to replace the wind turbine rotor
with a drag disk, e.g. [15,16]. A more sophisticated method of non-
geometrical scaling is to modify the wind turbine airfoil shape and
chord length to obtain improved performance at low Reynolds numbers
[17–20]. These non-geometrical scaled wind turbines can be designed
to achieve the same non-dimensional thrust coefficient as the reference
full scale wind turbine in a specified steady condition (calm water,
constant wind speed, and fixed rotational speed and pitch angle of the
blades). Therefore, the “non-geometrical scaled” wind turbines can be
used to physically analyze static response of the experimental model of
floating wind turbines in steady conditions. However, it is still a chal-
lenge, which has not been solved yet, to make a performance-matched
wind turbine model, which means to use the non-geometrical scaled
wind turbines in model tests to accurately mimic Froude scaled actual
aerodynamic loads on the rotor of the corresponding full scale reference
wind turbine in dynamic conditions (turbulent winds, and/or regular or
irregular waves, and/or with or without controller for blade pitch angle
and rotational speed). This is because it is a challenge to design a non-
geometrical scaled wind turbine for which the non-dimensional thrust
coefficient is always identical to the corresponding coefficient of the
reference full scale wind turbine in an arbitrary steady condition. As
shown in [17], the non-dimensional thrust coefficient versus tip speed
ratio curves of the non-geometrical scaled wind turbines can be very
sensitive to the wind speed (the Reynolds number). It is also a challenge
to generate and/or measure constant and turbulent wind fields in a
classical towing tank or ocean basin [21] as well. Implementation of
real-time hybrid model testing approach, e.g. ReaTHM® [22], and re-
ference [23], is a recent development for accurate modelling the actual
aerodynamic loads in ocean basin. ReaTHM® relies on the assumption
that actual aerodynamic loads on the full scaled reference wind turbine
can be captured by the state-of-the-art aerodynamic computer codes,
e.g. Aerodyn [24]. A numerical finite element model for the RNA and
control system of the full scale reference wind turbine and numerical
model of wind field are generated in a computer code which imple-
ments the state-of-the-art aerodynamic computer code to calculate the
aerodynamic loads on the RNA in the wind field. The resultants of the

calculated aerodynamic loads are down scaled (based on Froude scale)
and physically applied on a Froude scaled model of the floating wind
turbine, while in the computer code the hub of the RNA rigidly follows
the measured rigid-body motions, which has been up scaled (based on
Froude scale), of the experimental model. A 1:30 scaled braceless semi-
submersible model test which implements the ReaTHM® testing ap-
proach was done by SINTEF Ocean in its ocean basin [25]. Sectional
forces and moments in base of a side column and tower base of the
model in different combined wind and wave conditions have been
measured. ReaTHM® can appropriately address effects of the control
system on the aerodynamic loads while the actual loaded forces can be
measured in a straight-forward manner. A detailed description of the
approach and its feasibility is available in [22,26].

This paper intends to shed more light on sectional forces and mo-
ments in the hull of semi-submersible wind turbines submitted to
combined wind and wave loads by thoroughly analyzing the measure-
ments of the 1:30 scaled model test in SINTEF Ocean and corresponding
numerical simulations. A Simo/Riflex model which implements the
approach presented by Luan et al. [9] has been generated. Sectional
forces and moments in five cross-sections of the hull of the braceless
semi-submersible wind turbine are analyzed. The hull of the braceless
semi-submersible wind turbine is a static determinate structure. The
external load on the hull is composed of wave excitation loads, added
mass forces, potential damping forces, gravity, hydrostatic forces, and
drag forces. Configurations of mean wetted body surface of the model in
wind and waves and in wave only are different due to mean compo-
nents of the wind loads on the rotor, tower and hull of the model. The
difference means that hydrodynamic coefficients that are calculated for
modeling hydro loads on the hull are different since values and dis-
tributions of hydro pressure forces on the hull are changed. Numerical
sensitivity study and comparisons of measurements in different condi-
tions are used to analyze effects of each component of the external
loads, and inertial load on the sectional bending moments in different
cross-sections of the hull. Simplifications for the numerical modelling
are discussed based on the results of the parametric analysis. Sectional
forces and moments in different cross-sections are compared. To
quantify the differences between the numerical model and the experi-
mental model, the simulated and measured fore-aft bending moments
in the bases of the side column and tower are compared. The agreement
is reasonably good.

In previously, comparisons of simulated and measured responses of
floating wind turbines have been analyzed by some researchers, e.g.
[27]. Geometrical scaled or non-geometrical scaled wind turbine, which
cannot correctly mimic the Froude scaled aerodynamic loads on the
corresponding full scale reference wind turbine in dynamic condition,
are used in the model tests mentioned by the researchers in their
publications, while these model tests are not designed for capturing
sectional forces and moments in hull of floating wind turbines. For each
model test, the wind turbine of the experimental model is modelled in
its corresponding numerical model to simulate aerodynamic loads on
the wind turbine while numerical wind field is generated based on
measured wind speed at one specified fixed position in the model test.
Consequently, the differences between the measurements and simula-
tions are due to the differences between 1) the numerical wind field and
actual wind field in the model test, 2) performance of the numerical and
experimental models of the wind turbine and 3) mass properties of the
numerical and experimental models and 4) hydro loads on the hull of
the numerical and experimental models. These differences are mixed
and make it difficult to analyze reasons for the differences between the
measurements and simulations in quantity. To avoid this difficult si-
tuation, the aerodynamic loads which are actually loaded on the 1:30
scaled model analyzed in this paper are measured and loaded on their
corresponding numerical model to ensure identical aerodynamic loads.
As analyzed in detail later in this paper, although the aerodynamic
loads are loaded as prescriptive loads the differences between the
measurements and simulations only indicate differences in the hydro
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loads on the hull and the mass properties of the numerical and ex-
perimental models. The differences in the mass properties can be re-
duced to a negligible level by carrying out quality control and cali-
brations. The differences in each component of the hydro loads are
analyzed in this paper.

2. Model tests

A layout of the experimental model, the Earth-fixed coordinate
system (Og-xg-yg-zg) and load directions are shown in Fig. 1. Og is at
geometrical center of water plane area when the model is in calm
water. The specified dimensions of the semi-submersible hull are ta-
bulated in Table 1 and shown in Fig. 2. The mooring system is com-
posed of three catenary chain mooring lines. Each mooring line has two
segments from fairlead to anchor with constant solid circular cross-
section. Design parameters are given in Tables 2 and 3. The scaled value
of the Young’s modulus of the mooring lines of the experimental model
is 6.3 109 kN/m2. Measured mass properties of the hull are given in
[25]. However, as analyzed in [11], calibrated rather than measured
mass properties are eventually used in development of numerical
models due to the “model-the-model” principle which means to simu-
late the actual model tests as closely as possible [28]. The calibrated
mass properties are given in Section 3, describing the numerical models
used in this paper. Note that all the data and results presented and
discussed in this paper are given in full scale and in the corresponding
coordinate systems described in this paper. A linear scaling factor of

30= and the Froude scaling law are used to scale the original data
measured from the model test. Environmental conditions of the model
tests are tabulated in Table 4. Fore-aft bending moments in the base of
the side column 1 and tower are measured. A more detailed description
of the model tests is found in [11,25].

3. Numerical models and calibrations

3.1. Numerical models

Simo and Riflex [29,30] are used to simulate sectional forces and
moments in five cross-sections (denoted as SX, X= 1, 2,…,5) in the hull
of the semi-submersible wind turbine. S1 represents a horizontal cross-
section on the base of side column 1. S2 and S3 are vertical cross-sec-
tions on Pontoon 1. S4 is a horizontal cross-section on base of central
column. S5 is a horizontal cross-section on the base of tower, see Fig. 2.
The geometrical center of the cross-sections are tabulated in Table 5 in
a body-fixed coordinate system (denoted as Ob-xb-yb-zb) which coin-
cides with the global coordinate system (Og-xg-yg-zg) when the wind
turbine is located in calm water. Each cross-section divides the model
into two part: Part A and B. We denote the part which includes the
tower and RNA as Part B, see Fig. 2 for an example.

Key features and limitations of the developed numerical models are
highlight as follows:

• A time-domain finite element model is generated to simulate sec-
tional forces and moments.
• Effect of flexible modes of the hull and tower on motions and sec-
tional forces and moments (effect of hydroelasticity) is negligible as
the hull and tower of the experimental model is stiff.
• Wave excitation and radiation loads on Parts A and B are modelled
by using hydrodynamic coefficients that are obtained by solving a
first order boundary value problem based on corresponding mean
wetted body surface of the hull with rigid-body assumption for the
hull. The second and higher order wave loads on the hull are not
modelled except for the drag forces which are modelled by the drag
term of Morison formula.
• The measured aerodynamic loads are applied on Part B as pre-
scriptive loads. The differences between the measurements and si-
mulations only indicate the differences in the hydro loads on the
hull and the mass properties of the numerical and experimental
models.
• Necessary calibrations are carried out to reduce uncertainties be-
tween the numerical and experimental models.
• Luan et al.’s approach is available to a generic floater (with a static
determinate or indeterminate structure). The numerical models used
in this paper are its specific applications. More detailed descriptions
and limitations of the approach are referred to [9].

A detailed description of the developed numerical models is given as
follows:

Fig. 1. Layout of the experimental model.

Table 1
Specified dimensions of the semi-submersible hull (Full-scale).

Central column diameter [m] 6.5
Side column diameter [m] 6.5
Pontoon height [m] 6
Pontoon width [m] 9
Central column freeboard [m] 10
Side column freeboard [m] 20
Center-to-center (central to side column) [m] 41
Center-to-edge (central column to pontoon end) [m] 45.5
Operating draft [m] 30
Displacement [tonne] 10,555
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To simulate sectional forces and moments in a given cross-section, a
time-domain finite element model is generated and solved in Riflex in
the global coordinate system. The model is composed of 183 truss
elements for modelling the three mooring lines, three artificial beam

elements for capturing sectional forces and moments in the corre-
sponding cross-section and two control nodes for modelling external
and inertial loads on the corresponding Parts A and B.

If we denote location of geometrical center of SX as (x y z, ,SX
b

SX
b

SX
b ) in

the Ob-xb-yb-zb coordinate system, positions of end nodes of the corre-
sponding artificial beams are given in Table 6. The artificial beam
elements are massless. There are no external loads on the artificial
beam elements. Each artificial beam element only has axial and tor-
sional stiffness. The columns and pontoons of the experimental model
are designed to have sufficient stiffness to make hydroelasticity effects
on the model negligible. Therefore, for each artificial beam element, the
product of the Young’s modulus and cross-section area is specified as

Fig. 2. A layout of the hull of the experimental model, courtesy of Fredrik Brun (SINTEF Ocean). Note that the configurations of the three pontoons are identical.
Some parts of the configurations of Pontoon 1 and 3 are not shown.

Table 2
Design parameters of a single mooring line (Full-scale).

Segment Length (m) Mass per length
(kg/m)

Wet weight
(kN/m)

Specified diameter
(m)

Upper 240.00 235.0 2.005 0.195
Lower 367.55 446.0 3.804 0.269

Table 3
Arrangement of the mooring line anchors and fairleads described in the global
coordinate system (Full-scale).

Fairlead xg yg zg Anchor xg yg zg

1 45.95 0 −27 1 603 0 −200
2 –22.98 39.8 −27 2 −301.5 522.2 −200
3 –22.98 −39.8 −27 3 −301.5 −522.2 −200

Table 4
Environmental conditions of selected model tests (Full-scale).

Reference no. Hs [m] Tp [s] Mean wind speed
at nacelle [m/s]

Turbulence intensity
factor [%]

Direction of
waves [degree]

Direction of
winds [degree]

Model test
duration [h]

Note

2410 15.3 14 None None 0 None 3 Irregular wave only condition. JONSWAP
wave spectrum2420 3.6 10.2 None None 0 None 3

1713 None None 11 17.0 None 0 3 Turbulent wind only condition. Kaimal
wind spectrum1733 None None 25 13.2 None 0 3

4121 5.9 11.3 25 13.2 0 0 3 Turbulent wind and irregular waves.
JONSWAP wave spectrum and Kaimal
wind spectrum. In operation

4132 5.9 11.3 25 13.2 0 0 3
4310 3.6 10.2 11 17.0 0 0 3
4410 5.2 8 8 19.5 0 0 3

Table 5
Positions of geometrical center of the five cross-sections in the body fixed co-
ordinate system.

S1 S2 S3 S4 S5

xSX
b 41 31.5 7.5 0 0

ySX
b 0 0 0 0 0

zSX
b −27 −27 −27 –22 10
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109 kN, while, the product of the torsional rigidity and modulus of ri-
gidity are specified as 109 kN m /rad2 .

The external and inertial loads on Parts A and B are modelled in
Simo by using the Luan et al’s approach which is initially described in
[9] and applied on the control nodes in the finite element model gen-
erated in Riflex. Each control node has 6 d.o.f.s. Each of the end nodes
of the artificial beam elements and the top end nodes of the mooring
lines (the fairleads) rigidly follows the motions of the corresponding
control node.

We denote position of the control nodes corresponding to the cor-
responding Parts A and B for the cross-section SX in the global co-
ordinate system as t( )SX A, and t( )SX B, , respectively. t( )SX A, and

t( )SX B, are 6 1× vectors and used to represent motions of the Parts A
and B. When the floating wind turbine is in calm water, the control
nodes are located at the origin of the global coordinate system while all
of the terms in SX A, and SX B, are zero.

Body related coordinate systems for Parts A and B corresponding to
cross-section SX are generated in Simo and denoted as
Or A SX, , -xr A SX, , -yr A SX, , -zr A SX, , and Or B SX, , -xr B SX, , -yr B SX, , -zr B SX, , , respec-
tively. The Ob-xb-yb-zb and body-related coordinate systems are coin-
cident when the model is located at its mean position in calm water.
Or A SX, , and Or B SX, , rigidly follow rigid-body motions of the Ob but the
orientation of the body-related coordinate systems and the vertical
position of the Or A SX, , and Or B SX, , are fixed (as the same as the body-
related coordinate systems when the model is located at its initial po-
sition in time-domain simulation).

Applying Luan et al.’s approach, the first order wave excitation and
radiation loads are modeled as forces and moments acting on theOr A SX, ,

and Or B SX, , , while the forces and moments are determined by corre-
sponding hydrodynamic coefficients and first and second derivative of

t( )SX A, and t( )SX B, and wave elevation of incident waves.
The hydrodynamic coefficients are obtained by the following steps,

1) generating and solving a boundary value problem based on corre-
sponding mean wetted body surface in O f -x f -y f -z f coordinate system
(an earth fixed coordinate system) with rigid-body assumption for the
hull, 2) calculating pressure forces on the mean wetted body surface
based on the Bernoulli’s equation and corresponding velocity potential,
3) integrating the pressure on the wetted body surface of the corre-
sponding Part A or B using the coordinate system O f -x f -y f -z f to obtain
the integrated forces and moments acting on the O f , and 4) derive the
hydrodynamic coefficients based on the corresponding resultant forces
and moments on the O f in the O f -x f -y f -z f coordinate system.

Wind and wave loads on floating wind turbines have a steady
(constant) component. The component is composed of constant forces
and moments and results in a mean horizontal offset and title angle.
Phase angle of each frequency component of incident wave should be
updated based on the mean horizontal offset in particular for high
frequency components which can be very sensitive to the mean hor-
izontal offset. The configuration of the mean wetted body surface in the
O f -x f -y f -z f coordinate system should be updated based on the mean
title angle. The mean wetted body surfaces of the hull corresponding to
0-degree and -degree tilt angles in the O f -x f -y f -z f coordinate system
are shown in Fig. 3.

Morison’s formula is used to model the hydrodynamic loads on the
mooring lines, while the drag term of the Morison’s formula is use to
model the drag forces on the hull components. Non-dimensional drag

and mass coefficients (Cd and Ca) for the segments of each mooring line
are specified as 1.4 and 1.0 respectively, while Cd for width and height
of the pontoons and columns are specified as 2.1, 1.7 and 0.5, respec-
tively, according to [31]. Young’s modulus of mooring lines of the
numerical model is specified as 2.1 108 kN/m2 rather than 6.3 109 kN/
m2, which is obtained by upscaling the measured value of the experi-
mental model, to avoid numerical problems. In theory, the effect of this
difference on mooring line tension and global responses of the model
are negligible.

Aerodynamic loads which were applied on the experimental model
were measured. The measured aerodynamic loads are applied on the
control node for Part B to model the aerodynamic loads.

The numerical models do not include the second order and higher
order hydrodynamic loads and hydroelastical effects except for the
viscous drag forces, while the numerical models include hydrodynamic
interactions between Parts A and B.

In Riflex, the time-domain finite element model is solved by using
Newmark- numerical integration ( 3.9= and 0.505= ). Time step is
set to be 0.05 s. Rayleigh damping, which is a linear combination of the
Riflex generated global mass and stiffness matrices, is used for model-
ling effect of structural damping. The corresponding mass and stiffness
proportional coefficients are set to be 0 and 0.005, respectively. More
explanations are given in [30].

3.2. Calibrations

The “model-the-model” principle, which means to simulate the ac-
tual model tests as closely as possible [18], is used. As discussed in
[11,32], the anchors of the mooring lines are moved 1.5 meters away
along the radial direction. The mass of the experimental model can be
estimated based on the draft, configuration of the hull and resultant
force of the vertical components of the mooring line tensions at the
fairleads. Comparing the estimated mass to the measured mass, a 4.7%
deviation is observed (Note that the difference due to the weight of the
mooring lines has already been considered). Meanwhile there are dis-
crepancies between the simulated and measured roll/pitch natural
periods (obtained from decay tests) and mean heeling angle and fore-aft
and side-to-side bending moment in turbulent wind-only conditions. As
discussed in [32], deviations may exist in the measurements of the
position of the center of gravity and moment of inertia. Consequently, a
constant force is added to compensate the 4.7% difference and make
the numerical model float at the same draft as the experimental model
in calm water while the vertical position of the center of gravity and
mass matrix of the corresponding Parts A and B are calibrated. Mass
properties used in the numerical models are tabulated in Table 7. The
procedure for calibrating the mass properties of the whole model and
Parts A and B corresponding to S1 has been presented in [11]. Note that
three forces and moments were used to adjust the inertial loads of Part
B (corresponding for S1) and denoted as M t¨ ( )mass

addi S B1, . The Mmass
addi is a

6 6× matrix. The t¨ ( )S B1, is the second derivative of the t( )S B1, . The
three forces and moments are described in the Or B S, , 1-xr B S, , 1-yr B S, , 1-zr B S, , 1

coordinate system with respect to theOr B S, , 1. According to the results of
a parametric study with respect to the effect of each term in the Mmass

addi

on the motion responses and bending moments, all the terms in the
Mmass

addi are zero except for M M 571mass
addi

mass
addi

,11 ,22= = tonnes and
M M 5690mass

addi
mass
addi

,24 ,42= = tonnes ∗ m2. Relative differences between the
adjusted terms and the corresponding terms in the original measured
mass matrix of Part B are less than 6%. As shown in [11], agreement
between measured and simulated rigid-body motions and fore-aft
bending moments in cross-section S1 of the semi-submersible wind
turbine in moderate wave-only conditions is very good. Therefore, the
same calibrated mass properties are used in the present paper while the
same procedure is used to calibrate mass properties of Parts A and B
corresponding to S5. We do not have any measurements to calibrate
mass properties of Parts A and B corresponding to cross-section S2, S3
and S4. Therefore, these mass properties are reasonably estimated by

Table 6
Positions of end nodes of the three artificial beams that correspond to the SX in
the body-fixed coordinate system (Units in meter).

End 1 End 2

Artificial beam 1 (xSX
b -0.1, ySX

b , zSX
b ) (xSX

b +0.1, ySX
b , zSX

b )
Artificial beam 2 (xSX

b , ySX
b -0.1, zSX

b ) (xSX
b , ySX

b +0.1, zSX
b )

Artificial beam 3 (xSX
b , ySX

b , zSX
b -0.1) (xSX

b , ySX
b , zSX

b +0.1)
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the authors according to the calibrated mass properties and mass dis-
tribution of the original design described in [33].

In numerical models for simulating sectional forces and moments in
S1, S2 and S3, an inertial load vector ( M ¨mass

addi SX B, ), a quadratic
damping force vector ( D | |Q

addi SX B SX B, , ) and a restoring load vector
( Krest

addi SX B, ), X=1, 2, or 3, are added on the control node corre-
sponding to the corresponding Part B. Forces and moments presented
by the vectors are described in the Or B SX, , -xr B SX, , -yr B SX, , -zr B SX, , co-
ordinate system with respect to the Or B SX, , , X=1, 2, or 3. DQ

addi and
Krest

addi are 6 6× matrixs. All terms in Krest
addi are zero except for

K 8kN/mrest
addi

,11 = and K K 80kN m/mrest
addi

rest
addi

,15 ,51= = . All terms in DQ
addi

are zero except for D 40, 013, 494kN m sQ
addi

,55
2= /rad2 for model tests

4410 and 4310. Note that the quadratic damping force vector is not
added on the numerical models for test 4121. Similarly, M ¨mass

addi SX A, ,
D | |Q

addi SX A SX A, , and Krest
addi SX A, , X=4 or 5, is added on the control

node corresponding to the corresponding Part A in the numerical
models corresponding for S4 and S5.

These added forces and moments, to some extent, affect rigid-body
motions of the model, in particular for low frequency components of the
motions. Consequently, components of sectional forces and moments in
the cross-sections that are related to motions, velocities and accelera-
tions are affected by these added forces and moments. While, com-
paring to forces and moments in the specified cross-sections, the added
forces and moments are negligible.

4. Comparisons for measured and simulated responses in
operational conditions

Simulated and measured rigid-body motions and fore-aft sectional
bending moments of the model in combined wind and wave conditions,
i.e. model test 4410, model test 4310 and model test 4121, are com-
pared.

The differences between the measurements and simulations are re-
lated to uncertainties in the measurements and the differences between
the actual and simulated inertial and external loads on the semi-sub-
mersible wind turbine. In another word, the simulated and measured
responses, e.g. rigid-body motions and sectional forces and moments,
will be identical, if the simulated and actual inertial and external loads
are identical, and the actual responses can be accurately measured. The
external loads are composed of aerodynamic loads, hydro loads and
gravity forces. We can assume that the differences between the simu-
lated and actual aerodynamic loads are negligible since the measured
aerodynamic loads are applied on the numerical model as prescriptive
loads. While, as analyzed by [25,26], we can assume that sensors used
in the model test can accurately measure the rigid-body motions, fore-
aft sectional bending moments, wave elevation and the actual applied
aerodynamic loads on the experimental model.

Consequently, differences in simulated and measured responses in-
dicate differences between simulated and actual inertial loads, gravity

Fig. 3. Configuration of mean wetted body surface of the hull subjected to different title angles.

Table 7
Mass properties of the numerical models. The center of gravity is described in the body-fixed coordinate system with respect toOb. The moments of inertia are about
the center of gravity.

Mass [tonnes] Centre of gravity [m] Moments of inertia [tonnes*m2]

xb yb zb Ixx Iyy Izz Ixy Ixz Iyz

Complete model 9730.0 0 0 −20.35 10,308,320 10,293,841 7,637,715 0 20,759 0
Part A for S1 456.7 41 0 −12.93 96,093 96,093 2193 0 0 0
Part A for S2 1422.7 37.6 0.0 −24.6 170,571 193,411 27,594 0.0 0.0 −25,754
Part A for S3 2574.7 29.5 0.0 −26.7 187,382 474,115 295,068 0.0 0.0 −79,897
Part A for S4 8712.0 0.0 0.0 −27.9 4009202.0 4080202.0 7638356.0 0.0 0.0 19947.0
Part A for S5 8873.2 0.0 0.0 −27.5 4105877.0 4173877.0 7640000.0 0.0 0.0 19947.0
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forces and hydro loads.
The differences between simulated and actual inertial loads and

gravity forces are related to uncertainties in the mass properties and the
differences in measured and simulated rigid-body motions. As analyzed
in [11,32] and Section 3.2 of this paper, measurements of the mass
properties and configurations of the mooring lines and hull of the ex-
perimental model may be uncertain. Therefore, essential calibrations
are carried out to reduce these uncertainties, see Section 3.2.

Objective of this section is to identify differences between the si-
mulated and actual hydro loads via comparing the simulated and
measured responses.

Note that the developed numerical models cannot completely ac-
count for all the components of the second and higher order hydro loads
however these loads inherently exist in the experimental tests. In ad-
dition, the drag term of Morison formula [31] is used to model the
viscous drag forces on the hull and mooring lines. This is an empirical
formula. While, the coefficients for simulating the viscous drag forces
are determined according to the Reynolds number, Keulegan-Carpenter
numbers and surface roughness which correspond to the full size model
rather than the Froude law scaled model. Consequently, the drag
coefficients need to be appropriately calibrated, see Section 3.2. The
hydro loads can be further classified as wave excitation loads, radiation
loads, and hydrostatic pressure forces, see [9]. Note that these loads are
related to the configuration of the wetted body surface of the hull. The
sensitivity study and comparisons of measurements in different condi-
tions are used to analyze effects of these components on rigid-body
motions and sectional bending moments, see Section 5. The effect of
these components is used to identify reasons for the differences between
the measurements and simulations presented in this section.

In this section, the measurements correspond to three different
turbulent wind conditions, which includes turbulent winds with mean
wind speed below (8m/s), at (11m/s) and above (25m/s) the rated
wind speed of the 5-MW wind turbine. 3-h realizations of wave eleva-
tion are generated in the time-domain models according to the corre-
sponding 3-h realizations of the measured wave elevations; while the
measured aerodynamic loads are loaded on the time-domain models,
correspondingly. 1-h realizations of rigid-body motions and bending
moments are selected from the 3-h simulated realizations by neglecting
transient processes (first 1000 s of each realization).

Spectral density functions are obtained by applying inverse Fourier
transform, with a fixed smoothing parameter, of the autocorrelation
function of the 1-h realizations. Regarding the spectral density func-
tions, we focus on spectral densities in frequency range of 0 rad/s to
2 rad/s. Major parts of areas under spectral density curves of incident
wave-elevations and thrust forces and moments applied on the rotor are
in wave-frequency-range (defined as from 0.3 rad/s to 2 rad/s) and low
frequency-range (defined as from 0 rad/s to 0.3 rad/s), respectively, see
Fig. 4. The turbine is in operational condition in these model tests.

Relative difference (nr) of standard deviations of simulations and
measurements are calculated based on the area under the corre-
sponding spectral density curves in the corresponding specified fre-
quency range, see Eq. (1) and [34]. In Eq. (1),m s0, represents the area of
the part under the spectral density curve of a simulated response in a
specified frequency range, i.e. full frequency-range, low frequency-
range and wave-frequency-range. Similarly, m m0, represents the area of
the part under the spectral density curve of a measured response in a
specified frequency range.

n
m m

m
100%r

s m

m

0, 0,

0,
=

(1)

We denote a simulated and a measured response as x and y, re-
spectively. Transfer function between x and y can be calculated by
using Eq. (2). Gxy and Gxx are one-side spectra that are derived from
corresponding cross-correlation and autocorrelation with respect to the
realizations of x and y, respectively [35]. H ( )xy is a complex number.

Real and imaginary parts are denoted as Re and Im respectively. Phase
angle ( ) between x and y is derived based on the corresponding values
of Re and Im.

H
G
G

Re Im i( )
( )
( )xy

xy

xx
= = +

(2)

4.1. Comparisons of measured and simulated rigid-body motions in
operational conditions

In general, agreement between simulated and measured rigid-body
motions, in terms of spectral densities and phase angle, is very good.
Relative difference of standard deviations of simulated and measured
pitch in full frequency-range is less than 4%. Differences in phase angle
between simulated and measured motions are no more than 20 degrees,
see Fig. 8. For the phase angles, we focus on the differences in fre-
quency range from 0 rad/s to 1 rad/s since the responses in the rest
frequency range are very limited.

Wave-frequency components in the surge and pitch motions are
limited when compared to the corresponding low frequency compo-
nents, see Figs. 5 and 6. As analyzed later in this paper, the difference
between simulated and measured wave-frequency components in the
surge and pitch motions could be induced by the second and higher
order wave excitation loads which are inherently exist in the model
tests but are not modelled in the numerical models and/or differences
between the simulated and actual first order wave excitation loads on
the hull. The agreement between wave-frequency components of the
heave motion of the numerical and experimental models is very good
(see Fig. 7).

Low frequency responses of the model with frequency components
around its natural frequencies (0.073 rad/s for surge, 0.21 rad/s for
pitch and 0.246 rad/s for heave) are sensitive to the second and higher
order hydro loads (potential loads and viscous drags) and restoring
stiffness, while low frequency responses of the model with frequency
components less than 0.05 rad/s are sensitive to the restoring stiffness.
As analyzed later in this paper, the differences between the measured
and simulated heave motions with frequency components from 0.2 rad/
s to 0.3 rad/s, and the surge motions with frequency components from
0 rad/s to 0.1 rad/s are due to differences in the second and higher
order hydro loads of the numerical and experimental models. When the
effect of the second and higher order hydro loads on the low frequency
surge and pitch motions are relatively small (i.e. low frequency surge
motion of model test 4310, and pitch motions of model test 4310, 4410
and 4121), very good agreement between simulated and measured
surge and pitch motions can be achieved by adjusting (calibrating)
restoring stiffness of the numerical mooring lines and quadratic
damping coefficients. nr for standard deviations of the simulated and

Fig. 4. Normalized spectral densities of wave elevations and thrust forces ap-
plied on the rotor.
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Fig. 5. Comparisons of spectral densities of simulated and measured pitch motions in operational conditions.

Fig. 6. Comparisons of spectral densities of simulated and measured surge motions in operational conditions.

Fig. 7. Comparisons of spectral densities of simulated and measured heave motions in operational conditions.
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measured pitch motion in low frequency-range is less than 3%, while nr
for standard deviations of the simulated and measured surge motion of
the model test 4310 in the low frequency-range is less than 0.34%.

Note that, as shown in Section 3.2, we did not make calibrations
with respect to quadratic damping coefficients for the surge motions.
This is because that the model tests were not designed for distin-
guishing the second and higher order wave excitation loads and viscous
drag forces from the measured responses. Fortunately, the differences in
the surge motions have very limited effects on sectional bending mo-
ments.

Comparisons of measured and simulated bending moments are
given as follows. More detailed analysis is available later in this paper.

4.2. Comparisons of measured and simulated bending moments in
operational conditions

In general, agreement between simulated and measured fore-aft
bending moments, in terms of spectral densities and phase angle, is very
good. n| |r for standard deviations of simulated and measured fore-aft
bending moments in full frequency-range in the tower base and base of
the side column 1 are less than 4% and 10%, respectively. While dif-
ferences in phase angle between simulated and measured bending

moments are no more than 25 degrees, see Figs. 9–13. Mean values of
the fore-aft bending moments in the base of the side column (S1) and
base of the tower in difference environmental conditions can be sig-
nificantly different. For instance, mean value of the measured fore-aft
bending moment in S1 in the model tests 4121 and 4310 are
−2885 kNm and −10,050 kNm. To highlight differences in variations
of the measured and simulated fore-aft bending moments in different
model tests with respect to time, mean values of realizations presented
in Figs. 12 and 13 have been removed. In general, agreement between
the simulated and measured mean values of the fore-aft bending mo-
ments in S1 and S5 is good and reasonable. For example, relative dif-
ference between the simulated and measured mean values of the fore-
aft bending moment in S5 is less than −1.3% (the relative difference is
only −0.19% in the model test 4310). Mean values of the fore-aft
bending moments in S1 are affected by mean components of the second
and higher order hydrodynamic loads on the side column 1, e.g. mean
wave (drift) forces and moments, which inherently exist in the ex-
perimental model test but are not modelled in the numerical models.
However, absolute values of the differences between the mean values of
simulated and measured fore-aft bending moments in S1 are small and
have very limited effect on extreme responses while, roughly speaking,
fatigue damage is related to the variations rather than the mean values

Fig. 8. Difference in phase angle between simulated and measured surge (Left Figure) and pitch (Right Figure) motions in operational conditions.

Fig. 9. Comparisons of spectral densities of the simulated and measured fore-aft bending moments in the tower base (S5).
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Fig. 10. Comparisons of spectral densities of the simulated and measured fore-aft bending moments in the base of side column 1 (S1).

Fig. 11. Differences in the phase angle between simulated and measured fore-aft bending moments in S1 and S5.

Fig. 12. Comparisons of the simulated and measured realizations of fore-aft bending moments in the base of side column 1 (S1) (mean values have been removed).
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of the bending moments. The differences between the mean values of
the simulated and measured fore-aft bending moments in S1 in the
model tests 4121, 4410 and 4310 are −649 kNm, −714 kNm and
−331 kNm, respectively, while simulated 1 h maximum fore-aft
bending moments in S1 in these model tests are 51,338 kNm,
49,658 kNm and 29,487 kNm, correspondingly and respectively.

Therefore, in this section, we focus on comparing the differences in
standard deviations and spectral densities of the simulations and mea-
surements.

As analyzed in [26], we expect that the differences between the
applied aerodynamic loads on the numerical and experimental model
are negligible. Major reasons for the difference between wave-fre-
quency components of the simulated and measured bending moments
are identified as:

• Differences in the modelled and actual wave excitation loads and
radiation loads.
• Differences in the rigid-body motions.
The major reasons for the difference between low frequency com-

ponents of the simulated and measured bending moments are identified
as:

• Differences in the modelled and actual fluctuations of hydrostatic
pressure forces and viscous drag forces.
• Differences in the rigid-body motions.
The differences in the rigid-body motions result in differences in the

gravity forces and inertial loads on the tower, and the inertial loads and
fluctuated hydrostatic pressure forces on the side column 1. To elim-
inate these differences, the simulations can be modified by regenerating
the simulated gravity forces, inertial loads and fluctuated hydrostatic
pressure forces by using the measured rigid-body motions instead of
using the simulated rigid-body motions.

Comparisons of spectral densities of the simulations with and
without the modification and measurements of the fore-aft bending
moment in S5 and S1 are given in Figs. 14 and 15, respectively.

In Fig. 14, spectral densities of the simulations with modification
are almost identical to the spectral densities of the corresponding
measurements. This fact indicates that the differences in the rigid-body
motions are the major reason for the differences in simulated and
measured fore-aft bending moments in the base of the tower, while the
differences in the calibrated and actual moment of inertial of the tower
with respect to the tower base is negligible.

In Fig. 15, differences in wave-frequency components of the spectral

Fig. 13. Comparisons of the simulated and measured realizations of fore-aft bending moments in the base of tower (S5) (mean values have been removed).

Fig. 14. Comparisons of spectral densities of the simulated and measured fore-aft bending moments in the tower base (S5) with and without the modifications.

C. Luan et al. Engineering Structures 177 (2018) 210–233

220



densities of the simulations with and without the modification are
negligible. This indicates that differences exist in the modeled and ac-
tual wave excitation loads and radiation loads on the model since these
loads dominate the fore-aft bending moments in S1, see discussions in
Section 5.2. It should be kept in mind that the second and higher order
hydro loads are not completely modeled in the numerical model,
however the loads are inherently exist in the experimental model.
Sclavounos et al. [36] analyzed non-linear wave excitation loads on a
fixed column in a sea state for which the significant wave height is
10.71m and peak period of the wave spectrum is 15 s. Diameter of the
column is 6 meters, which is close to the diameter of the columns of the
reference semi-submersible wind turbine. Sclavounos et al. show that
the standard deviation of the second order wave excitation loads on the
column in surge direction can be approximately 10% of the standard
deviation of the first order wave excitation loads. Analyses in Section
5.1 confirm that the experimental model in model tests 4121 and 4410,
for which the significant wave heights are 5.9 meters and 5.2 meters
respectively, are subjected to considerable non-linear wave excitation
loads. The differences in the simulated and actual wave excitation loads
agree with, and explain the reason for, the differences observed in the
simulated and measured rigid-body motions, see Figs. 5, 6, and 8.

Analysis in Section 5.1 shows that the second and higher order wave
excitation loads on the experimental model in the model test 4310, for
which the significant wave height is 3.6 meters, are negligible. Conse-
quently, the differences in the simulated and measured results of the
model test 4310 are due to the differences in the modeled and actual first
order wave excitation loads and radiation loads, and uncertainties and
noises in the measurements. Some analysis with respect to the un-
certainties and noises are referred to [11] for which the simulated and
measured responses of the model in moderate waves, e.g. model test
2420, are analyzed. Note that elevation of incident waves in each model
test is measured from its corresponding calibration test which is a re-
peated test without the experimental model. The model tests 2420 and
4310 correspond to the same calibration test since the incident waves in
these model tests are designed to be identical. Differences between
measured wave elevations in the calibration test and wave elevations of
the actual incident waves in the model tests 2420 and 4310 can be
quantified by comparing measurements of these model tests and their
repeated tests. The model test 4132 is a repeated test for the model test
4121. Relative difference of standard deviations of measurements of the

fore-aft bending moments in full frequency-range in S1of the model tests
4121 and 4132 is 2.48%. Note that repeated tests for the model tests
2420 and 4310, and calibration tests were not carried out. The relative
difference of standard deviations of the simulated and measured fore-aft
bending moment in the full frequency-range in S1 of the model subjected
to environmental conditions of the model tests 4310 and 2420 are 5.3%
and 1.4%, respectively. Accounting for the relative difference quantified
by the repeated test, the authors feel that the agreements between the
measured and simulated fore-aft bending moments in S1 for the model
subject to environmental conditions of the model tests 2420 and 4310,
respectively, are consistent to each other and acceptable. In addition,
note that different sets of coefficients for modeling the first order wave
excitation loads and radiation loads are used in the numerical models
corresponding to the model tests 4310 and 2420. This is because, from
the model test 2420 to the model test 4310, mean configuration of the
wetted body surface of the experimental model changes with respect to
the mean aerodynamic loads on the tower of the model. More analysis is
referred to Section 5.4.

In Fig. 15, for the model test 4310, the differences between the low
frequency components of the spectral densities of the simulations with
the modification and measurements indicate the differences in the
modelled and actual hydrostatic pressure forces on the hull of the
model, while the differences in the modelled and actual radiation loads
also contribute to the differences in the components with frequencies
around the natural frequency of the pitch motion. The differences in the
hydrostatic pressure forces are also related to the changes in the mean
wetted body surface. More explanation is referred to Section 5.4.

For the model tests 4121 and 4410, some differences in the low
frequency components are due to the second and higher order wave
excitation loads on the experimental model.

5. Analysis for effect of components on rigid-body motions and
sectional bending moments

In this section, effect of the non-linear wave excitation loads, drag
forces, each load component, and steady wind and wave loads induced
changes with respect to the mean wetted body surface on the rigid-body
motions and sectional bending moments are analyzed by comparing the
measurements in different conditions and carrying out numerical sen-
sitivity study.

Fig. 15. Comparisons of spectral densities of the simulated and measured fore-aft bending moments in the base of the side column 1 (S1) with and without the
modifications.
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As mentioned in Sections 3.1 and 4, the measured aerodynamic
loads are applied on the numerical models. This ensures that the si-
mulated and actual applied aerodynamic loads on the corresponding
numerical and experimental models are identical. The differences be-
tween the simulated and measured responses are induced by the dif-
ferences between simulated and actual hydrodynamic loads. As shown
in Section 4, in general, agreements between the simulations and
measurements are good. This indicates that differences between simu-
lated and actual hydrodynamic loads are small. Consequently, in gen-
eral, the aerodynamic loads and hydrodynamic loads on the experi-
mental models can be reasonable accounted for in the numerical
models. Therefore, the numerical models could be used to analyze the
effect of the components on rigid-body motions and sectional bending
moments of the 5-MW-CSC.

5.1. Analysis for the effect of the non-linear wave excitation loads and drag
forces

Velocity potential can be used to describe unsteady, irrotational and
inviscid fluid motion, for which the only external force field is gravity.
Consequently, we can consider that the hydro loads are composed of
the drag forces due to viscous effects of fluid and potential loads. The
potential loads are resultants of pressure forces on the wetted body
surface of the hull. We denote position of an arbitrary point on the
wetted body surface of the hull in the global coordinate system as
(x,y,z). The hydro pressure at the point follows from Bernoulli’s equa-
tion, see Eq. (3).

p C gz
t 2

·= (3)

where is time dependent velocity potential. C is a constant value
related to the atmospheric pressure on free-surface. is density of the
sea. g is gravity acceleration.

is obtained by solving the corresponding boundary value problem
[37]. Note that the positions of free-surface and the wetted body surface
of the hull in the global coordinate system, and body-velocity are re-
lated to the motions of the hull. We define that the wave excitation
loads as the potential loads which include but are independent to the
motions of the hull. Rest part of the potential loads is related to the
motions of the hull (including first and second derivative of the motions
with respect to time).

The drag force on a 2-D cross-section of a structural component, e.g.
column, and pontoon, is expressed by Eq. (4), see [5]. v and r are
corresponding velocities of the fluid and cross-section. r can be derived
from the motions of the hull. We can see that L v r( , )drag

D2 is composed of
terms that are related to v2, r2, and vr . The terms related to v2 behave as
excitation forces while the terms related to r2 and vr behave as damping
forces.

L v r C D v r v r( , ) 1
2

( )| |drag
D

D
2 = (4)

Natural periods of the motions of the semi-submersible wind turbine
are designed in the low frequency-range to avoid resonances excited by
the first order wave excitation loads, while, resonances could be excited
by the second and higher order wave excitation loads, excitation loads
included in the drag forces, and aerodynamic loads. For wind waves in
open sea, significant wave height tends to increase with increase of
mean wind speed. This means wave load effect could be more and more
important, e.g. effect of the second order wave loads on the motions in
the low frequency-range could be more important than the effect of
aerodynamic loads. Spectral density curves of the motions and fore-aft
bending moments of the experimental model in the extreme and
moderate wave only conditions are given in Figs. 16 and 17 and serve
as reference values for the motions and sectional forces and moments
excited by the second order wave excitation loads in the low frequency-
range. The second order wave loads affect the amplitudes and phase
angles of the responses of the model.

Measurements in different wind-only and wind and waves condi-
tions are compared as well, see Figs. 16 and 17. Spectral density curves
of measurements in the model test 4310 and its corresponding wind-
only model test (model test 1713) are almost identical. This indicates
that in operational conditions with moderate waves, e.g. the model test
4310, the second and higher order wave excitation loads and drag ex-
citation forces are negligible.

Increased second and higher order wave excitation loads are ex-
pected in the model tests 4121 and 4410 as the significant wave height
increases. As observed in Fig. 16 the experimental model in the model
test 4121 has more low frequency dynamic motions in the surge and
heave motions than the one in the corresponding wind-only model test.
Another evidence is the differences in spectral densities of the measured
fore-aft bending moments in S1 of the model tests 4121 and 1733 (in
frequency range from 0 rad/s to 0.15 rad/s).

Note that wave steepness and ratio between water depth and wave
length of the measured incident waves in the model tests 4121, 4410
and 4310 indicate that wave crest kinematics of some measured waves
are recommended to be modelled by Stokes 2nd order or Stokes 3rd
order wave theory [46].

In addition to the low frequency excitation loads, the resonant re-
sponses are sensitive to the damping level of the model. Eq. (4) shows
that the drag forces on the model include a force that is related to the
first derivative of the motions of the hull and fluid velocity (vr ). This
indicates that the damping level of the model is related to the incident
waves.

The motions of the model in the wind-wave and wind-only condi-
tions are simulated and compared in Fig. 18. The numerical model does
not include low frequency wave excitation loads but includes the drag
forces. Comparisons of the low frequency components of the simulated
motions of the model in the wind-waves and wind-only conditions show

Fig. 16. Comparisons of spectral densities of the measured surge, heave and pitch motions in the wind-only, wave-only and wind-wave conditions.
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that the incident waves result in increase of the damping level of the
model, while, as a result, the low frequency motions in the frequency
ranges around the model’s natural frequencies of the surge, heave and
pitch motions can be significantly reduced. The observations in Fig. 18
are supported by observations in comparisons of simulations of the
conventional numerical models used in [9] for which aerodynamic
loads (including aerodynamic damping effect) are accounted for by
Aerodyn based on blade element momentum theory.

The differences in spectral densities of measured fore-aft bending
moments in S5 and S1 of the model tests 4121 and 1733 (in the fre-
quency range from 0.15 rad/s to 0.25 rad/s) are results of the differ-
ences in the pitch motions which are affected by the differences in the
damping level and differences in low frequency excitation loads, i.e.
2nd and higher order wave loads and aerodynamic loads, see more
discussions in Section 5.2. Effect of the wave excitation loads can be
quantified in a straight-forward manner by carrying out a corre-
sponding wave-only model test which is similar as the model tests 2410
and 2420. However, the wave-only model test was not carried out in the
laboratory. Analysis and discussions given in this paper are based on
available measurements. More systematical model tests are welcome in
future.

As shown in Fig. 15 and Table 8, the numerical model based on
linear potential-flow theory underestimates the standard deviations of
wave-frequency components of the fore-aft bending moments in S1 by
5% to 10%. The differences in the simulated and actual excitation loads
are considered as the major reason for the differences. More experi-
mental tests designed for distinguishing linear and non-linear hydro
loads are recommended to be considered in future.

5.2. Dominant components in the fore-aft bending moments in five cross-
sections

We denote simulated realizations of sectional forces and moments in
cross-section SX as R t R R R R R R( ) [ , , , , , ]s SX s SX s SX s SX s X s SX s SX,

1
,

2
,

3
,

4
,

5
,

6
, T= .

R t( )s SX, are described in a body-fixed coordinate system
(Ob SX, -xb SX, -yb Sx, -zb SX, ) that is identical to the body-fixed coordinate
system except that the Ob SX, is located at geometrical center of the
cross-section SX.

The sectional forces and moments are in equilibrium to external and
inertial loads on the corresponding Part A or B. As classified in [9],
components of the external loads on Parts A and B are tabulated in
Table 9.

Each of the radiation loads (L t( )e rad SX A, , , and L t( )e rad SX B, , , , see
Table 9) can be expressed as a superposition of a convolution term and
a term that is proportional to acceleration associated with the rigid-
body motions, see Eq. (5) as an example. In Eq. (5), rigid-body motions
are denoted as t( )SX A, , SX A, and ¨SX A, are first order derivative (ve-
locity) and second order derivative (acceleration) of SX A, , respectively.
k t( )i is known as retardation or memory function for Part A and de-
termined by A ( )SX A, or B ( )SX A, . ASX A, is A ( )SX A, corresponding to
the high-frequency limit. A ( )SX A, and B ( )SX A, are frequency depen-
dent added mass coefficient matrix and potential damping coefficient
matrix for Part A. More details are referred to [9].

L k At t d t( ) ( ) ( ) ¨ ( )e rad SX A
i
SX A SX A

SX A
SX A, , , , ,

,
,=

+
(5)

Consequently, each realization of simulated sectional forces and

Fig. 17. Comparisons of spectral densities of the measured fore-aft bending moments in S1 and S5 in the wind-only, wave-only and wind-wave conditions.

Fig. 18. Comparisons of spectral densities of the simulated surge, heave and pitch motions in the wind-only and wind-wave conditions. Note that the only difference
between the numerical model for a wind-wave condition and its corresponding wind-only condition is that the model for the wind-only condition is in calm water.
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moments in the specified cross-sections can be expressed as a super-
position of realizations tabulated in Table 10. Expression of the su-
perposition is given in Eqs. (6) and (7).

R R R R R
R R

t
t SX or

( ) _

( ), 1, 2 3

s SX waex SX A flu SX A Inertia SX A add inf SX A

Retard SX A Res SX A

, , , , , , , , ,

, , , ,

= + + +
+ + = (6)

R R R R R R
R R

t
t SX or

( ) _

( ), 4 5

s SX waex SX B flu SX B Inertia SX B add inf SX B Retard SX B

Thrust SX B Res SX B

, , , , , , , , , , ,

, , , ,

= + + + +
+ + = (7)

R t( )s SX, and all of the other terms shown in Eqs. (6) and (7) are
simulated in the time-domain model. We focus on fore-aft bending
moments (R s SX

5
, ) which are the sectional bending moments with respect

to axis yb Sx, and intend to identify dominant terms in the fore-aft
bending moment.

Spectral density functions of R s SX
5

, and different combinations of the
corresponding terms are compared.

For example, according to Eq. (7), we have Eq. (8). As shown in Fig.
A4, the spectral density curves of R s S

5
, 5 and R Rflu S B Thrust S B

5
, 5,

5
, 5,+ are

almost identical in the frequency-range from 0 rad/s to 0.1 rad/s. This
indicates that effects of R Inertia S B

5
, 5, on R s S

5
, 5 are negligible in this fre-

quency-range.

Note that Rflu S B, 5, , gravity forces and hydrostatic pressure forces on
the Part B (the tower and RNA) corresponding to the cross-section S5
(the tower base) are in equilibrium. Similarly, RThrust S B, 5, and RInertia S B, 5,

are in equilibrium to the applied thrust forces and moments (aero-
dynamic loads) and inertia loads on the corresponding Part B, respec-
tively. For S5, there are no hydro pressure forces on the Part B since the
Part B is out of the sea. Consequently, Rflu S B, 5, is, actually, in equili-
brium to the gravity forces. Meanwhile, R ,waex S B, 5, R _add inf S B, 5, and
RRetard S B, 5, , which are in equilibrium to hydrodynamic pressure forces
on the corresponding Part B are not exist. Except for the external and
inertia loads on the Part B discussed in above the numerical models do
not have any other external and/or inertial loads on the Part B.
Consequently, RRes S B, 5, does not exist.

R t R R R R R
R R R R R

( ) _s S flu S B Inertia S B waex S B add inf S B Retard S B

Thrust S B Res S B flu S B Inertia S B Thrust S B
5

, 5
5

, 5,
5

, 5,
5

, 5,
5

, 5,
5

, 5,

5
, 5,

5
, 5,

5
, 5,

5
, 5,

5
, 5,

= + + + +
+ + = + +

(8)

Using this approach, dominant components in the fore-aft bending
moments in five cross-sections are analysed. Results are summarized in
Table 11.

In the numerical models, RThrust SX B, , , Rwaex SX B, , and Rwaex SX A, , are
prescriptive since the thrust forces and moments applied on the nu-
merical models are identical to the measurements of the thrust forces
and moments applied on the experimental model during the model
tests, while the first-order wave loads are generated based on the cor-
responding hydrodynamic coefficients, which are related to config-
uration of the mean wetted body surface of the hull and obtained by
solving the corresponding boundary value problem [9] and measured
wave elevations of incident waves.

RInertia SX A, , and RInertia SX B, , are related to mass distributions of the
hull and the acceleration associated with rigid-body motions.
R _add inf SX A, , and R _add inf SX B, , are related to the acceleration associated
with the rigid-body motions and configuration of the mean wetted body
surface of the hull.Rflu SX A, , and Rflu SX B, , are related to rigid-body mo-
tions, distribution of the vertical position of the mass of the hull and

Table 8
Relative difference of standard deviations of the simulated and measured fore-
aft bending moments in S1 and S5.

nr of Std. of the fore-
aft bending moment
[%]

Full frequency
range

Wave frequency
range, in range from
0.3 rad/s to 2 rad/s

Low frequency
range, below
0.3 rad/s

S1 4121 −4.6 −4.5 2.8
4410 −10.2 −10.1 −5.7
4310 −5.3 −5.2 −4.9

S5 4121 −0.2 −2.2 3.0
4410 −4.1 −6.8 −2.4
4310 −2.2 −9.1 −0.3

Table 9
List of the components of external loads on Parts A and B.

Components (Each component is 6 1× vector including three forces and moments) On Part A corresponding to SX On Part B corresponding to SX

Drag forces L t( )e vis SX A, , , L t( )e vis SX B, , ,

Gravity loads L t( )e gra SX A, , , L t( )e gra SX B, , ,

First order wave excitation loads L t( )e waex SX A, , , L t( )e waex SX B, , ,

First order radiation loads L t( )e rad SX A, , , L t( )e rad SX B, , ,

Resultant forces and moments of hydrostatic pressure forces on the outer surface and the atmospheric pressure
forces on the inner surface of the corresponding part (the corresponding Part A or B) at instantaneous
position

L t( )e sta SX A, , , L t( )e sta SX B, , ,

Applied thrust forces and moments Not applicable L t( )e thrust SX B, , ,

Table 10
List of decomposed realizations of the simulated sectional forces and moments. All the terms in Eqs. (6) and (7) are described in the body-fixed coordinate system
(Ob SX, -xb SX, -yb Sx, -zb SX, ) with respect to Ob SX, .

Realizations in Eq. (6) Definition

Rwaex SX A, , Simulated realizations of three forces and moments that are in equilibrium to Le waex SX A, , ,

Rflu SX A, , Simulated realizations of three forces and moments that are in equilibrium to Le gra SX A, , , and Le sta SX A, , ,

RInertia SX A, , Simulated realizations of three forces and moments that are in equilibrium to inertial loads of corresponding Part A
_Radd inf SX A, , Simulated realizations of three forces and moments that are in equilibrium to A ¨SX A

SX A
,

,

RRetard SX A, , Simulated realizations of three forces and moments that are in equilibrium to the convolution term ( k t d( ) ( )i
SX A SX A, ,+ )

RRes SX A, , Simulated realizations of three forces and moments that are in equilibrium to the rest external loads on the corresponding Part A, e.g. Le vis SX A, , ,

Realizations in Eq. (7) Definition
RThrust SX B, , Simulated realizations of three forces and moments that are in equilibrium to Le thrust SX B, , ,

Similarly, Rwaex SX B, , , Rflu SX B, , , RInertia SX B, , , _Radd inf SX B, , , RRetard SX B, , and RRes SX B, , are in equilibrium to the corresponding loads on the corresponding Part B
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configuration of the mean wetted body surface of the hull.
In the numerical models, the dynamic motions and sectional forces

and moments in the hull are excited by the first-order wave loads and
thrust forces and moments, which are dominant excitations for the
wave frequency responses and low frequency responses, respectively.
Components of the fore-aft bending moments with oscillating fre-
quencies in range from 0.25 rad/s to 0.3 rad/s are negligible since ex-
citations and rigid-body motions in this range are very limited.

For a model oscillating with frequency 0, inertial loads of the
model are proportional to 0

2. Therefore, effects of RInertia SX A, , ,
RInertia SX B, , , R _add inf SX A, , and R _add inf SX B, , on components of the fore-aft
bending moments with very small oscillating frequencies, e.g. below
0.05 rad/s, are negligible when compared to the corresponding
RThrust SX B, , , Rflu SX A, , and Rflu SX B, , even though in nature large low-fre-
quency motions, e.g. the surge and pitch motions, may be excited by
wind loads on the RNA and tower, and second and higher order wave
excitation loads on the hull. For the reference semi-submersible wind
turbine, we observe that components of the fore-aft bending moments
with oscillating frequencies in the low frequency-range are dominated
by R flu SX A

5
, , or R Rflu SX B Thrust SX B

5
, ,

5
, ,+ except that inertial related terms,

e.g. R Inertia SX A
5

, , and R _add inf SX A
5

, , , can affect the components of the fore-
aft bending moments with oscillating frequencies that are around pitch
and surge natural frequencies since 1) amplitudes of rigid-body motions
are amplified as the resonant motions are excited, and 2) R flu SX A

5
, , ,

R flu SX B
5

, , , R Thrust SX B
5

, , and the terms related to the acceleration associated
with the rigid-body motions are not uncorrelated.

The resonant rigid-body motions are sensitive to the level of the
damping forces. Consequently, rigid-body-motion related terms of
Rs SX, , e.g. Rflu SX A, , , RInertia SX A, , and R _add inf SX A, , , are sensitive to the level
of the damping forces. While, a numerical sensitivity analysis shows
that the fore-aft bending moments, which are in the five cross-sections
and in equivalent to the corresponding damping forces on the corre-
sponding Part A or B, are negligible when compared to Rs SX, . It should
be noted that, as discussed in Section 5.1, the damping forces and
moments are affected by incident waves via the term vr .

Relative importance of load components on the fore-aft bending
moments depends on wind and wave conditions, location of the cross-
section in the hull, amplitudes and phase angles of the rigid-body mo-
tions, and configuration of corresponding wetted body surface of the
hull, as well. Effect of these issues is analyzed in Sections 5.3–5.5.

5.3. Comparisons of the simulated fore-aft bending moments in the specified
five cross-sections

Spectral densities of the fore-aft bending moments in the five cross-
sections for the model in the three wind-wave environmental conditions
are compared, see Fig. 19. The interface between the pontoons and
central column is identified as the most critical structural component.
Ratio between square root of area under low frequency-range and
wave-frequency-range of each spectral density curve is calculated. We
find the ratio varies from 0.1, which means the corresponding fore-aft
bending moment is dominated by wave frequency components (see the
bending moment in S1), to 2.3, which means the corresponding
bending moment is dominated by low frequency components (see the
bending moment in S5 in the model tests 4310 and 4410). The ratio is
around 1 for the corresponding bending moment in S5 in the model test
4121, S2, S3 and S4. This indicates that both of the low frequency and
wave frequency components are important.

Spectral densities of R waex SX A
5

, , , R R( _ )Inertia SX A add inf SX A
5

, ,
5

, ,+ and
R flu SX A

5
, , , X 1, 2or3= , R waex S B

5
, 4, , and R R( _ )Inertia SX B add inf SX B

5
, ,

5
, ,+ and

R flu SX B
5

, , are compared. See Fig. 20 for example. From S1 to S3, value of
standard deviation of the corresponding first order wave excitation load
induced fore-aft bending moment increases. Effects of fluctuation of
hydrostatic pressure forces on wetted body surface of the hull and
fluctuation of gravity forces are important to fore-aft bending momentsTa
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in cross-sections in the tower and central column and in cross-sections
that are on the pontoons and close to the central column.

The inertial loads induced fore-aft bending moments in the tower
base and base of the central column are dominated by the inertial loads
that are proportional to the acceleration associate with the surge and
pitch motions. Spectral densities of the fore-aft bending moments in the
tower base, which are in equilibrium to the components of the inertial
loads on the tower that are associated to acceleration in surge only,

acceleration in pitch only and acceleration in combined surge and
pitch, are given in the left figure of Fig. 21. A cancellation effect be-
tween the bending moments induced by the inertial loads that are as-
sociated to acceleration in surge and pitch can be clearly observed in
frequency range from 0.4 rad/s to 0.6 rad/s. The cancellation is due to,
as shown by the right figure given in Fig. 21, the fact that phase dif-
ference between simulated surge and pitch motions is close to 180
degrees in this frequency range.

Fig. 19. Comparisons of spectral densities of the simulated fore-aft bending moments in the five cross-sections in the three wind-wave conditions.

Fig. 20. Comparisons of spectral densities of Rwaex SX A, , (waveex), Rflu SX A, , (FLU) and R R _Inertia SX A add inf SX A, , , ,+ (Inertia), X or1, 2 3= , and Rwaex SX B, , , Rflu SX B, , and
R R _Inertia SX B add inf SX B, , , ,+ , X or4 5= .

Fig. 21. Left: comparisons of spectral densities of the simulated fore-aft bending moments in S5 which are in equivalent to different components of the inertial loads
of the RNA and tower; right: differences in phase angle between simulated surge and pitch motions.
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By using the same analysis approach, we find that the inertial loads
induced fore-aft bending moments in S3 are dominated by the inertial
loads that are proportional to the acceleration associate with the heave
motions.

5.4. Analysis for effects of changes in the mean-offset and mean-heeling-
angle of the hull on rigid-body motions and sectional bending moments

As mentioned in Section 3, floating wind turbines are subjected to
constant forces and moments from wind and waves. These constant
forces and moments can result in a mean horizontal offset and title
angle. The horizontal offset results in a change in restoring stiffness of
the mooring lines due to change in configuration of the mooring lines
and a change in phase angle of each frequency component of the in-
cident waves. As shown in Fig. 3, the tilt angle means a change in
configuration of mean wetted body surface of the hull which results in a
change in corresponding velocity potential and a change in value and
distribution of hydro pressure forces on the wetted body surface. This
may result in a considerable change in resultant sectional forces and
moments even though change in resultant of the hydro pressure forces
on whole of the wetted body surface could be very limited. This
statement is substantiated by comparisons of the measurements and
simulations of the platform in a combined wind-wave condition (the
model test 4310), its corresponding wave only condition (model test
2420), and a model for which averaged wind induced forces and mo-
ments are applied, see Fig. 22.

5.5. Convolution terms in expressions of the radiation loads

It is of great interesting to analyze load effects of the convolution
terms shown in the expressions of Le rad SX A, , , and Le rad SX B, , , since com-
putational cost and complexity of the numerical models can be sig-
nificantly reduced if the convolution terms can be neglected. RRetard SX A, ,

and RRetard SX B, , are in equilibrium to the corresponding convolution
terms, respectively. Comparisons of the numerical results presented in
Section 5.2 show that R X, 4or5Retard SX B

5
, , = , and

R X, 1, 2or3Retard SX A
5

, , = , are negligible for the analyzed model.
Spectral densities of the rigid-body motions and fore-aft bending

moments in the five cross-sections given by numerical models with and
without the convolution terms in the expressions of radiation loads on
each part of the hull are compared, see Appendix B. Numerical model
without the convolution terms means that 1) the potential damping
forces are not modelled, and 2) the frequency dependent added mass
coefficients are replaced by added mass coefficients that corresponding
to the high-frequency limit. Components of the potential damping
forces with oscillating frequencies in the low frequency range are ex-
pected to be negligible. We find that effect of the convolution terms on
the motions and fore-aft bending moments of the present model in the

analyzed environmental conditions are negligible. This is agreed by the
measured responses and indicates that, for the analyzed environmental
conditions, Morsion formula with calibrated coefficients could be
available to reasonably account for the hydro dynamic loads on the
hull. However, this should be validated in future. By now, computer
codes which implement Morison formula focus on rigid-body motions
while thorough validation with respect to sectional forces and moments
in semi-submersible wind turbine hulls is very limited. In addition, as
addressed in [8], hydro pressure forces on end surface of each structural
component of floating wind turbine hulls need to be appropriately ac-
counted for in the computer codes which implement Morison formula.

Note that importance of the convolution terms is related to con-
figurations of the wetted body surface, and amplitudes and frequencies
of the motions of the hull. According to potential flow theory, it is
expected that the effect of the convolution terms on the dynamic re-
sponses of the 5-MW-CSC could be more important when the model is
subjected to waves with smaller periods, e.g. below 8 s. This effect
needs to be considered in design of model test in future. It is also of
great interest to apply the Luan et al.’s approach on numerical and
experimental analysis of a floater with large water plane area for which
the convolution terms could be important.

In contrast to using Morison formula to model the hydrodynamic
loads on floaters, hydrodynamic coefficients used in the Luan et al.’s
approach are obtained by solving the corresponding boundary value
problem (there is no need to calibrate the hydrodynamic coefficients).
While, the Luan et al.’s approach is expected to be available in situa-
tions for which the diffraction and radiation effects are important, e.g.
for waves with relatively small periods.

6. Simplification of numerical modelling for global dynamic
analysis

Interaction effect between wind and wave loads may be very limited
while the interaction effect on the sectional forces and moments may be
negligible.

For example, as shown in Fig. 17, the low frequency components of
spectral densities of the measured fore-aft bending moments in the
tower base (S5) and base of the side column 1 (S1) in the model test
4310, for which the model is subjected to turbulent winds and mod-
erate irregular waves, are almost identical to the low-frequency com-
ponents of spectral densities of the corresponding measurements in the
model test 1713 which is a wind-only model test corresponding to the
model test 4310. While the interaction effect can be observed from the
differences between the wave frequency components of spectral den-
sities of simulated pitch motions in environmental condition of the
model test 4310 and the model test for which the model is subjected to
the same condition as the model test 4310 except that the corre-
sponding applied aerodynamic load, which include wave frequency

Fig. 22. Comparison of spectral densities of the simulated and measured fore-aft bending moments in S1, and the surge and pitch motions. The model test 4310 is a
combined wind-wave condition, while the model test 2420 is its corresponding wave only condition.
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components, are replaced by three constant forces and moments that
are averaged wind induced forces and moments (constant steady wind
loads), see Fig. 22. However, as shown in Fig. 22, the differences be-
tween the wave frequency components of the spectral densities of the
simulated fore-aft bending moment in S1 in these two conditions are
negligible. This is because that the wave frequency components of the
fore-aft bending moments in S1 are dominated by the wave excitation
loads and inertial and radiation loads which are related to wave in-
duced motions.

These facts encourage the idea that the fore-aft bending moments of
the model in wind and waves could be approximately but effectively
simulated by superimposing the corresponding simulations of the
model subjected to its corresponding wind only condition and wave
only condition with the corresponding averaged wind induced forces
and moments. If the simplification is applicable, the number of cases of
short-term analysis required in long-term analysis can be significantly
reduced. In addition, based on the results discussed in Section 5.5, we
suggest that the convolution terms could be excluded from the nu-
merical model to reduce real-time-computational effort and modelling
complexity for each short-term analysis. Consequently, the computa-
tional time for a 4600-s-simulation can be reduced from 1253 s to 638 s
(for a 2.30 GHz CPU). Note that effect of the convolution terms on re-
sponses of a generic floater could be important if the floater has rela-
tively large volume of displaced water and/or is subjected to waves
with relatively small wave length.

Applicability of the simplification should be analyzed case by case.
Spectral densities of the simulated fore-aft bending moments in the five
cross-sections of the models with and without the simplification in
conditions of the model tests 4310 and 4121 have been compared.
Typical results are shown in Fig. 23. As expected, these results sub-
stantiate that the simplification could be used to simulate the fore-aft
bending moments in the hull. Relative difference between square root
of area of corresponding spectral density curves with and without the
simplification under the low frequency-range and wave-frequency-
range are no more than 2.5% and 5%, respectively. We also find that
fore-aft bending moments in cross-sections in the tower could be sen-
sitive to the difference in the simulated pitch motion and thrust force on
the rotor with and without the simplification but could be insensitive to
the difference in the simulated surge motion. Fore-aft bending moments
in cross-sections in the side columns could be insensitive to the differ-
ence in the simulated motions and thrust force on the rotor since the
fore-aft bending moments are dominated by wave excitation loads, and
inertial and radiation loads which are related to wave induced motions.

Note that the simulated model responses in the frequency-range
around surge and pitch natural frequencies are very sensitive to
damping level of the numerical model. In the numerical models, the
damping forces and moments in the low frequency-range come from 1)
drag forces on the mooring lines and hull and 2) the quadratic damping
matrix. Morison formula, which is an empirical formula, is used to
model the drag forces. The coefficients implemented in the formula are

selected according to [31] based on Reynolds number, Keule-
gan–Carpenter number and surface roughness of the model in full size.
As shown in Section 5.1, due to implementation of the Morison formula,
incident waves can introduce a considerable effect on the damping level
of the numerical model in the low frequency-range. Consequently, drag
coefficients calibrated by using measured responses in decay tests and/
or selected according to standards, e.g. [31], may failed to accurately
model the actual drag forces (value and distribution) on the hull and
mooring lines. In practice, a quadratic damping matrix is used to
compensate the difference between the model and actual damping
forces and moments. However, calibration for coefficients in the
quadratic damping matrix is needed case by case. Future work for im-
proving the modelling approach for the drag forces is highly re-
commended. In addition, the second and higher order hydro loads are
not completely included in the numerical models but are inherently
included in nature. Effect of the second and higher order wave excita-
tion loads on the resonant motions should be kept in mind. As shown by
the measured responses of the model test 4310, in moderate waves,
effect of the second and higher order hydro loads is very limited.

7. Conclusions and future work

Multi-body time-domain finite element models, which implement a
recently developed numerical approach for determining forces and
moments in floaters, are developed to simulate rigid-body motions and
sectional forces and moments of a reference 5-MW braceless semi-
submersible wind turbine in turbulent winds and irregular waves cor-
responding to below rated, at rated and above rated conditions. The
simulated responses are compared with measurements with a 1:30
scaled model test. In general, the agreement between the simulations
and measurements is very good. The differences in the spectral densities
of the measurements and simulations have been quantified while the
reasons for the differences have been thoroughly analyzed and dis-
cussed based on the comparisons of measurements in the different
conditions and numerical parametrical study.

The low frequency rigid-body motions are dominated by the wind
loads, second and higher order wave excitation loads, and restoring
stiffness while the resonant motions are sensitive to the damping forces
and moments that are empirically modeled by the drag terms of the
Morison formula in the developed numerical models and are affected by
incident waves via the term vr . In practice, a quadratic damping matrix
is used to compensate for the difference between modelled and actual
damping forces and moments while the coefficients in the matrix need
to be calibrated case by case. Future work for improving numerical
model of the drag forces, which able to model the drag forces with an
acceptable accuracy in blind tests, is highly recommended.

The uncertainties in the simulated and measured low frequency surge
and heave motions have negligible effects on the fore-aft bending mo-
ments in the five cross-sections in the hull. The low frequency fore-aft
bending moments are dominated by the wind loads, and pitch motion

Fig. 23. Comparisons of spectral densities of simulated fore-aft bending moments with and without the simplification for two operational conditions.
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related fluctuations of gravity forces and hydrostatic pressure forces. The
inertial load effect on the low frequency responses is limited except for
responses with frequency components around the pitch natural fre-
quency. Effect of the second and higher order wave excitation loads on
the fore-aft bending moments is observed from the measurements and
discussed. In general the effect is relatively limited in the analyzed op-
erational conditions but can be critical in extreme conditions.

The differences in the simulated and measured wave-frequency
rigid-body motions and fore-aft bending moments, for which the re-
lative difference for standard deviation of the corresponding measure-
ments and simulations is no more than 10%, are due to the difference
between the simulated and actual first order and higher order wave
excitation loads. Note that the second and higher order wave excitation
loads are not included in the numerical models. The level of relative
difference, which is due to uncertainties and noises in measurements, of
standard deviations of the corresponding measurements and simula-
tions could be around 2.48%. To further analyze the reason of the
differences in the simulated and actual wave excitation loads on the
hull, numerical modelling approach for full second order wave excita-
tion loads should be developed, while the wave excitation loads on the
hull, when the hull is fixed at its mean position in wind and waves,
should be measured in future test programs. A preliminary comparison,
which is scheduled to be published with a more comprehensive analysis
in future, with respect to the simulated and measured responses in a 1-h
extreme condition (the model test 2410) shows that the relative dif-
ference of the standard deviation and maximum value of the simulated
and measured fore-aft bending moment are in the level of 7.3% and
55%, respectively. Note that more efforts are needed to quantify un-
certainties in the measurements in the extreme condition, in particular
for the 1-h maximum value.

The mean forces and moments from wind and waves result in a
change in the configuration of the mean wetted body surface of the hull
when compared to the configuration in calm water. This may result in a
considerable change in the resultant sectional forces and moments even
though the change in resultant of the hydro pressure forces on the
whole wetted body surface could be very limited.

A summary of important load components on the simulated fore-aft
bending moments in the five cross-sections is available in Table 11.
Relative importance of load components on the fore-aft bending mo-
ments depends on wind and wave conditions, location of the cross-
section in the hull, amplitudes and phase angles of rigid-body motions,
and configuration of corresponding wetted body surface of the hull. The
interface between the pontoons and central column is identified as the
most critical part. Both the low frequency and wave frequency com-
ponents of load effects could be important. From S1 to S3, value of
standard deviation of the first order wave excitation load induced fore-
aft bending moment increases. The effect of the fluctuation of the hy-
drostatic pressure on the wetted body surface of the hull and the fluc-
tuation of the gravity forces are important to the fore-aft bending mo-
ments in the cross-sections in the tower and central column and in the
cross-sections that are on the pontoons and close to the central column.
The phase difference between the simulated surge and pitch motions
can be close to 180 degrees in the frequency range from 0.4 rad/s to
0.6 rad/s and means a cancellation effect for the bending moments
induced by the inertial loads which are associated to acceleration in
surge and pitch. The inertial loads induced fore-aft bending moments in
S3 are dominated by the inertial loads that are proportional to accel-
eration associated with heave motions.

In the analyzed environmental conditions, the convolutional terms
have very limited effect on the simulations and could be removed from
the numerical models to significantly reduce modelling complexity and
computational cost for short-term analysis. The applicability of this
simplification should be analyzed case by case since the importance of
the convolution terms is related to configurations of the wetted body
surface, and amplitudes and frequencies of the motions of the hull. This
issue should be kept in mind in design of model tests in future.

Analysis presented in this paper substantiates that the simulated
fore-aft bending moments of the model in wind and waves could be
obtained by superimposing the corresponding simulations of the model
subjected to its corresponding wind only condition, and wave only
condition except that three constant forces and moments which are the
corresponding averaged wind induced forces and moments are applied
if the interaction effect between wind and wave loads and/or the in-
teraction effect on the sectional forces and moments are limited. The
simplification can significantly reduce computational cost but applic-
ability of the simplification should be analyzed case by case.

Analysis and discussions given in this paper are based on available
measurements. More systematical and step by step model tests for
quantifying and minimizing uncertainties in measurements and iden-
tifying the first order and higher order wave excitation loads are wel-
come in future. While, the frequency dependent radiation and diffrac-
tion hydrodynamic loads are expected to be relatively more significant
when volume in water and water plane area of the experimental model
are relatively large and the experimental model is subjected to irregular
waves for which major wave energy is in frequency range from 1 rad/s
to 2 rad/s. Numerical and experimental analysis for the model in ex-
treme conditions and fault conditions as described for example in
[38–40] is scheduled as a future work.

The aerodynamic loads applied on the numerical models are pre-
scriptive loads measured from the model tests. Analysis shows that the
actual aerodynamic loads on the experimental model can be accurately
measured. Consequently, the difference between the measurements and
simulations only indicate differences in the hydro loads on the hull and
the mass properties of the numerical and experimental models. If the
deviation between the simulated and measured rigid-body motions is
large, the prescriptive loads will fail to represent the right dependency
of the aerodynamic loads with respect to the rigid-body motions.
Fortunately, the agreement between the simulated and measured rigid-
body motions is very good. This limitation can be avoided by devel-
oping a numerical model for the wind turbine of the experimental
model to simulate the aerodynamic loads in the time-domain simula-
tions based on numerical wind field and the simulated rigid-body mo-
tions. However, increase of uncertainties due to the differences between
the numerical and actual wind fields, and the differences between
performance of the numerical and experimental models of the wind
turbine must be considered.

The time-domain approach used for developing numerical models
analyzed in this paper is a generic approach that is applicable for static
determinate and indeterminate structures. The approach could be used
for long-term extreme load prediction and fatigue damage analysis
while the understanding with respect to the wind and wave load effects
on the sectional forces and moments could be helpful for structural
optimization and control for the hull of floating wind turbines, for ex-
ample, similar work with respect to the work presented in [42–45]
could be done in future. According to the approach, a genetic structure
can be discretized into several bodied for modeling hydro loads, which
are based on coefficients that are obtained by solving the first order
boundary value problem with the rigid-body assumption, in time-do-
main on each body while global flexibility of the structure can be
modelled by using beam elements. Extension for accounting for hy-
droelastisity, e.g. [41], is scheduled as future work for development of
the approach.
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Appendix A

Detailed observations of comparisons for identifying the dominant load components listed in Table 11 in Section 5.2 are analysed and described
as follows:

• Components of R s S
5

, 1 (realization of the fore-aft bending moment in base of side column 1) with oscillating frequencies in the low frequency-range
are dominated by Le gra S A, , 1, and Le sta S A, , 1, . Effects of the inertial loads and added mass loads with a constant coefficient matrix corresponding to
infinite frequency of the corresponding Part A on R s S

5
, 1 are negligible except for components of R s S

5
, 1 with oscillating frequencies in frequency-

range nearby natural frequencies of surge and pitch. Note that effects of second and higher order wave excitations are not included in the
numerical models. Components of first-order wave excitations in the low frequency-range are negligible. Spectral densities of incident waves are
given in Fig. 4. Components of R s S

5
, 1 with oscillating frequencies in the wave-frequency-range are dominated by Le waex SX A, , , and inertial loads and

added mass loads with a constant coefficient matrix corresponding to infinite frequency of the corresponding Part A. See Fig. A1.
• Observations for components of R s S

5
, 2 are similar to the observations for components of R s S

5
, 1 as described in above except that effects of Le gra S A, , 2,

and Le sta S A, , 2, on components of R s S
5

, 2 with oscillating frequencies in the wave-frequency-range are not negligible. Note that Le sta S A, , 2, is related to
rigid-body motions and configuration of the wetted body surface of the corresponding Part A. See Figs. A1 and A2.
• Observations for components of R s S

5
, 3 are similar to the observations for components of R s S

5
, 2 as described in above. See Figs. A2 and A3.

• The expression of equilibrium for R s S
5

, 5 is given in Eq. (8). Inertial loads on the RNA and tower affect components of R s S
5

, 5 with oscillating
frequencies that are around pitch natural frequency, e.g. from 0.15 rad/s to 0.25 rad/s. Components of R s S

5
, 5 with very small oscillating fre-

quencies, e.g. below 0.15 rad/s, are dominated by wind loads on and gravity forces of the RNA and tower. The inertial loads of the RNA and tower
strongly affect components of R s S

5
, 5 with oscillating frequencies that are in the wave-frequency-range. While, effects of the wind loads on and

gravity forces of the RNA and tower on these components are not negligible.
• Observations for components of R s S

5
, 4 (realization of the fore-aft bending moment in base of the central column) with oscillating frequencies in the

low frequency-range are similar to the observations for the corresponding components of R s S
5

, 5. Observations for components of R s S
5

, 4 with
oscillating frequencies in the wave-frequency-range are similar to the observations for components of R s S

5
, 2 except that effects thrust forces on the

RNA and tower on the components of R s S
5

, 4 with oscillating frequencies in the wave-frequency-range are not negligible. See Figs. A2–A5.

Fig. A1. Comparisons of spectral densities of simulated fore-aft bending moments in S1. Note that “Wave+ Inertia+ add__inf” corresponding to
Rwaex S A, 1, + R R _Inertia S A add inf S A, 1, , 1,+ while “Wave” corresponding to Rwaex S A, 1, .

Fig. A2. Comparisons of spectral densities of simulated fore-aft bending moments in S2. Note that “Wave+ Inertia+ add__inf” corresponding to Rwaex S A, 2, +
R R _Inertia S A add inf S A, 2, , 2,+ while “FLU” corresponding to Rflu S A, 2, .
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Fig. A4. Comparisons of spectral densities of simulated fore-aft bending moments in S5. Note that “Inertia” corresponding to RInertia S B, 5, while “Gra” corresponding to
Rflu S B, 5, .

Fig. A5. Comparisons of spectral densities of simulated fore-aft bending moments in S4. Note that “Wave+Inertia+add__inf+FLU” corresponding to Rwaex S B, 4, +
R R R_Inertia S B add inf S B flu S B, 4, , 4, , 4,+ + while “Thrust” corresponding to RThrust S B, 4, .

Fig. A3. Comparisons of spectral densities of simulated fore-aft bending moments in S3. Note that “Wave+ Inertia+ add__inf” corresponding to Rwaex S A, 3, +
R R _Inertia S A add inf S A, 3, , 3,+ while “FLU” corresponding to Rflu S A, 3, .
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Appendix B

Spectral densities of rigid-body motions and fore-aft bending moments in the five cross-sections given by numerical models with and without the
convolution terms in the expressions of radiation loads on each part of the hull are compared. Numerical model without the convolution term means
that 1) the potential damping forces are not modelled, and 2) the frequency dependent added mass coefficients are replaced by added mass
coefficients that corresponding to the high-frequency limit (see Figs. B1-B4).

Fig. B2. Comparisons of spectral densities of simulated surge, heave and pitch motions with and without the convolution terms in frequency range from 0.3 rad/s to
2 rad/s.

Fig. B3. Comparisons of spectral densities of simulated fore-aft bending moment with and without the convolution terms in frequency range from 0 rad/s to
0.3 rad/s.

Fig. B1. Comparisons of spectral densities of simulated surge, heave and pitch motions with and without the convolution terms in frequency range from 0 rad/s to
0.3 rad/s.
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